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Deposition of contaminant particles on gas turbine surfaces reduces the
aerodynamic and cooling efficiency of the turbine and degrades its materials. Gas turbine
designers seek a better understanding of this complicated phenomenon and how to
mitigate its effects on engine efficiency and durability. The present study developed an
experimental method in wind tunnel facilities to simulate the important physical aspects
of the interaction between deposition and turbine cooling, particularly film cooling. This
technique consisted of spraying molten wax droplets into the mainstream flow that would
deposit and solidify on large scale, cooled, turbine airfoil models in a manner consistent
with inertial deposition on turbine surfaces. The wax particles were sized to properly
simulate the travel of particles in the flow path, and their adhesion to the surface was
modeled by ensuring they remained at least partially molten upon impact.

Initial

development of this wax spray technique was performed with a turbine blade leading
edge model with three rows of showerhead film cooling. It was then applied to turbine
vane models with showerhead holes and row on pressure side consisting of either
vi

standard cylindrical holes or similar holes situated in a spanwise, recessed trench. Vane
models were either approximately adiabatic or had a thermal conductivity selected to
simulate the conjugate heat transfer of turbine airfoils at engine conditions.

These

models were also used to measure the adiabatic film effectiveness and overall cooling
effectiveness in order to better assess how the cooling design interacted with deposition.
Deposit growth was found to be sensitive to the mainstream air and the model surface
temperatures and the solidification temperature of the wax. Deposits typically grew to an
equilibrium thickness caused by a balance between erosion and adhesion. The existence
of film cooling substantially redistributed deposit growth, but changes in blowing ratio
had a minor effect.

A hypothesis was proposed and substantiated for the physical

mechanisms governing wax deposit growth, and its applicability to engine situations was
discussed.
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Nomenclature
Bi

Biot number, defined here as hf twall/kwall unless otherwise specified

C

airfoil chord (linear distance from stagnation point to tail point)

d

cooling hole diameter, or other diameter as noted by subscript

D

leading edge diameter

Dh

hydraulic diameter

DR

coolant-to-mainstream density ratio, ρc/ρ∞

h

convective heat transfer coefficient

H

trench depth

k

thermal conductivity

M

blowing (mass flux) ratio, ρcUc/(ρ∞U∞)local

M*

showerhead blowing (mass flux) ratio, ρcUc/(ρ∞U∞)approach

Mn

Mach number

Pr

Prandlt number

PS

pressure (concave) side of airfoil

s

streamwise distance along airfoil surface (typically measured from stagnation)

SS

suction (convex) side of airfoil

Re

Reynolds number

t

thickness

Tu

turbulence intensity

U

velocity

W

test section width

z

spanwise distance along airfoil surface

Greek:

α

cooling hole surface angle

β

cooling hole compound angle (relative to streamwise)

β

orifice-to-pipe inner diameter ratio for an orifice flow meter, Dorifice/Dpipe

γ

specific heat ratio
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δ

uncertainty

ΔTsolid temperature difference between contaminant particle solidification point and
mainstream flow, Twax,solid – T∞
η

adiabatic film effectiveness, (T∞ - Taw)/(T∞ - Tc,jet)

φ

overall cooling effectiveness, (T∞ - Twall)/(T∞ - Tc), usually with Twall at external
surface of wall

Λ

turbulence integral length scale

µ

dynamic viscosity

ρ

density

τ

characteristic time

Subscripts:
aw

adiabatic wall, typically adiabatic wall temperature of film coolant

c

coolant

char

characteristic length or velocity

dep

deposit

f

with film cooling

jet

coolant jet exit

o

without film cooling

p

particle

PS

pressure side

rec

recovery temperature of a high speed flow

Shd

showerhead

solid

solidification point

SS

suction side

t

total pressure or temperature

∞

mainstream
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Chapter 1 – Introduction
1.1. GAS TURBINE COOLING
1.1.1. Overview of Gas Turbine Cooling
Gas turbine engines are used extensively in our society, with their most common
applications in aircraft propulsion and electric power generation. These are typically
large, powerful engines that require high flow rates of fuel (102 – 104 kg/hr), and they
tend to have long operating lives (105 – 106 hours). (Mattingly et al., 2002) As a result,
design improvements that yield even small increases in engine efficiency can result in
substantial reductions in fuel use over the life of an engine. A primary method used by
gas turbine engine designers to increase efficiency is to increase the combustor exit
temperature, which can be illustrated by an analysis of the Brayton cycle. Combustor
exit temperatures have been consistently increasing since the first gas turbine engines
were built, with current advanced designs operating in the range of 1700 K to 1900 K
(2600°F to 3000°F).

(Pronske et al., 2006)

This trend will continue as engine

technologies develop, with a reasonable estimate of the upper limit being the
stoichiometric flame temperature of the fuel. This limit is about 2270 K (3630°F) for
natural gas/air mixture at 20 atm, and it is about 2450 K (3900°F) for hydrogen/air
mixture at 20 atm, with much higher temperatures possible when burning with pure
oxygen (Glassman, 1996).

Clearly there is much room for improvement in

accommodating higher combustor exit temperatures.
In the design of gas turbine engines the push for higher combustor exit
temperatures is limited by the ability of the exposed surfaces in the turbine (the airfoils
and the inner- and outer-diameter endwalls) to withstand the higher mainstream gas
temperatures for the desired operating life.
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This constraint has been relaxed by

incorporating advanced materials and elaborate cooling configurations in the turbine
airfoil and endwall designs. The high pressure turbine airfoils are the first structures in
the flow path downstream of the combustor, as shown in Fig. 1.1, and they typically have
the most advanced designs. Energy is extracted from the mainstream as it flows aft
through the turbine, resulting in lower gas temperatures and less sophisticated airfoil
designs in the later stages of the turbine. The operating life of any given airfoil or
endwall is typically limited by one or more of the following damage modes: oxidation,
creep, and thermal-mechanical fatigue. Oxidation is a localized damage mode in which
material is essentially burned away due its high temperature and the presence of oxygen.
Creep is a bulk damage mode in which material stretches when exposed to long durations
of tensile load at high temperature. Creep is particularly important in the design of rotor
airfoils due to their extremely high centrifugal loads. Thermal-mechanical fatigue is a
local damage mode in which the material yields due to high cyclical stresses caused by
thermal expansion and contraction. All three of these damage modes can be mitigated by
reducing the temperature of the material, and thermal-mechanical fatigue can be further
mitigated by reducing temperature gradients. Furthermore, advanced alloys and coatings
can be utilized in a design to lengthen life.
Turbine airfoil and endwall cooling designs generally consist of some
combination of internal convective cooling, external film cooling, and thermal barrier
coating.

Internal convective cooling is achieved by bleeding relatively cool, high-

pressure air from the compressor (i.e., upstream of the combustor) and routing it to flow
channels inside the hollow turbine airfoils. The airfoil internal passages incorporate
features to maximize the heat transfer from the airfoil wall to the cooling air prior to
ejecting the cooling air through purge holes to the hot mainstream flow. A representative
internal cooling configuration for modern high pressure turbine rotor airfoils (blades or
2

buckets) is shown in Fig. 1.2. Turbine stator airfoils (vanes or nozzles) use similar
internal cooling configurations. External film cooling consists of ejecting cooling air
through an array of inclined holes at the airfoil surface such that the cooling air remains
close to the airfoil external surface. This establishes a film of cooler air at the surface
that results in a lower driving temperature for convective heat transfer from the hot
mainstream to the airfoil. A sample film cooling hole array is also shown in Fig. 1.2. A
thermal barrier coating is a thin layer of relatively low thermal conductivity ceramic
material on the external surface of the airfoil, which further decreases the heat flux to the
airfoil when used in conjunction with internal convective cooling. It is important that
these cooling designs are as efficient as possible because the cooling air they utilize is
expensive in terms of the overall cycle efficiency for the engine. If turbine cooling air is
taken from the compressor, it will not pass through the combustor so it will not contribute
to the work done by the flow on the rotor airfoils. Therefore, it is important to use the
cooling air as judiciously as possible while still meeting turbine life requirements, which
will maximize the overall engine efficiency benefit of a higher combustor exit
temperature and minimize the efficiency debit of bleeding air from the compressor.
Table 1.1 summarizes some operating conditions for representative gas turbine
engine designs to serve as a convenient reference throughout this dissertation. The data
for the JT3D and F100-PW-100 engines are from Mattingly et al., 2002. The data for the
notional “advanced” engine design was estimated as follows. Engine manufacturer web
sites list the overall pressure ratio (OPR) to be 32 for both the F100-PW-229 military
engine and the CFM56 commercial engine. Given an engine inlet pressure of 90.3 kPa,
consistent with the F100-PW-100 conditions, this OPR results in a compressor exit
pressure of 2.9 MPa. For the F100-PW-100 engine the compressor exit temperature is
about 15% higher than an isentropicly compressed flow, and this relation was used to
3

estimate the compressor exit temperature of 900 K for the notional engine. Assuming a
pressure loss of 83 kPa through the combustor, consistent with the F100-PW-100
conditions, the turbine inlet pressure for the notional engine is 2.8 MPa. Pronske et al.
(2006) note that modern military aircraft gas turbine engines operate at temperatures from
1700 K to 1922 K, so a turbine inlet temperature of 1900 K was assumed for the notional
advanced engine design.

Table 1.1. Operating conditions of representative gas turbine engine designs

1.1.2. Relevant Theory for Gas Turbine Cooling
Gas turbine designers have typically used experimental data and empirical
correlations to determine the convective boundary conditions for turbine cooling. As
computational fluid dynamics (CFD) is becoming more advanced, it serves an increasing
role in the design process. However, CFD analyses of turbine cooling flows are fairly
slow and they cannot reliably simulate convective heat transfer to the accuracy required
because of the complexity of turbine cooling flows and the importance of turbulent
4

structures. Once the convective (and radiative, if significant) boundary conditions are
determined, they are used as input to an analysis of the conduction heat transfer in the
turbine part to determine its temperature distribution for a given operating condition. If
the boundary conditions are found using correlations, the conjugate heat transfer with the
internal and external flow is incorporated by iterating the analysis; if CFD is being used,
the conjugate heat transfer effects may be included in a single step.
The convective boundary conditions for a film cooled turbine surface are typically
expressed in terms of two non-dimensional, scaled parameters: adiabatic film
effectiveness and heat transfer augmentation. The adiabatic film effectiveness, η, is a
measure of the driving temperature for convective heat transfer to the surface, which is
typically assumed to be the local adiabatic wall temperature of the film cooling flow
field, Taw, as shown in the following equation:

!=

T! " Taw
T! " Tc, jet

(1.1)

This convention is an approximation because it neglects any influence of the cooled
airfoil surface on the thermal boundary layer of the film cooled surface. The widespread
use of this convention suggests it is a fairly good approximation, but its ramifications for
turbine cooling design have yet to be fully explored. (As noted in section 1.4.2 of this
dissertation, Dees (2010) experimentally assessed the validity of this assumption and
found that a cooled airfoil surface will significantly affect the driving temperature for
convective heat transfer.) Note that the coolant temperature used in Eqn. 1.1 is the
coolant jet exit temperature, Tc,jet, so that η is independent of any warming of the coolant
as it flows through the internal convective cooling channels and the cooling holes. The
mainstream temperature, T∞, is the local mainstream temperature.
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The heat transfer augmentation, hf/ho, is the ratio of heat transfer coefficients
when film cooling exists versus when there is no film cooling, as shown in Eqn. 1.2.
Note that hf is defined using Taw as the driving temperature, and ho uses T∞ as the driving
temperature because Taw = T∞ when no film cooling is present. Determination of this
parameter requires two experiments or analyses, one with and one without film cooling,
because each situation has different heat fluxes and temperatures. When applying this
parameter, a turbine cooling designer can find the ho distribution for a turbine surface
based on the available aerodynamic analysis of the mainstream flow, and the hf/ho
parameter is used to find the heat transfer coefficient in the presence of film cooling.

"
%
q"
$
'
h f # Taw ! Twall,ext &with film cooling
=
"
%
ho
q"
$
'
# T( ! Twall,ext &no film cooling

(1.2)

The local temperature of a cooled turbine airfoil or endwall is commonly
expressed in terms of an overall cooling effectiveness, φ, as shown in Eqn. 1.3. Note that
this definition uses a coolant temperature at some convenient reference location, Tc,ref,
such as the inlet to the internal cooling channel of an airfoil. The exact location of the
wall temperature, Twall, in Eqn. 1.3 depends on how the parameter is being used. Most
commonly, the wall temperature is taken to be the external surface temperature of an
airfoil wall, Twall,ext, which is typically the location of the highest temperature and
minimum oxidation life. By comparison, it is more useful to define φ in terms of crosssectional-average wall temperature for creep analyses. For airfoils coated with a thermal
barrier coating (TBC), φ can be used to represent the temperature of the TBC or the
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underlying alloy.

Throughout this dissertation, φ represents the temperature of the

external surface of an airfoil wall without TBC, Twall,ext, unless otherwise specified.

!=

T! " Twall
T! " Tc,ref

and typically: ! =

T! " Twall,ext
T! " Tc,ref

(1.3)

It is instructive to consider a one-dimensional heat transfer analysis through the
wall of a turbine airfoil with internal convective cooling and external film cooling. A
schematic for this situation is shown in Fig. 1.3. For this analysis, the coolant gas
temperature at the internal surface of the wall is Tc, and the warming of the coolant in the
film cooling hole is neglected so that Tc,jet = Tc. There actually should be an appreciable
temperature increase through the cooling hole, which may need to be considered in this
analysis for some situations.

For example, Terrell (2004) measured the coolant

temperature increase through a showerhead film cooling hole to be as high as ΔT = Tc,jet –
Tc = 0.1(T∞ - Tc), which would bias η by 0.1. Nonetheless, this assumption for Tc does
not affect the matched-Biot number modeling technique of the current study, as discussed
at the end of Section 1.2.2.1. The heat flux through the wall for the one-dimensional heat
transfer analysis can be expressed as follows.

q" =

Tf ! Twall,ext
Tf ! Tc
=
1
1 twall 1
+
+
hf
h f kwall hc

(1.4)

Rearranging this relation and substituting the definitions of η and φ from Eqns. 1.1 and
1.3 yields the following.
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(1.5)
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Furthermore, defining a Biot number for the airfoil wall based on the wall thickness and
the external heat transfer coefficient, Bi = twall hf / kwall , produces the following relation.

!=

1! "

(1.6)

h
1+ Bi + f
hc

This relation can be used to quickly estimate the external temperature of a turbine airfoil
wall for a given set of boundary conditions and wall design. Note that the heat transfer
coefficient ratio in the denominator is for the external (film cooled) surface and the
internal (coolant side) surface of the airfoil wall, which is different from the ratio in Eqn.
1.2.
Turbine film cooling performance is a strong function of the flow rate and
velocity of the film cooling jets. The film flow is commonly quantified using the mass
flux (“blowing”) ratio or the momentum flux ratio, both of which refer to the coolant jet
exiting the hole relative to the mainstream flow. The blowing ratio for a typical cooling
hole on the body of an airfoil is defined as:

M=

!cUc
!!U!

(1.7)

Where Uc is the average velocity of the coolant jet exiting the hole and U∞ is the local
mainstream velocity. Showerhead cooling holes exit the leading edge of an airfoil into
the stagnation region of the mainstream flow, so local mainstream velocity is
approximately zero. Therefore, the common convention for defining a blowing ratio for
showerhead holes is to use the velocity of the approaching mainstream flow, U∞, approach:

M* =

!cUc
!!U!,approach

(1.8)
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The blowing ratio, M, for a cooling hole on an airfoil body is a measure of the mass of
cooling air introduced near the surface of an airfoil, which is an important aspect to how
quickly film cooling degrades in the streamwise direction. Another important contributor
to film cooling degradation is coolant jet separation from the surface. This phenomenon
is best correlated with film performance using the momentum flux ratio, I:

I=

!cUc2
!!U!2

(1.9)

Both M and I can be used to correlate film cooling performance, and the selection of one
versus the other method depends on the specific design and conditions.

1.2. RELEVANT EXPERIMENTAL METHODS IN TURBINE FILM COOLING
Various experimental approaches have been used over the past several decades to
explore turbine film cooling designs and measure convective boundary conditions. This
section describes two general experimental methods that are particularly relevant to the
current study.
1.2.1. Adiabatic Experimental Models
When a turbine airfoil model is constructed from a material with a very low
thermal conductivity, the convective heat transfer at the internal and external surfaces of
the airfoil wall are practically decoupled.

This is convenient because the model’s

external surface temperature is very close to the adiabatic wall temperature of the
adjacent flow when operating at steady state. As a result, a measurement of the surface
temperature distribution downstream of film cooling holes on a low conductivity model
can be used to determine the distribution of adiabatic film effectiveness, η, for that film
cooling design.
9

When using an approximately adiabatic model to measure adiabatic film
effectiveness, a bias error is introduced due to the small amount of conduction heat
transfer between the external surface and internal coolant plenum. If the wall is very
thick or the backside convective heat transfer is very weak, this bias will be negligible.
For situations when the conduction bias error is not negligible, a fairly simple correction
can be performed, as described here. First, the external surface temperatures of the
model are measured with the film cooling active, which will include the conduction bias
error caused by the internal convection. Using the schematic and nomenclature of Fig.
1.3, a one-dimensional analysis of the heat transfer through the wall in this situation
yields the following relation for the measured “adiabatic” wall temperature.

!meas =

T! " Twall,ext
=
T! " Tc

1" !

(1.10)

h
1+ Bi + f
hc

This relation was found in the same manner as Eqn. 1.6, including Bi = twall hf / kwall and
Tc,jet = Tc. Next, the external surface temperatures of the model are measured at the same
location but with the film cooling holes closed and with the internal coolant flow active.
(This can be accomplished by taping over a subset of a row of cooling holes.) If the
conduction bias error is not negligible, the wall temperatures measured in this situation
will be lower than the free stream temperature, and they can be expressed as follows.

#T "T
&
1
!o = % ! wall,ext ( =
$ T! " Tc 'o 1+ Bi + ho
hc

(1.11)

Combining Eqns. 1.10 and 1.11 and assuming that hf/hc = ho/hc yields the following
conduction correction formula.
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(1.12)

Equation 1.12 allows for accurate measurement of adiabatic film effectiveness using an
approximately adiabatic model.
1.2.2. Matched-Biot Number Experimental Models
1.2.2.1. Analytical Basis of Matched-Bi models
An alternate method of experimentally studying film cooling heat transfer is to
use an airfoil model constructed from a material with a certain thermal conductivity so
that the relative contributions of convection and conduction heat transfer are properly
scaled. To do this the Biot number distribution of the airfoil is matched between the
engine and experimental conditions. This approach also requires matching the externalto-internal heat transfer coefficient ratios (hf/hc), the adiabatic film effectiveness
distribution (η), and the scaled geometry between engine and experimental conditions.
When all of this is done properly, the overall cooling effectiveness, φ, measured on the
model is the same as that of the corresponding airfoil at engine conditions.

This

“matched-Biot number” modeling technique is useful because it directly reveals how
changes to internal and external heat transfer affect the metal temperature of the airfoil
wall. Furthermore, it provides data that can be used to validate computational analyses of
conjugate heat transfer.
The theoretical basis for the matched-Bi modeling technique is demonstrated by
the one-dimensional heat transfer analysis for an arbitrary location of a film-cooled airfoil
wall, as described by Fig. 1.3. This is identical to the previous analysis that resulted in
Eqn. 1.6.

This result shows that when η, Bi, and hf/hc (and, implicitly, the scaled

geometry and flow fields) are matched between engine and experimental conditions, then
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φ is also matched. This analysis defined the Biot number as a function of the full wall
thickness, twall, and the external heat transfer coefficient, hf. However, the conclusion
would remain the same if some other definition of the Biot number were used (say, using
half the wall thickness and the internal heat transfer coefficient, hc) as long as the Biot
number was consistently defined for experimental and engine conditions. The values of
every term of Eqn. 1.6 change for different locations on the airfoil, but the relation
between them remains the same. The matched-Bi technique does not match a single
value of Biot number, but it instead matches the distribution of Biot numbers throughout
the portion of the airfoil being modeled.
In certain regions of an airfoil it is not adequate to assume one-dimensional heat
transfer, such as near film cooling holes or internal walls. Nonetheless, the conclusion of
Eqn. 1.6 remains valid for any three-dimensional region of an airfoil as long as the
experimental conditions are properly established. Namely, if the geometry is properly
scaled, the film effectiveness distribution is accurately modeled, the ratios of heat transfer
coefficients between all convective surfaces are maintained, and the model’s thermal
conductivity establishes the same Biot number (for any single location and definition of
Bi), then the φ distribution of the model will match that of the engine condition airfoil.
As mentioned in Section 1.1.2, the coolant temperature rise as it flows through a
cooling hole was neglected when deriving Eqn. 1.6 (i.e., Tc,jet = Tc), even though the
warming of the coolant in a hole is known to be significant. For a properly executed
matched-Bi model, the scaled heat transfer coefficients and the blowing ratio are matched
to the engine condition. The change of specific heat, cp, of the coolant as it flows through
the cooling hole is negligibly different between the model and engine conditions (no
more than about 2%). Therefore, the amount of coolant warming for both situations, in
terms of percentage of (T∞ - Tc), should be practically identical. The coolant warming
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will influence the η distribution in the same manner for both situations, resulting in the
same φ distribution for both situations.
1.2.2.2. Engine versus Laboratory Conditions
The experimental study described later in this dissertation utilized a low-speed
wind tunnel facility that did not attempt to match the Mach numbers of the engine
conditions. For high-speed flow in engine conditions, convective heat transfer is driven
by the recovery temperature of the flow at the airfoil surface. In this case, Eqn. 1.6
remains valid as long as the definitions of η and φ (Eqns. 1.1 and 1.2) use recovery
temperatures for the gas flows (i.e., T∞,rec , Tc,rec , and Taw,rec). This would not affect the
measurements made with the low-speed experimental model, but it does affect how the
measured φ values should be interpreted for engine conditions.
The current experimental study also utilizes much lower gas temperatures to
model the airfoil heat transfer than exist in the engine conditions. As a result, the gas
property variations for the engine conditions are not exactly simulated in the
experimental model. The following discussion illustrates that this has a relatively small
effect on the measured φ values, which can be made even smaller by carefully designing
the experimental conditions (e.g., by modifying the internal coolant flow Reynolds
numbers). Consider one-dimensional heat transfer through a location of the airfoil wall,
as described by Fig. 1.3 and Eqn. 1.6. The ratio of external-to-internal heat transfer
coefficients can be expressed as a function of the Reynolds numbers, geometry, and fluid
properties. This relation is shown in Eqn. 1.13 with C1, C2, a, b, m, and n being the
appropriate constants for the Nusselt number correlations.
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The matched-Bi experimental technique requires that this heat transfer coefficient
ratio should be the same for the model as it is in the engine conditions, (hf/hc)engine /
(hf/hc)model = 1. This relation can be evaluated using Eqn. 1.13 for both engine and model
conditions and then canceling out matched parameters, resulting in Eqn. 1.14. Proper
design of the experimental facility will result in the parameters governing the geometry
(Dh/x) and the external flow field (C1 and Rex) to cancel out. Prandlt number changes
negligibly between engine and experimental conditions, so it cancels out. Additionally, if
the internal Reynolds number is matched, the internal flow parameters (C2 and ReDh)
cancel out. The resulting relation is as follows.
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# &
# &
" hc %engine " kc %engine
=
! hf $
! kf $
# &
# &
" hc %mod el " kc %mod el

(1.14)

Gas thermal conductivities are practically insensitive to pressure, so Eqn. 1.14 is a
function only of temperatures. Based on the modern gas turbine engine conditions given
in Table 1.1, representative engine temperatures are Taw = 1681 K (turbine inlet
temperature) and Tc = 819 K (compressor exit temperature). Representative wind tunnel
temperatures for the current study are Taw = T∞ = 305 K and Tc = 220 K, as described in
Chapter 2. Values of thermal conductivity for air at these temperatures yield (hf/hc)engine /
(hf/hc)model = 1.39. The effect of this mismatch on overall cooling effectiveness, φ, can be
determined with Eqn. 1.6. Using input values of η = 0, Bi = 0.5, and (hf/hc)engine = 0.5, this
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mismatch in hf/hc results in an overall cooling effectiveness error of φmodel - φengine = 0.04.
Figure 1.4 shows how this error changes with η for constant values of Bi = 0.5, and
(hf/hc)engine = 0.5. As η increases the error in φ decreases because the external surface gas
temperature approaches the internal surface coolant temperature. Figure 1.5 shows how
this error in φ due to mismatched kf/kc changes for a constant value of η = 0.3 as a
function of two other analytical inputs, the engine condition external-to-internal heat
transfer coefficient ratio (hf/hc) and the airfoil wall Biot number (Bi).
Another way in which variable gas properties can affect the matched-Bi
experimental technique is by changing the relation between Nusselt number and
Reynolds number for the flow over a surface.

When there is a large temperature

difference between the bulk of a gas and a surface, the fluid properties vary significantly
in the boundary layer. In this case the calculation of Nu should be modified as shown in
Eqn. 1.15, where y is an empirical variable. Alternately, for external flows a mean film
temperature can be used in lieu of Eqn. 1.15. (Kays and Crawford, 1980)

!T
$
Nu
= # wall,ext &
Nubulk " Tbulk %

y

(1.15)

This effect can change the ratio of heat transfer coefficients for a given location between
the engine and experimental conditions when the geometry and Reynolds numbers are
matched, and this will propagate to an error in φ. Analysis shows that this error in φ is
almost an order of magnitude less than the error caused by mismatching kf/kc (i.e., Eqn.
1.14) considering representative engine and experimental conditions. Figure 1.6 shows
sample results for this analysis for varying values of η and constant values of Bi = 0.5
and (hf/hc)engine = 0.5.
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Note that the errors relating to Eqns. 1.14 and 1.15 can be corrected by adjusting
the internal flow Reynolds number, ReDh, of the experimental model to set the desired
magnitudes of hc. This correction was not performed in the current study because the
experimental model was in the typical range of hf/hc for actual engines without the
correction. As described in Chapter 2, the model in the current study was designed to be
generic representation of conditions in actual engine designs, and it was not attempting to
model a specific engine.

1.3. GAS TURBINE DEPOSITION
1.3.1. Overview of Gas Turbine Deposition
Gas turbine engines are subject to deposition, erosion, and corrosion (DEC) from
contaminants introduced by the inlet air (e.g. sand, salt, debris) and the fuel (e.g. ash
particles, impurities). Even if the contaminants are very dilute, they could still result in
significant levels of DEC due to the typically high mass flow rates of air (105 – 106 kg/hr)
and fuel (102 – 104 kg/hr) in gas turbine engines, coupled with their long operating lives
(105 – 106 hours). (Mattingly et al., 2002) DEC causes roughening of turbine airfoil
surfaces, resulting in decreased aerodynamic efficiency and increased heat transfer to the
airfoil. The roughened airfoil surface will also alter the behavior of the film cooling
flows, typically causing a decrease in film cooling effectiveness and lower overall
cooling efficiency.

Contaminant deposits on turbine surfaces can cause chemical

degradation of the turbine materials, leading to decreased part life.

Furthermore,

accumulation of deposits can restrict the mainstream flow through the turbine resulting in
decreased power output and efficiency.
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Deposition is the dominant mode of DEC degradation for the high pressure
turbine airfoils (i.e., closest to the combustor exit, as shown in Fig. 1.1) because the
higher gas temperatures melt or soften contaminant particles, which increases the
likelihood a particle will stick when impacting a surface rather than rebound from it.
These high pressure turbine airfoils are also the most reliant on film cooling, due to the
higher mainstream temperatures they must withstand.

Therefore, the interaction of

contaminant deposition and film cooling is particularly important for these critical turbine
airfoils. Two photographs of deposits on turbine airfoils are presented in Fig. 1.7, which
are meant to illustrate the interaction between film cooling and contaminant deposition.
Figure 1.7(a) is a view of an aircraft engine turbine stator airfoil ring that was subjected
to an extremely high loading of ash contaminants while inadvertently flying through a
volcanic ash plume. The ash deposits are generally very rough and they are clearly
influenced by the film cooling features. Figure 1.7(b) is a micrograph of a cross-section
taken through a turbine airfoil film cooling hole that shows the non-uniform roughening
of a surface that occurs due to fairly routine contaminant deposits.

The surface

irregularities visible in Fig. 1.7(b) likely had a significant effect on the film cooling
performance of this hole. The physical characteristics of contaminant deposits (e.g.
thickness, uniformity, roughness) vary widely depending on the engine operating
parameters and the type of contaminants. The interaction of film cooling flows and
contaminant deposition may be substantially different for the various regions on an
airfoil, the various airfoils in a turbine, and the various applications in which gas turbines
are used.
An application of gas turbine engines in which contaminant deposition is
particularly important is the combustion gas turbine engine in an integrated gasification
combined cycle (IGCC) power plant. In an IGCC facility, a gasifier is used to process
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coal or some other raw energy source into a synthetic gas (“syngas”), consisting primarily
of CO and H2, which can be used directly as the fuel for the combustion gas turbine. The
hot exhaust gases from the combustion gas turbine are then used to heat water for use in
the combined cycle steam turbine, which greatly enhances the thermodynamic efficiency
of the power plant. A primary benefit of gasification is that pollutants (e.g. mercury,
sulfur, particulates) can be more easily removed from the gasified coal prior to
combustion, as compared to the conventional method of removing pollutants from the
furnace flue gas after combustion. Furthermore, much of the carbon content of coal can
also be removed from the syngas prior to combustion of the remaining H2 gas, which
requires less energy than removing it post-combustion. Regardless of the details of the
IGCC fuel processing, the syngas or H2 fuel used in the combustion gas turbine of an
IGCC plant will have some small amount of contaminants remaining, due to imperfect
cleaning of the fuel. These contaminants remain in the products of combustion that travel
through the gas turbine mainstream flow, where they can deposit, erode, and/or corrode
the turbine hardware. It is possible to invest additional resources to more effectively
clean the contaminants out of the syngas or H2 fuel, but this will result in higher costs and
decreased overall efficiency of the IGCC plant. Therefore, an optimal solution should
exist for an IGCC plant where the increased cost of cleaning the gas turbine fuel is
appropriately balanced with the increased cost of turbine degradation due to fuel
contaminants. The overall economics of the power plant are more favorable if the
combustion gas turbine can withstand higher levels of fuel-born contaminants in the hot
mainstream. Furthermore, if a combustion gas turbine is less sensitive to the adverse
effects of contaminant deposition, then it can better tolerate unintended periods of high
contaminant loading.
18

Other applications of gas turbine engines that would benefit from a decreased
sensitivity to contaminant deposition are propulsion engines that must operate in harsh
environments. Aircraft engines are often operated in environments with elevated levels
of air particulates, such as sand and dust. This has been particularly demanding on
military and commercial aircraft engines operating in the sandy environments of the
Middle East. Volcanic ash particles are also damaging to aircraft engines, even in fairly
low concentrations, which has recently caused global disruptions while commercial
airplanes were prohibited to fly over much of Europe following the eruption of a volcano
in Iceland. Helicopter and tank engines are exposed to dirty inlet air because they operate
the majority of their lives near ground level. Naval propulsion gas turbine engines are
subjected to salty inlet air for the entirety of their service lives, which can cause salt
deposits on turbine airfoils, resulting in greater turbine fouling. Research performed to
mitigate contaminant depositions in IGCC gas turbines can be applied to some extent to
other gas turbine applications in which deposition is an important issue.

This is

especially true if the research method is robust enough to be capable of varying the
characteristics of the deposition to match a variety of applications.
1.3.2. Relevant Theory for Turbine Deposition
Analysis and modeling of turbine deposition primarily involves two aspects: the
mechanics of the particle travel in the flow field and the behavior of the impacting
particle when it strikes the surface.
1.3.2.1. Particle Travel to Surface
There are various mechanisms to deliver contaminant particles to a turbine
surface, and they are strongly dependent on the particle size. Inertial impaction occurs
when a relatively large or dense particle does not follow changes in the flow field
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velocity, causing it to impact the bounding surface with substantial inertia.

This

mechanism is insensitive to small scale features of the flow field such as boundary layers
and vortical structures near obstructions. Turbulent diffusion or eddy impaction are
mechanisms in which smaller contaminant particles are affected by smaller flow
structures in the turbine gas path such as turbulent eddies and standing vortices. The high
accelerations of these smaller flow features redirect small particles, causing some of them
to impact a surface they would not otherwise strike via inertial impaction. Brownian
diffusion is when very small contaminant particles migrate relative to the flow field
because of the random movements and collisions of gas molecules. Particles moved
purely by Brownian diffusion will disperse evenly in a gas, with some of the particles
lightly impacting bounding surfaces. Thermophoresis is basically Brownian diffusion
when a significant temperature gradient is present in the gas, which causes a net
difference in molecular collision forces across the particle. Thermophoresis causes very
small contaminant particles to migrate from higher to lower temperatures, which will
typically bring them into contact with cooled turbine surfaces. (Hamed et al., 2006)
Inertial impaction is the particle travel mode of primary interest in turbine
deposition because the largest particles will contribute the most mass to a deposit, leading
to a greater disturbance of the aerodynamic and cooling designs. The regions of high
pressure turbine airfoils with the thickest deposits are the leading edge, pressure
(concave) side, and the pressure side of the trailing edge. These are the forward facing
surfaces of a turbine airfoil relative to the mainstream flow, which are the regions most
affected by inertial impaction. Turbine deposits are influenced by film cooling features
(e.g., see Fig. 1.7), which suggests that turbulent diffusion/eddy impaction also plays a
significant role in turbine deposition. The suction side of an airfoil is typically fairly free
20

of deposits because particles are delivered to it primarily via Brownian diffusion and
thermophoresis, and that region is not a critical region for turbine deposition.
The Stokes number, Stk, is an important parameter in quantifying turbine
deposition. It is essentially the ratio of the time it takes for an aerosol particle to respond
to changes in the fluid flow field, τ, versus the characteristic time it takes for a particle to
travel past a flow obstacle, lchar/Uchar . Hinds (1999) shows that the Stokes number for a
spherical particle in a flow field is:
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(1.16)

where the p subscript refers to the particle and g refers to the gas. For Stk >> 1, a particle
does not follow the flow field so it will impact a boundary if the flow changes direction.
For Stk << 1, the particle follows the flow field closely and rarely impacts a boundary due
to its inertia. The relaxation time, τ, in Eqn. 1.16 is a function of the fluid and particle
properties and the particle size, which is unambiguous for a given aerosol flow. The
characteristic length and velocity scales, lchar and Uchar, should be selected based on what
region of the flow field the Stokes number is intended to characterize. For example, the
velocity scale for flow past a turbine vane may be a function of the inlet, outlet, or
average velocities and the length scale may be the airfoil chord length, the leading edge
diameter, the diameter of a cooling hole, or the boundary layer thickness. A particle of a
certain size may follow one region of a flow field more closely than another region, and
different values of Stokes numbers could be defined for that particle using different
length and velocity scales for the different regions of the flow.
Although Eqn. 1.16 was derived for spherical particles, it is fairly accurate for
irregularly shaped particles for an aerosol flow because the movement of a small particle
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is dominated by its inertia and aerodynamic drag, which are insensitive to exact particle
shape. The inertial mass of an irregular particle can be estimated reasonably well as a
sphere of the same width or diameter. Aerodynamic drag at low (relative) Reynolds
numbers is a weak function of body shape.
Dring et al., 1979, show that the travel of a particle in an aerosol flow can be
completely characterized by the parameters Stk and σ for a given particle shape (i.e. a
given drag-Redp relationship) and the flow field. The parameter Stk is the same as
previously discussed, and σ is a measure of the particle density relative to the flow field.
Dring et al. showed that σ naturally appears with Stk in the coefficients of the
conservation of momentum equation governing particle travel in a flow field. This
parameter was defined as:
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where the Reynolds number is based on the airfoil chord length, C. Note that σ is
independent of particle size. For higher σ values, the particle is denser relative to the
flow field, and this has the same effect on the particle travel as increasing Stk. Dring et
al. further show that the dependence on σ vanishes in the limit of Stokes flow (Rep < 1),
in which case the particle travel is completely characterized by Stk.

Contaminant

particles causing turbine deposition tend to be in or near the Stokes flow regime, so σ is
not typically an important parameter. Furthermore, particle densities do not vary as
widely as particle sizes in turbine flows, which also makes σ less important. In most
turbine deposition studies, particle travel is simply characterized by the Stokes number.
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1.3.2.2. Particle Adhesion to Surface
If a contaminant particle impacting a turbine surface does not adhere to the
surface it will rebound and re-enter the mainstream flow, perhaps chipping or deforming
a portion of the surface in the process. If the particle adheres to the surface, it remains
attached until it is either covered by another depositing particle or it is liberated by an
eroding particle collision or it flakes off due to thermal cycling. The theory and analysis
of a contaminant particle impacting a turbine surface is a complicated issue that depends
on the chemical, thermal, and physical states of the particle and the surface. Numerous
researchers have studied this topic and developed analytical methods to model its
physics, but those theoretical details are not summarized here. Instead, the following is a
brief discussion on the most relevant factors regarding adhesion of contaminant particles
to turbine surfaces.
A common conclusion of studies of contaminant deposition in gas turbines is that
deposition rate greatly increases above some threshold gas or surface temperature due to
the increased fraction of molten material in the particles and the deposit surface. This is
also true for deposition on steam tubes in pulverized coal boilers, which is a similar
application to IGCC turbines regarding deposition. (Hamed et al., 2006, Wenglarz and
Fox, 1990, Crosby et al., 2008, Walsh et al., 1990, Rosner and Nagarajan, 1987)
Contaminant particles in gas turbines and coal boilers, have numerous constituents with
different thermophysical properties. Therefore, these particles do not change phase at a
single temperature, but instead gradually change from liquid to malleable to rigid over a
range of temperatures. As gas temperature increases, the individual constituents of a
particle melt, causing the particle to soften. A soft particle deforms when it impacts a
surface, absorbing some of the collision energy and decreasing the tendency to rebound.
When a particle softens its molten constituents also act as an adhesive causing the particle
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to stick to a surface. Furthermore, as products of combustion flow through a turbine or
boiler, the decreasing gas temperature causes some species to condense on bounding
surfaces and particles. This condensate acts as glue that increases the likelihood of a
particle to stick to a surface, leading to higher deposition rates. The net result of these
effects is that higher gas temperatures lead to a greater tendency for a particle to stick to a
surface and less tendency for it to rebound, resulting in higher deposition rate. This is the
primary mechanism by which an impacting particle adheres to a surface. (Rosner and
Nagarajan, 1987, Walsh et al., 1990)
Another aspect of deposition theory is the character of the surface on which the
particle impacts. As noted above, species can condense from a hot flow field and form an
adhesive film on bounding surfaces. Additionally, the thermal resistance of a deposit
causes the deposit surface to approach the gas temperature as the deposit becomes
thicker. As a turbine or boiler deposit grows thicker, the surface temperature increases
causing it to become more malleable and sticky. These mechanisms cause increased
deposition rate at higher gas temperatures. As a deposit becomes thicker and its surface
temperature becomes warmer, the surface also becomes less resilient against the forces
caused by impacting particles. This causes increased erosion of a deposit as the gas
temperature increases. An equilibrium condition can develop for a deposit in which the
deposition rate is exactly offset by the erosion rate, causing the deposit thickness to
remain approximately constant. (Rosner and Nagarajan, 1987, Walsh et al., 1990)
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1.4. LITERATURE REVIEW
1.4.1. Turbine Film Cooling
Gas turbine film cooling has been extensively studied for several decades, and
Bogard and Thole (2006) provide a broad summary of the state of the art in film cooling.
The following is a summary of select publications that are particularly relevant to the
current study.
The curvature of airfoil surfaces affects film cooling performance in ways that are
not captured by the flat plate models used in many film cooling studies. Ito et al. (1978)
measured adiabatic film effectiveness, η, using an analogous mass transfer technique
considering concave and convex surface curvatures and various blowing ratios. They
also provided an analytical rationale to support the trends they witnessed. Their data and
analysis showed that the difference in momentum of a film coolant jet relative to the
surrounding mainstream causes a different radius of curvature for the jet relative to the
mainstream. This causes the coolant jet to migrate away from or closer to the curved
surface yielding lower or higher performance, respectively.

For high coolant jet

momentum, the coolant jet radius of curvature is larger, resulting in higher performance
on the concave surface and lower performance on a convex surface. The opposite is true
for a coolant jet with low momentum.
Ames (1998) measured adiabatic film effectiveness, η, and heat transfer
augmentation, hf/ho, for the pressure and suction side surfaces of a model C3X vane,
which was the same airfoil design used in the current study. (Some of Ames’ data is
presented in comparison plots in Chapter 4 of this dissertation.) The purpose of his study
was to assess the effects of high mainstream turbulence on film cooling, and he
separately considered one or two rows of holes on the pressure side, one or two rows of
holes on the suction side, and a three-row showerhead (one to the PS and two to the SS of
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the stagnation line). The showerhead design was very similar to that of the current study.
Ames tested these film cooling arrangements at two turbulence intensities for the
mainstream approach flow, Tu = 1% and 12%, with all other flow parameters equal. For
a single row of holes on the pressure side operating at a low blowing ratio of MPS = 0.5,
the film effectiveness was substantially decreased by the higher turbulence (Δη = -30% to
-50% along the entire PS). This was apparently due to the increased mixing of coolant
caused by the turbulence. At a higher blowing ratio of MPS = 1.4, the film effectiveness
was decreased to a lesser extent by the higher turbulence (Δη = -10% to -30% along the
entire PS) for the same holes, and this was attributed to the dominance of jet separation
for this condition. For a single row of holes on the suction side operating at a low
blowing ratio of MSS = 0.4, higher turbulence caused the film effectiveness to increase
near the holes (Δη = 10% for s/d < 25) but had negligible effect farther downstream. At a
higher blowing ratio of MSS = 0.53, higher turbulence had a similar effect near the holes
and caused lower film effectiveness farther downstream (Δη = -10% for s/d > 40). The
increased effectiveness near the suction side holes at higher turbulence was attributed to
the turbulence causing more diffusion of the coolant towards the wall. Higher turbulence
decreased film effectiveness from the two showerhead rows on the suction side (Δη = 20% near the holes and up to -50% farther downstream). The film effectiveness data for
the one showerhead row on the pressure side was dominated by a discontinuity at a
location coincident with an internal coolant plenum wall, and it is not considered here. It
is pertinent to note that Ames used a vane model constructed from epoxy that had a
significant thermal conductivity. He performed a finite element analysis to account for
wall-normal conduction, but there are aspects of his η data (e.g., unexplained peaks) that
suggest they were influenced by three-dimensional conduction in the model.
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A film cooling design of interest to the current study is “trenched” film cooling, in
which a row of straight, cylindrical cooling holes is situated in a transverse, recessed
trench with a rectangular cross-section. For a trenched configuration, the cooling holes
are oriented in the streamwise direction and slanted at a shallow angle with the surface.
When the coolant jet exits the hole, it impinges on the downstream wall of the trench and
redistributes laterally before flowing from the trench. The benefit of the trench is due to
the uniform film of coolant exiting the trench that remains attached to the surface, even at
high coolant jet velocities. Bunker (2002) first published the concept of trenched film
cooling, which included limited data regarding the increase in performance. This data
was recorded using a flat plate wind tunnel facility.

Trenched film cooling was

experimentally studied in greater detail by Waye and Bogard (2007), who found a
significant enhancement of film cooling effectiveness for a trenched configuration over a
comparable conventional design without a trench. They tested various arrangements of
trench edge shapes and trench widths for a constant trench depth of H/d = 0.5, and they
determined that a rectangular cross section trench with a width of 2d (equal to the length
of the cooling hole footprint) was optimum for the nine geometries they tested. This
configuration produced spatially-averaged film effectiveness values 300% higher than the
conventional non-trenched design at M = 1.4 (highest blowing ratio tested), which
reduced to a 20% benefit at M = 0.4 (lowest blowing ratio tested).

The trenched

configuration clearly had the largest benefit at moderate and high blowing ratios, which is
when the conventional hole jets separated. The superior performance of the trench design
was attributed to the coolant jets remaining attached to the surface after they impinged on
the downstream wall of the trench, as well as recirculation within the trench producing a
more uniform film of coolant exiting the trench. This work was performed at about half
way along the suction side of a turbine vane airfoil model, which was a fairly flat region.
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Dorrington et al. (2007) studied an expanded range of trench depths and widths, resulting
in improved performance than that reported by Waye and Bogard. Their data showed
that film effectiveness improved with trench depth, with most of the improvement
occurring up to a depth of H/d = 0.75. They also found that performance was fairly
insensitive to slight increases in trench width beyond the length of the cooling hole
footprint. The results of Dorrington et al. are the basis for selecting the trench geometry
used in the current study.
1.4.2. Turbine Conjugate Heat Transfer
There are few experimental studies in the literature of conjugate heat transfer in
turbine cooling. Most studies have been performed in ways that isolate the external and
internal heat transfer in order to provide convective boundary condition data to the gas
turbine community and to avoid the added complexity of modeling both internal and
external cooling flows. However, there are occasions when it is critical to model the full
conjugate heat transfer system when studying a turbine cooling design. Validation of
CFD tools to solve conjugate heat transfer requires experimental data sets of conjugate
heat transfer. Furthermore, experimental conjugate heat transfer studies are very useful
in exploring designs for which the internal convective cooling and external film cooling
are tightly coupled, such as double-wall cooling designs.

Dees (2010) provides a

thorough review of experimental and computational studies of conjugate heat transfer
studies in the literature. Some of the relevant experimental studies are briefly discussed
here.
A series of studies funded by NASA measured conjugate heat transfer effects of a
turbine vane, with the most recent being that of Hylton et al. (1988). This series of
studies used a C3X vane model with a simplified internal cooling configuration
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consisting of an array of radial through holes. Various configurations of showerhead,
pressure side, and suction side film cooling were tested. This large scale model was
constructed of metal, and no attempt was made to match the conjugate heat transfer (i.e.,
the Biot number) of an actual turbine airfoil. The external shape of the C3X vane model
was the same as the model used in the current study.
The matched-Bi experimental technique discussed previously is a fairly recent
development in turbine cooling research, and there are a limited number of studies in the
literature that have utilized it.

The first implementation of this technique was by

Sweeney and Rhodes (2000), who tested a large-scale model of a Lamilloy effusioncooled combustor lining that incorporated a double-walled arrangement with internal
impingement cooling. The material conductivity of the model was selected to properly
balance the convective and conductive heat transfer so that it simulated the actual
hardware in engine conditions. Since then, this technique was further developed and
applied in a series of studies performed in the laboratory at the University of Texas at
Austin that produced the current study.

Those studies explored the conjugate heat

transfer for showerhead cooling of a turbine blade leading edge, and they included the
work of Albert et al. (2004), Mouzon et al. (2005), Maikell et al. (2009), and Dyson et al.
(2010). The same turbine blade leading edge facility was used for a portion of the current
study.
Most recently, Dees (2010) developed a matched-Bi, full airfoil model of a
turbine vane with an internal cooling arrangement consisting of a simple multi-pass
serpentine channel arrangement and a single row of cooling holes on the suction side. As
part of this effort, he modified an existing turbine vane cascade test section to allow vane
models of different thermal conductivities and cooling arrangements to be interchanged.
He measured adiabatic film effectiveness and overall cooling effectiveness of an
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internally cooled vane model without film cooling and with one row of film cooling on
the vane suction side. He also measured the thermal and velocity profiles around the
airfoil external surface. The test section and vane model design developed by Dees was
utilized for most of the current study. When testing a matched-Bi vane model without
film cooling, Dees found the φ distribution was fairly uniform in the spanwise direction
but had strong variations in the streamwise direction that correlated with changes in
external and internal heat transfer coefficients. There was clear evidence of an internal
flow separation at the downstream portion of a 180° turn in the “U-bend” cooling
channel. Dees compared laterally-averaged φ values with and without the suction side
film row active and found that film cooling increased φ everywhere for all conditions,
with one exception.

Downstream of the cooling holes operating at the highest

momentum flux ratio tested (I = 1.41) there was a region with lower φ than the non-filmcooled model, which was due to the poor film effectiveness of the detached jets coupled
with the higher hf resulting from the coolant jets tripping the boundary layer. A primary
objective of Dees’ study was to assess the accuracy of the common assumption that the
adiabatic wall temperature, Taw, is the driving temperature for convective heat transfer to
an actual (conducing) airfoil. He measured thermal boundary layer profiles downstream
of the film cooling holes on a conducting, matched-Bi model and an adiabatic model, but
comparing them was complicated by the sensitivity of the film cooling flows to small
differences between the machined holes and the flow conditions for each model.
Nonetheless, he observed that the conducting wall clearly cooled the developing thermal
boundary layer and affected the validity of assuming Taw as the driving temperature.
The experimental data produced by Dees was compared against computational
results by Dees et al. (2010a, 2010b). The CFD analyses intended to match the vane
model experiments, and they utilized a k-ω turbulence model. CFD properly determined
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the velocity and thermal boundary layers over most of the vane model except for the aft
suction side downstream of the transition to a turbulent boundary layer. The CFD
analyses calculated erroneously low values of φ in the forward region of suction side
because it could not properly simulate the laminar and transitional boundary layer in that
region. CFD also calculated erroneously low φ values along much of the pressure side
and suction side, apparently due to erroneously high values of internal cooling heat
transfer coefficients, hc.
1.4.3. Turbine Deposition
Deposition of contaminants in hot environments has been studied most often for
the conditions of coal combustion products flowing through power plant boilers or gas
turbines. Studies of coal-fired boilers typically consider the situation of a cylindrical tube
in a cross-flow of hot products of combustion, with the tube cooled by steam flowing
through it. The particle travel in the flow field is relatively simple to determine for this
application, so the adhesion of the particles to the surface has received more attention.
Rosner and Nagarajan (1987) performed a study representative of efforts to
establish the underlying theory and method for analytically determining deposition rates
and behavior. Specifically, they determined deposit growth rate and deposit thickness
through time as a function of surface and gas temperatures and parameters termed the
sticking fraction and erosion coefficient.

These parameters were proposed to be

functions of volume fraction of “glue” (lower melting point compounds that condensed
on the surface and depositing particles), and the amount of glue available in the flow and
the deposit had a “self-regulating” effect on the deposit growth such that the growth rate
tended towards a constant value.

For lower volume fractions of glue, the deposit

thickness reached a fairly constant value through time, and for higher amounts of glue the
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deposit thickness increased continuously. Calculations were performed using conditions
representative of pulverized coal furnaces, and all data was presented in terms of scaled,
non-dimensional parameters. Rosner and Nagarajan noted that the dependence on the
glue fraction for the key parameters in their approach (e.g., sticking fraction, erosion
coefficient, and deposit thermal conductivity) needed further development, and they
noted their approach omitted some complexities of the deposit growth mechanisms, such
as sintering and chemical reactions in the deposits. However, they presented their work
as a useful step towards the development of accurate analytical predictions of deposition.
A common theme of deposition research for coal-fired boiler applications has
been the goal of developing analytical tools to simulate and predict deposition rates using
a method that accounts for variations in the chemical constituents for various types of
coal. Walsh et al. (1990) developed a computational model for estimating deposit growth
on a steam-cooled tube of a coal-fired furnace and generated experimental data to test and
calibrate the model for several types of coal. Their paper had an informative discussion
on the mechanics of deposit formation and growth, including its dependence on molten
and/or sticky particles in the contaminants and on the deposit surface. They noted a few
of the methods typically used to account for softening of particles and deposits and the
contribution of liquid phases to deposit growth.

In their analytical approach they

accounted for the particle sticking using the viscosity of the depositing coal slag, which
was taken to be a function of the surrounding gas temperature and the chemical
composition of the contaminants. They neglected the radiative heating and cooling
during particle travel and the convective cooling in the thermal boundary layer. Their
analytical model included the warming of the deposit surface temperature and deposition
rate caused by the thermal resistance of the underlying deposit thickness. They also
accounted for the reduction in deposit growth rate caused by erosion of the existing
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deposit by solidified contaminants striking the surface. They noted that the mass of
deposit per unit area surface can approach an equilibrium value at which deposition is
balanced by erosion. Wang and Harb (1997) also developed a computational model for
ash deposition in pulverized coal combustors. The sticking probability of ash particles
impacting a surface was determined as a function of the viscosity of the particle and the
surface, and the thermal conductivity of the deposit accounted for the chemical
constituents in the ash. Wang and Harb included in their paper a thorough review of
analytical and computational models for coal ash deposition.
Most of the research of contaminant deposition on gas turbine surfaces considers
ash deposits from various types of coal combustion. The 1970’s oil embargo motivated
the development of direct combustion of coal in gas turbine engines, which was
constrained by coal ash deposition in the turbines. More recently, IGCC power plants
have renewed the interest of coal ash depositing in gas turbine engines. There has also
been considerable research in the erosion and deposition in turbines caused by
contaminants in the engine inlet air, such as sand and dirt. Hamed et al. (2006) provide a
thorough review of erosion and deposition research for gas turbine engines. This review
summarizes some broad aspects of turbine deposition mechanisms, some of which is
included in the overview of deposition theory given earlier in this chapter. A study by
Bons et al. (2001) is also a useful general reference on the subject of turbine erosion and
deposition.

Bons et al. performed surface roughness measurements for nearly 100

turbine components and summarized the overall trends of their data.

They present

statistical data of their roughness measurements and line traces and contour plots of
surface roughness for representative samples. One important feature documented by
Bons et al. were the “furrows” of thinner deposits extending downstream of holes
coincident with the film cooling streaks.
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Dring et al. (1979) developed an analytical method to determine contaminant
particle travel in a turbine flow field, and they qualitatively validated their model by
comparison to experimental visualizations of particle travel around a turbine airfoil
leading edge with showerhead cooling. Their analysis demonstrates that particle travel is
a function of the Stokes number and the density parameter σ, both previously discussed
in this chapter and defined in Eqns. 1.16 and 1.17. They recognized that the Stokes
number was the more important of these two parameters. They did not state what Stokes
numbers are typical for turbine deposition, but most of their results focused on the range
Stk = 0.1-10 (with Stk defined using the airfoil axial chord divided by the mainstream
approach velocity as the characteristic time in Eqn. 1.16).
Wenglarz and Fox (1990) performed an experimental study of coal ash deposition
in gas turbines specifically considering the use of coal-water fuels.

Their facility

consisted of simplified turbine airfoils (wedge-shaped specimens) in a hot flow path
downstream of a combustor rig. An important finding of their work was the dramatic
increase in deposit growth rate when the gas temperature changed from 1260 K to 1370
K. They speculated this increased rate was caused by a higher number of molten or
softened particles in the higher temperature flow. They noted that their highest gas
temperature (1370 K) was lower than the initial deformation/ash fusion temperature
(1440 K) measured for this specific coal ash using a cone ash test. However, they further
noted that significant ash melting/softening can occur before it is observed in the cone
ash test. Wenglarz and Fox also found that increasing the model surface temperature
from 1170 K to 1370 K (for a gas temperature of 1370 K) caused a significant increase in
deposit growth rate, but a physical explanation for this was not provided. The data
reported by Wenglarz and Fox were in terms in deposit growth rates, and no mention was
made of an equilibrium deposit thickness. Wenglarz (1992) used the same experimental
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facility to determine input parameters for an analytical method of estimating deposition
growth in gas turbines. This yielded a relatively inexpensive method to screen specific
fuels and methods of mitigating deposition prior to running engine tests. Part of the
analytical method included determination of the maximum allowable deposit thickness,
which was limited by the reduction in flow area at the turbine vane passage throat area
(between the suction surface and the trailing edge of the pressure surface). This study did
not consider the influence of deposits on film cooling.
Richards et al. (1992) performed an experimental study of coal ash deposition on
turbine surfaces using a drop tube experimental facility that delivered coal ash particles to
a test coupon via a long, heated reactor channel. They reported that deposition rate
decreased by varying extents as surface temperature decreased.

They also found

deposition rate to increase as gas temperature decreased, which was inconsistent with
other comparable studies. This discrepancy and some other aspects of their data were
explained as being the result of incomplete combustion in the reactor channel yielding
particles with larger sizes for lower gas temperatures and vice versa. This changed the
amount of solidification as the impacting particles traveled through the thermal boundary
layer, resulting in significant changes in sticking probability.
A series of experimental studies regarding syngas ash deposition in gas turbines
has been performed using the Turbine Accelerated Deposition Facility (TADF)
developed by Bons, Fletcher, and colleagues. This facility used engine-representative
flow conditions and ash chemistry to generate turbine deposits in an accelerated manner.
Jensen et al. (2005) describe the facility and its validation in detail. Bons et al. (2007)
use this facility to study deposits from four different ash materials representative of
syngas formed from coal, straw, sawdust, and petroleum coke. They presented detailed
inspection data of each material’s deposits, including ash density, appearance, and
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tenacity. They noted that the coal ash deposit had a surface that was “rutted and broken”
and that a majority of it separated from the coupon after it cooled. The deposits of all ash
materials were found to be fairly isotropic in structure and composition. The coal ash
deposit was “riddled with 30-80 µm inclusions” that were a mix of mostly solid metal
particles and some empty cavities. Crosby et al. (2008) used the TADF to study how
deposits were affected by particle size, gas temperature, and target surface temperature.
They found that deposit growth increased with gas temperature above a threshold of
about 1230 K. They noted this was lower than the melting temperature of the ash
compounds, so the increased deposit growth was likely caused by increased sintering at
higher temperatures that caused large deposit masses that were less susceptible to
erosion. Crosby et al. also found that deposit growth and deposit roughness decreased as
the target surface temperature decreased for a given gas temperature.
Ai et al. (2009) performed a study with the TADF exploring the effect of particle
size and film cooling flows on deposition. Film cooling arrangements consisted of
standard round film holes of varying pitches and blowing ratios, as well as a trench
configuration similar to that discussed in a previous section of this chapter.

The

mainstream flow impacted the test coupon at an angle of 45° to the impinging hot gas
flow (and less for the trenched holes). Increased blowing ratio caused decreased deposit
growth and decreased roughness.

The reduced deposition appeared to be due to a

combination of the film cooling jets and the lower target surface temperature caused by
backside cooling flow. At the highest blowing ratio (and coldest surface temperature),
the surface had very thin deposits relative to other cases. The trenched hole configuration
tested by Ai et al. accumulated more deposit than standard film cooling holes, yet the
cooling performance remained about the same. The deposits in the trench primarily grew
from the remaining portions of the downstream wall of the trench between the missing
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notches. Lewis et al. (2011) measured adiabatic film effectiveness and heat transfer
augmentation in a wind tunnel facility using three different large-scale models of TADFgenerated deposits near standard film cooling holes. One deposit model was similar to a
ramp upstream of the cooling holes, and this caused enhanced film cooling performance
due to the effects of a separation region near the film hole exits. The other two models
had thick or thin deposits upstream and between the film cooling streaks, which resulted
in only small changes in film cooling performance.

No limiting values of deposit

coverage or thickness were reported for any of the TADF studies.
The current study has been performed in collaboration with Lawson and Thole
(2010, 2011) who developed and applied a similar wax spray technique to assess
deposition near film cooling holes on a flat plate and on a film cooled turbine endwall
surface. They quantified the molten state of their depositing particles using a thermal
scaling parameter that is discussed in Chapter 2 of this dissertation.

The film

performance and the deposit coverage of the surface approached equilibrium values as
the deposit was generated. Their measurements showed a general trend of decreased
adiabatic film effectiveness for a range of blowing ratios when a deposit was present on
the surface. Deposits near film cooling holes on a flat plate caused a decrease of
adiabatic film effectiveness up to Δη = -25% for momentum flux ratios of I = 0.23 and
0.50, but this adverse effect decreased to Δη = -6% at I = 0.95 when the coolant jets were
mostly detached. Lawson and Thole (2010) studied two regions of film cooling on a
turbine vane endwall: a “leading edge” row of holes just upstream of the vane nose point
and a “passage” row of holes at the start of the flow passage between vanes. The
reduction of adiabatic film effectiveness for the passage film holes became larger, Δη = 25% to -30%, as momentum flux ratio increased, I = 0.23 to 3.6, respectively. The
leading edge film holes had an opposite trend with performance reduction due to deposits
37

becoming smaller as momentum flux ratio increased, Δη = -30% to -15% for values of I
= 0.23 to 3.6, respectively. The difference in these trends was attributed to the way the
leading edge vortex tended to keep the leading edge film cooling jets more attached to the
surface at high momentum flux ratios, which inhibited deposits there. The endwall
deposits generated by Lawson and Thole (2010) showed symptoms of secondary flow
structures, such as the vortex and saddle point near the airfoil leading edge.
There have been numerous efforts in recent years to develop computational
models for contaminant particle travel and deposition in gas turbines. El-Batsh and
Haselbacher (2002) computed deposit growth on a turbine vane cascade with particle
attachment and detachment treated as deformable spheres interacting with a surface. The
model was tuned to give deposition rates consistent with gas turbine engine data. Most of
the deposits formed on the vane pressure side and leading edge, and the flow field was
recalculated after three sequential intervals of deposition to determine how the deposits
influenced the flow. They found that flow acceleration along the pressure side became
more irregular as the deposits grew, and they speculated this could cause flow separation
at a region of deceleration near the trailing edge of the pressure side. They calculated the
profile loss of the fouled airfoil to be 60% higher than the initial clean airfoil. More
recent computational studies considering turbine deposition have been performed by
Sreedharan and Tafti (2010) and Rozati et al. (2011).

1.5. OBJECTIVES OF THE CURRENT STUDY
The primary objective of this study was to explore the interaction of depositing
particles with the velocity and thermal fields near a film cooled turbine airfoil. An
important goal was to develop and apply an experimental technique to simulate the
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deposition process of engine conditions on a turbine airfoil model in a large scale, low
speed, ambient temperature wind tunnel facility. It was desired to find locations of
greatest deposition and to mitigate that deposition through film cooling. Furthermore, it
was of interest to measure the change in film cooling performance due to deposits near
showerhead and pressure side film holes. A film cooling design of particular interest was
a row of holes situated in a transverse, recessed trench, which previous researchers have
shown to be insensitive to surface roughness indicative of turbine deposits.
In order to best simulate the deposition process that occurs in engines, the turbine
airfoil models used with this study were constructed from material with a thermal
conductivity that establishes the same Biot number as the engine conditions. As a result,
the airfoil models had surface temperatures substantially lower than the mainstream and
the solidification temperature of the depositing particles.
Approximately adiabatic and matched-Bi versions of the airfoil models were used
to measure the film cooling performance and the conjugate heat transfer of the combined
internal and external cooling. These data were measured in order to give insight to the
deposition process, and they may also serve as useful experimental data sets for the
development of computational tools by other researchers.
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Figure 1.1. Schematic of a gas turbine engine (PW4000 aircraft propulsion engine)
(image from www.pw.utc.com)
	
  

Figure 1.2. Schematic of a typical high pressure turbine rotor airfoil
(image from Kwak and Han, 2003)
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Figure 1.3. Schematic one-dimensional heat transfer through a turbine airfoil wall

Figure 1.4. Error in φ caused by kf/kc discrepancy in matched-Bi technique, considering
constant values of Bi = 0.5 and (hf/hc)engine = 0.5
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(a) Sensitivity to (hf/hc)engine, with constant Bi = 0.5

(b) Sensitivity to Bi, with constant (hf/hc)engine = 0.5
Figure 1.5. Error in φ caused by kf/kc discrepancy in matched-Bi technique, considering a
constant value of η = 0.3
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Figure 1.6. Error in φ in matched-Bi technique caused by high temperature gradients in
the external boundary layer at engine conditions, considering constant values of Bi = 0.5
and (hf/hc)engine = 0.5
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(a) Volcanic ash on turbine stator airfoils (from Hamed et al., 2006)

(b) Contaminant deposition near a film cooling hole (from Bogard et al., 1996)
Figure 1.7. Photographs of deposition on gas turbine engine airfoils
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Chapter 2 – Experimental Facilities
The first two sections of this chapter include detailed descriptions of the turbine
blade leading edge wind tunnel facility and the turbine vane cascade wind tunnel facility,
including the airfoil models and instrumentation. Section 2.3 describes the wax spray
technique that was developed as part of this study to model contaminant deposition in
these facilities. Section 2.4 summarizes the uncertainty analysis for the experiments and
discusses the repeatability of the results. Appendix A of this dissertation contains details
of the experimental procedures, which may be of use for subsequent studies with these
facilities.

2.1. TURBINE BLADE LEADING EDGE WIND TUNNEL FACILITY
2.1.1. Mainstream Flow Loop
The wind tunnel facility used to study the turbine blade (rotor airfoil) leading
edge model is shown schematically in Fig. 2.1. The wind tunnel mainstream flow was
driven by a 5 hp, variable speed fan, after which the flow passed through a waterregulated heat exchanger. The flow then passed through a series of honeycomb and
screen partitions and a 9:1 area contraction before entering the test section. The test
section was 61 cm wide, 15 cm tall, and 240 cm long. A half-cylindrical turbine blade
leading edge model with a diameter of D = 5.04 cm was attached to the front of a
rectangular coolant supply plenum of the same height. The model/plenum assembly was
suspended at the mid-height of the test section, and it spanned the full width of the test
section. A passive grid turbulence generator was situated near the start of the test section
and consisted of a series of vertically-oriented bars, with diameters of dbar = 0.95 cm and
a centerline pitch of 2.5 cm = 2.6dbar. The centerlines of the turbulence grid bars were
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located 61 cm = 64dbar = 12D upstream of the stagnation line of the leading edge model.
This passive grid turbulence generator was originally developed by Johnston (1999) for a
study using a different model in this facility. A Pitot-static probe permanently installed
near the start of the test section, upstream of the turbulence grid, was used to monitor the
mainstream velocity. The nominal mainstream flow conditions for most experiments
performed in the blade leading edge facility for this study are summarized in Table 2.1.
A wax sprayer/PVC pipe assembly (described later) spanned the full height of the
test section at its mid-width, and it was inserted through a hole in the floor of the test
section. Figure 2.2 shows a photograph of the wax sprayer installed in the test section.
Tape was used to fill in the floor of the test section around the sprayer/pipe assembly
once it was installed. The exit of the sprayer nozzle was located 20 cm downstream of
the turbulence grid (41 cm upstream of the leading edge model stagnation line).
Downstream of the test section, the mainstream flow passed through an air filter (if used)
to remove much of the sprayed wax particles from the mainstream.
Table 2.1. Nominal mainstream flow conditions for blade leading edge facility
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2.1.1.1. Velocity and Turbulence Profiles
An undergraduate research assistant in the laboratory, Yoran Pichon, measured
profiles of the velocity and turbulence characteristics of the mainstream flow approaching
the blade leading edge model. This work was performed in support the current study, so
it is documented in this dissertation.
Velocity profiles were measured with a Pitot-static probe mounted on a traverse.
The profiles were measured in a plane perpendicular with the flow field, at a location 10
cm = 2D upstream of the leading edge model stagnation line. (This location was 51 cm =
54dbar downstream of the turbulence grid centerlines or 31 cm downstream of the wax
sprayer nozzle exit.) For all horizontal profiles, W/Wmax = 0 was at the test section wall
on the inner side of the mainstream loop and W/Wmax = 1 was at the outer side wall. For
all vertical profiles, H/Hmax = 0 was at the test section floor and H/Hmax = 1 was at the test
section ceiling.
The pressure differential was measured with a Validyne model DP103 pressure
transducer connected to a Validyne model CD23 indicator. The pressure transducer
output and all other facility measurements were recorded with the data acquisition system
for this wind tunnel facility (described later). In addition to the traverse probe, the Pitotstatic probe permanently installed near the test section inlet (i.e., the probe used during a
typical blade leading edge experiment) was used to monitor the nominal, bulk
mainstream velocity.
Profiles of mainstream velocity are presented in Fig. 2.3 for the horizontal
(spanwise along the leading edge model) and vertical directions without the wax sprayer
assembly installed. The nominal mainstream velocity for these profiles was U∞ = 15.0
m/s, as measured by the permanently installed Pitot-static probe. The velocity profiles
were fairly constant across most of the horizontal span of the test section although there
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were some moderate fluctuations, perhaps due to interactions between the turbulence grid
wakes. The velocity deficits near the side walls of the test section were insignificant to
the region of interest, which was approximately the middle half of the test section width.
The vertical profile was also fairly constant. The increased velocity near the floor and
ceiling of the test section was likely due to increased flow through the small gaps above
and below the turbulence grid. The fluctuations in the horizontal and vertical profiles
were repeatable.
Profiles of the turbulence characteristics were measured with a hot wire
anemometer (A.A. Lab Systems Ltd. model AN-1003) mounted on a traverse. The
profiles were measured in the same plane as the velocity profiles, which was 54dbar
downstream of the grid centerlines. The hot wire anemometer was operated consistent
with its user manual. The wind tunnel facility was operated at the desired velocity long
enough to reach steady mainstream temperatures prior to starting the hot wire
anemometer calibration or measurements. The hot wire anemometer calibration was
performed using the permanently installed Pitot-static probe near the inlet of the test
section, which was also used to monitor the nominal velocity during the measurements.
All facility measurements were recorded with the data acquisition system for this wind
tunnel facility (described later).
Horizontal and vertical profiles of mainstream turbulence intensity and integral
length scale are presented in Figs. 2.4 and 2.5. These measurements were performed
without the wax sprayer assembly installed and with a nominal mainstream velocity of
U∞ = 15.1 m/s.

The entire width of the test section could not be measured because of

limited access for the hot wire probe traverse. The measured turbulence characteristics
fluctuated significantly across the width of the test section (i.e., along the span of the
leading edge model), with their average values being approximately Tu = 5-6% and Λ = 2
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cm. Furthermore, note that the measurement at the midpoint of the horizontal profile (Tu
= 5.3%, Fig. 2.4a) is significantly different from the same location at the midpoint of the
vertical profile (Tu = 6.5%, Fig. 2.4b). It is not clear what caused these fluctuations and
this discrepancy, especially considering the relative uniformity of measurements made by
Johnston (1999) with the same turbulence grid. Johnston measured turbulence profiles at
a location of 20dbar downstream of this grid with an average mainstream velocity of U∞ =
10.4 m/s. His measurements showed an average turbulence intensity of Tu = 8.1% with
variations no more than ±3% of this value (i.e., Tu = 7.8% – 8.4%) and an average
integral length scale of Λ = 2 cm that only varied over the range of Λ = 1.6 cm – 2.2 cm.
The turbulence measurements performed by the undergraduate research assistant in the
current study (at higher mainstream velocity, U∞ = 15 m/s, and further downstream of the
grid, 54dbar) appears to have included some unidentified measurement or data processing
error that caused much higher variations across the test section width. One possible
explanation for this is a drift of the calibration of the hot wire anemometer while the
measurements were performed.

Although these measurements included larger

uncertainty than desired, they were sufficient to confirm the nominal turbulence intensity
of Tu = 4% estimated for this facility by Maikell (2008) based on data measured by
Johnston (1999).
Horizontal profiles of mainstream velocity, turbulence intensity, and integral
length scale were measured with the wax sprayer installed, and these are shown in Figs.
2.6, 2.7, and 2.8. These profiles were measured at the same location as the previously
discussed profiles, and the nominal mainstream velocity was 14.9 m/s for the velocity
measurements and 15.1 m/s for the turbulence measurements.

These profiles were

measured with the sprayer air active at typical experimental conditions, except that there
was not wax flow. Two orientations of the wax sprayer were used: the sprayer air jet
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oriented straight in the direction of mainstream flow, and the sprayer rotated so it air jet
was oriented roughly 45° relative to the mainstream flow. This latter orientation was
typically used in deposition experiments to create deposits on two regions of the leading
edge model in a single experiment. A velocity profile was also measured with the
sprayer assembly in place but with the air jet not active.
As shown in Fig. 2.6, the presence of the inactive sprayer assembly created a
slight deficit in the mainstream velocity, which was reduced when the sprayer was active.
For typical experimental conditions, the compressed air supplied to the sprayer had a
pressure of nominally Psprayer = 140 kPa,gauge = 20 psig, so the narrow jet of air at the
sprayer nozzle exit (djet < 1 mm) should have had a Mach number of Mn = 1 (for P/Ptot =
14.7 psi / 34.7 psi = 0.42). However, this narrow air jet rapidly dissipated with the tunnel
mainstream flow, so the effect on the mainstream velocity downstream of the sprayer was
much less pronounced. If the sprayer was active and rotated relative to the mainstream
flow direction as described previously, a larger velocity deficit was created as well as a
region of higher velocity. This greater change in the velocity profile was caused by the
mainstream flow accelerating around the larger obstruction created by the angled air jet.
Figure 2.7 shows that the active sprayer roughly doubled the turbulence intensity in the
region of the air jet, and this effect was even larger when the sprayer was rotated. This
likely affected the deposition experiments performed in the blade leading edge facility by
altering the film cooling flow field to some extent, which may have changed the
distribution of deposit thickness on the model. This effect was not clearly evident in the
deposits formed on the leading edge models, but if it were significant it would have been
consistent for all these deposition experiments. Therefore, comparisons between these
experiments were still able to provide the desired insight to the interaction of showerhead
cooling and deposition. Figure 2.8 shows the integral length scale was fairly unaffected
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by the presence of the active sprayer or its orientation.

The integral length scales

measured with the sprayer active were consistently lower across the entire test section
width than those measured with the sprayer assembly removed (Fig. 2.5a). There is no
obvious physical reason for this, which further suggests there was some unidentified
source of error in these turbulence measurements, as discussed earlier.
2.1.1.2. Filters for Wax Particles
Various designs of air filters were used downstream of the test section to capture
the wax particles sprayed in the turbine blade leading edge deposition experiments, but
they were all problematic. These filters were located in the same part of the wind tunnel
facility that desiccant packs would occupy, which is noted in Fig. 2.1. Desiccant was not
used in these deposition experiments due to interference with the air filters and because
wax accumulation on the desiccant packs would create a fire hazard when they were
dried in an oven.
The first attempt at a mainstream air filter design was a single air filter for
household HVAC systems, situated normal to the flow direction and held in place by
attaching it to the upstream end of the wooden desiccant rack that fits into this portion of
the facility. High quality air filters were too restrictive for the wind tunnel velocities
desired, and they quickly became clogged with sprayed wax particles. Low quality,
fiberglass air filters worked better for this purpose, although they also clogged with wax
fairly quickly. A new wooden rack was constructed that held a larger HVAC air filter at
an angle to the mainstream flow in the desiccant region of the wind tunnel loop. This
allowed the wax spray to last longer before the filter became too clogged, but it was still
too restrictive for the 20-30 minute wax spray durations typical of these experiments
(discussed later). After trying numerous variations of filter sizes, arrangements, and
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quantities, it was evident that no filter design was suitable for the desiccant region of the
wind tunnel facility because the flow area was too small and the velocity too high. No
other location could be conveniently used for this, so air filters were not used for the last
several deposition experiments with the blade leading edge model.
2.1.2. Coolant Flow Loop
A secondary flow loop in the wind tunnel facility provided film coolant flow to
the plenum/leading edge model assembly in the test section, as shown in Fig. 2.1.
Nitrogen gas was used as the coolant, which was adjusted to the appropriate temperature
and flow rate to establish the desired density ratio and blowing ratio. The nitrogen was
supplied as a cryogenic liquid from a dewar, and then warmed to a gas in the secondary
flow loop that included an air/nitrogen heat exchanger. The gaseous nitrogen then flowed
through a control valve, an orifice flow meter, and into the coolant plenum that held the
half-cylindrical leading edge model. The air for the air/nitrogen heat exchanger was
driven by a 7.5 hp blower that drew air from the wind tunnel mainstream flow.
The film coolant flow rate was measured using an orifice plate flow meter with an
orifice-to-pipe inner diameter ratio of β = Dorifice/Dpipe = 0.4878. The discharge coefficient
for the orifice meter was determined using the following empirical formula that fits a
database of orifice meter discharge coefficients to within 0.2% (Goldstein, 1996).
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For this correlation, the coefficient of the β4/(1-β4) term is applicable for L1 > 0.4333, and
the Reynolds number is a function of the orifice diameter. The parameters L1 and L2ʹ′ are
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distances of the pressure tap centerlines from the upstream surface of the orifice plate,
nondimensionalized by the pipe internal diameter. For this installation, L1 = 0.6098 and
L2ʹ′ = 0.6707. Because the discharge coefficient is a function of orifice Reynolds number,
which is in turn a function of the coolant flow rate, it was iteratively calculated. Other
students in the laboratory (Emily Boyd and Randy Williams) calibrated this same orifice
meter installation using a laminar flow element connected in series, which confirmed the
accuracy of Eqn. 2.1 for this meter.
2.1.3. Blade Leading Edge Models
Two models of a turbine blade leading edge were used in this study. A film
cooled model was used for the majority of the leading edge experiments, and a non-filmcooled model was used for a comparative experiment.
2.1.3.1. Film Cooled Model
A half-cylindrical model of a film cooled turbine airfoil leading edge was attached
to a coolant supply plenum, and the model/plenum assembly was installed to span the full
width of the test section at its mid-height. An aluminum plate with a single row of
impingement jet holes was situated between the leading edge model and the plenum,
which provided impingement cooling to the internal surface of the leading edge. A
dimensioned schematic of the model and impingement plate is shown in Fig. 2.9. The
leading edge model included three rows of film cooling holes: one row centered along the
stagnation line of the model and two off-stagnation rows. All of the film cooling holes
had a constant circular cross-section of diameter d = 3.18 mm. All film cooling holes had
a surface angle of α = 20° and a compound angle of β = 90° (i.e., normal to the
streamwise direction of the surface). The centerline pitch, p, between cooling holes in a
row (in the lateral direction) was p/d = 7.6, there were 16 holes per row, and each row
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was laterally staggered a half-pitch. An external view of the cooling hole arrangement
can be seen in the photographs of wax spray deposits in Chapter 3. The impingement
plate holes were of circular cross section with a diameter equal to twice the film cooling
hole diameter, 2d, and the centerline pitch between impingement holes was the same as
the film cooling holes, 7.6d.
The leading edge model was cast with a commercially available epoxy material
(Polycast Industries, part number PC-287) with a thermal conductivity that was measured
to be k = 1.04 W/mK. This conducting material was selected so that the wind tunnel
model, in the wind tunnel conditions, would match the Biot number distribution, Bi =
hftwall/k, of a typical film cooled first stage turbine blade at engine conditions. This
matched-Bi technique is discussed in more detail in Chapter 1. Some previous studies in
this laboratory stated the epoxy thermal conductivity was k = 4.32 W/mK, as given by the
manufacturer. The revised value of k = 1.04 W/mK was based on recent, repeated
measurements of this material by other students in the laboratory. Although this was a
significant discrepancy, the resulting Biot number of the leading edge model was still in
the range of that for an actual turbine blade leading edge. Maikell (2008) provided a
detailed description of how this model was cast and machined.
2.1.3.2. Non-film Cooled Model
An additional leading edge model without any film cooling holes was also used in
this study for comparison, and it is shown schematically in Fig. 2.10. This model had the
same overall shape and dimensions and the same thermal conductivity as the film cooled
model, and it was mounted on the same impingement plate and coolant plenum in the
same manner. Purge holes for the impingement flow were machined in the short, flat
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portions at the downstream ends (both sides) of this non-film-cooled leading edge model.
This model was created for use in a study by Dobrowolski (2009).
2.1.4. Instrumentation
All thermocouples used in the turbine blade leading edge facility were E-type, and
they were constructed in house from wire purchased from Omega Engineering and thin
ribbon material purchased from Nanmac Corporation. Gas thermocouples were made by
welding the two wires together to form a small bead junction. Surface thermocouples
were made by welding the wires to thin ribbons of the same material, and then welding
the ribbons together to form a junction. Pressure measurements in this facility were made
with Validyne model DP103 pressure transducers connected to Validyne model CD23
indicators. All thermocouple and pressure transducer measurements were routed to a
personal computer via a National Instruments data acquisition system and monitored and
recorded using a Labview virtual instrument.

2.2. TURBINE VANE CASCADE WIND TUNNEL FACILITY
2.2.1. Mainstream Flow Loop
All experiments for this study were performed in a closed-loop wind tunnel
facility, shown schematically in Fig. 2.11. The wind tunnel mainstream flow was driven
by 50 hp variable speed motor and variable pitch fan, after which the flow passed through
an air filter (if used), and arrangement of desiccant packs, a water-regulated heat
exchanger, a series of honeycomb and screen partitions, and an area contraction before
entering the test section. The test section incorporated a two-passage vane cascade with
the full vane model in the middle being the test airfoil. The inlet of the test section was
102 cm wide and 55 cm tall. A passive grid turbulence generator was situated near the
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inlet to the test section. It consisted of a row of vertical bars with diameters of dbar = 3.8
cm and a centerline pitch of 8.9 cm = 2.3dbar. The centerlines of the grid bars were
located 48.3 cm = 0.938C = 12.7dbar upstream of the vane nose point. A Pitot-static
probe permanently installed near the inlet of the test section, upstream of the turbulence
grid, was used to monitor the mainstream velocity. Dees (2010) provided a detailed
discussion of the design and construction of this test section. The nominal mainstream
flow conditions for most experiments performed in the vane cascade facility for this
study are summarized in Table 2.2.

Table 2.2. Nominal mainstream flow conditions for vane cascade facility

A wax sprayer/PVC pipe assembly (described later) spanned the full height of the
test section at approximately its mid-width. It was inserted through a hole in the ceiling
of the test section, and tape was used to seal the ceiling around the sprayer/pipe assembly
once it was installed. The PVC pipe housing the sprayer was the same outer diameter of
the turbulence grid bars, and it took the place of one of the bars when installed. Figure
56

2.12 shows a photograph of the wax sprayer installed in the test section. The exit of the
sprayer nozzle was at the downstream edge of the turbulence grid, 46 cm upstream of the
vane model nose point. The sprayer assembly could be installed in the place of any the
turbulence bars, but typically it replaced the first bar to the pressure side of the upstream
projection of the vane stagnation line.
2.2.1.1. Velocity and Turbulence Profiles
An undergraduate research assistant in the laboratory, Yoran Pichon, measured
profiles of the velocity and turbulence characteristics of the mainstream flow approaching
the vane model in the vane cascade test section. This work was performed in support the
current study, so it is documented in this dissertation.
Velocity profiles were measured with a Pitot-static probe mounted on a traverse.
The velocity profiles were measured in a plane perpendicular with the flow field at two
locations, 22.5 cm = 0.437C upstream of the vane model nose point (25.8 cm = 6.8dbar
downstream of the turbulence grid centerlines) and 7.9 cm = 0.153C upstream of the vane
model nose point (40.4 cm = 10.6dbar downstream of the turbulence grid centerlines). A
profile of turbulence characteristics was measured with a hot wire anemometer mounted
on a traverse. The turbulence profile was measured in a plane perpendicular to the flow
field at a location 14.5 cm = 0.282C upstream of the vane model nose point (33.8 cm =
8.9dbar downstream of the grid centerlines). For the horizontal profiles, location was
nondimensionalized by the stagnation line pitch for the cascade (Pitch = 45.7 cm), with
W/Pitch < 0 being closer to the test section wall on the inner side of the mainstream loop
and W/Pitch > 0 closer to the outer side wall. For the vertical profile, H/Hmax = 0 was at
the test section floor and H/Hmax = 1 was at the test section ceiling. The instrumentation
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and procedure for the velocity and turbulence measurements is the same as for the blade
leading edge test section, described previously in Section 2.1.1.1.
Profiles of mainstream velocity are presented in Fig. 2.13 for the horizontal
(pitchwise) and vertical (spanwise) directions without the wax sprayer assembly installed.
The nominal mainstream velocity for these profiles was U∞ = 6.0 m/s and 5.8 m/s for the
horizontal and vertical velocity profiles, respectively, as measured by the permanently
installed Pitot-static probe. (The difference in nominal U∞ for these profiles was not
intentional.) The horizontal profiles of U∞ show lower velocity upstream of the vane
stagnation regions and higher velocity upstream of the passages between the vanes.
These variations become more pronounced as the flow approaches the vane. The vertical
velocity profile shows very little variation in the spanwise direction of the airfoil
approach flow.
Horizontal profiles of mainstream turbulence intensity and integral length scale
are presented in Figs. 2.14 and 2.15. These measurements were performed without the
wax sprayer assembly installed.

The turbulence intensity values in Fig. 2.14 were

calculated using the average mainstream velocity of U∞,avg = 6.0 m/s for these
measurements, not the local mainstream velocities, because the local velocities varied
across the width of the test section at this location.

The turbulence intensity

measurements were consistent across the central region of the test section width that
interacted with the vane model. The variations across the integral length scale profile
exceed their experimental uncertainties in some locations, but they confirmed a nominal
integral length scale of Λ = 3-5 cm, consistent with previous measurements (Polanka,
1999). One of the motivations of performing these turbulence measurements on the
turbine vane cascade was to verify that the new test section constructed by Dees (2010)
maintained the same turbulence characteristics as the previous test section.
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The

turbulence characteristics of the previous test section were measured by Polanka (1999)
at the same location downstream of the same turbulence grid design with the same
nominal mainstream velocity. Polanka measured an average turbulence intensity of Tu =
24% and an average integral length scale of Λ = 4.3 cm.

The corresponding

measurements in the current study were Tu = 20% and Λ = 4 cm.
Profiles of mainstream velocity, turbulence intensity, and integral length scale
were not performed with the wax sprayer installed because it was not available at the
time the measurements were made. When installed, the wax sprayer assembly replaced
one of the turbulence grid bars with a PVC pipe of equal diameter (see Fig. 2.12), so it
was not likely to create a velocity deficit as it did for the blade leading edge test section.
Furthermore, the sprayer air jet was always directed in the same direction as the
mainstream flow, so it was not likely to create a large disturbance as an obstruction. The
mainstream turbulence level downstream of the wax sprayer in the vane cascade test
section was nominally 20% (Fig. 2.14). This high turbulence level likely degraded the
sprayer jet plume rather quickly, so the turbulence level at the model was probably not
significantly affected by the wax sprayer.
2.2.1.2. Filters for Wax Particles
An air filter for the vane cascade wind tunnel was constructed to capture wax
particles from the mainstream flow. It was installed just upstream of the desiccant packs
and downstream of the mainstream fan. This location was chosen because it was easily
accessible from the desiccant door, and it would prevent wax from accumulating on the
desiccant packs (potential fire hazard) and the water heat exchanger (flow restriction).
The tunnel fan and motor did not have any internal ducts or other crevices in which wax
could accumulate and cause damage, so it was deemed acceptable to have the filter
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downstream from the fan. The coolant loop inlet was upstream of the tunnel fan and
downstream of the test section, so wax particles likely were ingested in that pipe to the
coolant loop blower. There was no accessible way to protect against this, so it was left as
is. Neither the mainstream fan nor the coolant blower appeared to lose any performance
throughout the wax spray deposition experiments performed with this facility.
The mainstream air filter for the vane cascade wind tunnel consisted of an array of
fiberglass filters made for household HVAC systems, which were secured to a removable
frame made of wood studs and steel mesh. Wood studs secured to the inside of the wind
tunnel were used to hold the air filter frame in place. The flow area at the air filter was
large (about 140 cm x 140 cm) compared to the test section inlet (55 cm x 102 cm),
resulting in a low velocity at the air filter (about 1.7 m/s) for typical test conditions.
Because of the low velocity, this air filter was much less restrictive than the one used for
the turbine blade leading edge facility, especially when it was clogged with wax. The air
filters for the vane cascade wind tunnel could be used for numerous experiments before
they needed to be replaced.
2.2.2. Coolant Flow Loop
A secondary flow loop powered by a 7.5 hp blower provided cooling air to the
vane model.

As shown in Fig. 2.16, the coolant flow was drawn from the tunnel

mainstream, and it passed it through a heat exchanger cooled by liquid nitrogen before
splitting into the two dedicated cooling air circuits for the vane model. The vane cooling
channels are shown in Fig. 2.17. The “U-bend” coolant passage flowed up the forward
internal channel, turned 180°, and then down the middle channel. The “radial” coolant
passage flowed straight up the aft channel. Cooling air flow rates were controlled by two
inlet valves in the secondary flow system upstream of the vane model, and additional
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control over the U-bend channel flow was provided by an outlet valve downstream of the
vane for that circuit.
The coolant flow rates for each passage were measured with three orifice flow
meters, each one upstream of a control valve.

Each orifice meter had at least 10

diameters of straight pipe upstream of the orifice plate, and almost that much downstream
(although the schematic in Fig. 2.16 does not suggest this). The blowing ratios for each
row of film cooling holes were calculated based on the orifice meter measurements,
which is discussed in a later section of this dissertation. All orifice meters had the same
construction, which included an orifice-to-pipe inner diameter ratio of β = Dorifice/Dpipe =
0.8589. This fairly high β ratio value was selected by Dees (2010) to minimize the
pressure loss through the coolant loop. This was done in order to achieve the desired
range of blowing ratios and film cooling configurations. It was found that using a
standard correlation for orifice meter discharge coefficients (e.g., Eqn. 2.1) resulted in
fairly large bias errors in the flow measurements, so the U-bend channel inlet and outlet
orifice meters were calibrated with a laminar flow element. The radial channel inlet
orifice meter was not calibrated because the bias error was acceptable for that portion of
the coolant flow loop.
2.2.2.1. Calibration of Orifice Meters
The first experiments performed with the vane cascade facility in this study were
measurements of adiabatic film effectiveness on the vane suction side.

For those

experiments, the standard correlation shown as Eqn. 2.1 was used to determine the
discharge coefficients for the orifice flow meters. While inspecting the results of these
initial film cooling experiments, it was clear that the film cooling flow rates were
somehow incorrect. This section describes the steps taken to determine why the film
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cooling flow rates were erroneous and how they were ultimately corrected by calibrating
the orifice flow meters.
As discussed in a later section of this dissertation, determination of the blowing
ratios for each row of holes required knowledge of the discharge coefficients for each
row of holes. Initially, these film row discharge coefficients were assumed based on
correlations in the literature. When the inconsistent film cooling results were obtained,
the first step taken to troubleshoot the issue was to directly measure the film row
discharge coefficients. The procedure for this is described in a later section of this
dissertation. While performing these measurements, it was noticed that the measurement
of the U-bend coolant channel inlet orifice meter flow rate was about 10-30% higher than
the U-bend outlet measurement when all cooling holes were sealed shut. Based on this, it
was presumed there was a substantial leak in the coolant loop somewhere between the Ubend inlet and outlet orifice meters, which included the vane model. (This comparison
could not be performed with the radial coolant channel because there was only one orifice
meter, in the inlet piping.)
In order to quickly assess the apparent leakage in the U-bend coolant line, a
simple experiment was performed as follows. Initially, the U-bend inlet valve was
completely closed, the U-bend outlet valve was completely opened, and the blower was
turned on. The U-bend inlet valve was incrementally opened and the orifice meter
measurements were recorded for each condition of increasing flow rate. This continued
until both valves were completely open.

Then, the U-bend outlet valve was

incrementally closed and the orifice meter measurements were recorded for each
condition of decreasing flow rate. This continued until the outlet valve was completely
closed. Figure 2.18 shows the results of this experiment. The first portion of the
experiment, with the inlet valve mostly closed, had a lower pressure in the coolant line
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and a lower apparent leakage. Conversely, when the outlet valve was mostly closed, the
coolant line was at a higher pressure and the apparent leakage was higher. This evidence
supported the theory that there was a significant leakage somewhere in the U-bend
coolant line between the orifice meters.
The U-bend coolant line and vane model were inspected in detail and any
noticeable leaks were sealed. The apparent leak test described above was repeated, and it
showed that apparent leaks decreased only slightly. Several more attempts were made to
seal the U-bend coolant line and model, but the apparent leak test revealed little change.
The pressure transducers for this facility were recalibrated, as discussed in a later section
of this dissertation, but the apparent leakage was essentially unchanged. The orifice
meters were dismantled, inspected, and reassembled, but the apparent leakage was still
unchanged. New pressure taps for the orifice meters were drilled using a much smaller
hole size, which further reduced the apparent leakage. A comparison of the apparent
leakage test results before and after these repairs is shown in Fig. 2.19. These repairs
reduced the apparent leakage from about 12% to 5% of the inlet flow rate.
The next step in troubleshooting this issue was to calibrate the U-bend orifice
meters using a laminar flow element. This generated a calibrated correlation of the
discharge coefficient versus Reynolds number so that Eqn. 2.1 did not need to be used.
The radial channel inlet orifice meter was not calibrated because the bias error for that
flow rate measurement was not as important for the current study (although it was
important to have a low random error, which it did). After calibrating the orifice meters,
the apparent leakage test was repeated and the results are shown in Fig. 2.20. With the
calibrated orifice meters, the apparent leakage was zero at high flow rates. It was
nonzero at lower flow rates due to random error of the pressure measurements.
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The calibration of the U-bend inlet and outlet orifice meters utilized a laminar
flow element that was installed in series in the U-bend coolant line, downstream of the
inlet orifice meter and control valve and upstream of the vane model. The laminar flow
element was a Meriam model 50MH10-4, which had a nominal 4-inch diameter. The
pressure differential across the flow element was measured using the pressure transducers
for this vane cascade facility. The laminar flow element had a calibration provided by the
manufacturer that correlated pressure differential with mass flow rate, and correction
factors provided by the manufacturer were used to account for temperature and pressure
effects. It was important to measure the absolute pressures at the orifice flow meters and
the laminar flow meter for all data points to obtain the most accurate calibration possible.
Calibration data was recorded for each orifice flow meter in separate experiments. Each
calibration experiment consisted of using the control valves to adjust the flow rate over
the full achievable range of the blower while recording pressure and temperature data for
numerous data points. The laminar flow element was rather restrictive, so the maximum
flow rate of the blower was limited (up to Reorifice ~ 70,000), although it covered the range
of operation for almost all conditions in the film cooling experiments (up to Reorifice ~
90,000). Once all of the data was recorded and processed, a curve fit through the
calibration data was generated. This curve fit took the following form, where a, b, and c
are empirical constants.
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The form of Eqn. 2.2 was based on the standard correlation shown in Eqn. 2.1, except
that a second-order polynomial was used instead of a linear relation.
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The calibration data for the U-bend inlet and outlet orifice meters are shown in
Figs. 2.21 and 2.22, as well as the resulting calibrated correlations for their discharge
coefficients. The standard correlations (Eqn. 2.1) for the discharge coefficients are also
shown in Figs. 2.21 and 2.22. The measured discharge coefficients deviate from the
standard correlation for these orifice meters primarily because the orifice diameters are
large relative to the inside diameter of the pipe (i.e., β is large).
2.2.2.2. Mitigation of frost
Frost formation is a continuous nuisance when using cryogenically cooled film
cooling air, as was done in this facility. Frost formation on the airfoil model surface
could change surface roughness and radiative emission properties. Inside cooling air
piping, frost formation could constrict and even completely stop the flow.

Frost

formation was not a significant issue for the vane suction side film cooling experiments,
which were performed at a density ratio of DR = 1.2 (T∞ = 305 K and Tc ≈ 255 K).
However, frost formation became very problematic during the vane pressure side film
cooling and deposition experiments, which were performed at a density ratio of DR = 1.4
(T∞ = 305 K and Tc ≈ 220 K). Specifically, the primary issue with frost for these
experiments was that it restricted the coolant supply lines to the point they were
practically sealed shut. A first attempt to mitigate frost formation was to thoroughly seal
all possible cracks and seams in tunnel facility with caulk. Furthermore, the bolts that
hold together the fiberglass sections of the wind tunnel were tightened and the seams resealed. After thoroughly sealing the facility, the coolant supply still clogged with frost,
so a more focused approach was used to resolve the problem.
Short experiments were performed to locate where the frost was clogging the
coolant flow. Static pressure taps were drilled in the coolant supply line, and they were
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monitored while the wind tunnel facility was operated to high density ratio conditions.
When frost began to form in the coolant supply line it was clear from the pressure
measurements where the clog occurred.

It was determined the frost was primarily

clogging the flow development channels that join the coolant supply PVC pipe to the
inlet of the vane model. These flow development channels contained several metal
screens that spanned the flow channel normal to the coolant flow, as described by Dees
(2010). These screens redistributed the coolant flow to a fairly uniform profile before it
entered the vane model. It was confirmed that frost formed on these screens, which
restricted and eventually stopped coolant flow to the model.
To resolve this problem the screens were removed, and they were replaced with
metal perforated plates that had larger openings to prevent accumulation of frost
particles. A Pitot-static probe was used to measure the velocity profiles at the exit of the
flow development channels (without the vane in place) when the perforated plates were
installed. Numerous configurations of perforated plates were installed and tested before
the final arrangement yielded an acceptable flow profile. The coolant velocity profiles
for the final perforated plate arrangement are shown in Fig. 2.23. The U-bend channel
inlet velocity profile was approximately axisymmetric, as intended. The radial channel
inlet had a non-uniform velocity distribution with strong peaks near its center and
forward wall. This was not intended, but it was deemed as acceptable because the radial
channel did not supply any cooling holes and because any variations of the internal heat
transfer did not have an obvious effect on the external temperatures of the model. The
velocity peaks of the radial channel were likely caused by a remaining metal screen than
spanned only the forward half of the radial channel cross section, deep inside this flow
development channel. This partial screen could not be readily removed when replacing
the screens with perforated plates so it was left in place.
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After the experiments of the current study were completed, it was discovered that
the mainstream heat exchanger was leaking a significant amount of water into the
mainstream of the wind tunnel. This heat exchanger had been visually inspected to a
limited extent while mitigating the frost problem of the current study, but no leak was
observed. Another researcher in the laboratory found the leak by removing portions of
the wind tunnel walls and inspecting the heat exchanger in detail.

This leak was

suspected to be a primary contributor to the frost problem of the current study.
2.2.3. Vane Models
All three versions of the center test model of the vane cascade had the same
external and internal geometries. The external geometry of the vane model was a 3.88
times scale version of the vane model used by Hylton et al. (1988), which was in turn a
4.5 times scale version of a C3X vane design for the first stage vane of a helicopter
engine (Ames, 1998). Helicopter engine turbine airfoils are fairly small, and the vane
models used in the current study were roughly 8 times larger than a typical commercial
airplane engine first stage vane. This C3X vane geometry was selected as part of a
previous project in this laboratory, and it was scaled up to match the vane pitch of the
previous version of the test section for this facility. The modifications made to the
facility to accommodate the C3X vane design were discussed in detail by Dees (2010).
The center test model of the vane cascade had a chord length of C = 51.5 cm,
measured as the linear distance from stagnation point to tail point. (This is different than
the chord length stated by Dees because he used a different convention for chord length,
measured from tail point to the far tangency point on the highly curved region of the
forward suction side.) The span height of the vane model was 54.8 cm. The pitch
between stagnation lines of the vane passages was 45.7 cm. Dees (2010) adjusted the
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stagnation line and pressure distribution for the test airfoil using the flow bleeds at the
sides of the test section and the adjustable outer wall of the suction side passage. He
made adjustments until the measured pressure distribution around the vane model
matched the design intent. This process was performed once, and it was not repeated for
each model installation. The test section was designed so that the test model could be
easily and precisely replaced with a geometrically identical one, which allowed for
different material conductivities to be tested in this study.
The geometry of the internal cooling channels for the vane models were the same
as that described by Dees (2010). Turbulators were not present in the internal channels of
any of the models in the current study. The internal cooling design consisted of two
dedicated cooling air circuits, which are shown in a cross-section view in Fig. 2.17. The
“U-bend” circuit first flowed up the forward channel, turned 180°, and then flowed down
the middle channel. The “radial” circuit flowed up the aft channel. The partial rib
separating the up-pass and down-pass of the U-bend channel ended at a location 71% up
the span of the vane model to form the 180° turn. The end of this partial rib had
unblended, sharp corners. An insert was used to form the closed top of the U-bend turn,
so that U-bend turn ended at 91% of the vane model span.
Both film cooled versions of the vane model (adiabatic and matched-Bi) had
identical showerhead cooling hole designs, and they had almost identical designs for
removable hatches that accommodated the pressure side and suction side cooling holes.
Two removable hatches were incorporated into each side of these vane models, and their
locations and arrangements are shown in Fig. 2.17. The hatches were machined from the
same material as the vane model in which they were installed. The attachment and
sealing design for the hatches are discussed in the following sections for each vane
model. The adiabatic model hatches extended over 77% of the span of the vane model,
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and the matched-Bi model hatches extended over 73% of the span, with the difference
being due to the different section heights used to construct each model. When a pressure
side or suction side film cooling row was not used in an experiment, the row was either
sealed shut with tape or its hatch was replaced with a solid hatch without cooling holes.
Similarly, a hatch was replaced to accommodate a different cooling hole design for a
given location (e.g., changing from standard to trenched holes).

Table 2.3. Summary of film cooling hole geometries

Figure 2.17 shows the location and orientation of all rows of film cooling holes
used in this study, and Table 2.3 summarizes the cooling hole details. All film cooling
holes had a diameter of d = 4.22 mm. The showerhead cooling hole design consisted of
three rows, one row biased towards the pressure side (s = 1.65d) and two rows biased
towards the suction side (s = 1.65d and 4.95d). All showerhead holes were straight,
cylindrical holes with a surface angle of α = 25°, a compound angle of β = 90° relative to
the streamwise direction, and a centerline-to-centerline pitch of p = 5.6d in the spanwise
direction.

Each row was staggered a half-pitch in the spanwise direction from the
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adjacent row. The general orientation of the showerhead holes were slanted towards the
ceiling of the test section so that their inlets were facing the direction of coolant flow in
the U-bend up-pass. The locations of the pressure side and suction side film cooling
holes is shown in Fig. 2.17. These holes all had a surface angle of α = 30° (except for
row SS1), a compound angle of β = 0° relative to the streamwise direction, and a
centerline-to-centerline pitch of p = 3.0d in the spanwise direction. Suction side row SS1
had a surface angle of α = 42°, which was the minimum surface angle to fully break
through the internal surface this highly curved region of the airfoil wall. The cooling
hole length-to-diameter ratio was l/d = 7.3 for the showerhead holes, nominally l/d = 6.2
for the standard pressure and suction side holes, and nominally l/d = 4.7 for the trenched
holes. The “standard” design for the pressure side and suction side film cooling holes
was a straight, cylindrical hole with the orientation noted above. The “trenched” design
for pressure side row PS1 was the same as the standard design except that the cooling
hole exits were situated in a spanwise trench of rectangular cross-section with dimensions
shown in Fig. 2.24. The break-out location at the floor of the trench was exactly beneath
the corresponding standard hole breakout location on the airfoil surface.
The trench was designed with a depth of 3/4d and with gaps of 1/4d upstream and
downstream of the cooling hole footprint, based on the results of Dorrington et al. (2007).
The trenched hole design used in the current study is an idealization of how it would
appear in engine hardware. The trench was created with sharp corners along its top
edges, although they would most likely be slightly rounded in engine hardware. The
most likely method of fabricating a trench in engine hardware is to mask the floor of the
trench while applying the thermal barrier coating to the airfoil. This would result in
different thermal conductivities of the trench walls (TBC) versus the trench floor (alloy)
for engine hardware, and this was not modeled in the current study. The trench design
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used in the current study is narrow enough that the cooling hole could not be simply
drilled straight through because it would remove part of the downstream wall of the
trench.

Therefore, the trenches were machined slightly wider than intended to

accommodate a through hole, and the extra width was filled in using a polystyrene strip
(adiabatic model) or Corian glue (matched-Bi model).
2.2.3.1. Non-film Cooled Model
An existing vane model without film cooling holes or removable hatches was
used for some experiments in this study. A description of the design and construction of
this model was provided by Dees (2010). This model was assembled from cast sections
of epoxy resin (Polycast Industries, part number PC-287) which had a thermal
conductivity measured to be k = 1.04 W/ mK. This model did not have removable
hatches.
2.2.3.2. Film Cooled Adiabatic Model
The low-conductivity, “adiabatic” vane model was constructed from machined
sections of polyurethane foam, which had a thermal conductivity of k = 0.048 W/mK.
Each section of the foam vane was CNC machined from large pieces of polyurethane
foam (General Plastics, Last-a-Foam material). Each section was approximately 5-10 cm
thick, and they had the same overall shape as the cross section shown in Fig. 2.17.
Several sections were machined without some features in order to form the 180° turn
when stacked together. Sections were assembled using a two-part, urethane compound
(GT Products part number BC 8163) as an adhesive. This adhesive had a handling time
of only about two minutes, and it would have been preferable to use BC 8165 due to its
longer handling time. Some sections were adhered with a two-part epoxy resin (GT
Products part number BC 5003, red in color), but it was not used for most of the vane
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because its high hardness relative to the foam material made it very difficult to sand
smooth. The top and bottom sections of the vane model were machined from acrylic in
order to accommodate the bolts that secured the vane model to the end flanges. The end
flanges were rectangular pieces of acrylic that fit into openings in the floor and ceiling of
the test section to support and locate the vane model assembly, as described by Dees
(2010).
Once the foam vane model sections were assembled, the showerhead cooling
holes and the openings for the removable hatches were CNC machined. It was very time
consuming and somewhat inaccurate to machine the hatch openings after the model was
assembled, and it would have been preferable to machine those features in each section of
the foam material prior to assembling them. The hatches were separately CNC machined
from the same material as the vane model body, and then cooling holes were machined.
The final fit of the hatches to the model body was adjusted by manual sanding. Threaded
connectors were used to secure the hatches to the model body. A slab-base threaded
insert (8-32 threads) was epoxied to the inside of the vane model, and flanged buttonhead cap screws fit into counterbores created around the hatch perimeters. Figure 2.25
shows a photograph of the model body and hatches prior after machining, with the
threaded connectors visible. The perimeters of the adiabatic hatches were sealed with
foam weather stripping and vacuum grease in an arrangement shown in Fig. 2.26. A
photograph of the hatch opening perimeters just prior to assembly is shown in Fig. 2.27.
The thermal discontinuities in the foam airfoil wall caused by the hatch perimeters did
not affect the measurements of η because they were removed from the data using the
conduction correction (described in Chapter 1).
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2.2.3.3. Film Cooled Matched-Bi Model
The matched Biot number vane model was constructed from Corian material,
manufactured by DuPont, with a thermal conductivity of k = 1.06 W/m⋅K. Corian
material was selected in order to nominally match the distribution of Biot numbers for a
turbine vane at engine conditions, as discussed in Chapter 1. The target Biot number
range for this model was 0.3 < Bi < 0.6 to match engine conditions of a CFM56 high
pressure turbine, based on input from collaborators at GE Global Research for a previous
project in our laboratory (Dees, 2010). The exact value of Bi will vary for different
locations on an airfoil, depending on the mainstream flow field and how Bi is defined.
Furthermore, Bi will vary between engine designs due to different combinations of twall,
hf, and kwall for a given location on an airfoil. For example, hf can change ±30% simply
due to the range of turbine pressures typical of modern gas turbine engines (25-45 atm)
relative to the CFM56 condition (32 atm), all other variables being equal. The matchedBi model in the current study was intended to be generally representative of high pressure
turbine vane designs, and it was not meant to exactly simulate a specific design.
Representative Bi values for the model used in this study are given in Table 2.4, with Bi
defined as noted in the nomenclature.

Table 2.4. Representative Bi values for the matched-Bi vane model
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The matched-Bi vane model was constructed from CNC machined sections of
Corian that were 1.9 cm thick. Each section had the same overall shape as the cross
section shown in Fig. 2.17.

Twenty-six Corian sections were machined using six

variations of the cross-section geometry to incorporate the hatch and U-bend features.
This avoided the need to machine the hatch openings in the assembled vane model, which
proved to be problematic for the adiabatic model. The sections were glued together using
Corian joint adhesive, manufactured by DuPont. Short dowel pins were used to align
each section during assembly, which were located in an internal rib and the far trailing
edge to avoid corrupting the conjugate heat transfer in the external wall. The top and
bottom sections of the vane model were machined from acrylic in order to accommodate
the bolts that secured the vane model to the end flanges. The end flanges used for this
model were the same as those used for the adiabatic model (described previously), which
helped ensure the models were located in the test section precisely.
Once the matched-Bi vane model sections were assembled, the showerhead
cooling holes were machined. The hatches were separately CNC machined from Corian
material, and then cooling holes were machined. The final fit of the hatches to the model
body was adjusted by manual sanding. The threaded inserts and bolts used to attach the
hatches to the model body were the same as for the adiabatic model. The perimeters of
the matched-Bi hatches were sealed with a non-hardening heat transfer compound
(Thermon part number NH). The thermal discontinuities in the Corian airfoil wall caused
by the hatch perimeters had a minor local effect on the measured φ values. The affected
data points have been omitted from the laterally averaged φ data, resulting in gaps about
2d-long in the data sets at the hatch edge locations. In some data sets, the thermal
discontinuities caused slight changes in the slopes of the laterally averaged φ data near
the hatch perimeters.
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2.2.3.4. Determination of Blowing Ratio
All cooling holes for the vane models were supplied by the U-bend channel. The
total film cooling flow rate for all active holes was found by taking the difference
between the inlet and outlet orifice meter measurements for the U-bend channel. The
individual flow rates for each row of cooling holes (“flow splits”) were found by
analysis, and the resulting blowing ratios for each row of holes was determined. This
analysis utilized the following equation to calculate the mass flow rate of film cooling air
for a single hole or a row of holes (Gritsch et al., 2001).
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As previously mentioned, Dees (2010) used the flow bleeds and adjustable walls
of the test section to adjust the static pressure distribution around the vane model to
match a CFD solution for this facility. The same CFD solution was used to determine the
mainstream static-to-total pressure ratio, P∞,local/P∞,t, at every row of film cooling holes
used in this study. Furthermore, it was experimentally verified that the static pressure
changed negligibly through the U-bend channel (about -0.07 inH2O for typical cooling
flow of ReDh = 20,000), so a single total pressure for the coolant could be assumed to
supply all the film holes, Pt,c. Therefore, if the cooling air pressure in the U-bend channel
was known relative to the total pressure in the mainstream flow (i.e., Pt,c/Pt,∞ was known),
then all the pressures in Eqn. 2.3 were known for all film rows.
Equation 2.3 requires knowing the discharge coefficients of each row of film
cooling holes, and those were measured as follows. All but one row of cooling holes
were securely taped shut, the wind tunnel was brought to typical test conditions (U∞ = 5.8
m/s, Tu = 20%), and the blower was started but no liquid nitrogen was used. The U-bend
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inlet and exit control valves were used to change the film cooling flow rate across a wide
range of values, and all facility data were recorded at numerous conditions. At each data
point a micromanometer was used to measure the mainstream total pressure (at the test
section Pitot-static probe) and the coolant static pressure (at a small hole drilled just
below the U-bend inlet). The orifice meter measurements determined the mass flow rates
of the cooling air in and out of the U-bend channel and the total mass flow rate of the
active cooling holes. The local mainstream pressure at the active cooling holes was
found from the P∞,local/P∞,t values calculated by the CFD solution. Based on all of these
inputs, a value of Cd for the active film row could be calculated using Eqn. 2.3 for every
data point. This procedure was performed once for row SS1 and once for all three rows
of showerhead holes lumped together. (Any difference in Cd of the showerhead holes
was neglected.) The resulting data is shown in Fig. 2.28 as “SS1 row” and “Shd rows.”
This measurement was not repeated for the SS2 and PS film rows.

It was

assumed that the film row discharge coefficient for row SS1 was the same as rows SS2
and PS because all these film rows were geometrically identical and they were oriented
the same relative to the mainstream and internal flow. This assumption neglects the
effects that local mainstream velocities have on Cd values for these rows. Furthermore, it
was assumed that the standard and trenched PS hole designs had the same discharge
coefficients. These assumptions were partially validated by comparing adiabatic film
effectiveness data for various film row combinations. This took advantage of the fact
that the discharge coefficients of the cooling holes were not used to determine the
blowing ratio when only the showerhead holes were active. (The showerhead blowing
ratio, M*Shd, was directly determined by taking the difference of the measured inlet and
exit coolant flow rates.) When other film cooling configurations were tested, such as
Showerhead + SS1 row, the blowing ratios were determined using the discharge
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coefficients of the active rows of cooling holes and the measured overall film cooling
flow rate. The adiabatic film effectiveness values near the showerhead holes always
matched very well for the various film cooling arrangements, which suggested that the Cd
values were accurate (at least within the uncertainty of the η and M measurements).
With the pressure ratios and discharge coefficients in Eqn. 2.3 known, the flow
rates for any row of active cooling holes could be calculated for any given cooling air
pressure and temperature in the U-bend channel. This was calculated for a range of
cooling air pressures for all configurations of film cooling rows tested. The results of
these analyses were expressed in terms of fractional flow splits for each row of cooling
holes (with the showerhead rows lumped together in one set), and curve fits were
generated for these results. Fig. 2.29 shows a sample of these results for the case when
the showerhead and rows SS1 and SS2 are active. The flow rates for each row of cooling
holes were determined for any data point using the measured total film cooling flow rate
and the calculated fractional flow splits correlations. The flow splits were calculated as a
function of total film cooling flow rate because that was a relatively easy measurement to
make with the equipment available. Alternately, they could have been calculated as a
function of pressure ratio (i.e., Pt,c/P∞,t) or some combination of both approaches. With
the mass flow rates for each row of holes know, the blowing ratios were calculated using
local mainstream velocities given by the CFD solution and adjusted based on the
measured mainstream velocity upstream of the turbulence grid.
This approach relies on the ratio of the discharge coefficients for each film row,
not their individual values. As a result, the measured Cd data shown in Fig. 2.28 was
simplified to the ratio Cd,Shd/Cd,SS1 = 0.69/0.61 = 1.13, and this ratio was assumed to apply
across all pressure ratios. To help assess the validity of this assumption, Fig. 2.28
includes a data set “Cd,Shd / 1.13” which is the measured discharge coefficient for the
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showerhead rows divided by the ratio Cd,Shd/Cd,SS1 = 1.13. The “Cd,Shd / 1.13” data set
matches with the measured SS1 Cd values over most of the pressure ratio range tested,
but it does not match as well at lower pressures. This discrepancy was due to the fact that
film coolant flow rate approaches zero, and the Cd approaches unity, for a given row of
holes as the pressure ratio across the holes (Pt,c/P∞,local) approaches unity. This condition
occurs at different internal coolant pressures (Pt,c) for different rows of holes because the
local mainstream pressure (P∞,local) varies around the airfoil. This effect caused the film
cooling flow splits change dramatically at lower flow rates, as shown in Fig. 2.29. An
uncertainty analysis (described later) showed that this simplified approach of setting the
ratio of film row Cd values to be constant resulted a larger uncertainty in the flow splits at
lower blowing ratios (e.g., MPS = 1.0 or MSS = 0.7). This could have been avoided by
using a curve fit for the Cd values for each row of holes as a function of pressure ratio.
2.2.4. Instrumentation
All thermocouples used in the turbine blade leading edge facility were E-type, and
they were constructed in house from wire purchased from Omega Engineering and thin
ribbon material purchased from Nanmac Corporation. Gas thermocouples were made by
welding the two wires together to form a small bead junction. Surface thermocouples
were made by welding the wires to thin ribbons of the same material, and then welding
the ribbons together to form a junction.
Various pressure transducers (PT) were used for pressure measurements in this
facility. The primary mainstream Pitot-static probe was measured with an Omega model
PX2650-0.5D5V pressure transducer with a range of 0 to 0.5 inH2O (PT “D”). The Ubend channel inlet flow meter was measured with an Omega model PX164-005D5V
pressure transducer with a range of 0 to 5 inH2O (PT “A”). The U-bend channel outlet
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flow meter was measured with an Omega model PX138-0.3D5V pressure transducer with
a range of -8.3 to +8.3 inH2O (PT “C”). The radial channel outlet flow meter was
measured with an Omega model PX142-001D5V pressure transducer with a range of 0 to
27.7 inH2O (PT “B”).
All thermocouple and pressure transducer measurements were routed to a
personal computer via a National Instruments data acquisition system and monitored and
recorded using a Labview virtual instrument. The infrared cameras used to measure
surface temperatures are described in a later section.
2.2.4.1. Calibration of Pressure Transducers
All four pressure transducers for the vane cascade facility we recalibrated during
the current study. The was done as part of the effort to determine the source of the
apparent leakage in the coolant line, which ultimately led to the calibration of the orifice
flow meters (previously described). The pressure transducers were calibrated using a
micromanometer.

The setup was a tube connected to one pressure tap on the

micromanometer and one on a pressure transducer, with an additional line connected to
the tube such that the tube could be lightly pressurized and sealed with a valve. The
connecting tube was pressurized and sealed shut, the micromanometer was adjusted to
read its pressure measurement, and then the pressure transducer voltage was recorded via
Labview. This cycle was repeated numerous times to record enough data points over the
desired range to create a calibration curve. The calibration data and the resulting curve
fits are shown in Figs. 2.30 through 2.33. These calibration curve fits were very close to
their previous versions prior to recalibration.

79

2.2.5. Infrared Thermography
The external surface temperatures of the model were measured using FLIR P20
and P25 infrared cameras. The models and the attached surface thermocouples were
painted flat black to establish a uniformly diffuse and high-emissivity surface. The IR
cameras viewed the model through NaCl salt crystal windows in the test section wall and
ceiling. The IR window port locations and the associated viewing perspectives of the
vane model are shown schematically in Fig. 2.34. For the pressure side film cooling
experiments, the entire pressure side of the vane could be viewed using the two IR
cameras simultaneously. For the suction side film cooling experiments, only portions of
the suction side could be viewed simultaneously with the two IR cameras. As a result,
two or three experiments (i.e., two or three IR camera setups) were required to measure
surface temperatures for the entire suction side for a given film cooling configuration and
condition.
Some general experimental procedures were used to help ensure accurate IR
camera measurements. The IR cameras and windows were shielded from reflections
from surrounding objects by completely covering each camera/window combination with
opaque fabric or plastic. Each IR camera was always used with the same IR window, in
the same orientation, for a given series of experiments. All IR camera settings (e.g.
emissivity, background temperature, etc.) were held constant through all experiments in
order to not alter the IR calibration curves. The mainstream H2O/air heat exchanger was
used to keep the mainstream temperature constant at T∞ = 305 K, with a maximum
variation of about ±0.5 K. When IR images were recorded, care was taken to gently
pinch the recording button on the camera so the camera did not shift. Numerous IR
images over several minutes were always recorded for a given condition so that steady
state conditions could be explicitly confirmed.
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2.2.5.1. Calibration of Infrared Cameras
The IR cameras were calibrated in situ using thin-ribbon thermocouples attached
to the model surface at the coldest locations in the field of view (e.g., in film streaks) and
just outside the region of interest for data processing.

One or two calibration

thermocouples were used per IR camera view, and ideally one of the thermocouples was
in the overlap region of both camera views. Each surface thermocouple was attached to
the matched-Bi model by coating the underside of the thermocouple with five-minute
epoxy, pressing it to the surface, wiping away the excess to form a smooth finish, and
holding it motionless until the epoxy solidified. The resulting contact resistance between
the surface and the thermocouple was small enough that the thermocouples were typically
not visible in the IR images. The surface thermocouples were attached to the adiabatic
model surface by covering it with Scotch tape that was firmly and meticulously pressed
to the surface. The resulting contact resistance for the adiabatic model thermocouples
was insignificant because the thermal gradients approaching the wall were very small.
The adiabatic model thermocouples were not typically visible in the IR images.
At the start of every experiment, the surface thermocouples were located in the IR
images using a thin, warm pointer. Several IR images were recorded to locate each
thermocouple, with the pointer oriented in different directions. (For the matched-Bi
models, sudden transients during an experiment were also used to make the surface
thermocouples visible in the IR images.) During the cool-down portion of every film
cooling experiment, numerous data points were recorded over a range of surface
thermocouple temperatures to help construct IR camera calibration curves. Most data
points recorded during film cooling experiments were also included in the construction of
the IR calibration curves. (Some data points were omitted if they were corrupted by rapid
transients, high temperature gradients near the surface thermocouples, or frost formation
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near the surface thermocouples.)

After an experiment, a “block scan” routine was

executed in the MatLab computer program that extracted the IR camera measurements at
the locations of the surface thermocouples for all data points. These values were plotted
against the corresponding temperatures recorded by the surface thermocouples.

To

ensure each surface thermocouple was accurately located in the IR images, its assumed
location was perturbed by a few pixels in each direction, the block scan routine was
repeated, and a new data set was plotted. This was done because surface thermocouples
could be located visually in the IR images only to within a few pixels. By perturbing the
assumed pixel locations and inspecting the resulting plots of calibration data, a single
pixel location for each thermocouple was typically found that resulted in a slightly more
consistent and logical calibration data set. This process was repeated for every film
cooling experiment. After a series of experiments, all the calibration data for a given IR
camera was combined into a single data set and a single IR calibration curve was
determined for that camera. A single calibration curve for each camera was used to postprocess all surface temperature measurements for the series of experiments.
Figures 2.35 and 2.36 show the final IR camera calibration curves for each region
of the vane model (suction side and pressure side). The calibration curves changed
slightly between these sets of experiments, perhaps because the IR windows were
inadvertently switched between these two sets of experiments.

Furthermore, the

transmissivities of the salt crystal windows have been shown to change slightly through
time, presumably as they absorb humidity, and these two sets of experiments occurred
about six month apart. The calibration curve for the P20 camera was shifted left by a
substantial amount in these plots relative to the P25 camera. This was likely due to
inherent differences in the cameras because all other factors that could influence this
performance were practically the same (e.g. the IR camera settings, the salt crystal
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window transmissivities, the surface emissivities, etc.). The standard deviation of the
thermocouple measurements relative to the calibration curves were no more than δTwall,ext
= δTaw = ±1.3 K. As discussed later, this was the largest contributor to the uncertainty in
effectiveness values η and φ.
2.2.5.2. Post-processing of Infrared Camera Measurements
A silver pen was used to mark the region of interest on the surface of the vane
model for a set of experiments. The lower emissivity of the silver marks made them
clearly visible in IR images, and the marks were omitted from the post-processed data.
Silver marks were used to denote the streamwise coordinates and the spanwise extents of
the region of interest along the length of the model. These marks were used to create
polynomial curve fits to convert IR image pixel location to dimensions on the airfoil
surface (s/d and z/d). These spatial corrections were performed as part of the postprocessing of the images.
MatLab routines have been created by previous researchers in the laboratory to
help perform the post-processing of the IR images into plots of adiabatic film
effectiveness (η) and overall cooling effectiveness (φ). These routines performed a
“block scan” to extract the temperature data from the IR images, apply the IR camera
calibration correlations, and save the temperature data in arrays. The spatial correction
correlations were applied to convert the arrays to the desired length scales, and the
resulting data sets were used to create contour plots of η and φ. Furthermore, laterallyaveraged values of η and φ were calculated from the temperature arrays using MatLab
routines and an Excel spreadsheet. The conduction correction described in Chapter 1 was
also incorporated into the data post-processing for the adiabatic model. A discussion of
the conduction correction data is given in the following section.
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2.2.5.3. Conduction Correction Data
As discussed in Section 1.2.1, a conduction correction was incorporated into the
adiabatic film effectiveness measurements to account for the bias error incurred by
conduction through the wall of the approximately adiabatic model. This was done by
sealing shut the film cooling holes during an experiment then recording data points with
the internal cooling flow at nominal experimental conditions and the film cooling flow
inactive.

The recorded data was expressed in terms of a conduction correction

measurement, ηo, defined similar to overall cooling effectiveness, and they were applied
during post-processing using the relation given in Section 1.2.1. Figure 2.37 presents
representative plots of the laterally averaged ηo data for the pressure side and suction side
film cooling experiments, respectively. As shown in these plots, the typical ranges of the
conduction correction measurements were 0.03 < ηo < 0.11 on the pressure side and 0.01
< ηo < 0.06 on the suction side, and they varied only in the streamwise direction. All
repeated and adjacent data in Fig. 2.37 fall within the experimental uncertainty for
surface temperature measurements, δηo = δφ = ±0.015 (discussed in Section 2.6.1).
Four data sets are included in Fig. 2.37a, two each from two experiments of
pressure side film cooling. The recorded data near the film cooling holes was corrupted
because of the unknown surface emissivity of the tape, so that data was omitted and
replaced by interpolated values of ηo from adjacent surfaces. The general trend of the ηo
values along the pressure side was that they started low at the leading edge, rose along
the mid-chord region, and decreased towards the trailing edge. This trend was the result
of changes to the internal and external heat transfer. (Details of the internal and external
heat transfer without film cooling were provided by Dees, 2010.) At the leading edge,
the high external heat transfer coefficient in the stagnation region caused the external
wall temperature to approach the mainstream temperature, resulting in lower values of ηo,
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even though the internal channel (the U-bend up-pass) actively cooled this region. Along
most of the pressure side the external heat transfer coefficients were lower and the
internal cooling was nominally the same as the leading edge, resulting in lower external
surface temperature and higher ηo values. The trailing edge region had no internal
cooling, so the external surface temperatures were warmer and the ηo values lower.
Figure 2.37b plots ηo data measured along the vane suction side from several
experiments with various configurations of cylindrical cooling holes, all of which were
sealed shut with tape. The data near the holes was corrupted by the unknown surface
emissivity of the tape, so that data was omitted and replaced by interpolated values.
Some of the data near the leading edge for “Test 12-10-09” was omitted because it was
biased by a slight coolant leak from the sealed holes. The ηo values along most the
suction side were generally lower than the pressure side because the suction side had
higher external heat transfer coefficients associated with the higher velocities. As with
the pressure side, the ηo values decreased near the uncooled trailing edge.

2.3. WAX SPRAY TECHNIQUE
The experimental method developed to model contaminant deposition in the
current study was to spray molten wax droplets into the wind tunnel mainstream flow,
which would deposit on the turbine airfoil model. This section describes the hardware
used for this method and its theoretical rationale.
2.3.1. Description of Wax Spray Device
Schematics of the wax spray device are shown in Fig. 2.38. The system was
designed around a pneumatically actuated, air atomizing spray nozzle (Spray Systems
Co., model 63067-1/8JJAUCO).

The spray nozzle was situated in a section of 1”
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nominal diameter PVC pipe (3.3 cm O.D.), which also housed the egress of the molten
wax supply line, the heated atomizing air supply and exhaust lines, and the actuating air
line. The continuous flow of the heated atomizing air served to keep the molten wax
above its solidification temperature.

The wax line was supplied by a molten wax

reservoir that was kept warm with an electrical resistance heating wrap (Omega
Engineering model SSHB-624-360-120).

The air lines were supplied by facility

compressed air. The atomizing air line passed through a pressure regulator and an
electrical resistance air process heater (Omega Engineering model AHP-3741) before
coming in contact with the molten wax line. Just before entering the spray nozzle, the
heated atomizing air line split into a sprayer supply line and an exhaust line. The exit of
the exhaust line (outside of the wind tunnel) was controlled with a valve and fitted with a
pressure gage to monitor the pressure of the atomizing air at the exit (assumed to be the
same as at the sprayer inlet). The exhaust line was included in the system so the heated
air flow rate could be kept high enough to effectively heat the adjacent molten wax line.
Variable autotransformers (“variacs”) were used to control the voltage to the air and wax
heaters.
The sprayer/PVC pipe assembly entered the wind tunnel test section through a
hole in the test section floor (blade leading edge facility) or ceiling (vane cascade
facility). The sprayer/PVC pipe assembly took the place of one of the turbulence grid
bars in the vane cascade facility.

Photographs of the sprayer/PVC pipe assembly

installed in each test section are shown in Figs. 2.2 and 2.12.
2.3.2. Theory of Wax Spray Technique
A discussion of general theory for turbine deposition is included in Chapter 1 of
this dissertation, and it notes that the analysis and modeling of turbine deposition
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primarily involves two phenomena: the mechanics of the particle travel in the flow field
and the adhesion of the impacting particle striking a surface. This section discusses how
the wax spray technique incorporates these theoretical aspects of turbine deposition.
2.3.2.1. Matching Particle Travel
As noted in Chapter 1, the travel of a particle through the turbine flow path is
dictated by the Stokes number, Stk, and a density parameter defined by Dring et al.
(1979), σ, with the Stokes number being the dominant of the two. Stk and σ are both
defined in Chapter 1, and they were quantified for engine and wind tunnel conditions in
an analysis described below. The results of this analysis are summarized in Table 2.5.
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Table 2.5. Analytical assessment of particle travel in engine and wind tunnel conditions

The vane pressure side and the blade leading edge were both considered in this
particle travel analysis, and the appropriate wax particle sizes to match Stokes numbers
were calculated based on engine conditions representative of an IGCC power plant
burning coal-derived syngas. The engine mainstream was taken to be T∞ = 1681 K and
P∞ = 2100 kPa for both the vane pressure side and blade leading edge, which is the
“modern design” engine in Table 1.1. The engine contaminant particles considered were
coal ash, ρp = 1980 kg/m3, with diameters in the range dp = 1-10 µm (Bons et al., 2007).
The wind tunnel wax particle density was ρp = 760 kg/m3 per manufacturer
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specifications, and the wind tunnel conditions were the typical experimental conditions in
this study.
The characteristic length scale for the Stokes number definition in this analysis
was selected to be the film cooling hole diameter, d, because the influence of the film
cooling jets on the particle travel was of particular interest in this study. There are other
logical choices for the characteristic length scale, such as airfoil chord or boundary layer
thickness, and this selection affects the value of the Stokes number. However, as long as
the Stokes numbers are defined consistently between the engine and experimental
conditions, the calculated wax particle size for the experimental condition to match the
Stokes number is independent of which length scale is used. The cooling hole diameters
assumed for the engine hardware in this analysis were d = 0.32 mm for blade leading
edge and d = 0.60 mm for vane pressure side, which were based on the wind tunnel
models being 10 times scale and 7 times scale, respectively. The characteristic velocity
for the Stokes number definition in this analysis was taken to be a mainstream approach
velocity. As with the characteristic length scale, there are other logical choices for the
velocity scale that will affect the value of the Stokes number, but they do not affect the
calculated wax particle size to match the Stokes number of the engine condition. For this
analysis, the mainstream approach velocity for the engine condition was a Mach number
of Mn∞ = 0.3 for the vane pressure side and the blade leading edge (relative velocity for
the blade).
This analysis calculated the Stokes numbers of the coal ash particles in engine
conditions, and it determined the target wax particle sizes to match these Stokes numbers.
These results are plotted in Fig. 2.39 for both wind tunnel facilities. As shown in the
plots, to match Stokes numbers for engine conditions with coal ash particles 1-10 µm in
size, the wax particles should be 12 times larger for the blade leading edge facility and 10
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times larger for the vane facility. The Stokes number range for both cases is Stkd ~ 1-100
when the cooling hole diameter was used as the length scale, and this is a reasonable
range for inertial deposition. As a point of comparison, if the airfoil chord length, C, was
used as the length scale the Stokes number range would be about StkC ~ 0.01-1 (not
plotted). This difference suggests that an ash particle with a diameter of 1 µm in the
engine condition is more likely to impact a surface when interacting with a film coolant
jet (e.g., if it is entrained by a jet-induced vortex) compared to when it follows the turning
flow field past a turbine airfoil. For either convention of Stokes number definition,
engine coal ash particles smaller than 1 µm would have Stk < 1, and they would probably
not contribute significantly to inertial deposition.
This analysis also showed that the density parameter, σ, was fairly well matched
between engine and wind tunnel conditions, as shown in Table 2.5. It is pertinent to note
that the analysis of Dring et al. (1979) showed that σ had to be changed by several orders
of magnitude to cause a significant difference in particle travel.
The Stokes number analysis was dependent on numerous input parameters as
summarized by Table 2.5. A sensitivity study was performed to assess how the results of
the analysis would change by varying each of the engine parameters over a reasonable
range, and this showed that the assumed particle size in the engine was the dominant of
the input parameters. The results of the Stokes number analysis were not expected to
change substantially for any other reasonable values for engine condition parameters such
as temperature, pressure, velocity, and ash density.
In order to measure the wax particle sizes created in the current experimental
facility, samples of the wax spray were captured in the tunnel facility at typical test
conditions using small coupons. To generate these samples, the sprayer was operating
with an air pressure of Psprayer = 140 kPa, gauge = 20 psig, and it was spraying “RT42”
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wax with a solidification temperature of Twax,solid = 315 K (discussed later).

These

coupons were viewed using a scanning electron microscope (SEM), and two
representative images recorded about a year apart are included in Fig. 2.40. These
images show that the wax droplets have a wide range of sizes that include the desired size
of approximately 10-120 μm.

The distribution of particle sizes was not quantified

because it was viewed as of minor importance relative to the sizes of the largest particles
when modeling inertial deposition. The vast majority of the deposit thickness on these
surfaces come from the largest particles in the aerosol flow because they have by far the
largest mass and inertia.
Figure 2.40 shows that the wax particles generated in this study were somewhat
irregularly shaped, not spherical as was assumed in the equation for Stokes number. This
discrepancy is not significant because the movement of a small particle is dominated by
its inertia and aerodynamic drag, which are insensitive to exact particle shape.
Considering the irregularly shaped bodies in Fig. 2.40 as spheres yields a reasonable
estimate of their inertial mass. Aerodynamic drag at low (relative) Reynolds numbers is
a weak function of body shape.
2.3.2.2. Matching Particle Sticking
The mechanics of contaminant particle adhesion to turbine surfaces is
complicated because it is influenced by the particle chemistry, the condensation of vapor
species from the mainstream gas, the viscosity and surface tension of molten droplets, the
modulus of solidified particles, and other factors. The current study did not attempt to
simulate all the contributors to this physical process.

Instead, the particle sticking

mechanism was approximated using wax particles that were at least partially molten so
they consistently adhered to the target surfaces. One of the most dominant factors, if not
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the most dominant, influencing particle sticking is the extent to which a contaminant
particle is softened or molten when it strikes a surface. This is evident from numerous
experimental studies (e.g., Walsh et al., 1990, Wenglarz and Fox, 1990, and Crosby et
al., 2008) that have demonstrated that deposit growth rate is strongly correlated to the gas
temperature, with a substantial increase in growth rate typically occurring near the
softening temperature of the contaminant material. Those studies did not necessarily
show that a particle must be molten to stick to a surface. Instead, those studies suggested
that the softening of a particle due to an elevated temperature increases the likelihood it
will stick to a surface. The physical mechanism for this is that a softened particle will
deform when it impacts a surface, absorbing some of the energy of the collision and
reducing the chance it will rebound. Another contributor to this physical mechanism is
that some constituents of a particle melt at a lower temperature than the bulk material of
the particle, which acts to wet the surface of the particle and further reduce the chance it
will rebound from an impact. It is pertinent to also note that numerical models of
deposition often determine sticking probability by correlating it with a parameter
indicative of the softening or molten state of a particle, such as viscosity (e.g., Walsh et
al., 1990, and Sreedharan and Tafti, 2010).
The overall development of capturing the particle sticking mechanism in the
current experimental study proceeded as follows. An analysis was performed early in
this study to estimate how far the wax droplets would travel in the test sections prior to
solidification, and this led to the use of low melting temperature specialty waxes. The
wax spray technique was first implemented in the blade leading edge wind tunnel facility,
and a series of experiments created a variety of deposit appearances. Then, industry
partners provided guidance on which deposits were most representative of engine
hardware, which is discussed in the blade leading edge deposition experimental results
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presented in Chapter 3 of this dissertation. The experimental conditions associated with
the most realistic deposits were used in subsequent experiments in the vane facility.
Accurate control of the key experimental parameters allowed the wax deposits to be
consistently created.
In the deposition experiments of the current study, a wax particle left the sprayer
as a molten droplet and immediately began to cool to the mainstream flow temperature.
Because the mainstream temperature of the wind tunnel was typically below the wax
solidification temperature in these experiments, T∞ < Twax,solid, some amount of
solidification usually occurred for the wax particles as they cooled. To ensure the wax
particles were likely to stick to the surface, it was desired for them to remain at least
partially molten or softened up to the point of impact. It is important to note that this is
distinctly different from the thermal behavior of a contaminant particle travelling through
a gas turbine engine. For the engine condition of interest, a coal ash particle is introduced
to the mainstream via the fuel, and it leaves the combustor at about the same temperature
as the mainstream gas. The ash particle may experience some cooling due to radiative
heat transfer with the turbine surfaces, but it essentially stays at the same temperature of
its surrounding mainstream flow, which is typically near or above the softening
temperature of the ash material. When the ash particle impacts a turbine surface it may
slightly cool as it quickly passes through a thin thermal boundary layer, but this will be a
minor effect. The probability that the ash particle will stick to the surface in the engine
condition is a function of the softened or molten state of the particle at the time of impact.
The intent of the wax spray technique is to approximately match this sticking probability
in the wind tunnel facility by ensuring the wax particles are at least partially molten when
they impact the surface.
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An analysis was performed to estimate the distance a wax droplet would travel in
the test section before it completely solidified. A wax particle’s Nusselt number was
assumed to be Nudp = 2, which is the limit for low Reynolds number flow. A wax particle
was considered to have lumped thermal capacitance in this analysis. The range of Biot
numbers of wax particles with diameters of 10-100 µm was estimated to be Bi ~ 0.3-3.
(These wax particle sizes matched the Stokes numbers of ash particle travel in the engine
conditions, as discussed previously.) The lumped thermal capacitance assumption is
fairly accurate for the smaller particles, but not for the larger particles. Therefore, the
larger particles will cool more slowly than this analysis suggests, and will remain molten
for a longer convective distance. (It is not necessary to match the Biot number of the ash
particles travelling in the engine flow path because their thermal behavior is different
than the wind tunnel conditions, as previously discussed.)

The mainstream flow

conditions for this analysis were consistent with the blade leading edge deposition
experiments used to develop the wax spray technique: T∞ = 297 K and U∞ = 15 m/s.
Particle cooling was considered to occur in three portions: cooling of the molten droplet
to the solidification temperature, constant temperature phase change to complete
solidification, and then cooling of the solidified droplet to the mainstream temperature.
The following wax properties were based on manufacturer information: thermal
conductivity k = 0.2 W/mK, specific heat cp = 2.0 kJ/kgK, density ρ = 760 kg/m3, and
latent heat of solidification of Δhsolid = 150 kJ/kg.
Results from the wax particle solidification analysis suggested that the convective
distance for complete solidification was typically fairly short, as shown in Fig. 2.41.
Furthermore, solidification was typically dominated by the phase change, regardless of
the initial temperature of the wax droplets leaving the sprayer. Therefore, wax droplet
solidification could be substantially delayed by using a wax with a melting temperature
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closer to the mainstream temperature, which causes a lower temperature difference to
drive the convective cooling of the droplet. Figure 2.41 presents some results from this
analysis. The plot shows the convective distance to complete solidification for various
wax melting temperatures and droplet sizes.

Specialty waxes made by Rubitherm

Technologies GmbH (Berlin, Germany) were selected for use in this study because they
were available in many different melting temperatures. The waxes selected for use in
deposition experiments were the “RT42” wax with a nominal solidification temperature
of Twax,solid = 42°C = 315 K and “RT31” wax with Twax,solid = 31°C = 304 K. Different
waxes are identified in Fig. 2.41 by the difference between their wax solidification
temperatures and the mainstream flow temperature, ΔTsolid = Twax,solid – T∞ . (This is a key
parameter that was varied during the blade leading edge deposition experiments, as
discussed in Chapter 3 of this dissertation.)

Standard candle wax has a melting

temperature of approximately Twax,solid = 64°C = 337 K with an associated value of ΔTsolid
= 40 K. As shown in Fig. 2.41, a 50 µm droplet of candle wax solidifies in about 15 cm
of travel distance, but decreasing the wax melting temperature to Twax,solid = 31°C = 304 K
(ΔTsolid = 7 K) increases the convective distance to complete solidification to 100 cm.
As previously noted, there was an important difference in the thermal behavior of
particles travelling in the mainstream flow of the experimental conditions versus the
engine conditions. In the engine a contaminant particle’s temperature remains about the
same as the surrounding mainstream flow, which is typically near or above the softening
temperature of the contaminant material. Conversely, in the experimental condition a
wax particle was injected to the mainstream flow at an elevated temperature, and it
cooled as it travelled with the flow to the airfoil model, which typically included some
amount of particle solidification. In the current study, this difference was addressed by
ensuring the wax particles remained at least partially molten at the time they impacted the
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airfoil model in the wind tunnel.

This was done by selecting waxes with certain

solidification temperatures and by operating the wind tunnels with certain mainstream
temperatures. The objective was to have the wax particles in the wind tunnel simulate the
sticking mechanism of ash particles in the engine so that the deposit growth on a wind
tunnel model was indicative of the engine condition.
The wax spray technique was developed during a series of experiments in the
turbine blade leading edge wind tunnel facility, as described in Chapter 3 of this
dissertation. Photographs of the leading edge model deposits were provided to industry
partners to obtain their feedback regarding how well the wax spray technique simulated
deposits on engine hardware, which is also discussed in Chapter 3.

The industry

feedback was varied, but in general it affirmed that the wax spray technique captured
many of the important features of deposits on film cooled surfaces in operational engines.
Based on that information, the wax spray technique was applied in the turbine vane
cascade facility using similar experimental conditions as the leading edge experiments.
2.3.2.3. Thermal Scaling Parameters for Particle Sticking
As discussed in the previous section, the deposition experiments of the current
study simulated the sticking mechanism of depositing particles in the engine situation by
ensuring that the wax particles remained at least partially molten when they impacted the
model.

The sticking mechanism was adjusted by changing the wax solidification

temperature and/or the mainstream temperature, and the resulting wax deposits were
verified to be indicative of engine deposits by obtaining feedback from industry partners.
It was tempting to quantify the sticking mechanism using some nondimensional, scaled
parameter that would indicate the thermal state (i.e., the extent of solidification) of the
particles impacting a surface.

This parameter could then be compared to engine
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conditions to assess how deposition would change for different engine temperatures and
ash softening temperatures. After some consideration, this type of thermal parameter for
the depositing particles was not used in this study because it would not be able to account
for the fundamentally different thermal behavior of the ash particles in the engine and the
wax particles in the wind tunnels. As previously noted, ash particles traveling through an
engine remain at about the same temperature as the surrounding mainstream flow, which
is typically near or above the softening temperature of the ash material. Conversely, the
wax particles are introduced into the wind tunnels at an elevated temperature and they
cool (and typically partially solidify) while following the mainstream flow. This section
describes some thermal parameters that were considered for quantifying the sticking
mechanism and why they were not utilized in the current study.
One candidate thermal parameter that was considered for this study was a simple
temperature ratio, such as contaminant material solidification temperature relative to the
mainstream flow temperature, Tsolid/T∞. However, this parameter does not characterize
how quickly the particle will cool because that is a function of the difference between
these temperatures, not their ratio.

Another candidate thermal parameter was this

temperature difference nondimensionalized with a representative temperature range, such
as (T∞ - Tsolid)/(T∞ - Tc). However, this parameter would not account for the thermal
masses of the particles, which affects their rate of cooling. Furthermore, it does not
account for the latent heat associated with the phase change of the contaminant material.
If these effects are included, the thermal parameter essentially becomes analogous to the
particle solidification analysis described in the previous section. However, as already
noted, the thermal behavior (i.e., cooling and solidification) of the ash particles in the
engine conditions is fundamentally different from that of the wax particles in the wind
tunnel conditions.
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Lawson and Thole (2010) were collaborators on the current study, and they
applied a very similar wax spray technique to model deposition on turbine endwalls.
They performed a wax particle solidification analysis in the same manner as that
described in the preceding section, and they expressed the result in terms of a thermal
scaling parameter (TSP), which was defined as:

TSP =

time to complete solidification
travel time for particle to impact surface

where t1 = !

! p c pVp # Tp,solid ! T" &
((
ln %%
hAp
$ Tp,initial ! T" '

=

t1 + t2
" Lp %
$ '
# U! &

and

t2 =

(2.4)

)hsolid ! pVp
hAp (Tp,solid ! T" )

Their equations for t1 and t2 determine the time it takes for a particle to cool to its
solidification temperature and the time it takes for a complete phase change to occur,
respectively. These were the same equations used in the solidification analysis of the
current study that was summarized in the previous section and in Fig. 2.41. The TSP
parameter provides a single value that readily reveals the probable state of a wax particle
when it strikes the model surface. Note that TSP > 1 corresponds to a particle that is at
least partially molten when it impacts the turbine surface and TSP < 1 corresponds to a
particle that is completely solidified prior to impact. (Also note that the intent of the
current study was to ensure TSP > 1 for the wax particles impacting the wind tunnel
models.)
Lawson and Thole (2010) set their experimental parameters in order to match the
TSP of an assumed engine condition. They calculated a value of TSP = 1.2, which was
indicative of a contaminant particle that was partially molten when it impacted the model
surface. (They also performed experiments with a value of TSP = 0.3 to assess the
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change in the resulting deposits.) For their study they considered an engine condition in
which the mainstream flow temperature was slightly lower than the ash particle
solidification temperature, (T∞)engine = 1500 K and (Tsolid)engine = 1533 K, respectively.
However, as noted in Table 1.1 of this dissertation, representative “modern” and
“advanced” engine designs have mainstream temperatures of (T∞)engine = 1681 K and
(T∞)engine = 1900 K, respectively. These higher mainstream temperatures would yield a
value of TSP → ∞ because they are higher than the assumed ash solidification
temperature of 1533 K. Additionally, the use of TSP for engine conditions is further
complicated by the fact that the ash particles of engine conditions soften and change
phase over a fairly wide range of temperatures due to their numerous chemical
constituents. The assumption that phase change occurs at a single temperature is more
accurate (but still not exact) for the wax particles used in the wind tunnel deposition
experiments. For these reasons, the TSP parameter was not used in the current study,
although it is recognized to be useful in certain situations, particularly for assessing the
solidification of wax particles in the wind tunnel conditions.
2.3.2.4. Biot Number of Wax Deposits
The wax spray technique to model deposition in the wind tunnel facilities was
typically used with matched-Bi models. Therefore, it is of interest to consider if the wax
deposits were consistent with the Biot number of coal ash deposits on engine hardware.
An analysis was performed that showed the wax deposits did approximately match the
Biot number of the engine condition, and it is summarized below. This analysis was
performed for the blade leading edge model, but its conclusions are also applicable to the
vane model. (As discussed in a later chapter, the vane model deposits were typically
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relatively thin over most of the model, so they would affect the conjugate heat transfer to
a lesser extent.)
As previously discussed, the material of the blade leading edge model was
selected to have a thermal conductivity such that the wind tunnel model matched the Biot
number of a typical engine-condition turbine airfoil leading edge. The thicknesses of
typical wax deposits on the models were of the same order as the cooling hole diameters
(tdep ~ d), which was consistent with engine data in the literature (Bons et al., 2001 and
2007).

It is reasonable to assume the deposits modify the external heat transfer

coefficients in the same manner as engine deposits because their roughness and
thicknesses were similar. Therefore, if the thermal conductivity of the wax deposits
scaled properly with the model wall temperature, then the wax deposits were consistent
with the matched-Bi modeling technique. In other words, if

! kdep $
!k $
= # dep &
#
&
" kwall %model " kwall %engine

(2.5)

then the Biot number of the model wall/wax deposit combination was the same as the
engine condition. Note that this analysis omits the presence of any thermal barrier
coating (TBC) because they were not included in the wind tunnel models.
The condition stated in Eqn. 2.5 is assessed as follows. When considering how
surface deposits influenced the conjugate heat transfer of the airfoil wall (for the model or
engine), an effective thermal conductivity of the porous deposit can be used. A simple,
common expression of the effective thermal conductivity in a porous medium, keff, is

keff = !kg + (1" !) ks

(2.6)
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where Φ is the porosity of the deposit and kg and ks are the thermal conductivities of the
gaseous and solid constituents of the porous deposit. For this analysis, an engine deposit
porosity of Φengine = 0.6 was assumed, based on a more thorough analysis of coal ash
deposit growth in a pulverized coal reactor by Richards et al. (1992) who noted that this
is characteristic of powdery or slightly sintered deposits. Richards et al. then modified
this porosity to account for liquid phases in the pores as the deposit grew, but this effect
is neglected here for simplicity. Furthermore, the thermal conductivity of the solid phase
of the engine deposit was assumed to be ks,engine = 4 W/mK, which Richards et al. noted is
applicable for silica-containing materials at high temperatures. The thermal conductivity
of the gaseous phase of the engine deposit was taken to be the conductivity of air at 1400
K. The resulting effective thermal conductivity of engine airfoil deposits was calculated
to be kdep,engine = 1.7 W/mK. The thermal conductivity of single crystal nickel superalloys
commonly used in gas turbine airfoils is kwall,engine = 20 W/mK (Maikell et al., 2009). To
find the effective thermal conductivity of the wax deposits on the wind tunnel model, it
was conveniently assumed these deposits have the same porosity that was assumed for
the engine deposits, Φmodel = 0.6. The conductivity of the solid wax was given by the
manufacturer to be ks,model = 0.2 W/mK. The conductivity of the gaseous phase of the
model deposit was taken to be that for air at 250 K. The resulting effective thermal
conductivity of the model deposits was kdep,model = 0.09 W/mK. The thermal conductivity
of the matched-Bi leading edge models were kwall,model = 1.04 W/mK (and 1.06 W/mK for
the vane model). Therefore, the pertinent thermal conductivity ratios for the engine
hardware and wind tunnel model results were approximately equal:

! kdep $
!k $
0.09 W mK
1.7 W mK
=
= 0.09 , # dep &
=
= 0.09
#
&
" kwall %model 1.04 W mK
" kwall %engine 20 W mK
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(2.7)

This shows that the wax deposits were approximately consistent with the
matched-Bi modeling technique used for the airfoil models. As a result, the insulating
effect of the ash deposits on engine airfoils is correctly simulated in with the wax
deposits on the matched-Bi airfoil models. In other words, the temperatures of the wax
deposit and the underlying model airfoil wall should approximately match the engine
condition temperatures when expressed in terms of overall cooling effectiveness, φ.

2.6. UNCERTAINTY AND REPEATABILITY
2.6.1. Uncertainty Analysis
An analysis of all significant measurement uncertainties was performed using the
sequential perturbation method described by Moffat (1988). A summary of this analysis
follows for each of the primary measurements of this study.

The results of this

uncertainty analysis were consistent with numerous repeatability checks and with
practical experience in performing the experiments.

All standard deviations were

calculated to 95% confidence level. A summary of the results of the uncertainty analysis
is given in Table 2.6.
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Table 2.6. Summary of measurement uncertainties

2.6.1.1. Effectiveness Uncertainties
The uncertainties of the adiabatic film effectiveness, η, and overall cooling
effectiveness, φ, were functions of the elemental uncertainties of the thermocouple
measurements (T∞ and Tc) and the infrared camera measurements (Taw and Tsurf). All
thermocouples in the vane cascade facility were recently calibrated to a reference
thermocouple to make their bias errors negligible (Dees, 2010), and that calibration
remained valid throughout the current study.
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The precision uncertainties of the

thermocouples used in this study were made negligible by averaging a sufficient number
of samples per data output period such that the output temperature signals were very
steady with time (i.e., δT < ±0.1 K). When determining φ, the associated reference
coolant temperature was directly measured at the inlet so that δTc,ref < ±0.1 K. When
determining η, the associated jet coolant temperature was either calculated as the average
of the measured inlet and outlet temperatures in the U-bend channel or it was directly
measured by inserting a thermocouple in the outermost showerhead hole. A review of
the test data showed the difference between these to methods to always be less than 0.5
K, so the elemental uncertainty was taken to be δTc,jet = ±0.3 K. The uncertainties of the
IR camera measurements of surface temperature were found by calculating the standard
deviation of the calibration data relative to the curve fits. The data and the curve fits are
shown in Figs. 2.35 and 2.36 for both cameras for all experiments.

The resulting

standard deviations ranged from ±1.18 K to ±1.31 K, so the uncertainty of the surface
temperature measurements was taken to be δTaw = δTsurf = ±1.3 K.
These elemental uncertainties resulted in an uncertainty for overall cooling
effectiveness of δφ = ±0.015 for the vane PS experiments when DR = 1.4. Similarly, the
uncertainties in the as-measured adiabatic film effectiveness and the associated
conduction correction were δηmeas = δηo = ±0.015 for the vane pressure side experiments
when DR = 1.4, and they were δηmeas = δηo = ±0.026 for the vane suction side
experiments when DR = 1.2. Propagating these values to the uncertainty in the adiabatic
effectiveness resulted in a range of values depending on the measured value of η, which
is shown in Fig. 2.42. As previously noted, the range of conduction correction values
was ηo = 0.03 – 0.11 for the vane pressure side and ηo = 0.01 – 0.06 for the vane suction
side. Single representative values of uncertainty for adiabatic film effectiveness were
taken to be δη = ±0.022 for the vane pressure side (DR = 1.4) and δη = ±0.035 for the
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vane suction side (DR = 1.2). These values were selected as approximately bounding
values, as shown in Fig. 2.42, although they may be slightly low for η < 0.2.
2.6.1.2. Mainstream Flow Uncertainties
For the blade leading edge facility, the uncertainty of the mainstream velocity was
given by Maikell (2008) as δU∞ = ±1.3 m/s (8.7% of the nominal U∞ = 15 m/s), based on
a Pitot-static probe differential pressure uncertainty of δP = ±30 Pa = ±0.12 inH2O. This
was likely an erroneously high estimate of this uncertainty, but it is stated as a bounding
value for the current study because it does not have a significant effect on the blade
leading edge deposition experiments.
For the vane cascade facility, the mainstream velocity had an uncertainty of δU∞ =
±0.08 m/s (1.4% of the nominal U∞ = 5.8 m/s). This was based on the standard deviation
of the calibration data relative to the calibration curve for the pressure transducer, which
was δP = ±0.5 Pa = ±0.002 inH2O as shown in Fig. 2.33.
The turbulence measurements made by an undergraduate research assistant,
Yoran Pichon, in the blade leading edge test section had uncertainties as high as δTu =
±0.14% (2.3% of the nominal Tu = 6%) and δΛ = ±0.7 cm (40% of the nominal Λ = 2
cm).

The turbulence measurements he made in the vane cascade test section had

uncertainties as high as δTu = ±1.2% (6% of the nominal Tu = 20%) and δΛ = ±0.9 cm
(23% of the nominal Λ = 3.7 cm). These turbulence uncertainties were based on the
standard deviation of repeated measurements at various locations. As noted in Sections
2.1.1.1 and 2.2.1.1, there are aspects of the turbulence measurements that suggest these
uncertainties may have actually been higher than these values.
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2.6.1.3. Blowing Ratio Uncertainties
For the blade leading edge facility, the blowing ratio uncertainty was given by
Maikell (2008) as δM* = ±0.09 (at M* = 1.0) to δM* = ±0.19 (at M* = 2.0). This was
based on an orifice meter differential pressure uncertainty of δP = ±3.7 Pa = ±0.015 inH2O.
The uncertainty analysis for the blowing ratios in the vane cascade facility was
more involved because of the relatively complicated method to determine the film
cooling flow splits (see Section 2.2.3.4 for details). The elemental uncertainties for
blowing ratio were as follows. The mainstream velocity uncertainty was δU∞ = ±0.08
m/s, as discussed previously. The uncertainties of the U-bend orifice meter discharge
coefficients were δCd = ±0.007 for the inlet meter and δCd = ±0.009 for the outlet meter,
which were calculated as the standard deviations of the measured calibration data relative
to the calibration curves. The uncertainties of the inlet and outlet orifice meter pressure
differentials were δ(ΔPinlet) = ±3.0 Pa = ±0.012 inH20 and δ(ΔPoutlet) = ±2.2 Pa = ±0.009
inH20, which were the standard deviations of the measured calibration data relative to the
calibration curves (see Figs. 2.30 and 2.32). The absolute pressures of the cooling air at
the orifice meters were not directly measured, but they were estimated based on the
approximate averages of previous measurements. The uncertainties associated with this
approach were estimated as δPinlet = ±1 kPa = ±4 inH20 and δPoutlet = ±0.5 kPa = ±2 inH20,
and they were found to have a minor effect on the blowing ratio uncertainty. The ratio of
discharge coefficients between film cooling rows (Cd,Shd/Cd,SS1 = 1.13) had an uncertainty
that varied with pressure ratio, as shown in Fig. 2.28. In the uncertainty analysis this is
considered in terms of the Cd values of each row. At higher pressure ratios the Cd values
were fairly constant, and their uncertainties were fairly low, δCd = ±0.01. At lower
pressure ratios the Cd values changed rapidly and the ratio used to model them became
less accurate, so their uncertainties became as high as δCd = ±0.1. There were also
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uncertainties of the assumed pressures at the exits of the film cooling holes (based on the
CFD solution) versus the actual pressures. These cooling hole exit pressure uncertainties
were estimated based on how well the measured pressure distribution matched with the
CFD solution, which was discussed and presented by Dees (2010).

The hole exit

pressure uncertainties were taken to be δP∞,local = 4 Pa = 0.02 inH20 for the showerhead and
pressure side holes and δP∞,local = 10 Pa = 0.04 inH20 for the suction side holes.
The effect of these elemental uncertainties on the calculated blowing ratios were
determined with the sequential perturbation method using a spreadsheet, and a summary
of the analysis is shown in Table 2.7. The shaded cells in Table 2.7 are the more
significant contributions to the uncertainties in blowing ratios.
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Table 2.7. Contribution of elemental uncertainties to blowing ratio measurements
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2.6.2. Repeatability Checks
2.6.2.1. Effectiveness Repeatability
Measurements of adiabatic film effectiveness (η) and overall cooling
effectiveness (φ) were shown to be repeatable in several ways: camera-to-camera
repeatability, in-test repeatability, and test-to-test repeatability.
Two infrared cameras were used for each experiment, and they often had some
region of overlap where both cameras were measuring the same location on the airfoil
model. A location was typically selected in the overlap region where the data for each
camera would be truncated and both cameras’ data would be merged together to form one
data set. Ideally, the location of the merged camera views would be perfectly continuous,
but there were often visible jumps in effectiveness values.

The magnitude of this

discontinuity was a measure of the camera-to-camera repeatability, which was an
important verification of the calibration curves used for each camera.
In-test repeatability was typically checked for every experiment by measuring a
condition twice in the same experiment at different times (usually near the beginning and
end of the experiment). Test-to-test repeatability was checked by measuring the same
condition in different experiments performed on different days.

Each of these

repeatability checks was essentially a measure of the combined effect of all the random
uncertainties that would significantly influence a measurement. For example, a check of
the η repeatability included the random uncertainty of the infrared camera and
thermocouple measurements (as estimated by δη in the uncertainty analysis) as well as
the accuracy of establishing a given flow condition (as estimated by δM).

In-test

repeatability was a useful check that there was not a variation of bias errors during the
course of an experiment due to some unknown issue with the facility. However, test-to109

test repeatability was a more robust assessment of the random uncertainty for a set of
experiments, so the in-test repeatability checks are omitted here.
Figures 2.43, 2.44, and 2.45 present plots that illustrate the camera-to-camera and
test-to-test repeatability for the effectiveness measurements in the current study. These
figures assess the suction side η measurements and the pressure side η and φ
measurements, respectively. All the plots in these figures show discrepancies between
the overlapping and repeated data sets within the calculated uncertainties given in Table
2.6 for effectiveness (δη and δφ), with one exception. The repeated data sets in Fig.
2.45b (pressure side φ measured at M*Shd = MPS = 2.0) have a maximum discrepancy of Δφ
= 0.033 at the location s/d = 54, which is larger than the calculated uncertainty.
Considering the uncertainty in blowing ratio at this condition (δMPS = ±0.25) and the φ
measurements at various blowing ratios presented in Chapter 4, the laterally-averaged φ
values at s/d = 54 might vary by ±0.006 due to uncertainty in blowing ratio. Combining
this with the calculated uncertainty of ±0.015 using the root sum of the squares yields a
slightly larger uncertainty of δφ = ±0.016. It is possible, although unlikely, that this
slightly larger uncertainty could account for this discrepancy in Fig. 2.45b.

Other

possible explanations could be unnoticed thermal transients or residual wax on the model
surface in one of the experiments.
2.6.2.2. Wax Spray Repeatability
The repeatability of the deposits created with the wax spray technique was
primarily assessed while performing experiments with the blade leading edge model, and
it is discussed in more detail in Chapter 3.

The repeatability of the wax spray

experiments was inherently difficult to assess. This was primarily done by qualitatively
comparing the deposits formed at nominally the same conditions in different experiments.
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There was also a limited quantitative assessment of the deposition repeatability using
surface thermocouple measurements of the model temperature under the developing
deposit.
A test-to-test repeatability check of the deposition on the vane model was not
attempted. Adequate experience had been gained with the wax spray technique by that
time so that this was a lower priority.
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Figure 2.1. Schematic of turbine blade leading edge wind tunnel facility
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Figure 2.2. Photograph of the wax sprayer installed in the turbine blade leading edge test
section
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(a) Horizontal profile at H/Hmax = 0.5

(b) Vertical profile at W/Wmax = 0.5
Figure 2.3. Mainstream velocity profiles for blade leading edge test section, 2D upstream
of model (54dbar downstream of turbulence grid), wax sprayer not installed
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(a) Horizontal profile at H/Hmax = 0.5

(b) Vertical profile at W/Wmax = 0.5
Figure 2.4. Mainstream turbulence intensity profiles for blade leading edge test section,
2D upstream of model (54dbar downstream of turbulence grid), wax sprayer not installed

114

(a) Horizontal profile at H/Hmax = 0.5

(b) Vertical profile at W/Wmax = 0.5
Figure 2.5. Mainstream turbulence integral length scale profiles for blade leading edge
test section, 2D upstream of model (54dbar downstream of turbulence grid), wax sprayer
not installed
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Figure 2.6. Mainstream velocity profile for blade leading edge test section with wax
sprayer installed, measured at mid-height and 2D upstream of model

Figure 2.7. Mainstream turbulence intensity profile for blade leading edge test section
with wax sprayer installed, measured at mid-height and 2D upstream of model
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Figure 2.8. Mainstream turbulence integral length scale profile for blade leading edge
test section with wax sprayer installed, measured at mid-height and 2D upstream of
model

Figure 2.9. Schematic of film cooled turbine blade leading edge model

117

3'9,./*'!*1+&3!"!!.)!-.,0&'&97!8*&6!(&9&!513.'.1)&-!:,9!,(,6!:910!'*&!3',/),'.1)!+.)&!.)!
19-&9! '1! +.0.'! '*&! -.3'49%,)2&! 1:! '*&! ,5591,2*.)/! :+1(7! 8*&! *1+&3! (&9&! +12,'&-! ,'! DEFG<!
%&'(&&)!'(1!.05.)/&0&)'!@&'3!*1+&3<!,3!3&&)!1)!H./49&!I7;7"7!
!

!
Figure 4.2.1: Schematic of the no blowing model with the impingement plate
Figure 2.10. Schematic of non-film-cooled
turbine blade leading edge
!
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(from Dobrowolski, 2009)
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(a) Wind tunnel and secondary flow loops

(b) Test section detail
Figure 2.11. Schematic of turbine vane cascade wind tunnel facility
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Figure 2.12. Photograph of the wax sprayer installed in the turbine vane cascade test
section
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(a) Horizontal profile at H/Hmax = 0.5

(b) Vertical profile at W/Pitch = 0.30
Figure 2.13. Mainstream velocity profiles for vane cascade test section at two locations
upstream of model nose point, wax sprayer not installed
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Figure 2.14. Mainstream turbulence intensity profile for vane cascade test section,
measured at mid-height and 0.282C upstream of model, wax sprayer not installed

Figure 2.15. Mainstream turbulence integral length scale profile for vane cascade test
section, measured at mid-height and 0.282C upstream of model, wax sprayer not installed
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Figure 2.16. Schematic of turbine vane cascade wind tunnel facility coolant flow loop

Figure 2.17. Vane model cross-section schematic with hatch and cooling hole locations
shown
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(a)

(b)
Figure 2.18. Initial test to assess apparent leakage in U-bend coolant line
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(a)

(b)
Figure 2.19. Change in apparent leakage in U-bend coolant line after making repairs to
the facility
(seal leaks, recalibrate pressure transducers, rebuild orifice meters)
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(a)

(b)
Figure 2.20. Change in apparent leakage in U-bend coolant line after calibrating the
orifice flow meters
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(a) Calibration data and curve fit correlation (and standard correlation, Eqn. 2.1)

(b) Curve fit correlation for calibration data
Figure 2.21. Vane U-bend coolant inlet orifice meter calibration data and curve fit
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(a) Calibration data and curve fit correlation (and standard correlation, Eqn. 2.1)

(b) Curve fit correlation for calibration data
Figure 2.22. Vane U-bend coolant outlet orifice meter calibration data and curve fit
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Figure 2.23. Vane model coolant inlet velocity profiles for U-bend (lower) and radial
(upper) channels
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Figure 2.24. Schematic of trenched film cooling hole geometry

Figure 2.25. Photograph of the adiabatic vane model with hatches removed, prior to
painting
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Figure 2.26. Schematic of sealing design for the adiabatic vane model hatch perimeters

Figure 2.27. Photograph of the adiabatic vane model hatches openings just prior to
assembly
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Figure 2.28. Discharge coefficients measured for rows of film cooling holes in the vane
model

Figure 2.29. Sample flow splits calculated for the vane model operating with the
showerhead rows, SS1 row, and SS2 rows active
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Figure 2.30. Calibration data and curve fit for pressure transducer “A” in vane cascade
facility
(PT “A” was typically used for the U-bend channel inlet orifice meter)

Figure 2.31. Calibration data and curve fit for pressure transducer “B” in vane cascade
facility
(PT “B” was typically used for the radial channel inlet orifice meter)
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Figure 2.32. Calibration data and curve fit for pressure transducer “C” in vane cascade
facility
(PT “C” was typically used for the U-bend channel outlet orifice meter)

Figure 2.33. Calibration data and curve fit for pressure transducer “D” in vane cascade
facility
(PT “D” was typically used for the mainstream Pitot-static probe)
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(a) Salt crystal window port locations

(b) Approximate perspectives of vane model
Figure 2.34. Infrared camera view port locations and perspectives for vane cascade
facility
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(a) P20 camera

(b) P25 camera
Figure 2.35. Infrared camera calibration curves for vane suction side film cooling
experiments
136

(a) P20 camera

(b) P25 camera
Figure 2.36. Infrared camera calibration curves for vane pressure side film cooling
experiments
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(a) Vane pressure side, (ReDh)U-bend = (ReDh)Radial = 20,000

(b) Vane suction side, (ReDh)U-bend = 35,000, (ReDh)Radial = 22,000
Figure 2.37. Conduction correction measurements for adiabatic vane model
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(a) Arrangement for vane cascade facility

(b) Arrangement for blade leading edge facility
Figure 2.38. Wax spray device schematic for both wind tunnel facilities
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(a)

(b)
Figure 2.39. Analytical results for wind tunnel wax particle sizes required to match
Stokes numbers of coal ash particles in engine
(See Table 2.5 for more details.)
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(a)

(b)
Figure 2.40. Scanning electron microscope images of wax spray sample
(Both samples were generated with a sprayer air pressure of Psprayer = 140 kPa,gauge =
20 psig and “RT42” wax for which Twax,solid = 315 K.)
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Figure 2.41. Analytical results for travel distance to complete wax droplet solidification
in wind tunnel mainstream, U∞ = 15 m/s, T∞ = 297 K
(where “dTsolid” = ΔTsolid = Twax,solid – T∞)

142

(a) Vane pressure side, DR = 1.4

(b) Vane suction side, DR = 1.2
Figure 2.42. Variation of uncertainty in adiabatic film effectiveness (η) for the range of
conduction correction values (ηo)
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Figure 2.43. Repeatability check of adiabatic film effectiveness (η) experiments for the
vane suction side, M*Shd = 2.2, MSS1 = 0.85, DR = 1.2
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Figure 2.44. Repeatability check of adiabatic film effectiveness (η) experiments for the
vane pressure side, M*Shd = 2.0, MPS = 2.0, DR = 1.4
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(a) M*Shd = 0.81, MPS = 1.0

(b) M*Shd = 2.0, MPS = 2.0,
Figure 2.45. Repeatability check of overall cooling effectiveness (φ) experiments for the
vane pressure side, DR = 1.4
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Chapter 3 – Leading Edge Model Deposition
The wax spray technique to study contaminant deposition was developed and first
applied using the wind tunnel facility that modeled a turbine blade leading edge with a
showerhead arrangement of film cooling holes. This facility was initially used because it
was generally easier to operate and to prepare between experiments than the larger and
more complicated full vane cascade facility. Chapter 2 includes descriptions of the
experimental facility and procedures for the blade leading edge experiments.

This

chapter provides a summary and discussion of the results from these experiments.
Figures in this chapter present photographs of the leading edge models with wax
deposits created at various test conditions. In all of these photos, the model surface is
painted black and the deposited wax is white. In photos of the film-cooled leading edge
model, the film cooling holes are directed from left to right. In general, the thicker
deposits are along the stagnation region of the leading edge, with thin (tdep < 0.2 mm)
deposits outside this region. The thin wires of the surface thermocouples are visible in
the upper regions of these photographs. These wires were attached to the surface with
thin layer of epoxy, and they did not appear to significantly alter the flow, heat transfer,
or deposits at the surrounding surface.
3.1. OVERVIEW OF LEADING EDGE MODEL EXPERIMENTS
The nominal conditions for the leading edge deposition tests were as follows. The
wind tunnel mainstream flow had a velocity of U∞ = 15 m/s and a temperature of T∞ =
297 K, which established a mainstream flow Reynolds number of ReD = 48,000, based on
the leading edge model outer diameter. The coolant temperature was about Tc = 213 K,
which established a coolant-to-mainstream density ratio of DR = 1.4. The blowing ratio
was M* = 2.0. Certain test parameters were varied in separate experiments to assess their
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influence on the resulting surface deposits, and the resulting test matrix is summarized in
Table 3.1. Cases A and AA were the “baseline” cases for each model (with and without
film cooling, respectively), against which the other test cases were compared. Cases B
and C assessed the influence of varying the wax spray time duration. Case D varied the
blowing ratio.

Cases E, F, and G explored the influence of the wax solidification

temperature and mainstream temperature. Some of the test cases were performed more
than once, and the resulting deposit patterns showed sufficient repeatability between
experiments to support the resulting discussions and conclusions.

Table 3.1. Leading edge deposition test matrix

3.2. INTERACTION BETWEEN SHOWERHEAD FILM COOLING AND DEPOSITION
The surface deposits that developed during the two baseline test cases, AA and A
(using the non-film-cooled model and film-cooled model, respectively), were very
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different, which demonstrated that the film cooling flow strongly influenced the
formation of the surface deposits. Photographs of the model surface deposits from Cases
AA and A are shown in Figs. 3.1 and 3.2, respectively. The primary differences between
the Cases AA and A were the large variations in deposit thickness in the stagnation
region and downstream of the off-stagnation rows of cooling holes; these characteristics
are discussed more later. There were also some significant similarities between Cases
AA and A. In both cases, the deposits were thickest in the stagnation region of the
leading edge. These maximum thicknesses were similar between Cases AA and A:
tdep,max/d = 0.88 mm for Case A, tdep,max/d = 0.94 for Case AA. Adjacent to the stagnation
region, the deposits were visible but much thinner. Downstream of about 30° around the
leading edge from the nose point (i.e., just past the location of the off-stagnation cooling
holes), there were almost no deposits for either of Cases AA and A.
In order to help assess the interaction between the film cooling flow and the
deposition, Fig. 3.3 shows the same deposit photo as in Fig. 3.2, but with regions of
highest adiabatic film effectiveness, η, sketched in red and regions of highest heat
transfer augmentation due to film cooling, hf/ho, sketched in yellow. (The η and hf/ho
sketches were based on data from Mouzon et al., 2005). As discussed later in this
section, these markings show that the streaks of high η from the off-stagnation row holes
coincided with deposit-free streaks on the model surface and the regions of high hf/ho
near these holes coincided with thicker deposits, apparently brought to the surface by jetinduced vortices. A different trend was evident for the stagnation row holes because
relatively thick deposits formed in and near the regions of high η due to these coolant
jets.
There are two distinct regions in the Case A film-cooled model deposits that are
immediately obvious in Fig. 3.2: (1) the thicker, full-coverage deposit in the stagnation
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region and extending to the off-stagnation rows of holes, and (2) the thinner, partialcoverage deposit in the regions downstream of the off-stagnation rows of holes. The
deposits in the stagnation region were relatively thick and included trough-shaped
features that formed around the coolant jets flowing from these holes. These troughs
bend slightly upwards in Fig. 3.2, which is because the model was inadvertently tilted
slightly upward during this experiment, causing the stagnation row coolant jets to be
biased slightly upwards. From previous film cooling experiments performed in this
facility (e.g., Albert et al., 2004), it is known that the stagnation row of cooling holes
provides good film coverage and high adiabatic film effectiveness, η, in this stagnation
region for a blowing ratio of M* = 2, as shown schematically in Fig. 3.3. A hypothesis
for the creation of thick, trough-shaped deposits in this region is that the particles
approaching the leading edge were entrained around and underneath the stagnation row
film cooling jets, due to vortices that formed in the flow around these jets. These
stagnation row film cooling jets separated from the surface at this high blowing ratio
because the adjacent mainstream flow (in the stagnation region) was relatively slow.
This separation allowed the contaminants to deposit and accumulate underneath the
coolant jets, until the deposit growth reached the edge of the coolant jet, which then
prevented further accumulation.
Deposit thicknesses were measured along the stagnation line for each test case.
Figure 3.4 presents a typical trend of these data when the blowing ratio was M* = 2.0.
The data in Fig. 3.4 were measured from the Case A deposit shown in Fig. 3.2. The
schematic in Fig. 3.4 shows the positions of the three measurements taken between each
pair of adjacent holes across the stagnation line. The coolant jets in this schematic are
oriented left-to-right, consistent with photo in Fig. 3.2. Thickness data in Fig. 3.4 were
measured from the four pitches of stagnation row holes visible in Fig. 3.2. Figure 3.4
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shows that the deposit thickness along the stagnation line started at zero at the cooling
hole exit and linearly increased until the edge of the next cooling hole across the span.
As discussed above, this linear variation was due to the wax droplets accumulating
underneath the separated coolant jets from these stagnation row holes.

This linear

variation presumably followed the underside of the separated coolant jets flowing from
the stagnation row holes. The central two hole pitches visible in Fig. 3.2 had the thickest
deposit because they were located at the center of the wax spray plume. The outer two
hole pitches had thinner deposits because the wax spray was not as dense in those
regions.
Downstream of the off-stagnation rows of holes for Case A, the deposits seemed
to be influenced in a different way by the vortices that formed around the coolant jets. As
shown by the yellow and red markings in Fig. 3.3, regions of high heat transfer
augmentation (yellow), hf/ho, are known to have existed immediately adjacent to the
streaks of high adiabatic film effectiveness (red) emanating from the off-stagnation film
holes.

These regions of high hf/ho occurred due to the coolant-jet-induced vortices

wrapping around the coolant jets and impinging the surface on their leeward side. Based
on the deposit streaks visible in Fig. 3.2, it appears that these coolant-jet-induced vortices
entrained contaminants from the mainstream and delivered them to the surface.
Furthermore, it appears that the film coolant jets remained at least partially attached to
the surface downstream from the upper off-stagnation holes, which prevented the
entrained contaminants from reaching the surface underneath the attached coolant jets.
This would explain why there are clearly defined streaks of deposit-free surface
emanating from the upper off-stagnation cooling holes in Fig. 3.2. These regions are
even more obvious in Fig. 3.5 (Case C), which shows deposits formed at the same
conditions as Fig. 3.2 (Case A) but for shorter spray duration. (Similar locations near the
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lower off-stagnation cooling holes in Fig. 3.2 are not bare, but have a dense, thin deposit
with a different appearance than the surrounding deposit. This discrepancy is likely
because the jets from the lower off-stagnation holes slightly separated from the surface in
this experiment, while the jets from the upper off-stagnation holes did not. As noted
earlier, the leading edge model was inadvertently tilted slightly upward in this
experiment, which could account for this difference in jet separation.)

3.3. DEVELOPMENT OF DEPOSITS THROUGH TIME
The development of deposits with increasing spray time was assessed by
comparing Cases A, B, and C. The general appearance of the deposits from these three
cases looked very similar, as can be seen by comparing Figs. 3.2, 3.5, and 3.6, with the
primary difference being the thicknesses of the deposits.

Post-experiment deposit

thicknesses were measured at numerous locations in the stagnation region, and over
several hole pitches, for all test cases. These final deposit thickness measurements were
plotted in Fig. 3.7 with thicknesses nondimensionalized by cooling hole diameter, d.
Two locations were plotted: the location of maximum deposit thickness (which varies,
but was always very near the stagnation row of cooling holes) and the location of the
stagnation line surface thermocouple midway between stagnation row cooling holes.
Figure 3.7(a) plots deposit growth as a function of wax spray duration for each test case,
and Fig. 3.7(b) plots the same data as a function of the total mass of wax sprayed during
each test case. Figure 3.7(b) is included because the mass flow of wax through the
sprayer sometimes varied by as much as ±20% between these experiments. Figure 3.7
shows the deposit thickness approaches a constant value as the spray duration increases.
There is considerable scatter in this data because of thickness measurement uncertainty,
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δ(tdep/d) = ±0.06, and the generally chaotic nature of deposit formation and growth.
These were the likely causes of the slightly lower deposit thicknesses shown in Fig.
3.7(b) for the experiment with the highest amount of wax sprayed.
A general trend observed through all the blade leading edge deposition
experiments was that deposits developed quickly in the first 5-10 minutes of spray
duration, and then reached an equilibrium condition in which deposit thickness remained
fairly constant. The equilibrium condition was typically reached within 15-20 minutes of
total spray duration. The detachment of small particles of deposit was visibly evident
after the first several minutes of each experiment, so this equilibrium deposit thickness
was attributed to a balance between deposition and detachment of existing deposit.
Based on descriptions of this phenomenon in the literature (e.g., Rosner and Nagarajan,
1987, and Walsh et al., 1990), this was attributed to incoming contaminant particles that
occasionally impact and erode the existing deposit, instead of accumulating on top of it.
When a deposit begins to accumulate, its external surface approaches the mainstream
temperature, which can soften and weaken the outer layer of the deposit, making it more
susceptible to detachment due to erosion or aerodynamic shear. A balance is eventually
attained in which the detachment rate is approximately equal to the deposition rate,
resulting in an equilibrium deposit thickness.
It is of interest that the experimental results of Walsh et al. presented a
equilibrium deposit thickness that was on the order of the flow obstruction, which in their
case was the diameter of a cylinder in cross-flow. In the current study, the quasi-steady
deposit thickness was closer to a cooling hole diameter (an order to magnitude less than
the leading edge diameter), which was much thinner than that observed by Walsh et al.
This difference could be due to the significantly higher Reynolds number flow of the
current study (ReD = 48,000, as opposed to an estimated ReD ~ 2000 in Walsh et al.) and
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the associated higher aerodynamic shear stress and higher incoming particle velocity,
which could have caused more deposit detachment and erosion. It is also of interest that
other turbine deposit experimental studies (e.g., Bons et al., 2007, and Ai et al., 2009) did
not report any evidence of an approach to an equilibrium deposit thickness. A possible
explanation for this discrepancy is the substantially different flow fields: a cylindrical
leading edge in cross flow for the current study versus a flow impinging on an angled flat
plate for Bons et al. and Ai et al.
The public literature contains sparse data of engine-run turbine airfoil deposit
thickness. Bons et al. (2007) noted some turbine vanes that contained “large” 1-2 mm
thick marine deposits, which would be equivalent to roughly tdep/d ~ 3 in the current
study. The measurements reported by Bons et al. (2001), include thicknesses of fuel
deposits on the suction side and pressure side of turbine airfoils that range from 20 μm to
200 μm, which is equivalent to roughly tdep/d ~ 0.06 to 0.6 in the current study.
Additional insight into the approach of deposit thickness towards an equilibrium
value can be derived from the thermocouple measurements of the model surface
temperatures underneath the deposits. It was expected that a wax deposit would insulate
the underlying model surface from the warmer mainstream flow, causing a decrease in
underlying model surface temperature and therefore an increase in local overall cooling
effectiveness, φ. However, it was also expected that the deposit would disrupt the film
cooling flow, causing a decrease in film effectiveness and/or an increase in heat transfer
coefficient, which would tend to decrease local φ. Based on the measured data, the
insulating effect of the wax deposit dominated any decreased film cooling in these cases,
causing a local increase in φ. Figure 3.8 presents a plot of how the model surface
temperature changed as a function of spray duration, with the surface temperature
expressed in terms of the local overall effectiveness values, φ. Each data set in Fig. 3.8
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was measured in separate experiments for separate test cases, and all of the data sets
exhibit the same general trend of increasing overall effectiveness with time. All of the
data sets in Fig. 3.8, with the possible exception of Case F, show that the overall
effectiveness approached a limiting value that occurs at spray durations of 15-20 minutes.
A likely reason for this is that the deposit over the thermocouple reached an equilibrium
thickness at later spray durations. Note that Case F was the one condition in which the
mainstream temperature was higher than the wax solidification temperature. Figure 3.8
also shows that Cases D and AA have significantly lower overall effectiveness values
than the other test cases, which was reasonable because they had lower blowing ratio (M*
= 1.0 for Case D) and no blowing (Case AA). All of the other test cases resulted in fairly
consistent overall effectiveness data, which is a partial validation of the repeatability of
these experiments.
The last data set listed in Fig. 3.8, “Case C: Poorly controlled,” was an
unsuccessful attempt of the Case C test conditions. For this data set, some of the
experimental control parameters (Tc, T∞, DR, U∞, and M*) were inadvertently allowed to
vary up to twice as much as in other experiments. The appearance of the resulting wax
deposit initially seemed consistent with similar experiments, but some other aspects of
the “Case C: Poorly controlled” test data were questionable, such as the higher φ values
through time shown in Fig. 3.8. These inconsistencies demonstrate how relatively small
changes in the flow field temperatures and velocities can cause significant changes in the
wax deposit characteristics (such as density). The “Case C: Poorly controlled” data set
was of unacceptably poor quality; it was included in Fig. 3.8 to illustrate an outer bound
for the repeatability of the wax spray experimental technique.
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3.4. SENSITIVITY OF DEPOSITION TO VARYING FLOW CONDITIONS
3.4.1. Effect of Blowing Ratio
A wax spray deposit was created on the film-cooled leading edge model operating
at a reduced blowing ratio of M* = 1.0 (Case D of Table 3.1) and photographs of two
views of the model deposit are shown in Fig. 3.9. For the M* = 1.0 condition, deposits
were similar to the M* = 2.0 condition (Case A, shown in Fig. 3.2), but they were clearly
influenced by the different coolant jet velocities. The lower blowing ratio had lower
coolant jet velocities, so the off-stagnation coolant jets were more strongly deflected
downstream by the mainstream flow. Note that in Fig. 3.9, there are relatively clean
portions of the surface immediately downstream of the off-stagnation cooling holes,
which are widest at the downstream edges of these holes. This suggests these film
coolant jets remained attached to the surface in these regions for M* = 1.0, which limited
deposits. Also note in Fig. 3.9 that a substantial amount of particles deposited inside the
cooling holes at the downstream (right) portions of the hole exit areas. These deposits
formed because the coolant jets were swept downstream before they could fill the entire
cooling hole exit area.
3.4.2. Effect of Δ Tsolid
While developing the wax spray experimental technique, it was obvious that the
deposit characteristics were significantly affected by the relationship of three important
temperatures: the wax solidification temperature (Twax,solid), the mainstream temperature
(T∞), and the coolant temperature (Tc). In the current study, Twax,solid and T∞ (and the
associated parameter ΔTsolid = Twax,solid - T∞) were varied through test cases A, E, F, and G.
For all these cases, density ratio is set to DR = 1.4, which constrained Tc to a temperature
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much lower than the mainstream or melting temperature so that the exact value of Tc was
less significant.
For Case E (Fig. 3.10), mainstream temperature was set to be just below the
solidification temperature of the “RT42” wax used in the majority of the test cases of the
current study, so that the difference between the wax solidification temperature and the
mainstream temperature was reduced to ΔTsolid = 2 K. The overall features of this deposit
pattern were similar to that of Case A (Fig. 3.2). The deposit was thickest in the
stagnation region, with visible troughs created by the stagnation row coolant jets. The
deposit thicknesses of Case E (e.g. tmax/d = 0.60) were generally thinner than for Case A
(e.g. tmax/d = 0.88), which was likely due to additional sublimation of the deposited wax at
these elevated mainstream temperatures.
Case G (Fig. 3.11) used the “RT31” wax with a lower solidification temperature
and had the mainstream temperature set to yield ΔTsolid = 10 K. This was a ΔTsolid value
roughly halfway between Case E and Case A. The general deposit features in Case G
were similar to those of Cases E and A. The deposit thicknesses of Case G were similar
to Case E, but were significantly less than Case A. This may be because sublimation of
the wax deposits was significant at this low of a ΔTsolid value, similar to Case E.
Case F (Fig. 3.12) also used the “RT31” wax, but with a mainstream temperature
above the wax solidification temperature, for which ΔTsolid = -9 K. Therefore, for Case F
the wax droplets were completely molten as they approached the leading edge model,
although a small amount of cooling likely occurred as the droplets passed through the
coolant jets and thermal boundary layer of the model. This is significantly different from
all other test cases with ΔTsolid > 0, for which the wax droplets partially solidified in the
mainstream air. Note that there was a large region of relatively clean model surface near
the second hole from the left of Fig. 3.12. This was due to a large piece of deposited wax
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(similar to that on the third hole from the left) that detached from the surface near the end
of the experiment.
The physical appearance of the deposit generated in Case F was obviously very
different from all other test cases. The depositing wax droplets did not accumulate into a
fairly uniform deposit. Instead, the Case F deposit grew very irregularly, with individual
“wisps” of deposited wax accumulating on numerous nucleation sites. As the deposits
accumulated, the thickest regions became insulated from the colder surface so that they
approached the mainstream temperature and remained molten. As a result, streaks of
molten wax were swept downstream along the deposit surface, which can be seen near
the off-stagnation holes in Fig. 3.12. In the stagnation region, the thicker, partially
molten deposit was not swept downstream by the locally stagnant mainstream flow;
instead, this region of the deposit tended to agglomerate into larger pieces of deposited
wax. This apparent growth of molten deposits is consistent with several discussions in
the public literature about deposition theory (e.g. Rosner and Nagarajan, 1987, and Walsh
et al., 1990). However, it is not clear why the depositing wax particles began to develop
in a wispy structure in Case F, as opposed to a more uniform structure, as in the other test
cases.

3.5. ROUGHNESS OF DEPOSITS
In all test cases, the external surfaces of the wax deposits had levels of roughness
that were likely substantial enough to affect the flow and heat transfer at those surfaces.
The levels of roughness of these deposits ranged from small, jagged variations much
smaller than a cooling hole diameter (e.g. some regions of Case A, Fig. 3.2) to larger
variations of a similar size as a cooling hole diameter (e.g. Case F, Fig. 3.12). Deposit
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surface roughness was not quantified in the current study due to the difficulties of
measuring these small features on relatively soft wax deposits. However, considering
measurements made by Bons et al. for engine hardware deposits (2001) and enginecondition simulated deposits (2007), the deposits of the current study had surface
roughness that were approximately in the range of those found on turbine hardware, when
scaled to cooling hole diameter.

3.6. FEEDBACK FROM INDUSTRY PARTNERS
A brief summary of the blade leading edge deposition results was provided to
industry partners the University Systems Turbine Research program, which was the
source of funding for this work. The summary consisted of the photographs in Figs. 3.2,
3.9, and 3.12 and a very short description of how the deposits were created. Similar data
was also included from the endwall deposition experiments performed collaboratively at
The Pennsylvania State University for this funded research project. This summary was
sent to turbine design engineers at GE, Siemens, and Pratt & Whitney, and each of the
companies provided feedback separately.
An interesting aspect of the industry feedback was that each company gave
different advice on which photograph was most indicative of contaminant deposits on
engine hardware. This was speculated to be symptomatic of the variety of deposits that
can occur in engines due to the different fuel chemistry, operating conditions, and
maintenance procedures for operational gas turbine engines. The wax spray technique
can accommodate these variations by changing the experimental parameters as described
in this chapter to create deposits with different characteristics.
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An engineer from GE (Bunker, 2009) noted that the leading edge deposits in the
photographs were generally thicker than what typically developed on engine hardware.
He also noted that the well-defined troughs in the deposits near the stagnation row of
holes did not occur in engine conditions because the approach flow for turbine blades
(i.e., rotor airfoils) is unsteady due to the wakes from the upstream vanes. The unsteady
approach flow causes the stagnation line to continuously shift, so the resulting deposit
features near the stagnation line would not include well-defined film coolant streaks.
Another engineer from GE (Lacy, 2009) noted that engine deposits have a “crusty”
texture and they spall away in certain regions, including the leading edge.
The basic conclusion from the information provided by industry partners was that
the wax spray technique was generating deposits that were somewhat representative of
engine experience, although there was some disagreement on specifically which deposits
were most realistic. This served as an overall validation of the wax spray technique and
the deposits it formed near the film cooling holes.
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Figure 3.1. Photo of non-film-cooled leading edge model deposit for Case AA
(τspray = 20 min., ΔTsolid = 19 K)

Figure 3.2. Photo of leading edge model deposit for Case A
(M* = 2.0, τspray = 20 min., ΔTsolid = 18 K)

Figure 3.3. Same photo as Fig. 9, with regions of high η outlined in red and high hf/ho
outlined in yellow
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Figure 3.4. Deposit thickness variation along stagnation line, between cooling holes for
Case A (see also Fig. 3.2)

Figure 3.5. Photo of leading edge model deposit for Case C
(M* = 2.0, τspray = 10 min., ΔTsolid = 18 K)
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Figure 3.6. Photo of leading edge model deposit for Case B
(M* = 2.0, τspray = 5 min., ΔTsolid = 17 K)
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Figure 3.7. Final deposit thicknesses for several experiments (Cases A, B, and C)
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Figure 3.8. Change in surface temperature (in terms of φ) during deposit formation, at a
location midway between stagnation row holes
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Figure 3.9. Photos of leading edge model deposit for Case D
(M* = 1.0, τspray = 15 min., ΔTsolid = 18 K)
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Figure 3.10. Photo of leading edge model deposit for Case E
(M* = 2.0, τspray = 15 min., ΔTsolid = 2 K, Tsolid,wax = 315 K)

Figure 3.11. Photo of leading edge model deposit for Case G
(M* = 2.0, τspray = 15 min., ΔTsolid = 10 K, Tsolid,wax = 304 K)

Figure 3.12. Photo of leading edge model deposit for Case F
(M* = 2.0, τspray = 15 min., ΔTsolid = -9 K, Tsolid,wax = 304 K)
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Chapter 4 – Vane Pressure Side Film Cooling and Overall Cooling
Effectiveness
This chapter presents adiabatic film effectiveness (η) and overall cooling
effectiveness (φ) data that were measured for the vane model pressure side (PS) for a
range of blowing ratios and two different film cooling configurations: showerhead +
standard PS holes active and showerhead + trenched PS holes active. These results were
useful in interpreting the deposition experiments performed with the vane model
(described in Chapter 5), and they can be a useful data set for other researchers for
benchmarking computational tools.
Descriptions of the vane models, the vane cascade experimental facility, and the
instrumentation are provided in Chapter 2 of this dissertation. Tables 2.2 and 2.3
summarize the geometry of the models and test section. The following were the common
flow conditions for all η and φ measurements made on the vane pressure side, unless
otherwise noted. The coolant-to-mainstream density ratio was DR = 1.4 (T∞ = 305 K, Tc
= 220 K), and the flow rates of the internal cooling channels of the vane model were set
to establish inlet Reynolds numbers of ReDh = 20,000 for both the “U-bend” and “radial”
channels. The mainstream approach velocity was U∞ = 5.8 m/s, which established a
Reynolds number of ReC = 1.9x105 based on approach velocity and airfoil chord length.
The mainstream turbulence intensity was Tu = 20% and the integral length scale was Λ =
4 cm. The turbulence intensity at the location of the pressure side row of cooling holes
(s/d = 32) for these conditions was measured by Dees (2010) as Tu = 17%.
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4.1. ADIABATIC FILM EFFECTIVENESS
Figures 4.1 and 4.2 present measurements of laterally averaged adiabatic film
effectiveness versus streamwise surface distance from the stagnation line (s/d) for the
“showerhead + standard PS holes” configuration and the “showerhead + trenched PS
holes” configuration, respectively. The corresponding contour plots are presented in
Figs. 4.3 and 4.4, respectively.
The data for the “showerhead + standard PS holes” configuration in Fig. 4.1 show
a general trend of increasing film effectiveness with increasing blowing ratio, except just
downstream of the PS film cooling holes. Downstream of the PS holes the separation of
the coolant jets is evident by the locally lower η values in the separation region, followed
by higher η values where the jets reattached to the surface.

The location of jet

reattachment seemed to move farther downstream with increasing blowing ratio. It is
uncommon to observe jet reattachment at a blowing ratio as high as MPS = 3 for film
cooling on a flat plate, but it was apparent in this data because of the concavity of the
vane pressure side, even though it was not highly curved. Pressure side film cooling jet
reattachment at high blowing ratio was evident in the data presented by Ito et al. (1978)
for a more highly curved airfoil pressure side. For the lowest blowing ratio condition,
MPS = 1.0, the coolant jets remained partially attached to the surface, as suggested by the
clear film streaks close to the holes in the η contour plot of Fig. 4.3a. A film cooling jet
would typically separate from the surface at this moderately high blowing ratio
(equivalent to a momentum flux ratio of IPS = 0.7), but the high turbulence intensity at
this location may have kept the jet partially attached. Dees (2010) measured a slightly
fuller velocity profile at this location for this higher turbulence, relative to a Tu ~ 0.5%
case, which would act to push the coolant jet towards the surface. Furthermore, Ames
(1998) measured higher near-hole η values for a separated coolant jet due to increased
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turbulence, which he attributed to enhanced mixing of the coolant towards the surface.
The partially attached coolant jet for the MPS = 1.0 case resulted in the highest η values
near the holes, which decayed quickly to the lowest η values farther downstream. If
lower blowing ratios were tested the coolant jets from these standard PS holes would
have remained more attached to the surface, resulting in higher η near the hole. The film
effectiveness of the showerhead film cooling increased consistently with blowing ratio
because the jets were detached for all cases.
The measurements of adiabatic film effectiveness (η) for the “showerhead +
trenched PS holes” configuration are presented in Figs. 4.2 and 4.4. This data has the
same general trend of increasing film performance with blowing ratio, but the coolant jets
from the PS trenched holes remained attached to the surface at the higher blowing ratios.
This illustrates the primary benefit of the trenched film cooling design: it keeps the film
coolant attached to the surface.

The downstream wall of a trench redirects the

momentum of the coolant jets laterally within the trench, and this forms a fairly
continuous layer of film coolant exiting the trench.

The η values immediately

downstream of the trench were rather high, and they quickly decayed to the point that
they were roughly equal to the standard PS hole performance further downstream.
A clearer comparison of adiabatic film effectiveness for the baseline PS holes and
the trenched PS holes is shown in Fig. 4.5. These plots illustrate that the η values of both
designs became the same (within uncertainty) about 20d-60d downstream of the PS
holes, depending on blowing ratio. Note that the trenched film cooling performance
initially decayed more rapidly than that for the standard design. This difference in decay
rate is speculated to be caused by the thinner layer of film coolant established by the
trenched holes, which mixed more rapidly with the mainstream than the standard holes
case. Another plausible explanation for the rapid decay is that the film coolant from the
168

trenched holes exited the trench at a lower velocity than the jets from the standard holes,
resulting in a stronger shear layer and more mixing with the mainstream flow. It is
surprising that both film cooling configurations generated the same level of film cooling
far downstream of the holes because the film cooling flow fields and the η values near
the holes were very different. Near the holes the standard PS holes created discrete
coolant jets that must have interacted with the mainstream in a different manner than the
relatively thin, uniform layer of film coolant at the surface provided by the trenched PS
holes. However, the high mainstream turbulence may have mixed the film coolant with
the adjacent mainstream so thoroughly that both of these configurations created
nominally the same film cooling flow field far downstream.
A spanwise variation is evident in the contour plots of η (Figs. 4.3 and 4.4) for
both film cooling configurations. The general trend of this variation was a slight increase
in η in the positive z/d direction, which was towards the 180° turn of the U-bend, and it
was most noticeable downstream of the PS holes. It is not obvious what caused this
variation, but one possibility is non-uniform internal coolant velocities just upstream and
downstream of the 180° turn of the U-bend channel. This may have caused more coolant
to flow out of some holes than others, which would cause spanwise variations of film
effectiveness. Dees (2010) showed evidence of a separation region in the U-bend coolant
flow for this vane model geometry that occurred just downstream of the 180° bend, in the
U-bend down-pass. If this internal flow separation existed, it would have significantly
affected the coolant flow through the rest of the U-bend down-pass.

A spanwise

variation is also evident downstream of the showerhead holes, but it was not as repeatable
across the entire range of blowing ratios for both configurations.
Note that the η values downstream of the showerhead holes for both
configurations were essentially the same, which was expected because the geometries and
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blowing ratios of the showerhead holes were the same.

This served as a partial

verification that the discharge coefficients for the standard PS holes were practically
equal to those for the trenched PS holes.

That is how they were analyzed when

determining the film cooling flow splits for both configurations (as described in Section
2.2.3).
During one experiment with the “showerhead + trenched PS holes” configuration,
a higher density ratio was established to assess its effect on the film cooling performance.
Figure 4.6 compares the η values for this higher density ratio (DR = 1.7) condition with
the typical density ratio data (DR = 1.4) shown in other plots. Frost formation made it
challenging to establish DR = 1.7, with the associated Tc = 175 K, and reliable data was
recorded for only one blowing ratio, M*Shd = MPS = 2.0. Figure 4.6 shows that film
cooling performance at DR = 1.7 was the same as DR = 1.4 for both the trenched PS
holes and the showerhead holes.
4.1.1. Comparison with Data from Literature
Ames (1998) reported measurements of adiabatic film effectiveness downstream
of a row of holes (p/d = 3, α = 30°, β = 0°) on the pressure side of a C3X vane model,
which was the same airfoil geometry used in the current study. His pressure side film
cooling holes had the same pitch and angular orientation as the current study, but they
were located slightly further upstream on the pressure side. Ames used an epoxy vane
model and applied an analytically determined conduction correction to his data that
seemed inaccurate in certain regions, as mentioned in Section 1.4.1 of this dissertation. A
substantial difference between Ames’ data and the current study is that Ames did not test
active showerhead cooling holes in conjunction with the PS holes. Furthermore, Ames’
mainstream turbulence of Tu = 12% was significantly less than that for the current study,
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Tu = 20%, and he used a coolant density ratio of DR = 0.94, which was less than DR =
1.4 used in this study. Despite these differences, Ames’ adiabatic film effectiveness
measurements matched data from the current study within uncertainty (δη = ±0.022) over
most of the streamwise range.
It is pertinent to also compare the film cooling performance measured for the
trenched holes in the current study with other trenched hole data in the literature,
although there are few other studies with similar geometry and conditions. Figure 4.8
compares data from the current study to data measured by Dorrington et al. (2007).
There are differences in the geometry and flow conditions between Dorrington et al. and
the current study, as noted in the legend of Fig. 4.8. A significant difference is the much
higher local turbulence of Tu = 17% at the PS trenched holes in the current study (Dees,
2010), as compared to Tu = 4% at the SS trenched holes measured by Dorrington et al.
There were also differences in the trenched film cooling hole geometries and the
curvature of the surfaces. The data from Dorrington et al. have consistently higher η
values than the current study trenched hole data, and this difference is larger than the
uncertainty in η of the current study. However, the general trends match in that film
effectiveness was very high just downstream from the holes and quickly decayed further
downstream. The rate of decay for η was about the same for both studies, but data from
Dorrington et al. was offset above the values of the current study. This difference may
have been caused by the deeper trench (H/d = 1) and slightly closer hole spacing (p/d =
2.8) used by Dorrington et al. for these data sets because both of these changes would
cause higher adiabatic film effectiveness. (Dorrington et al. also tested a trench with the
same depth as the current study, H/d = 0.75, but that data was only presented in terms of
spatial averaged values.)
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4.2. OVERALL COOLING EFFECTIVENESS
Figures 4.9 and 4.10 present measurements of laterally averaged overall cooling
effectiveness versus streamwise surface distance from the stagnation line (s/d) for the
“showerhead + standard PS holes” configuration and the “showerhead + trenched PS
holes” configuration, respectively. The corresponding contour plots are presented in
Figs. 4.11 and 4.12, respectively. Fig. 4.9 also includes a “no film” data set for overall
cooling effectiveness without any film cooling present (φo) as a reference.
Before discussing the φ measurements of the current study, it is useful to discuss
the φo measurements made by Dees (2010) without any film cooling.

Dees’

measurements were performed using the same mainstream flow conditions, including Tu
= 20%, the same internal flow Reynolds numbers, and a warmer coolant temperature
consistent with DR = 1.2. He used a geometrically identical model made from a material
with the same thermal conductivity as the matched-Bi model of the current study, except
that he had installed turbulators to the internal suction side wall of the U-bend down-pass
cooling channel. Turbulators were not installed in this model for the current study, but
that is a minor difference because Dees showed they had little influence on his pressure
side wall heat transfer, which did not have turbulators. Therefore, the “no film” data set
of Fig. 4.9 (referred to here as φo) can be directly compared against the φ measurements
of the current study. (The warmer coolant temperatures used by Dees should not affect
any comparisons with the current study because this is accounted for with the overall
cooling effectiveness definition.) The general trend of the φo distribution was that it
started low at the leading edge, rose along the mid-chord region, and decreased towards
the trailing edge. This trend was the result of changes to the internal and external heat
transfer, and it is the same general trend as the conduction correction data (ηo) discussed
in Section 2.2.5.3. In the stagnation region the high external heat transfer coefficients
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caused warmer temperatures and lower φo values at the leading edge. Along most of the
pressure side the external heat transfer coefficients were lower and the internal cooling
was nominally the same as the leading edge, resulting in lower temperatures and higher

φo values. The trailing edge region had no internal cooling, so the φo values were lower
there. The peak in φo occurs in the range s/d ~ 45-60, which coincides with the forward
portion of the radial channel and the interior wall separating it from the U-bend downpass channel (shown in a schematic in Fig. 2.17). The radial channel had the same
Reynolds number, ReDh, as the U-bend channel, but it was more narrow and had a lower
hydraulic diameter so the internal coolant heat transfer coefficients, hc, were relatively
large there. Furthermore, the radial channel had an acute triangular shape that would
have caused the coolant velocity to be greater in the forward portion of that channel,
further increasing hc. The high hc values in the radial channel would cause colder
temperatures of the airfoil external and internal walls in that region. The internal wall
would act as thermal fin, further cooling the surface.
The φ measurements of the film cooled vane in the current study included the
same general trend described above for the φo data, but the φ values were consistently
higher, illustrating the benefit of film cooling. There are obviously much higher values
of φ near the film cooling holes, which was due to both the film cooling of the external
surface and the strong convective cooling of the airfoil walls provided by flow through
the cooling holes. The sharp peaks of φ near the showerhead and PS film cooling holes
were likely primarily due to convective cooling from the holes. This was most evident
just upstream of the PS holes (s/d = 23 to 32). As the angled cooling holes approached
the external surface in this region, the convective cooling from the holes increased φ at
the nearby external surface and this effect reached a maximum at the hole break-out
location at s/d = 32. This effect was observed to a lesser extent in the η contour plots
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(see Fig. 4.3), but this region was omitted from the laterally averaged η data in Figs. 4.1
and 4.2 because the conduction correction could not account for conduction from active
cooling holes.
The internal walls separating the cooling channels of the matched-Bi model acted
as cooling fins or heat sinks to the external wall of the airfoil, and this effect was
somewhat evident in the φ data. As shown in Chapter 2, the internal walls intersected the
external PS wall at about s/d = 18 and s/d = 47. These locations in Figs. 4.9 and 4.10
show local increases in φ that do not coincide with peaks in η or the film cooling holes.
This was a much weaker effect than the heat sink provided by the flow through the
cooling holes because of the higher heat transfer coefficients in the cooling holes and
smaller conduction length scale between the cooling holes and airfoil external surface.
As previously noted, the η values just downstream of the PS holes had opposite
trends with increasing blowing ratios for the standard and trenched holes due to coolant
jet separation with the standard holes (see Figs. 4.1 and 4.2). This trend was also evident
in the φ data shown in Figs. 4.9 and 4.10, which was an illustration of how the adiabatic
film effectiveness influences the overall cooling effectiveness. Farther downstream of
the PS holes, the trend of φ with increasing M was the same for both PS hole designs.
A clearer comparison of overall cooling effectiveness for the baseline PS holes
and the trenched PS holes is shown in Fig. 4.13. For the low blowing ratio condition, MPS
= 1.0, the trenched PS holes did not provide much benefit in φ over the standard PS holes.
The small region where the trenched PS holes resulted in higher φ for this condition was
very close to the trench exit. The trenched PS holes provided much more benefit in φ at a
higher blowing ratio, MPS = 3.0, but even this was confined to within 30d of the cooling
hole exits where there was a significant difference in η (see also Fig. 4.5). As with the η
data, the φ values near the showerhead holes for both designs were essentially the same.
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This was another verification of the repeatability of the experiments and the calculation
of the blowing ratios.

There are noticeably lower φ values for the trenched holes

compared to the standard holes in the range of about s/d = 55 to 80 in Fig. 4.13a, and to a
lesser extent in Fig. 4.14b. Both data sets in this range were within the uncertainty range
that has been established for these measurements.
4.3. COMPARISON OF OVERALL COOLING AND ADIABATIC FILM EFFECTIVENESS
To help illustrate the effect that film cooling has on the conjugate heat transfer of
an airfoil, it is useful to compare plots of overall cooling effectiveness without film
cooling (φo), adiabatic film effectiveness (η), and overall cooling effectiveness with film
cooling (φ). Figure 4.14 shows these three parameters displayed on a single plot for each
of the film cooling configurations operating at a blowing ratio of M*Shd = MPS = 2.0.
The plots in Fig. 4.14 show that film cooling increased φ (relative to φo)
everywhere on the vane pressure side surface. The largest increases of φ due to film
cooling were very near the film cooling holes, which was attributed to convective cooling
in the holes as discussed earlier. There were also substantial increases in φ that can be
attributed only to the film cooling of the surface because they occurred away from
cooling holes. For example, Fig. 4.14 shows that the showerhead film cooling alone
significantly reduced the airfoil temperature and increased φ up to at least s/d = 20, and
the PS holes significantly increased φ up to at least s/d = 80. Just downstream of the
trenched holes (Fig. 4.14b), the very high η caused an equally high level of φ.
The one region shown in Fig. 4.14 that apparently did not benefit much from film
cooling was downstream of the standard PS holes at about s/d = 40, at which φ = 0.40 and

φo = 0.37. Based on the local values of η (see also Fig. 4.3c), it appeared as though the
film cooling jets were detached from the surface at this location.
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The resulting

entrainment of warmer air may have caused a local increase in heat transfer coefficient
(hf) and a local decrease in η. This may have been a strong enough of an effect to negate
the benefit of the film cooling and decrease φ to about the same level as φo. Note that
further downstream (s/d > 50) the film coolant jets reattach to the surface causing an
increase of η and a resulting increase of φ. In addition to this effect, the apparent
minimal benefit of film cooling here may have been caused by the presence of turbulators
on the internal suction side wall of the model Dees used to measure φo, as described at the
start of Section 4.2, which would have slightly elevated his level of φo here compared to
the model of the current study.
Dees et al. (2011) present the following correlation that can be used to calculate
overall cooling effectiveness, φcalc, for a film cooled surface using known values of
overall cooling effectiveness for a non-film-cooled surface (φo) and adiabatic film
effectiveness (η):

!calc = !o (1! " ) + "

(4.1)

This correlation is the result of a one-dimensional heat transfer analysis through the
airfoil wall, and it can be derived using Eqn. 1.6 of Chapter 1 of this dissertation.
Implicit in Eqn. 4.1 are the assumptions that heat transfer through the wall is onedimensional, that the adiabatic wall temperature (Taw, used to define η) is the driving
temperature for convective heat transfer for a conducting airfoil surface, and that the
external heat transfer coefficients are not significantly disturbed by the presence of film
cooling (i.e., hf = ho). Equation 4.1 will not be accurate when these assumptions are not
accurate. This equation was used to calculate values of φcalc using the input data shown in
Fig. 4.14, and the results are plotted in Fig. 4.15 for both PS film cooling designs and
compared to the measured values, φ. The calculated values (φcalc) were offset below the
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measured values (φ) upstream of the PS holes, and this difference was likely due to
conduction near the strong convective cooling provided by the flow through the cooling
holes. Just downstream of the PS holes of both designs the calculated values were offset
higher than the measured values, which was thought to be caused primarily by the higher
heat transfer coefficients associate with the presence of the film cooling jets (i.e., hf > ho).
Farther downstream of the PS holes, the predicted and measured φ values match fairly
well for the trenched PS holes case, but they do not for the standard PS holes case. The
coolant jets are separated for the standard PS holes case at this blowing ratio (MPS = 2.0),
and this likely caused the actual driving temperatures for convective heat transfer to the
wall to be lower than the adiabatic wall temperature used to determine η (i.e., Tfilm < Taw)
because of conjugate heat transfer between the cooled wall and the boundary layer. This
difference is not evident far downstream of the trenched PS holes because those coolant
jets remained attached to the airfoil surface so the adiabatic wall temperature was closer
to the actual film temperature above the conducting wall (i.e., Tfilm ~ Taw).
Measurements of external and internal heat transfer coefficients, hf and hc, have
not been performed in this study, so the measurements of η and φ have not been
compared against each other in a detailed manner to further validate the matched-Bi
modeling technique.

The theoretical discussion in Chapter 1 showed how this

comparison would be done in a one-dimensional sense, which was primarily a conceptual
aid. This comparison could also be done using a three-dimensional computational model
by calculating the φ distribution from the experimentally measured boundary conditions

η, hf, and hc.

However, this would only validate the application of the boundary

conditions to the conduction heat transfer simulation. A more meaningful use of the
measured η and φ data in this regard would be to compare them against the results of a
full computational simulation of the flow field and conjugate heat transfer of this
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experimental facility. However, this computational work was beyond the scope of the
current study.
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Figure 4.1. Showerhead + Standard PS holes laterally-averaged adiabatic film
effectiveness (η) for varying blowing ratios, DR = 1.4

Figure 4.2. Showerhead + Trenched PS holes laterally-averaged adiabatic film
effectiveness (η) for varying blowing ratios, DR = 1.4
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Figure 4.3. Showerhead + Standard PS holes adiabatic film effectiveness (η) contours
for a range of blowing ratios, DR = 1.4
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Figure 4.4. Showerhead + Trenched PS holes adiabatic film effectiveness (η) contours
for a range of blowing ratios, DR = 1.4
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(a) Low M

(b) High M
Figure 4.5. Comparison of standard and trenched holes laterally-averaged η for lowest
and highest blowing ratios tested, DR = 1.4
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Figure 4.6. Effect of density ratio on adiabatic film effectiveness (η) for Showerhead +
Trenched PS holes, M*Shd = MPS = 2.0

Figure 4.7. Comparison of adiabatic film effectiveness (η) for standard PS holes to data
from Ames (1998)
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Figure 4.8. Comparison of adiabatic film effectiveness (η) for trenched PS holes to data
from Dorrington et al. (2007)
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Figure 4.9. Showerhead + Standard PS holes laterally-averaged overall cooling
effectiveness (φ) for varying blowing ratios, DR = 1.4

Figure 4.10. Showerhead + Trenched PS holes laterally-averaged overall cooling
effectiveness (φ) for varying blowing ratios, DR = 1.4
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Figure 4.11. Showerhead + Standard PS holes overall cooling effectiveness (φ) contours
for a range of blowing ratios, DR = 1.4
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Figure 4.12. Showerhead + Trenched PS holes overall cooling effectiveness (φ) contours
for a range of blowing ratios, DR = 1.4
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(a) Low M

(b) High M
Figure 4.13. Comparison of standard and trenched holes laterally-averaged φ for lowest
and highest blowing ratios tested, DR = 1.4

188

(a) Showerhead + Standard PS holes

(b) Showerhead + Trenched PS holes
Figure 4.14. Comparison of overall cooling effectiveness with and without film cooling
(φ and φo) and adiabatic film effectiveness (η), for M*Shd = MPS = 2.0, DR = 1.4
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(a) Showerhead + Standard PS holes

(b) Showerhead + Trenched PS holes
Figure 4.15. Calculated φcalc = φo(1 - η) + η compared to measured φ,
for M*Shd = MPS = 2.0, DR = 1.4
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Chapter 5 – Vane Model Deposition
The wax spray technique was used in the vane cascade facility to model
contaminant deposition on the pressure side and leading edge regions of a turbine vane
model.

This chapter provides a summary and discussion of the results from these

experiments, and a hypothesis is presented describing the physical process of wax deposit
formation. The vane deposition experiments were performed after initially developing
the technique with the blade leading edge facility. Chapter 2 describes the experimental
facility and procedures for the wax spray technique and the vane film cooling
experiments, and Chapter 4 summarizes the film cooling and conjugate heat transfer of
the vane models.
Figures in this chapter present photographs from different experiments that show
the deposit features created on the models and some of their interesting details. These
photos were typically taken facing the pressure side of the vane. The stagnation line is
shown schematically in the photos with a dashed red line. The pressure surface of the
vane extends to the left of the stagnation line, with the trailing edge typically visible at
the left of each photo. The forward portion of the suction surface is visible at the right of
each photo. The portion of the suction side not visible in the photos always had very thin
and sparse deposits.

The deposits in these photographs typically had a spanwise

(vertical) variation in their appearance, with the densest deposit being near the middle of
the span. This was because the wax spray was produced by a single sprayer located at the
mid-height of the test section in one of the turbulence bars.
All deposits on the vane model reached an equilibrium condition by the end of the
experiment, at which the deposit thickness and appearance no longer changed. This is
discussed in more detail later in this chapter.
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The equilibrium condition typically

developed after about 15 minutes of wax spray, and the wax spray lasted 30 minutes for
all cases. All deposits formed on the vane model were created with the “RT42” wax,
which had a solidification temperature of Tsolid = 315 K.
The measurements of deposit thickness presented in this chapter were performed
with a depth gauge. These measurements were typically repeatable to within δtdep = ±0.2
mm.

5.1. NON-FILM-COOLED VANE PRESSURE SIDE DEPOSITS
Initial experiments with the wax spray technique in vane cascade facility were
performed using a non-film-cooled vane model constructed of a conducting material such
that the model matches the Biot number of a turbine airfoil at engine conditions
(described in Chapter 2). This section discusses the results of these initial experiments.
Figures 5.1, 5.2, and 5.3 present photographs of wax deposits created on the non-filmcooled vane model using the same mainstream flow conditions but different internal
cooling air temperatures. These three cases illustrated the effect of changing the surface
temperature of the model, as discussed later. A plot of the measured deposit thickness
distributions for these cases is shown in Fig. 5.4.
Figure 5.1 presents a photograph of the deposit formed on this non-film-cooled
model when the internal coolant temperature was equal to the mainstream temperature
(DR = 1.0, Tc = T∞ = 305 K), which resulted in an isothermal vane with no symptoms of
the internal cooling scheme present on the airfoil external surface. The deposit shown in
Fig. 5.1 had an intricate texture consisting of individual structures (“wisps”) of
approximately equal height, spaced closely together. Each wisp was much larger than the
wax particles created by the sprayer, so they were accumulations of many individual wax
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particles. The cumulative shape of all the individual structures was a deposit with a fairly
uniform thickness that gradually changed along the streamwise direction. The deposit
was thickest just downstream from the stagnation line (maximum tdep = 3.1 mm, or tdep/d =
0.73), and it became gradually thinner towards the trailing edge. The general distribution
of the deposit thickness is plotted in Fig. 5.2.
An understanding of the model surface temperatures is useful when interpreting
the resulting deposits from these experiments. Dees (2010) measured the overall cooling
effectiveness (φ) for this same vane model operating at the same flow conditions (except
that he used warmer coolant with a density ratio of DR = 1.2, which would not affect the

φ values). Dees’ measurements of φ are discussed in Section 4.2 of this dissertation and
presented in Fig. 4.9.

They are presented in Fig. 5.5 in terms of model surface

temperature, Tsurf, when using three different coolant temperatures as noted in the plot
legend. The three data sets in Fig. 5.5 show the approximate surface temperatures of the
non-film-cooled vane model when generating the deposits shown in Figs. 5.1, 5.2, and
5.3.
Another deposition experiment with the non-film-cooled, matched-Bi vane model
used an internal coolant temperature of Tc = 220 K, which was consistent with a coolantto-mainstream density ratio of DR = 1.4. The resulting deposit is shown in Fig. 5.2,
which illustrates that deposition was clearly influenced by changes in vane surface
temperature, even with no film cooling flows present. The general distribution of the
deposit thickness is plotted in Fig. 5.4. There was a thicker deposit of tdep = 2.5 mm (tdep/d
= 0.59) near the stagnation region of the airfoil that transitioned to a very thin, yet visible,
deposit over most of the pressure surface. The very thin deposit covering most of the
pressure side had a thickness of tdep < 0.2 mm (tdep/d < 0.05), with 0.2 mm being the lower
limit of a reliable thickness measurement using the depth gauge. The thickest deposit for
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this condition was towards the trailing edge of the airfoil, with a maximum thickness of
tdep = 5.3 mm (tdep/d = 1.3). This thick deposit in the trailing edge region was attributed to
the lack of internal cooling in this region, which caused higher local surface temperatures
and a resulting increase in deposit thickness. The reasoning for this dependence on
surface temperature is described in a hypothesis for deposit growth given later in this
chapter. The thicker deposits near the trailing edge had an intricate texture consisting of
individual structures, similar to the DR = 1.0 case previously described. The region of
very thin deposits over most of the PS surface looked more continuous, but it actually had
a discretized appearance when viewed up close (see the right half of Fig. 5.2b).
As discussed in Chapter 2, the trailing edge for this experimental model was left
uncooled for simplicity because the region of interest in this and related studies is away
from the trailing edge. A fortuitous result of this simplification is that the uncooled
trailing edge provided a dramatic demonstration of the sensitivity of deposit formation to
surface temperature. The thick deposit on the uncooled trailing edge region was evident
in all test cases using the cooled, matched-Bi model, regardless of film cooling
configuration. As shown in Fig. 5.1, the uncooled trailing edge did not affect the deposits
with the coolant temperature was set equal to the mainstream temperature because the
vane was isothermal.
An intermediate cooling condition was also tested in which a deposit was created
on the non-film-cooled, matched-Bi vane model using a coolant temperature of Tc = 255
K, consistent with a density ratio of DR = 1.2. This deposit is shown in Fig. 5.3. This
intermediate case had characteristics of both the isothermal case (Tc = 305K, Fig. 5.1) and
the cooler case (Tc = 220 K, Fig. 5.2). For example, the front portion of the vane pressure
surface for the intermediate case (Fig. 5.3) had a thicker and more continuous deposit,
similar to the isothermal case (Fig. 5.1). However, the aft portion of pressure side for the
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intermediate case (Fig. 5.3) had a sudden transition from very thin to thick deposits where
the uncooled trailing edge started, similar to the cooler case (Fig. 5.2).

For the

intermediate case (Fig. 5.3) the thicker deposit on the front portion of the pressure side
coincided with the location of the U-bend coolant channel, and the thinnest and sparsest
deposit coincided with the radial channel.
Fig. 5.4 shows that the thickest deposits in the leading edge region of the vane
model were always just downstream of the stagnation line. A likely reason the deposits
were slightly thinner at the stagnation line was because the wax sprayer was always
aimed slightly towards the pressure side of the vane.
It was observed in numerous experiments that higher surface temperatures led to
increased deposit thickness. The photos in Figs. 5.1, 5.2, and 5.3 are a clear illustration
of this. Furthermore, there was evidence from this study, discussed later, that shows the
existence of a threshold surface temperature above which deposits grow substantially
thicker. This is described in more detail in a hypothesis for deposit growth given later in
this chapter.
5.1.1. Development of Deposits Through Time
The deposits formed on the vane model typically reached an equilibrium
condition within about 15 minutes of spray time, at which the deposit thickness and
appearance no longer changed.

Each deposition experiment with the vane model

consisted of a 30 minute spray duration, so every deposit was at its equilibrium condition
by the end of each experiment.

A more thorough investigation of the equilibrium

condition was performed for the blade leading edge model facility (Chapter 3), and it was
not repeated for the vane model. Instead, the equilibrium condition was visually verified
for every vane deposition experiment. Figure 5.6 shows a series of photographs taken of
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the vane model during a deposition experiment, and the final appearance of this deposit is
shown in Fig. 5.3. These photographs are representative of the typical approach to an
equilibrium condition for every vane deposition experiment.
As noted in Chapter 3, the equilibrium condition was caused by a balance
between the amount of wax particles deposited on the surface and the amount of particles
liberated from the surface by fluid or impaction forces.

The erosion of deposited

particles was visibly evident in every experiment after the first several minutes of wax
spray.
5.1.2. Effect of Mainstream Temperature
The mainstream temperature was held constant at T∞ = 305 K for all vane
deposition experiments except one, which had a mainstream temperature of T∞ = 313 K.
The “RT42” wax (Twax,solid = 315 K) was used for all vane deposition experiments. A
parameter discussed in Chapter 3 that characterizes the difference between the
mainstream and wax solidification temperatures was ΔTsolid = Twax,solid - T∞.

This

parameter correlates with how quickly a wax particle will cool and solidify in the
mainstream flow before it impacts the model.

For all but one vane deposition

experiments this parameter was ΔTsolid = 10 K, and for the experiment with the elevated
mainstream temperature it was ΔTsolid = 2 K.
The elevated mainstream temperature experiment used the non-film-cooled vane
model with an internal coolant temperature of Tc = T∞ = 313 K, so that the vane was
isothermal. The deposit formed in this condition is shown in Fig. 5.7. Comparing the
deposit shown in Fig. 5.7 (T∞ = 313 K, ΔTsolid = 2 K) and Fig. 5.1 (T∞ = 305 K, ΔTsolid =
10 K) show the effect of increasing the mainstream temperature to just below the
solidification temperature of the wax. The deposit from the T∞ = 313 K condition had a
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more discretized texture that consisted of individual “wisps” of wax spaced farther apart
than the T∞ = 305 K case. For both of these cases, each wisp was much larger than the
wax particles created by the sprayer, so they were accumulations of many individual wax
particles. It was not if clear the individual wisps were sparser for the T∞ = 313 K case
because of sublimation during the experiment or if they grew that way initially. Both
mainstream temperatures created deposits of approximately the same thickness.
5.1.3. Effect of Sprayer Location
The wax sprayer was in the same location for all vane deposition experiments (the
7th turbulence grid bar from the SS wall of the test section), except for one. That one
experiment moved the sprayer one turbulence grid bar towards the PS wall of the test
section, and it was performed with the non-film-cooled vane model. The internal coolant
temperature was set to be the same as the mainstream temperature for this experiment, Tc
= T∞ = 305 K. The deposit formed in this condition is shown in Fig. 5.8. For this case
the sprayer plume apparently moved far enough towards the PS of the airfoil so that it no
longer interacted with the stagnation region. Other than its location, the appearance and
maximum thickness of the deposit remained about the same as the deposit created with
the same flow conditions and the nominal sprayer location (Fig. 5.1).

5.2. FILM-COOLED VANE PRESSURE SIDE DEPOSITS
A series of deposition experiments were performed with film cooled models of
the vane. The results of these experiments are organized in this section according to how
they changed relative to the blowing ratio, the model surface temperature, and the PS film
cooling hole geometry.

197

5.2.1. Effect of Blowing Ratio
Figure 5.9 shows the deposit formed on the film-cooled version of the matched-Bi
model with active showerhead and standard PS film cooling holes. For this condition, the
blowing ratio of all cooling holes was MPS = M*Shd = 2.0 and the coolant temperature was
Tc = 220 K (DR = 1.4). The deposit was fairly thin in the showerhead region, tdep = 0.3
mm (tdep/d = 0.07), which was much thinner than the deposit on the non-film-cooled
model operating at the same conditions (tdep = 2.5 mm, tdep/d = 0.59). This difference was
due to the much lower surface temperatures of the film cooled vane model in the
showerhead region. The deposit was very thin over most of the pressure surface, tdep <
0.2 mm (tdep/d < 0.05), and it suddenly became much thicker at the uncooled trailing edge,
tdep = 4.1 mm (tdep/d = 1.0), similar to deposits on the non-film-cooled vane model as
previously described. A plot of the deposit thickness for this film cooled case is shown in
Fig. 5.10. The texture of the deposit for this case was similar to that of the non-filmcooled case, previously described. There were small regions of denser deposit just
downstream of the PS film cooling holes, which formed in the recirculation regions
underneath the detached coolant jets. (These coolant jets were judged to be detached
based on the η contour plots in Chapter 4.) In the showerhead region the deposit was
also clearly influenced by the coolant jets (see also Fig. 5.11a).
The deposit formed on the same vane operating at a lower blowing ratio, MPS =
1.0 and M*Shd = 0.75, is shown in Fig. 5.12. Away from the cooling holes there were few
differences between the higher and lower blowing ratios. The MPS = 1.0 case (Fig. 5.12)
did not have as dense of a deposit just downstream of the holes, which was different from
the MPS = 2.0 case (Fig. 5.9). This was because the coolant jets remained partially
attached to the surface at the lower blowing ratio, as shown in the η plots of Chapter 4.
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Detailed views of the showerhead regions for both of these blowing ratio
conditions are shown in Fig. 5.11, along with a view of the non-film-cooled model
leading edge deposit generated at the same flow conditions, for comparison.

The

showerhead holes for the lower blowing ratio case had deposits that formed inside the
cooling hole exits. This occurred because the coolant jets were swept downstream before
they could fully fill the showerhead hole exits. The showerhead holes remained clean for
the higher blowing ratio case. This trend was also observed for the showerhead holes of
the blade leading edge deposition experiments described in Chapter 3. The leading edge
deposits for both film cooled cases were much thinner than the non-film-cooled case.
5.2.2. Effect of Surface Temperature
To further study the effect of surface temperature on deposit formation, an
approximately adiabatic version of the film cooled vane model was used in a wax spray
experiment, with the resulting deposits shown in Fig. 5.13. For this experiment the flow
conditions and temperatures were the same as the corresponding matched-Bi model case
shown in Fig. 5.9 (MPS = M*Shd = 2.0, DR = 1.4). Figure 5.14 presents detailed views of
the deposits near the PS film holes for two models. The primary difference between
these two cases was that the surface temperatures were significantly warmer for the
adiabatic model. These surface temperature differences are plotted in Fig. 5.15 using η
and φ data measured from these two models prior to deposition and operating at the same
conditions as the deposition experiments. These η and φ measurements are discussed in
Chapter 4 of this dissertation. A plot of the deposit thickness for both the adiabatic and
matched-Bi film cooled models is shown in Fig. 5.10. Much thicker deposits formed
over most of the pressure surface of the adiabatic model compared to the matched-Bi
model, and this was attributed to the warmer surface of the adiabatic model.
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(A

hypothesis of how the surface temperature affected deposit growth is described later in
this chapter.)
The region of the adiabatic model downstream of the PS holes had a very thin
deposit that transitioned to a thicker deposit towards the trailing edge, similar to the
matched-Bi model. However, a key difference was that the transition to thicker deposit
on the adiabatic model occurred significantly upstream from the uncooled trailing edge
(s/d = 65, compared to the start of the uncooled trailing edge at s/d = 86). The regions of
very thin deposits on both models were caused by lower surface temperature, but the
causes of the lower surface temperatures were somewhat different for each model. The
lower surface temperatures on the adiabatic model were caused exclusively by the film
cooling. The presence of the uncooled trailing edge did not significantly affect the
surface temperatures of the adiabatic model. Therefore, the transition to thicker deposits
on the adiabatic model was a function of the film cooling decay, not the location of the
uncooled trailing edge. Conversely, the uncooled trailing edge had a strong effect on the
surface temperatures of the matched-Bi model, so it also corresponded to the location of
transition to thicker deposits.
The effect of surface temperature on deposit growth is clearly evident near the PS
film cooling holes of the adiabatic model. As seen in Fig. 5.14b, the thicker deposits on
the adiabatic model ended where the PS film holes exited. There were thin ridges of
deposit extended just past the cooling holes of the adiabatic model, which became thinner
as the film cooling streaks spread laterally across the surface. Furthermore, there were
small regions free of deposits around each film cooling hole of the (approximately)
adiabatic model, which coincided with the extent of conductive cooling in the vicinity of
the cooling holes.
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Detailed measurements of surface temperatures for both film cooled models were
presented in Chapter 4 in terms of laterally-averaged overall cooling effectiveness (φ) and
adiabatic film effectiveness (η). Those measurements suggest there was a threshold
surface temperature above which deposits grew significantly thicker.

Consider the

condition of the vane with showerhead and standard PS holes operating at a blowing ratio
of M*Shd = MPS = 2.0. Measurements of laterally-averaged η and φ for this condition are
shown in Fig. 5.15. Furthermore, Fig. 5.10 shows the measurements of deposit thickness
the matched-Bi model (used to measure φ) and the adiabatic model (used to measure η).
Note that the only region of thicker deposit on the matched-Bi model occurred for the
region s/d > 95, which corresponds to the uncooled trailing edge, as previously discussed.
The regions of thicker deposits on the low-conductivity model were s/d = 5 to 40 and s/d
> 65.

As shown in Fig. 5.15, these regions of thicker deposits for both models

corresponded to surface temperatures above approximately η = φ = 0.12, which
corresponded to Tsurf = 295 K. This is evidence of a threshold surface temperature of 295
K for these wax spray deposition experiments, above which deposits grew substantially
thicker.

A hypothesis of how the surface temperature affected deposit growth is

described later in this chapter.
5.2.3. Trenched Pressure Side Film Holes
A deposition experiment was performed using the matched-Bi vane model with
trenched film cooling holes active on the vane pressure side. For this experiment, the
blowing ratio of all cooling holes was MPS = M*Shd = 2.0, and the coolant temperature was
Tc = 220 K (DR = 1.4). The resulting deposit is shown in photos in Figs. 5.16 and 5.17b.
These photos show that deposits accumulated in the trench to a greater extent than the
standard PS holes at the same blowing ratio (Figs. 5.9 and 5.17a). The thickest deposits
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in the trench were at the downstream wall between cooling hole exits with a typical
thickness of about tdep = 1.7 mm (tdep/d = 0.4). The “floor” and the upstream wall of the
trench had very thin deposits, tdep < 0.2 mm (tdep/d < 0.05). There were practically no
deposits where the coolant jets impinged on the downstream wall of the trench.
Downstream of the trench, the deposits that formed were very thin (tdep/d < 0.05) and they
were more uniform than the same location near the standard PS holes, as shown in Fig.
5.17. The locally dense deposits just downstream of each standard PS hole were likely
caused by ingestion of the mainstream by the vortices that formed around the separated
coolant jets. Based on η measurements shown in Chapter 4, the trenched PS holes did
not appear to separate from the surface. However, the flow of the film coolant inside the
trench likely included small vortices as the coolant jets impinged on the wall, spread
laterally, and interacted with each other. Apparently, wax particles from the mainstream
flow were ingested into these recirculation regions in the trench and were deposited
inside and downstream from the trench. Elsewhere on the pressure surface, the deposits
were very similar between the trenched holes case (Fig. 5.16) and the standard holes case
(Fig. 5.9).
It may be noticed that one of the cooling holes in the trench was shifted slightly in
the spanwise direction (Fig. 5.17b). This was caused by incorrect definition for the
machining of these holes. However, the shifted hole had a minor effect on the deposit
patterns.
Deposits were also created near trenched film cooling holes using the adiabatic
vane model with the same film cooling condition of MPS = M*Shd = 2.0 and a density ratio
of DR = 1.4. The deposit created in this experiment is shown in photos in Fig. 5.18. This
deposit distribution had similar features as that developed on the adiabatic model with
standard PS holes (Figs. 5.13 and 5.14b) with a few significant differences. The deposit
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on the adiabatic model just upstream of the trenched PS holes was thicker (tdep = 4.2 mm,
tdep/d = 1.0) than that at same location for the standard PS holes (tdep = 3.0 mm, tdep/d =
0.71). The reason for this is not clear, but it may have been due to cooler local surface
temperatures just upstream of the standard PS holes. The standard PS holes were closer
to the external surface of the airfoil at this location because they were not situated in a
recessed trench, and this caused slightly higher conductive cooling of the external surface
due to the cooling holes. Evidence of cooler temperatures just upstream of the standard
PS holes can be seen in the η contour plots for this condition (MPS = 2.0) in Figs. 4.3 and
4.4 of this dissertation. Another difference between these deposition cases is that just
downstream of the trenched PS holes there was only a very thin deposit, but at the same
location for the standard PS holes there were streaks of thicker deposit between the film
streaks (Fig. 5.14b). This difference was due to the uniformly low surface temperatures
downstream of the trenched film cooling holes versus the discrete streaks of cooler
surface in the film streaks of the standard film holes. These adiabatic film effectiveness
patterns are also evident in the η contour plots of Figs. 4.3 and 4.4.

5.3. HYPOTHESIS FOR WAX DEPOSIT GROWTH
Throughout the vane deposition experiments it was observed that wax deposit
growth was sensitive to surface temperature. Furthermore, deposit growth increased
dramatically when the surface temperature was above a threshold value of about Tsurf =
295 K. This section describes a hypothesis for how the wax deposits develop and why
the process is sensitive to surface temperature. The hypothesis is then substantiated with
observations from the vane deposition experiments, and its relevance to engine deposits
is briefly discussed.
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It is important to note that all of the vane deposition experiments being considered
in this discussion were performed using the same mainstream temperature (T∞ = 305 K)
and wax solidification temperature (Twax,solid = 315 K). Because those parameters were
held constant in these experiments, the sensitivity of deposition to temperature was
observed as a function of model surface temperature. However, in general deposition is
also a function of the mainstream temperature and the solidification temperature of the
contaminant.
Section 2.3.2.2 of this dissertation describes an analysis that was used to estimate
the distance a wax droplet would travel in the mainstream flow before it was completely
solidified, and results for the blade leading edge facility were plotted in Fig. 2.41. That
analysis was repeated for the conditions of a typical deposition experiment in the vane
cascade facility, consistent with the discussion of the wax deposit hypothesis in this
section. The key parameters of this analysis were U∞ = 5.8 m/s, T∞ = 305 K, and Twax,solid
= 315 K, with additional inputs noted in Section 2.3.2.2. The results of this analysis
estimated that wax particles of the size range dp = 10-100 µm will completely solidify
after travelling 3 cm to 300 cm, respectively, in the mainstream of the vane cascade test
section. The distance from the wax sprayer to the vane leading edge was 48 cm, which
was the estimated distance a wax particle of the size dp = 40 µm would travel before
complete solidification. Therefore, during typical deposition experiments in the vane
cascade facility the wax particles impacting the vane model were expected to be a mix of
small particles that were completely solidified and larger particles that were either
completely molten or partially solidified.
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5.3.1. Description of the Hypothesis
The following is a hypothesis for the primary physical mechanisms that govern
the formation of wax deposits observed in this study.
(1)

The wax used in this study changes phase at nominally Twax,solid = 315 K, but the
phase change actually occurs over some small range of temperatures. The first
part of a molten wax droplet to solidify is its outer surface. As a particle cools, its
solidified skin becomes thicker, and the particle becomes less malleable. Just
after a particle completely solidifies, the wax is still somewhat malleable and it is
slightly sticky due to oils on its surface. As the particle cools further, the wax
becomes more rigid and its oils solidify. If a particle cools enough, it can be
considered perfectly rigid.

(2)

At the very start of the wax spray during a vane deposition experiment, the model
surface is clean and rigid. An impacting wax particle will interact with the model
surface in one of three ways:
(a) If an impacting wax particle is mostly or completely solidified, it will
rebound elastically from the surface and overcome any adhesion forces
between the particle and model surface (e.g., “stickiness” of the oils on the
particle surface, static electricity). The model surface remains clean.
(b) If an impacting wax particle is mostly or completely molten, it will deform
on impact and adhere to the model surface because any rebounding force
will not overcome the adhesion forces (e.g., surface tension, stickiness of
the particle surface). A small portion of the model surface is covered with
a wax particle.
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(c) Any wax particle that is not perfectly rigid will deform when impacting
the model surface. During deformation, some of the wax from the particle
may remain on the surface while the bulk of the particle rebounds from the
surface. If this occurs, a small portion of the model surface is covered
with a thin residue of wax.
(3)

When an impact covers a small portion of the surface with wax, the wax quickly
cools or warms to the same temperature as the model surface.
(a) If the surface temperature is well below the solidification temperature of
the wax, the wax will become fairly rigid. The surface of the wax deposit
will behave similar to the clean model surface.
(b) If the surface temperature is near the solidification temperature of the wax,
the wax will remain somewhat malleable and/or sticky. This will increase
the likelihood that an impacting particle will adhere to this small deposit
of wax.

(4)

The following are mechanisms that cause a deposit to grow.
(a) As the wax spray continues, impacting particles stick to small deposits of
malleable and/or sticky wax more frequently than the clean model surface.
As a result, the wax deposit develops as individual structures (“wisps”)
extending from discrete nucleation sites on the surface, as opposed to a
uniform coating of wax covering the surface.
(b) As each wisp of deposit become longer, it increases the likelihood it will
be impacted by an incoming particle. This accelerates deposit growth for
the wisps relative to the clean model surface.
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(c) Each wisp of deposit behaves thermally like a fin extended from a surface
into a flow field. Typically the model surface is cooler than the flow field,
in which case the outer portion of the deposit becomes warmer as the
deposit becomes thicker (i.e., as the wisps become longer). The warmer
regions of deposit are more malleable and sticky, increasing the likelihood
that impacting particles will adhere to it. This also accelerates deposit
growth for the wisps relative to the clean model surface.
(5)

The following are the mechanisms that limit deposit growth.
(a) As noted in (4c), the outer portions of a deposit become warmer and more
malleable as it extends into the flow field. These outer portions are more
easily broken by impacting particles, which limits deposit growth.
(b) As a wisp of deposit becomes larger and extends farther into the flow
field, the drag force acting on the deposit increases. This increases the
likelihood the wisp of deposit will break, which limits deposit growth.

(6)

As the wax spray continues, the competing mechanisms described in (4) and (5)
approach an equilibrium condition that causes the overall deposit thickness to
remain constant through time.

5.3.2. Substantiation of the Hypothesis
The deposition experiments performed with the non-film-cooled vane model are
useful in illustrating the preceding hypothesis because they isolated the effects of surface
temperature from the film cooling flow field. Figure 5.1b shows a detailed view of the
wax deposit formed on the isothermal vane model with Tsurf = T∞ = 305 K. The discrete
nature of the deposit structure, consisting of individual wisps, is clearly evident in this

207

photograph. This model was uncooled so it had a relatively warm surface that caused
deposits to grow everywhere that wax particles were impacting the model surface.
The discrete nature of the deposits was evident in all deposits generated in this
study, regardless of their thickness. Figure 5.2b shows a detailed view of the transition
from very thin to very thick deposits at the uncooled trailing edge of the non-film-cooled,
matched-Bi vane operating with Tc = 220 K (DR = 1.4). The left half of this detailed
view clearly shows the individual wisps, similar to the uncooled vane shown in Fig. 5.1b.
The very thin deposit in the right half of Fig. 5.2b looked fairly continuous from afar, but
when inspected closely it consisted of individual spots of wax.

According to the

hypothesis described previously, each individual spot of wax was the thin residue left
from an impacting wax particle. This surface was cooled by internal convective cooling,
which kept the wax residue fairly rigid and limited the thickness of the deposit.
The start of the thick deposit in Fig. 5.2b was the location of thickest deposit on
the vane model for that experiment. Furthermore, as shown in the plot in Fig. 5.4, this
deposit was much thicker than the same location (s/d = 100) on the uncooled, isothermal
vane model. This large mass of deposit near the trailing edge cooled model (Fig. 5.2b)
was probably caused by a combination of two factors: the sudden increase of surface
temperature at this location and the very shallow approach angle of most of the impacting
particles. This is described as follows. Wax particles impacted the entire pressure
surface of the cooled vane model, but almost all of these particles rebounded from the
cooled surface and continued traveling in the streamwise direction along the pressure
surface. These rebounded particles would have been travelling approximately parallel
with the airfoil surface by the time they reached the start of the uncooled trailing edge
(s/d = 86). At that location, the model surface temperature began to quickly increase in
the streamwise direction. At about s/d = 100 (for the DR = 1.4 condition) the surface
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became warm enough for a wax deposit to accumulate. The initial growth of the deposit
was due to smaller particles delivered to the surface by turbulent eddies and occasional
larger particles from the far mainstream flow that struck this location at a substantial
surface angle. As the deposit grew at this location it became a significant obstruction to
the larger, rebounded wax particles that were travelling parallel to the airfoil surface.
These larger, rebounded particles would impact and adhere to this deposit, causing it
grow to a relatively large mass until erosion and aerodynamic shear would bring it to an
equilibrium thickness.

This large mass of deposit tended to block most of the

approaching particles from impacting farther aft on the trailing edge (s/d = 105-120),
resulting in thinner deposits in that region. The particles that deposited on the trailing
edge aft of the large mass were either smaller particles delivered by turbulent eddies or
larger particles from the far mainstream that impacted at larger surface angles.
When film cooling was active for the cooled, matched-Bi model, a similar sudden
increase of deposit thickness at the uncooled trailing edge appeared, as shown in the
photograph of Fig. 5.9 and the plot of Fig. 5.10. This thick deposit did not have the large
mass of deposit at its starting location like the non-film-cooled case described above –
instead, it was a fairly constant thickness. This difference may have been caused by the
increased dispersion of wax particles away from the pressure surface due to the presence
of the film cooling jets. Additionally, it could have been caused by the more gradual
surface temperature gradients provided by the decaying film coolant.
A part of the mechanism described above that likely formed the large mass of
deposit near the trailing edge may have occurred on a much smaller scale at other
locations during the deposition experiments. For example, in the photograph of Fig. 5.9a
there is an array of thin, dense streaks of deposit aligned with the streamwise direction,
located between the PS holes and the uncooled trailing edge. These types of streaks were
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observed in numerous vane deposition experiments, and they were inadvertently captured
in series of infrared images and photographs several times. These thin streaks of deposit
always grew aft to forward at a slow rate throughout the duration of a wax spray.
Furthermore, they were always observed on the aft half of the pressure side surface, never
near the leading edge. They grew most often from the aft edge of the second removable
hatch on the pressure side surface (where they are shown in Fig. 5.9a), which was
confirmed to have as smooth a finish as the other hatch edges. These streaks sometimes
also grew from other seemingly random nucleation sites on the aft portion of the vane
pressure surface. It is not clear what caused these thin streaks to initially form, but once
they did they likely grew from small wax particles travelling parallel to and very near the
surface. As small particles impacted the upstream face of a thin deposit streak, they
accumulated in the upstream direction.
The stagnation region was another location on the cooled models with significant
deposit thickness, as shown in Figs. 5.2 through 5.4. Dees (2010, Fig. 3.25) measured an
overall cooling effectiveness of about φo = 0.11 near the stagnation line of a non-filmcooled, matched-Bi, internally cooled vane model operating at comparable conditions of
Tu = 20% and ReDh,c = 20,000. (Dees’ data is also shown in Fig. 4.9 of this dissertation.)
Fig. 5.5 shows that for density ratios of DR = 1.2 and 1.4 this resulted in a surface
temperature at or above the threshold surface temperature of Tsurf = 295 K for increased
deposit growth that was previously discussed. This relatively high surface temperature in
the stagnation region was caused by the associated high heat transfer coefficient. The
surface temperature quickly became cooler along the pressure side downstream of the
stagnation region, which is why the thicker deposits were limited to the stagnation region.
Figure 5.5 also shows that more of the pressure side was at or above the threshold surface
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temperature of Tsurf = 295 K for the DR = 1.2 case versus DR = 1.4, which was why
deposits formed over more of the pressure side for DR = 1.2 as shown in Fig. 5.4.
The thin deposit along the pressure surface of the internally cooled vane model
without film cooling was not uniform in the streamwise direction. As shown in Fig. 5.2,
there was a relatively clean region of the model surface about halfway along its length
(s/d ~ 45-60). This location coincided with the intersection of an internal rib with the
internal surface of the airfoil wall at the start of the “radial” internal cooling channel.
Based on measurements made by Dees (2010), this was the location of coldest
temperature for this non-film-cooled model, with an overall cooling effectiveness of
about φo = 0.41. (Dees’ data is shown in Fig. 4.9 of this dissertation, and the cause of the
maximum φ at this location is further discussed in Section 4.2.) Dees’ data is plotted in
Fig. 5.5 in terms of surface temperatures for DR = 1.2 and 1.4.

Comparing this

distribution of surface temperatures with the variations of the thin deposit along the
pressure side in Fig. 5.2 suggest that as the model surface temperature decreases, an
impacting particle will leave less of a residual deposit when it rebounds from the surface.
5.3.3. Relevance of the Hypothesis to Engine Conditions
A fundamental difference between the deposition experiments performed in this
study and the deposition of contaminant particles in gas turbine engines is that turbine
deposits periodically spall off the surfaces due to thermal cycling. No attempt was made
in the current study to model deposit spallation, and the hypothesis presented for wax
deposit growth did not account for spallation. Instead, this study was concerned with the
formation and growth of deposits and how they affect cooling performance prior to
spallation.
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The sensitivity of deposit thickness to gas and surface temperatures has been
reported for engine condition deposition experiments by other researchers (e.g., Wenglarz
and Fox (1990), Crosby et al. (2008)). As described in Chapter 1, numerous researchers
have considered the malleability or stickiness or viscosity of contaminant particles and
deposit surfaces in their studies of deposition in turbines and coal-fired furnaces. This is
an important similarity between the experimental technique of the current study and the
engine conditions.
A key aspect of the hypothesis for wax deposit formation is that deposits form as
a group of individual wisps that grow from nucleation sites.

This explanation is

consistent with the wax deposits created in the current study, but it is not clear to what
extent it is applicable to engine deposits. It is known that engine deposits have very
irregular surfaces (e.g., Bons et al., 2001, and discussions with industry partners). This
may be attributable to non-uniform deposit growth from discrete nucleation sites, or it
may be caused by some other mechanism. It would be useful to obtain more information
from industry partners regarding this aspect of the deposition mechanism.
Another key aspect of the hypothesis for wax deposit growth is how the
malleability and stickiness of contaminant material change over a range of temperatures.
The wax used in the current study changes phase over a fairly narrow range of
temperatures, but coal ash particles in engine conditions change phase over a much wider
range of temperatures because the ash is more chemically complicated. This difference is
an additional complicating factor in trying to match the temperature differences of the
experimental conditions with the engine conditions, which was discussed in Section
2.3.2. It may be possible to expand the range of temperature over which the phase
change occurs for the wax spray technique by using a mix of waxes with different
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melting temperatures, and this is recommended for future work with this experimental
method.

5.4. SENSITIVITY OF FILM EFFECTIVENESS TO DEPOSITS
Measurements of adiabatic film effectiveness were performed on the vane
pressure side before and after deposit formation, for both the baseline and trenched PS
hole configurations. For the post-deposition measurements, the deposits were painted flat
black to allow for accurate infrared camera measurements. The thermal conductivity of
the wax deposits was assumed to have a negligible effect on the adiabatic film
effectiveness measurements.
Comparisons of laterally averaged adiabatic film effectiveness measurements for
these cases are shown in Fig. 5.19. These data show very little difference in the laterally
averaged film performance for either film configuration, even though this adiabatic
model did have significant deposit thicknesses downstream of the showerhead holes for
both configurations (see Figs. 5.13 and 5.18). The insensitivity of the film performance
to the surface roughness generated by the deposits may be attributable to the strong
disturbance the showerhead cooling had on the pressure side flow. The showerhead
cooling jets helped to establish higher turbulence along the pressure side boundary layer
so that the film cooling was less sensitive to the relatively small surface roughness caused
by the deposits.
To further illustrate the effect of deposits on film performance, contour plots of
adiabatic film effectiveness for both configurations are presented in Figs. 5.20 and 5.21.
The contour plots correspond to the laterally averaged data in Fig. 5.19. As can be seen
in the contour plots, the deposits did affect local values of adiabatic film effectiveness,
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particularly where the deposits were thickest just upstream of the PS holes. However,
these effects became very small in terms of the laterally averaged data.
The deposits formed on the matched-Bi models for both film configurations were
much thinner than those on the adiabatic models. Therefore, those deposits were also
expected to have a very small effect on the film cooling performance.

5.5. VANE SUCTION SIDE DEPOSITS
The vane deposition experiments were not primarily concerned with the suction
side (SS) of the vane model because inertial deposition is not typically a significant issue
for that region. However, there were some interesting aspects of the thin deposits that
formed on the vane suction side, so they are briefly summarized here for reference. All
three photographs discussed in this section were taken of the deposits formed on the
matched-Bi vane model with showerhead + trenched PS cooling holes active (i.e., the
case shown in Fig. 5.16). These photographs are typical of the deposits that formed on
the vane suction side during most deposition experiments with cooled models. Based on
visual inspection during the experiments, it appeared that approximately 1/3 of the wax
spray plume travelled to the suction side of the stagnation line.
Figure 5.22 shows the forward portion of the vane suction side. The leading edge
region (left portion of photo) had a thin layer of wax deposit. The two large smudges
were caused by accidentally brushing against the model after the experiment. The bare
region of the model surface (center of the photo) was the region of highest velocity
around the suction side. The high velocity and low turbulence at that location kept
deposits from forming. Just downstream from that (right portion of photo), a region of
deceleration apparently caused the boundary layer to be transitional. A sparse pattern of
214

deposited particles developed on the surface, and there were streaks of thin wax deposits
downstream of some of them. These deposit streaks were likely caused by localized
regions of turbulence that delivered particles to the surface via eddy impaction.
Figure 5.23 shows the next region aft on the vane suction side. (The I-shaped
marks at the left of the photo are the same as those that appear in Fig. 5.22.) The
turbulent wakes behind deposited particles are not as obvious as in Fig. 5.23 because of
the lighting for this photograph. The spanwise lines of deposit noted in Fig. 5.23 were
the edges of a removable hatch. These were rather flush edges, but the deposits on the
suction side were very sensitive to small perturbations of the surface. The deposits in the
right half of Fig. 5.23 were denser, yet still very thin. The denser deposit was likely
caused by increased turbulence in the boundary layer as the flow decelerated along this
region of the suction side.
Figure 5.24 shows the aft region of the suction side, looking upstream.

A

transition to slightly thicker deposit was evident, which coincided with the start of the
uncooled trailing edge of the vane model. Delivery of the wax particles to this region
were likely caused by turbulent eddies.

215

(a) Entire pressure side

(b) Detail of maximum deposit thickness to show texture
Figure 5.1. Photo of deposit: Non-film-cooled, isothermal vane (T∞ = Tc = 305 K)
[maximum tdep = 3.1 mm at location marked by a circle]
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(a) Entire pressure side

(b) Detail of maximum deposit thickness to show texture
Figure 5.2. Photo of deposit: Non-film-cooled, internally cooled vane
(T∞ = 305 K, Tc = 220 K, DR = 1.4)
[maximum tdep = 5.3 mm at location marked by a circle]
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Figure 5.3. Photo of deposit: Non-film-cooled, internally cooled vane
(T∞ = 305 K, Tc = 255 K, DR = 1.2)
[maximum tdep = 5.3 mm at location marked by a circle]
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Figure 5.4. Laterally averaged deposit thickness for the non-film-cooled, matched-Bi
vane model for various internal coolant temperatures
[These data correspond to the deposits in Figs. 5.1, 5.2, and 5.3.]

Figure 5.5. Laterally averaged surface temperatures for the non-film-cooled, matched-Bi
vane model for various internal coolant temperatures
[These data correspond to the deposits in Figs. 5.1, 5.2, and 5.3.]
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(a) τspray = 0 min.

(b) τspray = 5 min.

(c) τspray = 10 min.

(d) τspray = 20 min.

Figure 5.6. Series of photographs showing approach of deposit to equilibrium
condition for the non-film-cooled, internally-cooled vane
(T∞ = 305 K, Tc = 255 K, DR = 1.2)
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(a) Entire pressure side

(b) Detail of stagnation region
Figure 5.7. Photo of deposit: Non-film-cooled, isothermal vane, elevated mainstream
temperature (T∞ = Tc = 313 K)
[maximum tdep = 3.5 mm at location marked by a circle]
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Figure 5.8. Photo of deposit: Non-film-cooled, isothermal vane (T∞ = Tc = 305 K), with
sprayer moved one turbulence grid bar towards the pressure side
[maximum tdep = 3.0 mm at location marked by a circle]
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(a) Entire pressure side

(b) Detail of maximum deposit thickness to show texture
Figure 5.9. Photo of deposit: Film-cooled, matched-Bi vane with Showerhead +
Standard PS holes (MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.10. Laterally averaged deposit thickness for the vane models with Showerhead
+ Standard PS holes (MPS = 2.0, M*Shd = 2.0, DR = 1.4)
[These data correspond to the deposits in Figs. 5.9 and 5.13.]
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(a) M*Shd = 2.0
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(b) M*Shd = 0.8
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(c) No showerhead
Figure 5.11. Detailed photos of deposits at matched-Bi vane leading edge for
different blowing ratios and no film cooling, DR = 1.4
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Figure 5.12. Photo of deposit: Film-cooled, matched-Bi vane, with Showerhead +
Standard PS holes, lower blowing ratio (MPS = 1.0, M*Shd = 0.75, DR = 1.4)

Figure 5.13. Photo of deposit: Film-cooled, adiabatic vane model with Showerhead +
Standard PS holes (MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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(a)

(b)

Figure 5.14. Detailed photos of deposits at standard PS film holes for (a) adiabatic model
and (b) matched-Bi model operating at MPS = 2.0, DR = 1.4
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(a) Effectiveness: η and φ

(b) Surface temperatures
Figure 5.15. Laterally averaged effectiveness and surface temperatures for the vane with
Showerhead + Standard PS holes, prior to deposition (MPS = 2.0, M*Shd = 2.0, DR = 1.4)
[These data correspond to Figs. 5.9 and 5.13 prior to deposition.]
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Figure 5.16. Photo of deposit: Film-cooled, matched-Bi vane with Showerhead +
Trenched PS holes (MPS = 2.0, M*Shd = 2.0, DR = 1.4)

(a)

(b)

Figure 5.17. Detailed photos of deposits at (a) standard and (b) trenched PS film holes
operating at MPS = 2.0, DR = 1.4
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(a) Entire pressure side

(b) Detail of deposit near trench
Figure 5.18. Photo of deposit: Film-cooled, adiabatic vane with Showerhead +
Trenched PS holes (MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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(a) Showerhead + Standard PS holes

(b) Showerhead + Trenched PS holes
Figure 5.19. Effect of deposits on laterally-averaged η for PS film holes
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.20. Effect of deposits on η contours for Showerhead + Standard PS film holes
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.21. Effect of deposits on η contours for Showerhead + Trenched PS film holes
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.22. Photo of deposit: Suction side detail 1 of film-cooled, matched-Bi vane
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.23. Photo of deposit: Suction side detail 2 of film-cooled, matched-Bi vane
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Figure 5.24. Photo of deposit: Suction side detail 3 of film-cooled, matched-Bi vane
(MPS = 2.0, M*Shd = 2.0, DR = 1.4)
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Chapter 6 – Conclusions
Deposition of contaminant particles on gas turbine surfaces reduces the
aerodynamic and cooling efficiency of the turbine and degrades the turbine materials.
Gas turbine designers seek ways to make turbines more resilient against contaminant
deposition, and a key aspect of this is to understand how deposition interacts with film
cooling of first stage stator and rotor airfoils (vanes and blades, respectively). It is
advantageous to identify film cooling designs that can mitigate turbine deposits by being
insensitive to their presence or by inhibiting their formation. Turbine deposition is a
complicated phenomenon, and experimental techniques to study this topic are valuable to
create improved turbine designs and calibrate computational design tools.
An experimental method of modeling deposition on film cooled turbine surfaces
was developed and applied in the current study. This method was implemented in large
scale, low speed, ambient temperature wind tunnel facilities, so it necessarily simplified
turbine deposition to its most important physical mechanisms. The objective of this
technique was to adequately simulate the travel of particles and the adhesion of particles
to the surface in order to study in detail the interaction between deposition and film
cooling. The experimental method to do this consisted of spraying molten wax droplets
into the wind tunnel mainstream flow that would deposit and solidify on a cooled turbine
airfoil model. The size of the wax droplets were controlled so they matched the Stokes
number of contaminant particles in engine conditions, which ensured that particle travel
was accurately modeled. To model the interaction of the particles with the surface, the
experimental parameters (e.g., gas temperatures and wax solidification temperature) were
set such that the wax droplets remained somewhat molten and/or sticky when they
impacted the surface. This method caused the particle deposition to be affected by the
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temperatures of the mainstream flow, the film cooling flow, and the model surface in a
similar manner as the engine situation. Based on the experiments performed with this
method, a hypothesis was developed for the how the wax deposits grow and how they are
affected by the cooling of the turbine airfoil models. This hypothesis may also help
explain the influence of gas and surface temperature on deposit formation in engine
conditions.
This experimental technique was initially developed using a turbine blade leading
edge wind tunnel facility. Then, it was applied to the pressure side of a turbine vane
model in a vane cascade wind tunnel facility to study how deposition was affected by
showerhead and pressure side film cooling. Two designs of pressure side holes were
tested: a standard design of cylindrical holes angled in the direction of flow and a
“trenched” design of the same cooling holes situated in a transverse, recessed trench.
Measurements of adiabatic film effectiveness and overall cooling effectiveness were
made along the pressure side of the vane model in order to better assess how the cooling
design interacted with the deposition process. This data also provided insight to the
conjugate heat transfer of this cooling design.

6.1. LEADING EDGE MODEL DEPOSITION
The wax spray technique was first applied to a turbine blade leading edge wind
tunnel facility. The leading edge model was a half cylinder attached to a coolant supply
plenum that was suspended across the mid-height of the test section, and it included three
rows of showerhead cooling holes. These experiments varied several key parameters as
summarized in Table 3.1, including mainstream temperature, wax solidification
temperature, film cooling blowing ratio, and wax spray duration.
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In all but one

experiment, the mainstream temperature was set below the solidification temperature of
the wax so the wax particles typically cooled while travelling with the mainstream flow
to the model. All deposition experiments were found to be rather sensitive to small
changes in flow temperature so experimental parameters were tightly controlled. Two
wax sprays were performed per experiment by turning the sprayer to separately target the
left and right portions of the model. This created disturbances to the mainstream flow
field caused by the wax spray jet, but it allowed for the experimental technique to be
developed relatively quickly.
An important experimental variable was found to be the difference between the
wax particle solidification temperature and the mainstream temperature, which was
characterized by the parameter ΔTsolid = Twax,solid – T∞. This parameter correlated with the
distance an initially molten wax particle would travel in the mainstream flow before
completely solidifying, which was often dominated by the time required for the phase
change to occur. Adjusting this parameter over a range of ΔTsolid = -9 K to 18 K resulted
in very different deposit characteristics because it affected the molten state of the
particles impacting the surface, which in turn affected the adhesion of the particles to the
surface. One experiment with the wax solidification temperature below the mainstream
temperature (ΔTsolid = -9 K) produced the most dramatically different deposit structure.
Most experiments were performed with ΔTsolid = 18 K, which produced fairly dense
deposits with thickness up to about one cooling hole diameter. By varying ΔTsolid, the
wax spray technique can create deposits with a wide variety of appearances and
characteristics, so it can be tuned to best match deposits from specific engine situations.
The duration of the molten wax spray was varied through several experiments to
assess how the deposits accumulated as a function of time. An interesting trend observed
was that deposit growth approached an equilibrium thickness.
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Based on visual

observations during the experiments and the theory and data of deposit growth in the
literature, this trend was attributed to the balance between adhesion of particles to the
surface and erosion of deposit caused by particle impacts and aerodynamic forces. The
approach to equilibrium thickness was verified by deposit thickness measurements from
different wax spray durations and by measuring surface thermocouple temperatures
underneath developing deposits. Equilibrium deposit thickness was typically achieved
within 15-20 minutes of wax spray duration for these experiments. An equilibrium
deposit thickness has been theorized and observed by some researchers (e.g., Rosner and
Nagarajan, 1987, and Walsh et al., 1990), but others have observed continuously
increasing deposits through time (e.g., Bons et al., 2007).
Varying the film cooling blowing ratio resulted in significant differences in
deposit distribution. At higher blowing ratio (M*Shd = 2.0) the stagnation row cooling jets
separated from the surface, which allowed deposit accumulation underneath the separated
jets that created clearly visible troughs in the deposit in that region. These deposits were
likely fed by jet-induced vortices that entrained particles around and under coolant jets
from the mainstream. The off-stagnation row coolant jets remained partially attached to
the surface, resulting in clean streaks without deposits coinciding with the film streaks.
On the leeward side of these clean streaks were streaks of denser deposit, apparently
caused by impingement of the mainstream flow as it accelerated around the flow
obstruction caused by each coolant jet.
Surface thermocouples were mounted flush with the model surface, and wax
deposits were allowed to develop over them.

These measurements of the model

surface/deposit interface temperature showed that the deposits tended to increase the
overall cooling effectiveness in the showerhead region.

This was caused by the

insulating effect of the deposit that apparently overwhelmed any degradation of the film
240

effectiveness associated with the thickness and roughness of the deposits. The wax
deposits had a thermal conductivity that was estimated to match the Biot number of coal
ash deposits on turbine airfoils in engines. As a result, the changes in the overall cooling
effectiveness of the leading edge model due to the deposits were indicative of engine
conditions.
Photographs were taken of the wax deposits and sent to industry partners for
review and comment. There was some inconsistency in the feedback on these samples,
but all agreed that the wax deposits were somewhat representative of deposits formed in
engine conditions. Industry partners also noted that spallation due to thermal cycling was
an important aspect of deposition on turbine airfoils, but modeling this was outside the
scope of the current study.

6.2. VANE PRESSURE SIDE FILM COOLING AND OVERALL COOLING EFFECTIVENESS
Before applying the wax spray technique to the vane cascade facility,
measurements of adiabatic film effectiveness (η) and overall cooling effectiveness (φ)
were performed using adiabatic and matched-Bi vane models, respectively.

The

matched-Bi model had a thermal conductivity selected so that it properly simulated the
conjugate heat transfer of a turbine airfoil at engine conditions. The vane models had two
internal cooling channels in a serpentine arrangement, and the film cooling was provided
by a three-row showerhead and one row of pressure side (PS) holes. Two designs of
pressure side holes were studied: a standard configuration of straight, cylindrical holes
and an advanced configuration of similar holes situated in a recessed, transverse trench.
Typical experimental conditions were an approach mainstream turbulence intensity of Tu
= 20%, representative of engine conditions, and a coolant-to-mainstream density ratio of
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DR = 1.4. The showerhead and pressure side holes were supplied by the same internal
cooling channel, so their flow rates could not be independently varied. The η and φ data
were useful in understanding the interaction between the film cooling flows, the cooled
model surface temperatures, and deposition. This data also provided insight to conjugate
heat transfer in turbine airfoil cooling, and the data set can serve as an experimental
benchmark for computational researchers.
Adiabatic film effectiveness (η) measurements showed the coolant jets from the
standard PS holes quickly became separated from the airfoil surface as the blowing ratio
increased from MPS = 1 to 3. At the low end of this range the coolant jets appeared to be
partially attached to the surface, even though separation would usually be expected for
this geometry and blowing ratio. The partial attachment was attributed to the high
mainstream turbulence at the hole exits (Tu = 17%). At moderate and higher blowing
ratios, the jets were fully separated form the surface, causing low η near the holes, but
increasing η farther downstream as the coolant jets reattached to or were mixed towards
the surface. The reattachment of these coolant jets was likely assisted by the concavity of
the pressure surface. The trenched film hole configuration generally provided much
higher adiabatic film effectiveness than the standard design just downstream of the holes.
This was because the trench prevented coolant jet separation and provided a more
uniform distribution of film coolant to the surface. However, the trenched hole film
coolant decayed more rapidly than the standard hole design, because it was fairly thin and
more easily mixed by the turbulent mainstream. One experiment tested the trenched PS
holes at a higher density ratio of DR = 1.7, and the η measurements were nearly identical
to the DR = 1.4 case, verifying that these results are applicable to the higher density ratios
occurring in engine conditions. Far downstream of the holes (s/d > 50 to 90), η was
about the same for both PS hole designs, which was unexpected considering the very
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different film cooling flow fields near the holes. Based on all of these results, the
trenched film cooling holes seem best suited for situations when the blowing ratio for a
film row must be fairly high due to other airfoil cooling design constraints. Conversely,
when the blowing ratio for a given film cooling row location is expected to be fairly low,
the added complexity of manufacturing trenched holes may not be beneficial.
Measurements of overall cooling effectiveness (φ) revealed similar trends as the η
data, including the effects of jet separation near the holes and the similar performance
downstream of the holes for the standard and trenched designs. The φ data were also
clearly affected by the internal and external convective heat transfer distribution, and the
internal walls separating the internal cooling channels acted as thermal fins to locally
cool the airfoil external surface. Sharp peaks of φ very near the cooling holes were due to
the combined effect of convective cooling within the cooling holes and high film
effectiveness near the holes. The φ data measured from the film cooled model was
compared against similar measurements of φo from a non-film-cooled model performed
by Dees (2010). This comparison showed that film cooling increased φ everywhere
along the pressure surface for all cases, except for a location just downstream of the
standard PS cooling holes at which φ was equal to φo. This was unexpected because there
was some significant amount of film cooling at this location (η = 0.1).

This was

attributed to either the heat transfer coefficient augmentation caused by the film cooling
jets or a slight dissimilarity in the internal cooling design of the models (the φo model had
turbulators on the SS wall of a cooling channel).

A one-dimensional heat transfer

correlation was used to calculate φ based on measured data of φo and η. The calculated φ
values compared fairly well to the measured φ values, although there was some
significant offset between them due to experimental uncertainty or a deviation from onedimensional conduction.
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6.3. DEPOSITION ON THE VANE MODEL WITH AND WITHOUT FILM COOLING
The wax spray technique was applied to the turbine vane cascade wind tunnel
facility to study deposition along the pressure side of the airfoil, including the leading
edge region. These experiments used nominally the same conditions as the η and φ
experiments performed in this facility. The same mainstream temperature and wax
solidification temperature was used for almost all of these experiments, T∞ = 305 K and
Twax,solid = 315 K yielding ΔTsolid = 10 K. This procedure isolated the effects of the model
surface temperatures and the film cooling flow field, which were of interest in this study.
As with the blade leading edge experiments, the vane deposits approached an equilibrium
thickness after about 15 minutes of wax spray duration.
Vane deposition was clearly sensitive to the model surface temperature, with
colder temperatures inhibiting deposit growth. Above a threshold surface temperature of
about Tsurf = 295 K deposit thickness increased, and below this value deposit growth was
limited to very thin layers. A matched-Bi model was used for most vane deposition
experiments. The two film cooling configurations tested in the η and φ experiments were
used in the deposition experiments, and a non-film-cooled vane model was used to isolate
the sensitivity of deposition to surface temperature.

The deposits for the cooled,

matched-Bi vane model were typically very thin along most of the pressure surface, with
moderately thick deposits in the showerhead region and very thick deposits near the
trailing edge. The trailing edge design for these vane models was uncooled, so it was
typically a relatively warm region of the pressure surface. A large mass of deposit grew
near the start of the uncooled trailing edge, which was attributed to the sudden increase of
surface temperature at that location combined with the primarily streamwise (i.e., parallel
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with the surface) trajectory of particles that had rebounded from the cold pressure surface
farther upstream. Film cooling blowing ratio had a noticeable but minor influence on
deposit formation. Experiments performed with the trench configuration for the PS holes
showed that deposits would accumulate within the trench, particularly on the downstream
wall between hole exits. However, this buildup did not appear to significantly change the
film cooling flow in the trench. The adiabatic, film cooled vane model was used in
deposition experiments to isolate the effects of surface temperature because it had a
significantly warmer surface for a given film cooling configuration and flow condition.
Deposits grew thicker over most of the pressure surface of the adiabatic model due to the
higher temperature. In regions of adequate film cooling with Tsurf < 295 K, deposits
remained very thin on the adiabatic model. A large mass of deposit was not present near
the trailing edge of the adiabatic models, apparently because the surface temperature
gradients were more gradual there.
A hypothesis was presented in Section 5.3 for why deposit growth was sensitive
to surface temperature, and it was substantiated using deposit features observed this
study. Wax deposits on the vane model were typically discrete in nature, with many
individual “wisps” of wax structures spaced close together. These wisps seemed to grow
from small spots of wax residue on the model surface left from particle impacts. These
wax spots became nucleation sites for wax deposit if the model surface temperature was
warm enough to keep them near or above their solidification temperature. As the deposit
wisps grew, their temperature approached that of the mainstream causing them to become
more malleable as they warmed. Aerodynamic shear and wax particle impacts eroded
deposits with lower mechanical strength due to their increased temperatures. This led to
an equilibrium thickness for the deposits in which deposit growth was balanced by
erosion.
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There are aspects of this hypothesis for wax deposit growth that are applicable to
engine conditions, such as the warming of the deposit as its thickness increases and the
associated weakening of the higher temperature deposit. Engine condition deposits are
known to be sensitive to gas and surface temperatures, and this hypothesis provides
insight to this. Furthermore, a balance of erosion and deposition is expected to exist in
engine conditions, although it is not clear if this would lead to an equilibrium deposit
thickness as opposed to a steady growth rate. This hypothesis does not at all address
spallation of deposits due to thermal cycling, which is known to be significant in engines.
Nonetheless, it can provide insight to the deposit formation between thermal cycles.
Measurements of adiabatic film effectiveness were performed before and after
deposits formed for both standard and trenched pressure side film cooling holes. These
measurements showed no appreciable degradation of film cooling performance for either
configuration due to the presence of the deposits.

This was likely because the

showerhead cooling jets generated higher turbulence along the pressure side, which made
the boundary layer less sensitive to the surface roughness of the deposits.

6.4. RECOMMENDATIONS FOR FUTURE WORK
The wax spray technique is a new experimental method that simulates some
important aspects of contaminant deposition on turbine surfaces. The wax deposits
formed in this study demonstrated that the appearance, structure, and distribution of the
deposit were sensitive to the mainstream temperature, model surface temperature (as
prescribed by the cooling air temperature), and wax solidification temperature. These
temperatures were varied throughout the experiments of this study, but a more systematic
examination of their influence on the deposits should be performed. This would create a
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new range of deposit characteristics, some of which might better represent the engine
situation. An area of focus in this regard should be the very thin deposit generated over
much of the vane pressure side for many experiments. Engine condition deposits are
probably thicker than these experiments suggest, which would lead to more substantial
effects on the cooling of the vane model. It is recommended that future studies using this
wax spray technique adjust the controlling temperatures to create thicker deposits. Based
on the data of the current study, this could likely be achieved by some combination of
increasing the mainstream temperature, increasing the cooling air temperature, and
decreasing the wax solidification temperature. It would be particularly interesting to
explore using mainstream temperatures higher than the wax solidification temperature
(T∞ > Twax,solid, or ΔTsolid < 0) because this is the situation that probably occurs for most
modern engine designs.

Only one experiment in the current study assessed this

condition. The wax deposition technique is particularly sensitive to temperature changes
as the wax solidification temperature approaches the mainstream temperature (T∞ ~
Twax,solid, or ΔTsolid ~ 0), and this should also be explored in more detail.
Each wax used in the current study had a solidification temperature that was
stated as a single value, although it is assumed that each wax changed phase over a
narrow range of temperature because it was not a pure substance. This was a significant
difference from the coal ash material of interest in this study, which changes phase over a
wide range of temperatures due to its many chemical constituents. This difference will
have some effect on the deposition process, but it is not known how much. It may be
possible to create a wax (or use some other material) for which phase change occurs over
a wider range of temperatures. If this could be done, this issue could be explored.
Mixing together waxes of different solidification temperatures might be one way to
achieve this.
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Most wax deposits generated in this study had a structure consisting of discrete
wisps of wax closely spaced together, but it is not clear how well this appearance
simulates engine deposits. Coal ash deposits generated at engine conditions are reported
have a “rutted and broken” appearance (Bons et al., 2007), so the wispy structure of the
wax deposits may be approximately correct.

However, there is limited data in the

literature describing the physical structure of turbine deposits, so this should be further
explored. Conversely, there were some wax deposits from the current study that were
fairly dense, such as in the stagnation region of the leading edge model in Fig. 3.2. This
dense deposit may have been caused by some combination of flow and thermal effects
specific to this region, but it may be possible to create dense deposits over the entire
pressure surface of the vane model if certain experimental parameters are adjusted.
Additional guidance from industry partners would be very valuable to help determine
what types of deposits are indicative of what engine conditions. The input from industry
obtained in the current study was relative to the leading edge deposits, and future
discussions with industry partners should focus on the vane model deposits.
Another suggestion for future research with this wax spray technique is to
perform more detailed measurements of the wax particle size distribution. This was not
done in the current study because initially only inertial deposition was of interest, which
is dominated by larger particle sizes. However, as this study progressed, significant
deposits were created that appeared to be influenced by other delivery mechanisms, such
as vortical structures and turbulent eddy impaction. For example, there were deposits
immediately under coolant jets on the showerhead (Fig. 3.2) and vane pressure side holes
(Fig. 5.9) that were probably brought to the surface by jet-induced vortices. Those flow
structures were small enough that they may not have involved the larger particles.
Therefore, it would be more important to have knowledge of the frequency and diameters
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of the medium- and smaller-size particles. Furthermore, if the particle size distribution
could be changed, that would be another experimental control parameter to modify
deposit distribution to best match engine hardware.

249

Appendix A – Experimental Procedures
This appendix contains a summary of the procedures used to perform the
experiments in this study. This information is primarily intended as a reference for future
researchers in this laboratory, and it is not critical for understanding the general
experimental methods or results discussed in the body of this dissertation. Section A.1
summarizes the typical procedure for performing the film cooling experiments that
measured the adiabatic film effectiveness (η) and overall cooling effectiveness (φ) using
the vane cascade wind tunnel facility. Section A.2 summarizes the typical procedure for
performing the deposition experiments with the wax spray technique in the blade leading
edge and vane cascade wind tunnel facilities.

A.1. VANE FILM COOLING EXPERIMENTAL PROCEDURE
The film cooling experiments performed with the vane cascade facility all had
essentially the same procedure, which is summarized in this section. Any significant
differences for the adiabatic versus matched-Bi models are noted.
The night prior to an experiment the desiccant packs were put in an oven and
heated overnight to about 450 K (350°F). An Excel spreadsheet was prepared that was
used to calculate blowing ratios for recorded data points based on the method described
in Section 2.2.3.4 of this dissertation. Prior to starting an experiment, the LabView
virtual instrument was checked to be operational and with all channels correctly input.
The infrared cameras were positioned to view the region of interest on the model with the
salt crystal windows in place, and the cameras were secured with mounting bolts. It was
important to ensure that the views of some camera positions aligned with the model edges
to make data post-processing easier. Once the cameras were secure they were manually
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focused, and the surface thermocouples were located by recording images of a warm
pointer as discussed in Section 2.2.5 of this dissertation. The cameras were covered with
opaque fabric or plastic to prevent reflections off the salt crystal windows. All ports and
openings in the wind tunnel facility were closed and sealed in preparation for the tunnel
start. A single opening, about 5 cm in diameter, was left open to help prevent the purge
nitrogen from over-pressurizing the wind tunnel facility and creating new leaks.
Just before starting the wind tunnel and blower, a data point was recorded in
LabView to measure the bias error of the pressure transducers for later post-processing.
The wind tunnel mainstream fan and coolant blower were started, and the purge nitrogen
was started. Typically one large liquid nitrogen dewar would adequately purge the
ambient air from the wind tunnel facility within about 45-60 minutes.

During the

nitrogen purge, the relative humidity and LabView data points were recorded every 5
minutes or so to help monitor conditions. The objective of the purge was to bring the
relative humidity in the wind tunnel down to less than 10%, although relative humidity as
high as 15% was sometimes acceptable. When the purge was almost complete the
desiccant packs were removed from the oven and quickly installed in the wind tunnel
desiccant racks.

The mainstream fan and coolant blower were temporarily stopped

during desiccant installation to minimize ingestion of humid ambient air.
Just after restarting the wind tunnel with the hot desiccant installed, the water for
the mainstream heat exchanger was started to keep the tunnel from overheating.
Throughout the remainder of the experiment, the water was adjusted to keep the
mainstream at T∞ = 305 K ± 0.5 K. The tight control of the mainstream flow helped to
keep the IR camera calibration valid. In preparation for the cool-down calibration data,
images were recorded on the IR cameras until the LabView data point numbers and IR
camera image numbers were synchronized to make post-processing easier. Once the
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mainstream temperature was stabilized at the desired value and the mainstream relative
humidity was no more than 12% (ideally less than 8%), the facility was ready for cooldown. The purge nitrogen was stopped and its supply line closed.
At least one data point (i.e., both IR camera images and the LabView data) was
recorded prior to starting the coolant liquid nitrogen flow, and it served as the upper
bound of the IR camera calibration data. The liquid nitrogen flow was started so that the
coolant temperature slowly decreased to the desired density ratio over the course of about
45-60 minutes.

The surface thermocouples were monitored, and data points were

recorded every 2-3 K change in surface thermocouple readings. As the desired density
ratio was approached, the blowing ratio was adjusted to target the desired first film
cooling condition. The mainstream fan was adjusted to match the desired approach
velocity to within about ±0.04 m/s for the remainder of the experiment.
Each film cooling condition (i.e., each desired blowing ratio, density ratio, and
active row configuration) was established and recorded. Each experiment consisted of at
least three film cooling conditions, one of which was repeated at different times of the
experiment. Blowing ratios and density ratios were held as close as possible to the
desired conditions (usually ±0.04 for each parameter) and as steady as possible. Once the
desired conditions were established, a data point was recorded at a time of t = 0 min.
Then, additional data points were recorded every 2-3 minutes until steady state conditions
were confidently recorded.

Data points were typically recorded over about 10-15

minutes of constant conditions for the matched-Bi models and about 5-10 minutes for the
adiabatic models. The successive data points at each condition were later checked for
consistency to assure steady state was achieved. Steady state temperature measurements
were typically evident after at least 10 minutes of constant conditions for the matched-Bi
models and at least 7 minutes for the adiabatic models.
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For the adiabatic model experiments, conduction correction data was recorded for
most experiments. This was done by taping over any showerhead and body film cooling
holes that would affect the region of interest of the model. With the cooling holes sealed
shut, the internal coolant flow was matched to typical Reynolds numbers and held
constant to achieve steady state while recording data points.
After recording all the desired flow conditions, a wax spray was performed as
described in the following section, if applicable. At the end of an experiment, the wind
tunnel facility was shut down and all LabView data and IR images were saved. The salt
crystal windows were placed back in their sealed containers. The recorded data was postprocessed to create plots of η and φ.

A.2. DEPOSITION EXPERIMENTAL PROCEDURE
The wax spray deposition experiments for the blade leading edge facility and the
vane cascade facility had similar procedures, and they are summarized in this section.
The vane deposition experiments were typically combined with an experiment to record φ
or η data prior to the wax spray. For the vane experiments, a single wax spray was
conducted with the sprayer oriented in the direction of the mainstream approach flow.
The resulting wax spray plume created a deposit covering about half the airfoil span
along the entire length of the pressure side of the vane.
The blade leading edge deposition experiments were dedicated experiments with
no film cooling data recorded.

The typical approach for the blade leading edge

deposition tests was to perform two wax sprays per experiment. This was accomplished
by rotating the sprayer head to the left or right portions of the leading edge model for
each spray event. The wax sprayer was aimed so that the regions of deposition were
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centered approximately 1/3 and 2/3 across the span of the model, which maintained
periodicity of the film cooled model. The wax spray plume was roughly 0.17 m (7 hole
pitches) wide once it reached the leading edge model.
If the wax sprayer had not been used for at least a few weeks, it was set up,
operated, and repaired outside the wind tunnel facility to ensure it was working properly.
The wax sprayer was installed in the test section and aligned as desired. The wax
reservoir was removed from the wax spray device and wiped clean of any dust or debris
to avoid clogging the sprayer. The wax reservoir was heated on a small stove while wax
pieces were melted in it. Once the reservoir was full of molten wax, it was weighed on
an electric scale and its gross mass was recorded. The full reservoir typically held about
140 g of molten wax at the start of an experiment (for a gross mass of about 200 g). The
full reservoir was placed in its heater and re-attached to the wax spray device. The top of
the wax reservoir and heater was insulated with pieces of foam and fiberglass insulation,
and the reservoir heater was turned on. The wax reservoir heater was typically started
with the variac at 30% power and later reduced to 15-20% power. A thermocouple was
used to monitor the wax temperature in the reservoir, which had a very slow response
time to heater changes.
Once the wind tunnel facility was near the flow conditions desired for the wax
spray, the compressed air line for the sprayer was started. The compressed air was not
used when measuring η or φ during other parts of an experiment because the air jet had a
small yet noticeable effect on the surface temperatures. The pressure regulator in the wax
spray device was typically set to output 30 psig. During system heat-up, the air throughflow exit valve (shown in Fig. 2.37) was set so that the air through-flow exit pressure
gauge read about 5 psig. To quickly heat up the compressed air line (and therefore the
wax supply line), the variac controlling the air heater started at about 90% power. The
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power to the air heater was later increased or reduced slightly as the wax spray device
temperatures approached their desired values. The wax spray device temperatures were
monitored with three thermocouples: the wax in the reservoir, the wall of the wax supply
line at the sprayer inlet, and the air of the through-flow exiting its control valve. In
general, a wax spray was not started until all three of these temperatures were at least 350
K (when using the RT42 wax).
For a typical experiment, the wind tunnel facility was slowly brought to the
desired test conditions and held at steady state for at least 10-15 minutes prior to spraying
molten wax. This helped to ensure the system flows and the model surfaces would not
change significantly during the wax spray.

It was important to hold all system

temperatures and flow rates as constant as possible during a wax spray. Just prior to
starting the wax spray, the air through-flow valve was almost shut so that the adjacent
pressure gauge increased to 20 psig. It was important to set this pressure the same for all
experiments to obtain consistent results. The wax spray was started using the pneumatic
control line, and a stopwatch was started simultaneously. Every 30-60 seconds of a wax
spray, the LabView data was recorded, the wax spray plume was visually inspected for
consistency, and observation notes were written. If the temperatures were not high
enough at the start of the spray, or if the sprayer was clogged with debris, then the molten
wax flow became reduced or intermittent. If the spray plume became visibly reduced
during a spray, it could often be corrected by toggling the pneumatic control several
times.
If the mainstream velocity reduced significantly during a wax spray due to the
mainstream air filters clogging, the tunnel fan speed was increased to compensate. This
was not a significant issue with the vane cascade facility, but it was troublesome with the
blade leading edge facility. Several different air filter designs were used, as described in
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Section 2.1. Sometimes the air filters were so restrictive that they needed to be replaced
during a wax spray (e.g., 10 minutes into a 20 minute wax spray). When this was done,
care was taken to restart the wax spray at the exact same flow conditions at which it was
stopped.
Once the desired spray duration was achieved, the following steps were quickly
taken. The wax sprayer was turned off, the air through-flow valve was completely
opened, and the heater variacs were shut off. Once the air through-flow had run long
enough to begin cooling the system, the compressed air was shut off. Meanwhile, the
wind tunnel mainstream fan, coolant blower, and liquid nitrogen were turned off.
Shutting down the facility quickly after a wax spray was a precaution to help prevent any
wax deposit loss through sublimation. Once the wind tunnel was turned off, a deposit of
RT42 wax would remain visibly unchanged for days or weeks, but the RT31 wax visibly
reduced overnight.
The net mass of wax sprayed during an experiment was determined by weighing
the wax reservoir after the test and comparing to the pre-test mass. The average wax
mass flow rate for a spray event was typically about 5-7 g/min. After an experiment the
airfoil model was inspected and photographed. A depth gauge was used to measure
thicknesses of the depositions at key locations, which was typically repeatable within
±0.2 mm. After the deposit was thoroughly inspected, it was removed by first scraping
most of it away, then using a heat gun and paper towel to clean the rest.
Sometimes after experiments with the leading edge model the wax was scraped
from the model, collected, and weighed. Typically about 0.4% of the total mass of wax
sprayed into the test section during that experiment remained on the model.
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Appendix B – Vane Suction Side Film Cooling
This appendix presents adiabatic film effectiveness (η) data that were measured
for the vane model suction side (SS) for a range of blowing ratios and several different
combinations of showerhead film cooling and two rows of suction side film cooling.
These measurements were performed in the course of the current study as described in
Section B.1, but they were not integral to the leading edge and pressure side film cooling
and deposition experiments that are the focus of this dissertation. These measurements
are included in this appendix with minimal discussion so that they will be available to
future researchers since they are not documented elsewhere.
Descriptions of the adiabatic vane model, the vane cascade experimental facility,
and the instrumentation are provided in Chapter 2 of this dissertation. Tables 2.2 and 2.3
and Fig. 2.17 summarize the geometry of the model and test section. The following were
the common flow conditions for all η measurements made on the vane suction side,
unless otherwise noted. The coolant-to-mainstream density ratio was DR = 1.2 (T∞ = 305
K, Tc = 255 K). The mainstream approach velocity was U∞ = 5.8 m/s, which established
a Reynolds number of ReC = 1.9x105 based on approach velocity and airfoil chord length.
The mainstream turbulence intensity was Tu = 20% and the integral length scale was Λ =
4 cm. The local turbulence intensity just outside the boundary layer at the location of the
suction side rows of cooling holes (s/d = 29 and 74) for these conditions was measured
by Dees (2010) as Tu = 5%.

B.1. OVERVIEW OF SUCTION SIDE FILM COOLING EXPERIMENTS
A low conductivity (“adiabatic”) vane model was designed and constructed for
the current study that incorporated removable hatches on the pressure and suction side
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surfaces so that film cooling configurations could be quickly changed, as described in
Chapter 2 of this dissertation. This model was constructed shortly after Dees (2010) had
finished constructing the revised test section for the vane cascade facility. Both of these
studies used this model to measure adiabatic film effectiveness, η, on the vane suction
side. The current study was focused on testing various configurations of rows of standard
design film cooling holes with the intent of obtaining a data set to assess the
superposition of film effectiveness from subsequent rows of holes along the highly
curved suction side. This work did not directly support the deposition research of the
current study because inertial deposition does not affect the suction side of a turbine
airfoil. Instead, this set of suction side experiments was performed because it supported a
secondary task of the funded research project on which this dissertation was based, it
seemed like a fairly quick way of obtaining a valuable data set to assess superposition,
and it was an effective way of verifying this new experimental facility for film cooling
experiments.
After several film cooling configurations were tested, it became apparent that
there were errors in setting the blowing ratios for these experiments. It was determined
that the errors were primarily caused by inaccurate orifice meter measurements, and to a
lesser extent, incorrect assumed values of the cooling hole discharge coefficients.
Therefore, the coolant line orifice meters were calibrated as described in Section 2.2.2.1
of this dissertation and the cooling hole discharge coefficients were measured as
described in Section 2.2.3.4. Then, the blowing ratios from the suction side film cooling
experiments were recalculated to be the values presented in this appendix.

(The

measurements of η remained accurate.) Once these errors were corrected, schedule
constraints required the suction side experiments to be stopped in order to begin the
pressure side film cooling and deposition experiments.
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Table B.1 presents a summary of all the suction side film cooling configurations
that were tested and which blowing ratios were tested for each arrangement.

(All

blowing ratios and Reynolds numbers in Table B.1 and throughout this appendix are the
revised, corrected values.) The internal channel Reynolds numbers were allowed to
change for different blowing ratios, as shown in Table B.1, because this did not appear to
influence the film cooling performance. In retrospect, it would have been better to hold
the internal Reynolds numbers constant for all blowing ratios, as was done for the
pressure side experiments. It was verified that the varying internal Reynolds numbers
had a negligible effect on the conduction correction measurements (ηo) for these
conditions. Each film cooling configuration required two or three experiments to record

η data along the entire suction side because of limited view area for each infrared camera
window, as described in Section 2.2.5 and Fig. 2.34.

Table B.1. Vane suction side film cooling test matrix
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The original intent of these experiments was to test different combinations of film
cooling rows operating at the same blowing ratios, which would allow the superposition
of film effectiveness to be directly assessed. However, due to the erroneous blowing
ratio measurements during these experiments, each row of cooling holes had slightly
different values of blowing ratios for different row configurations, making them less
valuable for studying superposition. Nonetheless, they are presented in this appendix
because they have not been documented elsewhere.

B.2. COMPARISON WITH RESULTS FROM LITERATURE
Witteveld (1999), Ethridge (2000), and Ames (1998) measured adiabatic film
effectiveness, η, on the suction side of vane models with only showerhead film cooling
active.

Their measurements are compared to the current study “Showerhead only”

configuration in Fig. B.1. Each study used a different number of showerhead rows to the
suction side of the stagnation line as well as different hole spacing, angles, and density
ratios, all of which are noted in Fig. B.1. Witteveld tested the most similar film cooling
configuration to the current study, and her η values were much higher than the current
study. Ames’ data were fairly consistent with Witteveld’s data, even though Ames tested
four rows of showerhead holes to the SS, as opposed to Witteveld’s three rows.
Ethridge’s data was closer to, yet still higher than, the current study. Ethridge tested 3.5
rows of showerhead holes to the SS (i.e., one row on the stagnation line and three to the
SS). It is not clear why Witteveld and Ames measured substantially higher η compared
to the current study. One possible reason is that adding a third row to the SS for this
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showerhead configuration causes a row-to-row coolant jet interaction that greatly
increases film coverage beyond what superposition would typically predict.
Dyson (2010) and Mehendale and Han (1992) measured adiabatic film
effectiveness, η, on one side of a half-cylindrical leading edge model with only
showerhead film cooling active. Their measurements are compared to the current study
“Showerhead only” configuration in Fig. B.2. Dyson tested a configuration with 1.5
rows to a side of the stagnation line, each with a larger hole-to-hole pitch than the current
study. Mehendale and Han tested two rows to a side of the stagnation line, each with a
much smaller hole-to-hole pitch than the current study. Dyson’s data is fairly consistent
with the current study. Mehendale and Han’s data is significantly higher near the
showerhead region, perhaps due to their smaller hole pitch.
Comparisons to literature for the η measurements with the SS rows active were
not performed here. Dees (2010) compared his similar measurements of η with only the
SS1 row active to values from literature and found good agreement.

B.3. ADIABATIC FILM EFFECTIVENESS
Figures B.3, B.4, and B.5 present laterally averaged adiabatic film effectiveness
measurements for the vane suction side with each plot showing a range of blowing ratios
for a single arrangement of film cooling rows. Gray shading denotes regions of data that
were not recorded or were omitted because the data were biased by convective cooling in
the holes. The film effectiveness of the showerhead holes increased with blowing ratio
because the coolant jets were detached for all conditions tested. The film effectiveness of
the suction side holes decreased as the blowing ratios increased because the coolant jets
became less attached to the surface at the higher blowing ratios.
261

Figures B.6, B.7, and B.8 present laterally averaged adiabatic film effectiveness
measurements for the vane suction side with each plot showing various arrangements of
film cooling rows operating at approximately the same blowing ratios for each row. The
blowing ratios for each row of holes did not exactly match between the data sets plotted
in each figure. As discussed in Section B.1, this was due to flow rate measurement errors
in these experiments that have since been corrected. In Fig. B.7 an additional data set
measured by Dees (2010) is included for comparison, which shows the film effectiveness
due to only row SS1 active at the same flow conditions as the current study.
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Figure B.1. Comparison of showerhead film effectiveness on vane suction side with data
from Witteveld (1999), Ethridge (2000), and Ames (1998)
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Figure B.2. Comparison of showerhead film effectiveness on vane suction side with data
from Dyson (2010) and Mehendale and Han (1992)

264

Figure B.3. Showerhead adiabatic film effectiveness on vane suction side for a range of
blowing ratios, DR = 1.2
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Figure B.4. Showerhead + SS1 row adiabatic film effectiveness on vane suction side for
a range of blowing ratios, DR = 1.2
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Figure B.5. Showerhead + SS1 + SS2 rows adiabatic film effectiveness on vane suction
side for a range of blowing ratios, DR = 1.2
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Figure B.6. Comparison of adiabatic film effectiveness on vane suction side for various
film rows active, lower blowing ratios, DR = 1.2
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Figure B.7. Comparison of adiabatic film effectiveness on vane suction side for various
film rows active, moderate blowing ratios, DR = 1.2
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Figure B.8. Comparison of adiabatic film effectiveness on vane suction side for various
film rows active, higher blowing ratios, DR = 1.2
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