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Abstract 

 

Film Effectiveness Performance for a Shaped Hole on the Suction Side 

of a Scaled-Up Turbine Blade 

Jacob Damian Moore, M.S.E. 

The University of Texas at Austin, 2018 

 

Supervisor: David Bogard 

 

Surface curvature has been shown to have significant effects on the film cooling 

performance of round holes, but the present literature includes very few studies dedicated 

to curvature’s effects on shaped hole geometries despite their prevalence in turbine blade 

and vane designs. Experiments were performed on two rows of holes placed on the suction 

side of a scaled-up gas turbine blade model in a low-Mach-number linear cascade wind 

tunnel. The test facility was set up to match a high-Mach-number pressure distribution 

without modifying the blade’s geometry or including contoured end walls to accelerate the 

flow. By adjusting the positions of the movable walls in the tunnel test section, the suction 

side pressure distribution could be matched to the design distribution. One row was placed 

in a region of high convex surface curvature; the other, in a region of low convex curvature. 

Other geometric and flow parameters near the rows were matched in the design of the 

experiment, including hole geometry and spacing. The hole geometry was a standard 7-7-

7 shaped hole. In addition, local freestream conditions for the rows were measured and set 

to match as closely as possible. Comparison of the adiabatic effectiveness results from the 

two rows revealed trends similar to those seen in previous literature for round holes. The 
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high curvature row outperformed the low curvature row at lower coolant injection rates, 

having wider jets and higher centerline effectiveness. But as the injection rate was 

increased, the low curvature row surpassed the high curvature row in effectiveness. The 

driver behind this behavior was the surface-normal pressure gradient that arose from the 

convex surface curvature. As flow traveled around the surface, centripetal acceleration 

produced a pressure gradient directed towards the surface, effectively pushing jets toward 

the blade wall. However, at higher blowing ratios, the jets’ high momenta overcame the 

effects of this pressure gradient. At these injection rates, the high curvature row’s jets’ 

trajectories did not follow the surface as it curved away. The high surface curvature 

exacerbated the adverse effects of jet separation on film cooling performance. 
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Chapter 1: Introduction 

This chapter gives an overview of the context in which the experiments in this thesis 

were performed. First, the importance of gas turbine power is underscored; and the 

thermodynamics governing the Brayton cycle is described. Next, the necessity to cool gas 

turbine engine blades and vanes is explained. External film cooling parameters are defined, 

and the effects of surface curvature on film cooling are introduced. A literature review of 

the current knowledge of surface curvature effects on film cooling follows. Finally, the 

goals of this thesis are outlined. 

1.1 GAS TURBINE POWER 

The gas turbine engine has become an increasingly important variation of the 

internal combustion engine since its invention. The technology provides a convenient 

means to produce thrust via high velocity exhaust gases or to generate power through shaft 

work. The gas turbine industry has steadily grown from its onset and is projected to 

continue this trend for years to come. Per a report from Grand View Research, the global 

gas turbine industry was valued at nearly $20 billion in 2015 [1]. As the adverse effects of 

climate change have become known, the demand for curbing emissions has surged, making 

the gas turbine engine an increasingly attractive option for power generation and 

propulsion with its relatively clean engine cycle. Figure 1.1 shows the projected growth of 

the U.S. gas turbine market revenue for years to come, fueled by the ever-increasing energy 

and transportation needs of our society. 



 

 

2 

 

Figure 1.1: U.S. gas turbine market revenue organized by application, 2014-2025, in 

USD millions [1] 

Even an incremental improvement in efficiency or emissions quality would have a 

very significant economic impact, reaping profits and environmental benefits because of 

the gas turbine engine’s sizable share in the energy and transportation sectors. Moreover, 

high efficiency engines can operate over longer lifetimes and produce more energy per fuel 

amount—all while decreasing the amount of harmful exhaust gases. Thus, engineers 

prioritize optimizing efficiency when it comes to overall engine design. 

The fundamentals of a gas turbine engine can be understood with knowledge of the 

Brayton cycle, the thermodynamic process that governs the engine’s operation. 

Comprehension of the process can be aided with Figure 1.2 and Figure 1.3, 

thermodynamic diagrams of the Brayton cycle, and with Figure 1.4, a diagram of the 

physical components within a gas turbine engine. 
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Figure 1.2: Stages of the Brayton Cycle [2] 

 
Figure 1.3: (a) T-s and (b) P-v diagrams of Brayton Cycle [2] 

 
Figure 1.4: Diagram of a gas turbine engine [3] 
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The Brayton cycle can be described in four steps: 

1. Isentropic compression (1→2): A fan draws air into the inlet of the engine and 

sends it through a rotating compressor, raising the pressure and elevating its 

potential for producing mechanical work. The fan and compressor are powered 

by the main shaft in the engine. 

2. Isobaric combustion (2→3): Additional energy is added to the flow via the 

burning of fuel. Fuel combustion increases the amount of work that is extracted 

via the main shaft or the amount of thrust that is generated for propulsion. The 

fuel varies by application—usually natural gas for power generation or jet fuel 

for propulsion. 

3. Isentropic expansion (3→4): work is extracted from the high pressure, high 

temperature gas by turbine blades attached to the main shaft. The turbine blades 

are shaped like airfoils to reduce aerodynamic losses and aid in the transfer of 

energy from the flow to the power shaft. The amount of work extracted by the 

turbines depends on the application of the gas turbine engine. For example, in 

power generation, the energy would be focused in shaft work to drive an 

electrical generator. However, for a jet propulsion engine, less shaft work would 

be produced—only enough to power the compressor and other systems within 

the engine—and the energy would be saved for thrust. As the flow passes the 

turbine stage, the gas expands; and its pressure eventually reaches that of the 

engine’s surroundings. 

4. Heat rejection (4→1): As gas is continually exhausted at high temperature 

and/or high velocity at the engine exit, fresh air is taken into the inlet. The 

exhaust gas produces thrust. 
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The efficiency of engines is a perpetual target for improvement, with designers 

aiming to maximize the amount of work produced while minimizing fuel usage. The 

thermodynamic efficiency of the Brayton cycle can be defined in terms of the temperatures 

at the different stages of the process, as follows: 

 𝜂𝐵𝑟𝑎𝑦𝑡𝑜𝑛 = 1 −
𝑇4 − 𝑇1

𝑇3 − 𝑇2
   (1.1) 

where ηBrayton is the thermodynamic efficiency of the Brayton cycle, T1 is the temperature 

at the inlet, T2 is the temperature after compression, T3 is the temperature after combustion, 

and T4 is the exit temperature. T1 is dictated primarily by the environment in which the 

engine operates. While there is some design control over T2 and T4, it is much easier to 

change the temperature of combustion, T3. By increasing T3, the overall efficiency of the 

idealized system is improved. 

The solution to improve efficiency then seems simple: to burn fuel at the highest 

temperature possible. However, as is often the case in engineering design, material 

performance becomes the limiting factor. The turbine blades must operate continually in 

temperatures at or above their melting point in modern gas turbine engines. Melting points 

aside, materials undergo creep, a type of permanent deformation that happens to materials 

under stress. Each blade undergoes immense stress from centrifugal forces, and the creep 

is only exacerbated by exposure to extreme temperatures for extended periods of time. To 

counteract the potentially engine-ruining effects from high turbine inlet temperatures, 

active cooling systems for turbine blades and vanes must be employed. 
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1.2 FILM COOLING 

1.2.1 Overview 

In a large part thanks to developments in turbine cooling technology, the turbine 

inlet temperature in engine designs has increased substantially over the past sixty years as 

seen in Figure 1.5, yielding more and more efficient engines. These cooling systems 

involve redirecting relatively low-temperature process air, often taken from the compressor 

stage, and rerouting it to the turbine blades and vanes.  

 
Figure 1.5: History of allowable turbine entry temperature with evolution of active 

cooling technology [4] 

One of the earliest forms of turbine airfoil cooling, convection cooling consists of 

passing coolant through internal channels in the airfoil. The coolant flowing inside the 

airfoil absorbs heat conducting through the wall from the hot mainstream flow and carries 

it away as it leaves. A specific type of internal convective cooling, impingement cooling 

increases the amount of heat absorbed by the coolant by shooting a jet of coolant against 
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an internal surface at a high velocity. This type of cooling is usually reserved for areas 

under heavy heat load, such as the leading-edge region. 

External cooling further increases the lifetime of turbine airfoils by bleeding 

coolant onto the exterior airfoil surface. A diagram of a turbine blade designed with internal 

convection cooling, impingement cooling, and external film cooling all together is shown 

in Figure 1.6. Film cooling is the most widely used form of external cooling and is the 

variant of turbine cooling examined in this thesis. This method involves expelling coolant 

through discrete holes on the surface of the blade. The coolant jets exiting the holes then 

form a cool film that blankets the surface, protecting it from the hot mainstream gases. 

Better protection is achieved when jets remain attached to the external surface; a separated 

jet with reduced surface contact will not offer nearly as much protection from the hot 

mainstream. Thus, jet attachment is critical to the efficacy of film cooling. 

 
Figure 1.6: Diagram of a turbine blade designed with convection cooling and film 

cooling [4] 
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The film cooling holes are located where high heat loading occurs on the blade. The 

leading edge often is sprinkled with film cooling holes, resembling a shower nozzle. This 

is in fact the etymological origin of the name for this region, the “showerhead.” Scattering 

coolant holes all along the entire blade surface might then seem like the solution to cooling 

the blade. However, the introduction of more film cooling holes produces more 

aerodynamic losses as a tradeoff. The shapes of turbine blades and vanes are designed with 

specific aerodynamic behavior in mind, and careless placement of film cooling holes could 

offset the benefits of higher temperature operation with decreases in turbine aerodynamic 

performance, especially in high Mach number regions of the turbine components according 

to Bunker (2017) [5]. Thus, the placement of the film cooling holes becomes a key design 

parameter. 

The pressure side of the airfoil is usually the first target area for placement of film 

cooling holes because injection of coolant in this section introduces the least amount of 

aerodynamic losses. However, the concave curvature of the pressure side could adversely 

affect film cooling performance, depending on several factors that will be explained in 

§1.2.4 Flow around a Curved Surface. Aerodynamic losses from film cooling jets are felt 

more strongly on the suction side, so typical designs include fewer holes on that section of 

the airfoil. The convex curvature of the suction side has a significant effect on film cooling 

performance. 

1.2.2 Adiabatic Effectiveness 

Film cooling jets protect turbine blades primarily by reducing the rise in 

temperature of the wall adjacent to them. This heat transfer between the gas immediately 

adjacent to the wall and the wall itself can be modelled using a convective heat transfer 

coefficient h, shown next: 
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 𝑞′′ = ℎ(𝑇𝑟𝑒𝑓 − 𝑇𝑤𝑎𝑙𝑙)   (1.2) 

where q’’ is the heat transfer per unit area entering the blade wall, Tref is a reference 

temperature for said heat transfer, and Twall is the temperature of the blade wall. The 

reference temperature is often set in film cooling experiments to be the adiabatic wall 

temperature, Taw—the temperature of the fluid immediately adjacent to the wall for a non-

conducting wall. This temperature is chosen because it is representative of the fluid 

temperature just adjacent to the wall. With the reference temperature chosen, the heat 

transfer per unit area due to film cooling, qf’’, can be defined as follows: 

 𝑞𝑓′′ = ℎ𝑓(𝑇𝑎𝑤 − 𝑇𝑤𝑎𝑙𝑙)   (1.3) 

where hf is the heat transfer coefficient when film cooling is present. The adiabatic wall 

temperature is representative of the jet’s “footprint.” That is, the cold jet’s presence at the 

surface corresponds to a reduction in Taw. This study focused only on the adiabatic 

effectiveness, so the overall effectiveness will not be discussed. 

Because Taw serves as a key parameter in film cooling studies, a way of studying it 

in laboratory environments is necessary. The adiabatic wall temperature can be normalized 

with the freestream temperature and the coolant exit temperature to form a parameter called 

adiabatic effectiveness, represented by η. This non-dimensional number allows 

temperatures to be scaled between experimental laboratory conditions and actual engine 

conditions. Adiabatic effectiveness is defined as follows: 

 𝜂 =
𝑇∞ − 𝑇𝑎𝑤

𝑇∞ − 𝑇𝑐,𝑒𝑥𝑖𝑡
 

  (1.4) 

where T∞ is the freestream temperature, and Tc,exit is the temperature of the coolant at the 

exit of the film cooling hole. Adiabatic effectiveness is at a maximum (η = 1) when Taw is 
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at the coolant exit temperature and at a minimum (η = 0) when Taw is at mainstream 

temperature. 

Adiabatic effectiveness is a function of many engine conditions, all of which can 

be scaled via other non-dimensional values. The first value to note is the density ratio, DR. 

DR is defined as follows: 

 𝐷𝑅 =
𝜌𝑐

𝜌∞
 

  (1.5) 

where ρc is the density of the coolant, and ρ∞ is the density of the mainstream. The drastic 

differences in temperatures between the coolant and mainstream flows in a gas turbine 

engine result in differences in density too. While the temperatures have been accounted for 

by η, adiabatic effectiveness does not account for the hydrodynamic behavior arising from 

density differences between the mainstream flow and the coolant jet. Thus, density ratio 

should be matched for complete analogy between experiments and engine operation. 

However, in experimental practice the density ratio is often quite difficult to match. 

For example, some laboratories use cryogens to reduce the temperature of the coolant gas. 

Achieving density ratios of 1.8 - 2.0 (typical engine DR’s) in a laboratory setting poses two 

potential problems for labs using cryogen coolant systems. Higher-DR testing requires 

extremely careful experiments, avoiding any deposition of frost from moisture in the gases 

that could artificially affect results. Though difficulties associated with testing at engine-

matched DR are not insurmountable, many experiments are run at density ratios of 

significantly less than DR = 2.0. The effect of DR on η is summarized in §1.2.3 Effect of 

Density Ratio on Adiabatic Effectiveness. 

The ratio of the velocities of the coolant to the mainstream velocity also affects film 

cooling performance. The velocity ratio, VR, is defined by the following equation: 
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 𝑉𝑅 =
𝑢𝑐

𝑢∞
 

  (1.6) 

where uc is the coolant velocity, and u∞ is the mainstream velocity. 

Often film cooling hole designs have varying cross-sectional areas along their 

lengths, so the coolant velocity is not constant through them even for a constant mass flow 

rate. These types of holes are broadly referred to as “shaped holes”; for the sake of example, 

Figure 1.7 shows two such shaped holes from Saumweber et al. (2002) [6]. Shaped holes 

usually have a constant diameter “metering” section at the inlet. As a standard, uc is defined 

as the coolant velocity in the metering section of the hole. 

 

Figure 1.7: Fig. 2 from Saumweber et al. (2002) showing features of various shaped 

holes [6] 

Velocity ratio is combined with density ratio to define the blowing ratio, M. 

Blowing ratio is defined as follows: 
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 𝑀 =
𝜌𝑐𝑢𝑐

𝜌∞𝑢∞
 

  (1.7) 

Blowing ratio represents a ratio of mass fluxes. In a first order sense, it is expected that 

blowing more coolant through a film cooling hole results in higher adiabatic effectiveness 

because of the increased amount of thermal mass available to absorb energy. This statement 

is true if the coolant jet is attached to the surface it is cooling. At higher blowing ratios 

though, the jet detaches from the surface, mixing into the mainstream; this causes this first-

order scaling to break down. After jet separation, a hole design sees diminishing returns in 

adiabatic effectiveness as blowing ratio is increased. 

With the important effects of flow separation in mind, it is necessary to define 

another parameter that takes them into account. A ratio of the momentum of the coolant 

flow to that of the freestream is defined as follows: 

 𝐼 =
𝜌𝑐𝑢𝑐

2

𝜌∞𝑢∞
2

   (1.8) 

where I is the momentum flux ratio. The momentum flux ratio tracks the interaction of the 

respective momenta of the coolant and mainstream flows. Jets with higher momenta tend 

to separate while lower-momenta jets tend to remain attached to the surface. 

1.2.3 Effect of Density Ratio on Adiabatic Effectiveness 

DR’s effect on η for both round and shaped film cooling holes was studied by 

Anderson et al. (2015) [7]. They determined that VR scaled adiabatic effectiveness from 

experiments with different DR’s much better than M and slightly better than I did. Still, at 

VR’s less than ~0.7, the scaling did not collapse the effectiveness data completely. They 

found that an increase in DR from 1.2 to 1.6 resulted in a corresponding increase of η̄ (η 
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averaged laterally across an integer number of hole pitches) of ~0.04 for round holes and 

~0.02 for shaped holes. 

The effects of DR thus have been shown to have a measurable effect on adiabatic 

effectiveness. The experiments for this study, using shaped holes, were run at a density 

ratio of 1.2, keeping these DR effects in mind. 

1.2.4 Flow around a Curved Surface 

Turbomachinery airfoils’ highly-cambered shapes make the effects of flow 

travelling around a curved surface inescapable. It is no surprise that surface curvature has 

a significant effect on film cooling performance on a turbine airfoil. Flow over the 

showerhead and suction side of the blade experiences convex curvature, while the pressure 

side is comprised of mostly concave curvature. 

In flow around a curved surface, a pressure gradient forms perpendicularly to the 

streamlines of the flow around the surface due to the centripetal force of the fluid. It is 

useful to quantify the strength of this surface-normal pressure gradient. The perpendicular 

pressure gradient around a curved surface can be calculated as follows: 

 
𝜕𝑃

𝜕𝑟
= −

𝜌𝑢2

𝑅
   (1.9) 

where P is pressure, r is the radial position, and R is the local radius of curvature of the 

surface, the inverse of the surface curvature, κ. The magnitude of ∂P/∂r is the strength of 

the pressure gradient normal to the surface; its sign indicates its direction—positive means 

a pressure gradient out of the surface; negative means a gradient into the surface. Increasing 

the fluid density or velocity increases the magnitude of the pressure gradient; this makes 

sense because increasing either of these increases the flow’s momentum, therefore 

increasing the centripetal force. Flatter surfaces, that is, those with higher radii of curvature, 
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have weaker normal pressure gradients; on the other hand, surfaces with more intense 

curvature (lower radii of curvature) have stronger normal pressure gradients. The direction 

of the pressure gradient is dictated by the shape of the surface. Convex surfaces have 

positive radii of curvature, and therefore the normal pressure gradient is directed into the 

surface. The opposite is true for concave surfaces. 

These phenomena are illustrated in the cartoons in Figure 1.8 and Figure 1.9. For 

a convex surface, as flow follows the wall curving away, a pressure gradient forms directed 

toward the wall. The opposite happens for a concave surface; when the wall curves toward 

the flow, the pressure gradient points away from the wall. The higher the surface curvature, 

the larger the pressure gradient—this is illustrated by the relative sizes of the arrows in the 

cartoons. 

 
Figure 1.8: Cartoon of normal pressure gradient arising from convex surface curvature 

(typical of an airfoil’s suction side) 
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Figure 1.9: Cartoon of normal pressure gradient arising from concave surface curvature 

(typical of an airfoil’s pressure side) 

Bogard & Thole (2006) give a summary of the effects of curvature on film cooling 

jet behavior and effectiveness [8]. For a convex surface, lower-momentum jets are pinned 

down to the surface by the pressure gradient. A higher-momentum jet has a trajectory with 

a radius of curvature higher than that of the wall; and it will separate, overcoming the 

gradient pushing it toward the wall. Concave curvature has the opposite effect because the 

pressure gradient is in the opposite direction. Lower-momentum jets perform poorly on 

concave surfaces because they are pushed away from the wall by the pressure gradient; 

higher-momentum ones remain attached, overcoming the gradient. 

1.2.5 Effects of Surface Curvature on Round Hole Film Cooling 

For many years, round holes were the only published film cooling hole geometry 

being studied. Surface curvature’s effects on round holes have been studied thoroughly; 

and though the present study used shaped holes, some of the insight gained from these 

round hole studies will be useful in studying curvature’s effects on shaped hole film 

effectiveness. 
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One of the first studies on the effects surface curvature has on film cooling 

performance was performed by Mayle et al. (1977) on a slot geometry [9]. Flat, concave, 

and convex surfaces were tested in this experiment, each case in the absence of any stream-

wise pressure gradient. Over a range of blowing ratios from 0.5 – 0.9, the convex curvature 

surface performed best in terms of film cooling effectiveness, followed by the flat surface, 

with the concave surface performing worst. They attributed these effects to curvature’s 

effects on Reynolds shear stresses, which in turn affect the growth of the shear and thermal 

boundary layers downstream of the slot injection site. They hypothesized that the adiabatic 

effectiveness could be predicted with knowledge of the turbulent shear layer growth 

following the surface. The explanation makes no mention of the surface-normal pressure 

gradient that arises from flow around a curved surface though; so their hypothesis that the 

Reynolds shear stresses are causing this difference in performance is suspect. In addition, 

although the slot geometry gives valuable insight into fundamental film cooling physics, it 

does not account for the 3D flow field that characterizes flow out of discrete holes, such as 

those used in this thesis. 

Ito et al. (1978) followed with a study on axial round holes on a ~4x scaled up 

turbine blade test model [10]. They studied a much wider range of test parameters, with 

density ratios from 0.75 to 2 and with blowing ratios from 0.2 to 3. By considering the 

centrifugal forces generated by flow over a curved surface, they derived a set of rules that 

predict the behavior of film cooling jets over curved surfaces. 

 |𝑅𝑗𝑒𝑡| > |𝑅𝑤𝑎𝑙𝑙| 𝑓𝑜𝑟 𝐼𝑐𝑜𝑠2𝛼 > 1 (1.10) 

 |𝑅𝑗𝑒𝑡| = |𝑅𝑤𝑎𝑙𝑙| 𝑓𝑜𝑟 𝐼𝑐𝑜𝑠2𝛼 = 1 (1.11) 

 |𝑅𝑗𝑒𝑡| < |𝑅𝑤𝑎𝑙𝑙| 𝑓𝑜𝑟 𝐼𝑐𝑜𝑠2𝛼 < 1 (1.12) 
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where Rjet is the radius of curvature of the jet trajectory, Rwall is the radius of curvature at 

the hole breakout, and α is the injection angle of the hole. The value of Icos2α predicts the 

strength of Rjet compared to Rwall. When Icos2α is greater than unity, the jet is predicted to 

come closer to a concave wall but go farther away from a convex wall. The opposite is true 

when Icos2α is less than unity. Thus, the three equations can be used to predict the 

performance of jets over convex, concave, or flat surfaces as compared to each other. If 

Icos2α is greater than unity, a jet over a concave surface would be expected to perform 

better than one over a flat surface and over a convex surface—in that order. However, if 

Icos2α is less than unity, a jet over a convex surface would be expected to perform better 

than the other two cases. Their results confirmed these general rules about scaling jet 

performance over curved surfaces using streamwise momentum flux ratio. They concluded 

that the local surface curvature at the hole is a key parameter influencing the film cooling 

performance. 

Schwarz et al. (1991) later followed with a study on 35° axial round holes on a 

convex surface [11]. They introduced the scaling parameter 2R/D, a non-dimensional ratio 

of the film cooling hole diameter to the local radius of curvature of the surface. By creating 

this parameter, they could test the effects of different strengths of convex curvature. With 

their own experiments and data supplemented from Pederson et al. (1977) and Ito et al. 

(1978), they gauged this scaling factor’s usefulness [10] [12]. 

They varied hole diameter to study the effects of different 2R/D values on adiabatic 

effectiveness. Parameterizing the hole diameter rather than the surface curvature allowed 

them to keep many of the freestream conditions the same from test to test. However, they 

did not keep the boundary layer thickness relative to hole diameter constant throughout 

these tests, which would have been a better matching of freestream parameters among test 



 

 

18 

cases; rather, they kept the thickness itself constant. They ran tests with three different 

injection plates with three different hole sizes. The diameters and 2R/D values of these 

holes are summarized in Table 1.1. 

Table 1.1: 2R/D values tested in Schwarz et al. (1991) [11] 

 D (cm) 2R/D 

Low Curvature 0.160 126 

Moderate Curvature 0.216 94 

High Curvature 0.333 61 

Along with these different 2R/D values tested, they ran experiments over a range 

of blowing ratios from 0.3 to 2.7 and density ratios of 0.95 and 2.0. Regarding DR, they 

found that the centerline effectiveness at a given momentum flux ratio I was very similar 

for both DR = 0.95 and DR = 2.0. Recall that Anderson et al. (2015) found that I was a 

reasonable scaling parameter for adiabatic effectiveness at different DR’s, though not as 

good as VR [7]. 

They hypothesized that I is the driver for centerline performance because higher-

momentum jets tend to lift off the surface. Flow visualization and adiabatic effectiveness 

measurements supported this theory. They found that the momentum flux ratio at which 

peak adiabatic effectiveness occurred was the same across the density ratios tested, 

indicating that density ratio played a relatively minor role in the holes’ performances. 

Figure 1.10 shows comparisons of their measurements to other studies on blades, 

vanes, and constant curvature surfaces. The data are presented in terms of η̄ at X/D = 40 

against momentum flux ratio for a series of holes with different 2R/D values, including 

concave, flat, and convex curvatures. The plot shows that lower positive 2R/D values 

(corresponding to higher convex curvature) have higher effectiveness at lower I’s. 
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However, past I = 2.0, convex curvature seems to have a lessened beneficial effect on 

effectiveness, coinciding with increasingly severe jet separation from the wall. 

At low injection rates, the effectiveness for convex surfaces is far greater than that 

on a flat surface. This is a result of the cross-stream pressure gradient into the surface 

overpowering the tangential momentum of the jet and pushing it against the surface. 

Regarding the performance of convex versus concave curvature, Ito et al. (1978) 

predicted that at Icos2α greater than unity, a concave surface would perform better than a 

convex surface. With α = 35° in this study, I = 1.5 corresponds to this crossover point. The 

plot in Figure 1.10 shows that Schwarz et al.’s results agree with this. 

 
Figure 1.10: Fig. 9 from Schwarz et al. (1991) - plots of laterally-averaged adiabatic 

effectiveness at X/D = 40 vs. momentum flux ratio for different local hole 

curvatures at DR = 0.95 
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Ethridge et al. (2000) tested a row of axial round holes on a large-scale turbine vane 

model over a range of density ratios, blowing conditions, and mainstream turbulence 

intensities [13]. The row was located at a position of strong convex curvature (2R/D = 26 

at the holes and to 2R/D = 53 at X/D = 20) and strong favorable pressure gradient. It was 

found that when M < 0.7, performance at the two density ratios tested (DR = 1.1 and DR = 

1.6) scaled with blowing ratio M. However, when I > 0.4, hole performance scaled with 

momentum flux ratio I. It should be noted that this set of experiments (along with the next 

two sets that will be described) was performed in the very same wind tunnel in which the 

experiments in this thesis were performed, although the test section has been redesigned in 

the meantime. 

Waye & Bogard (2007) studied the performance of axial and compound angle 

round holes on the suction side of a scaled-up turbine vane [14]. The holes were positioned 

in a section of mild convex curvature with 2R/D = 158. They found that the laterally-

averaged results from this row with mild curvature agreed with results from flat plate 

experiments. This is an important result because it points to the existence of a minimum 

amount of curvature that will impact adiabatic effectiveness results. 

Winka et al. (2013) sought to test the validity of 2R/D as a curvature scaling factor 

[15]. Two different locations on the suction side of a vane with different radii of curvature 

were chosen. Next, hole diameters were selected such that the two rows at the two locations 

had equal 2R/D values. If 2R/D truly scales hole performance, then the adiabatic 

effectiveness of the two rows should match. To compare the effect of matching 2R/D versus 

simply matching the local curvature, another row was designed to have the same diameter 

as one row but the same local curvature as the other. If the rows with the same local 

curvatures were found to agree better, it would indicate that matching local curvature 
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(regardless of hole diameter) would be a more effective scaling factor for film cooling 

performance. The three cases are summarized in Table 1.2. 

Table 1.2: Cases studied in Winka et al. (2013) to test 2R/D as a scaling factor 

Case 2R/D D (mm) R (mm) 

Case 1 28 3.73 52 

Case 2 28 5.37 75 

Case 3 40 3.73 75 

It was found that the two rows with identical 2R/D performed similarly at low 

injection rates when the jets remained attached but quite differently after separation 

occurred. This can be seen in Figure 1.11, a plot of spatially-averaged effectiveness, η̿, of 

Cases 1, 2, and 3 as a function of momentum flux ratio. Effectiveness was averaged 

spatially from X/D = 0 to X/D = 24. By I = 0.40, the jet has separated from the wall; and 

the hole performs worse as coolant flow rate increases. With I > 0.40, Case 2 matched 

neither Case 1 nor Case 3, suggesting that matching either the local 2R/D or the radii of 

curvature was insufficient in each case to predict behavior post-separation. 
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Figure 1.11: Figure 14 from Winka et al. (2013) - comparison of holes with same 2R/D 

(Cases 1 & 2) vs. holes with same local curvature (Cases 2 & 3) 

 Because of each case’s difference in hole diameter and location on the vane, the 

curvature downstream of the hole as a function of X/D would be different in each case, 

which Winka et al. suspected was the reason for differences in performance among Cases 

1, 2, and 3. To investigate this further, they designed two more cases. They placed one hole 

upstream of the peak convex curvature location and one downstream of the peak at points 

of equal convex curvature. They then made these hole sizes equal so that R, D, and 

therefore 2R/D were all matched. The only difference between the two rows would be the 

curvature downstream of the respective holes. These cases are summarized in Table 1.3. 

Table 1.3: Cases studied in Winka et. al (2013) to test effects of downstream 

curvature 

Case 2R/D D (mm) R (mm) Location Relative to Peak Convexity 

Case 4 40 3.34 67 Downstream 

Case 5 40 3.34 67 Upstream 
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It was found that the curvature downstream of the holes had significant effects on 

film cooling performance. Figure 1.12 shows spatially-averaged effectiveness of Cases 4 

and 5 as a function of momentum flux ratio. Case 5 outperforms Case 4 across all 

momentum flux ratios. This can be attributed to the differences in strength of the normal 

pressure gradient characteristic to flow around a convex surface. In Case 5, the normal 

pressure gradient increases as a function of downstream distance and aids the jet by pushing 

it against the surface. Because Case 4 is downstream of the convexity peak, the normal 

pressure gradient weakens as a function of downstream distance resulting in a weaker 

benefit to jet performance. In Case 5, separation occurs at a higher flow rate than in Case 

4—an effect also likely due to the increasing normal pressure gradient. 

 
Figure 1.12: Figure 20 from Winka et al. (2013) - comparison of holes with same 2R/D 

but different downstream curvatures 
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Winka et al.’s results indicate that the local surface curvature is not enough 

information to scale performance on curved surfaces. They suggest developing a scaling 

factor that incorporates the surface curvature both at the hole and downstream of the hole. 

Throughout these studies on round holes, several key points can be learned about 

surface curvature’s effects: 

• The jet’s streamwise momentum flux ratio, Icos2α, can be used as a first order 

prediction of whether a jet on a curved surface will separate or not [10]. 

• The scaling parameter 2R/D is useful for scaling curvature while incorporating 

hole diameter [11]. 

• Curvature far exceeding 2R/D = 158 can be considered flat [14]. 

• The surface curvature of the entire film cooling area—not just at the point of 

injection—influences film cooling performance [15]. 

1.2.6 Effects of Surface Curvature on Shaped Hole Film Cooling 

All the studies mentioned so far have used either round hole or slot geometries. 

Another type of hole, the shaped hole includes a diffuser section at the exit with lateral 

and/or forward expansion. In a review of shaped hole studies in the literature, Bunker 

(2005) described the advent of the shaped hole geometry as the only major advancement 

in film cooling technology in the past thirty years [16]. 

The diffuser decreases the momentum of the jet, which is especially advantageous 

at higher injection rates relative to those of cylindrical holes. The decreased momentum of 

the jet reduces the tendency of the coolant to separate. Less jet-mainstream mixing and less 

separation lead to better cooling of the airfoil surface from shaped holes when compared 

to cylindrical holes. Because of this, shaped holes have become a common design in gas 

turbine blades and vanes. Bunker (2005) does mention some potential drawbacks for the 
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shaped hole though. For one, they require longer surface distances to expand adequately, 

meaning that they can be difficult to machine into highly curved portions of airfoils such 

as the leading-edge area. In some sections of airfoils such as the pressure side of some 

designs, shaped holes can destabilize the flow, a cost potentially outweighing their benefit. 

They are also prone to mainstream ingestion in their diffuser regions because of the 

relatively low-velocity flow in them [16]. 

There are very few studies focusing on surface curvature’s effects on the 

performance of shaped holes. No studies were found that parameterized the 2R/D value 

with shaped holes at different levels of curvature, and none compared to a similar baseline 

low curvature or flat plate measurement. 

One study examining curvature’s effects on shaped holes found was Colban et al. 

(2006), which focused on surface curvature’s effects on a laidback fan-shaped hole 

geometry on the suction and pressure sides of a scaled-up nozzle guide vane [17]. The 

study did not report the surface curvature level of the vane at any of the locations tested, 

which makes it difficult to ascertain just how much the curvature affected the performance 

of the shaped hole versus other factors (e.g., pressure gradient, boundary layer character, 

hole Reynolds number). Still, some of their data are reviewed here to demonstrate the small 

amount of information available on shaped holes in the presence of surface curvature in 

the literature. 

A row on the pressure side located in more extreme concave curvature showed 

interesting behavior. Adiabatic effectiveness contour plots of this row are shown in Figure 

1.13. The high-effectiveness areas contract to small widths before laterally spreading at 

X/D ≈ 10. The narrowing of the effectiveness contours may be attributed to a slight 



 

 

26 

separation of the coolant jets; but the widening farther downstream may be caused by the 

impingement of the jets on the surface curving back into their trajectories. 

 

Figure 1.13: High concave curvature pressure side row's adiabatic effectiveness 

contours at two blowing ratios from Colban et al. (2006) [17] 

Four rows were placed on the suction side of the vane as well. Three of the rows 

were positioned in regions of high convex curvature in an accelerating flow. The other was 

in a region of low convex curvature just upstream of the throat. Contour plots of adiabatic 

effectiveness from a representative row from the high curvature suction side group, Row 

SA, and from the low curvature suction side row, Row SD, are shown in Figure 1.14. 
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Figure 1.14: High (Row SA) and low (Row SD) convex curvature suction side rows’ 

effectiveness contours from Colban et al. (2006) [17] 

They found that the high curvature rows tended to separate drastically with 

increased injection rates due to the high convex curvature; they recommended blowing less 

coolant to achieve better coolant performance. This is consistent with the idea that if the 

jet’s momentum is too high, it will overcome the surface-normal pressure gradient pointed 

toward the surface and separate from the surface. The low curvature row, Row SD, showed 

higher effectiveness than Row SA for a low blowing ratio, where it is expected for a jet 

with the surface-normal pressure gradient aiding its wall attachment to have superior 

performance. But the hole spacing was also smaller for Row SD, which boosts its 

effectiveness—clearly, the comparison is not quite fair.  

This study finds that the convex surface curvature decreases film effectiveness for 

shaped holes. This finding is wholly inconsistent with round hole behavior. The data 

presented in Colban et al. (2006) were not rigorous enough to describe the behavior of 
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shaped holes with surface curvature. To determine curvature’s effect on film cooling 

effectiveness, the variable must be isolated further. 

1.2.7 7-7-7 Hole Geometry 

Schroeder & Thole (2014) presented a baseline shaped hole geometry, named the 

7-7-7 hole for its 7° forward and lateral expansion angles [18]. Figure 1.15 shows CAD 

images of the hole. 

 
Figure 1.15: Fig. 1 from Schroeder & Thole (2014) - images of 7-7-7 shaped hole design 

The experiments in this thesis utilize this geometry built into the curved surface of 

a blade. The details of the geometry used in this study will be covered more extensively in 

§2.3.4 Hole Geometry. 

No experiments found in the literature used the 7-7-7 hole to study the effects of 

surface curvature has on its performance. 
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1.2.8 Effects of Stream-wise Pressure Gradients on Film Cooling 

With any blade or vane design comes a pressure distribution associated with its 

geometry in the presence of an incoming flow. Stream-wise pressure gradients form 

because of the change in pressure along the surface of the blade. The effects of curvature 

on a blade with a pressure distribution cannot be isolated from the effects of stream-wise 

pressure gradients, so it is important to understand the relative effects of each. 

Schmidt & Bogard (1995) studied the effects of a stream-wise pressure gradient on 

a row of axial round holes in a flat plate [19]. They imposed a pressure gradient matching 

that of the suction side of a typical gas turbine blade by installing a contoured top wall 

opposite the film cooling holes—a modification without which there would be zero 

pressure gradient. It was found that compared to the zero-pressure-gradient case, the 

nonzero-pressure-gradient case had a minor effect on the hole performance. Three 

differences were seen. First, laterally-averaged effectiveness decayed somewhat more 

quickly for the nonzero-gradient case, typically 0.02-0.04 lower in effectiveness than the 

zero-pressure-gradient case depending of the downstream distance. Next, the I at which 

maximum effectiveness occurred was slightly increased, likely due to the favorable 

pressure gradient turning the jet toward the surface, delaying separation. Once the jets 

separated though, virtually no difference was observed between the zero- and nonzero-

pressure-gradient cases. Finally, very near the hole, it was found that jets spread wider in 

the presence of the pressure gradient than in the zero-gradient case. However, no physical 

reason for this was evident based on the data they took. 

The effect of freestream pressure gradient on the effectiveness of shaped holes has 

not been studied extensively in the literature, and no studies have used the 7-7-7 shaped 

hole to examine freestream pressure gradients’ effects. 
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1.2.9 Freestream Effects on Film Cooling Effectiveness of Shaped Holes 

Recent studies have shown that freestream parameters such as boundary layer 

thickness and Reynolds number (each scaled with hole diameter) can have significant 

effects on film cooling performance. Anderson et al. (2016) investigated these parameters 

along with freestream Mach number; and the work was continued in his PhD dissertation, 

Anderson (2017) [20] [21]. Throughout his work, he used the 7-7-7 shaped hole geometry. 

Boundary layer thickness was found to have a second-order effect compared with 

M and DR, but a significant effect nonetheless. At both low and moderate freestream 

turbulence levels, increasing the boundary layer thickness from ~1.5D to 4D could result 

in up to a 10% reduction in laterally-averaged adiabatic effectiveness. Only a brief 

overview of Anderson’s experiments, this behavior highlights the necessity to match 

boundary layer thickness between experiments being compared. 

Hole Reynolds number was also studied, though only at a moderate freestream 

turbulence level of 5.5%. Increasing the hole Reynolds number increased adiabatic 

effectiveness by ~30% at lower blowing ratios where the coolant jets were more attached 

to the surface. But the effect was much weaker for higher blowing ratios where the jets 

were more detached, increasing adiabatic effectiveness only by ~5% or so. 

These studies have shown the importance of these freestream effects that have in 

the past been considered marginal effects. Consequently, the current experiment was 

designed such that the boundary layer thicknesses and the hole Reynolds numbers were 

matched between the rows of holes studied. 

1.3 OBJECTIVE OF CURRENT STUDY 

 In all the film cooling curvatures studies presented, few have examined the effects 

of curvature on shaped holes—and none on the 7-7-7 geometry. This study examined 
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the behavior of 7-7-7 shaped holes in the presence of two different levels of convex surface 

curvature and the pressure gradients associated with them on the suction side of a scaled-

up turbine blade. Knowledge of round holes’ behavior in the presence of surface curvature 

has been studied thoroughly in the literature. This experiment determined whether the 

behavior seen with round holes on curved surfaces is also seen with shaped holes—at least, 

for convex curvature on the suction side of a scaled-up turbine blade. 

First, a blade test model was designed and constructed. The geometry was taken 

from a numerical study by Kopriva et al. (2014) [22] on a high-pressure turbine blade 

design. The wind tunnel test section used to perform tests for this thesis was adapted to 

host this blade design, including flowing the incoming mainstream at a nonzero angle of 

attack, forcing periodic boundary conditions to simulate an infinite cascade of blades, and 

matching the high Mach number design pressure distribution in a low Mach number flow. 

Two rows of holes were designed for this experiment. Both lay on the suction side 

of a scaled-up turbine blade test model—one at an area of high convex curvature and one 

at an area of low convex curvature. The low curvature row’s 2R/D surpasses the value of 

2R/D = 158 that Waye & Bogard (2007) tested, meaning that it can most likely be compared 

to data from flat plate tests. In addition, the blade model was designed to have a plenum-

like feed as opposed to a crossflow configuration. Though it is a more realistic 

representation of actual turbine blade designs, holes fed by crossflow are subject to 

complicated flow effects that can decrease cooling performance [23]. Testing with a 

plenum feed eliminates the compounding effects of crossflow for these tests. 

In addition to geometric and internal effects, external conditions were matched as 

closely as possible for the two rows. Unfortunately, due to the geometry of the blade, the 

local pressure gradients could not be matched between the two rows. But the hole Reynolds 
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numbers were set to be equal by adjusting the hole diameter with knowledge of the velocity 

distribution around the blade. Also, care was taken to match the approaching boundary 

layer thickness and character for the two rows. Boundary layer thicknesses were controlled 

by placing trip-rods of various sizes upstream of the rows of holes.  
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Chapter 2: Test Facilities and Experimental Methods 

All the experiments conducted during this study were performed in the closed loop, 

low-speed cascade test facility at the Turbulence and Turbine Cooling Research Laboratory 

(TTCRL) of the Mechanical Engineering Department at the University of Texas at Austin. 

This chapter will detail the wind tunnel used for this experiment, the design and 

manufacturing of the test model, and the instrumentation used to collect measurements. 

The uncertainty of the measurements will also be estimated. 

2.1 OVERVIEW OF WIND TUNNEL AND COOLANT SYSTEM 

Experiments in the present study were performed using TTCRL’s low-speed linear 

cascade facility because it could host a scaled-up turbine blade test model. This facility 

simulated a linear cascade of turbine airfoils, staggering them at a prescribed pitch from 

one another. The cascade allowed the boundary conditions on both sides of the test model 

to be made periodic—that is, repeating regularly if the cascade were to be extended beyond 

the two and a half airfoils used in the test section. By satisfying these periodic boundary 

conditions, the test environment simulated an infinite cascade of airfoils, approximating 

the actual boundary conditions in a gas turbine engine. 

A diagram of the high-level systems of the tunnel is shown in Error! Reference 

source not found.. The main fan I provided the source of flow from within the tunnel loop. 

It should be noted once again that the facility was closed-loop, meaning flow circulated 

and eventually returned to the inlet of the main fan, following the arrows drawn in the 

diagram. Mainstream flow passed a heat exchanger, J, which regulated the temperature of 

the mainstream flow via water fed into the exchanger and controlled by the tunnel operator. 

The test section is shown at the bottom-right corner of the diagram but is faded out to show 

the coolant passages beneath it. The test section will be detailed later in this section. 
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Figure 2.1: Diagram of linear cascade facility [24] 

Just as vital to film cooling experiments as the mainstream flow, the coolant flow 

is also depicted in Figure 2.1. The coolant used in this facility was an air-nitrogen mixture, 

drawing from mainstream flow and liquid nitrogen fed from a cryogenic storage dewar. 

First, air was taken from the mainstream at location A and sucked into the extraction loop, 

B, by the coolant blower, C. The mainstream air then left the extraction loop either to return 

to the mainstream or to be pulled into the coolant loop, D. The extracted air was cooled 

using liquid nitrogen from the dewar in the coolant heat exchanger, E. The evaporated 

nitrogen and air were mixed, and this mixture constituted the coolant used during film 

cooling experiments. Flow then split into three passages with each passage’s mass flow 

rate measured by its own orifice plate calibrated in situ (F). Calibrations of the orifice plates 

were achieved using a laminar flow element flow meter connected to the outlet, H; this is 

detailed in §2.5.6 Flow Rate Measurements. The operator could control flow rates through 
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the individual passages with gate valves installed in each passage (G). Finally, the coolant 

entered the test model in the test section. 

 

Figure 2.2: Diagram of test section (adapted from [24]) 

The test section is illustrated above in Figure 2.2. Coolant could be fed into the test 

model, H, from up to three separate passages, allowing for independent control of injection 

into different corresponding passages inside the test model. This capability is useful for 

full coverage models, where coolant is supplied to holes along the entire surface of the 

model. In the present study, only two coolant channels were used. The dummy and partial 

dummy airfoils, G and I respectively, comprised the remainder of the linear cascade, 

simulating the periodic boundary conditions necessary for a cascade test section. 
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Typically, a computational fluid dynamics (CFD) simulation is used to predict the 

flow field around the blade in an infinite cascade. The goal of a cascade test section is to 

match the entire flow field around the blade test models to this CFD prediction. However, 

this experiment did not follow this procedure per se. Instead, the flow field around a blade 

in a realistic high-Mach-number setting was simulated. The Cp (pressure coefficient) 

distribution was matched to that in a high-Mach-number computational study [22]. This 

was a new approach for this test section; it is detailed in §3.1 Simulations and Experimental 

Measurements of . 

Pressure measurements were taken on the blade’s surface to verify the Cp 

distribution around the test model. The inviscid flow field around the blades makes these 

measurements reliable predictors of the flow in the passages between the blades. Flow rates 

through the passages could be changed by pushing in or pulling out the adjustable 

blockages, C, and varying the amount of suction pulled through the U-bend bypass, D, via 

a Variac controller for a fan installed in the bypass. Adjustable test section walls, E, 

affected the acceleration of the flow around the model, allowing the airfoil pressure 

distribution to meet the CFD’s prediction of pressure at the surface. 

F denotes the location of the removable turbulence grid. The experiments in this 

thesis were performed without any grid in place, resulting in a nominally low freestream 

turbulence level. The local turbulence intensities at the rows of film cooling holes were 

each measured to be ~1.5%. This measurement is shown in more detail in §3.2 Approach 

Boundary Layer Measurements. 

One of the unique abilities of this test section is its ability to vary the angle of the 

flow entering the test section for testing of turbine blades. Two stages of turning vanes, A 

& B, turned the flow away from the blade and then back toward it, respectively. The 
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configuration used for this set of experiments was a nominal -35° approach flow angle. 

The actual inlet angle was measured previously to be -33.7° for a freestream turbulence 

intensity of 0.6% [24]. This angle was close to the approach angle of -31.1° in the CFD 

simulation in Kopriva et al. (2014), the study after which these experiments were modeled 

[22]. 

This section is only an overview of the design and function of the test facility. For 

more details, consult Chavez (2016) [24]. 

2.2 DESIGN AND SCALING OF TURBINE BLADE TEST MODEL 

The geometry of blade model on which the experiments in this thesis were 

performed was taken from Kopriva et al. (2014) [22]. Although the blade design is referred 

to as “PBD01” in the paper, it shall be referred to as the “Kopriva blade” in this thesis. 

 

Figure 2.3: Domain of simulation for Kopriva blade [22] 

Figure 2.3 shows the computational fluid domain this experiment emulated. The 

beige portion on the left-hand side of the domain is stationary and includes a stator vane 

Vane 

Stationary Domain 

Blades 

Rotating Domain 
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that turns the flow. The two blades on the right-hand side of the simulation have the 

Kopriva geometry. The blades reside in a rotating domain, the black portion, imitating the 

blades’ rotation in a gas turbine engine. Because the wind tunnel used for this experiment 

has no capability of rotation, flow velocities had to be determined relative to the blade from 

the simulation. This change of reference frame allows for the experimental blade model to 

be tested without the need for rotation. Of course, this simplification depends on rotational 

effects being negligible. Bogard & Thole (2006) summarized the few studies that have 

been performed that compare film cooling tests in rotating and stationary rigs [8]. The 

small number of tests do not establish a strong dataset; but they do indicate that the effects 

from rotation are relatively minor, especially on the suction side of airfoils. 

2.2.1 Geometric Scaling 

Geometric similarity was achieved by scaling the shape of the blade and the pitch 

between the blades relative to chord length. The pitch-to-chord ratio p/C given in Kopriva 

et al. (2014) is 0.739, where p is the blade pitch and C is the blade chord length [22]. The 

wind tunnel used for this experiment fit a minimum pitch of 445mm. This resulted in a 

scaled-up chord size of 602.3 mm. 

With the chord size determined, the geometric scaling factor was set to 15.48. This 

scaling factor dictated much of the remaining design of this blade model. 

2.2.2 Flow Scaling 

In addition to geometric similitude, kinematic similitude had to be met as well. 

Table 2.1 denotes certain parameters for the flow that were matched for this experiment. 

These conditions represent velocities relative to a moving blade as described in §2.2 Design 

and Scaling of Turbine Blade Test Model. A notable exception is the inlet Mach number, 
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Mainlet. Because the wind tunnel could not run at an inlet Mach number of 0.25, it was 

decided that this experiment would be a low-Mach-number simulation of the high-Mach-

number environment. In the limited amount of research done on the effects of freestream 

Mach number on film cooling performance, it has been seen that testing at high mainstream 

Mach numbers has a relatively small effect [8]. 

Table 2.1: Flow conditions for Kopriva blade design (relative to moving blade) 

Flow Parameter Value 

ReC,inlet 240,000 

ReC,exit 510,000 

Mainlet 0.25 

Flow Inlet Angle -31.1° 

Flow Exit Angle 69.9° 

In addition to the Mach number, the flow inlet and exit angles were not matched 

exactly. It was decided that—rather than designing, manufacturing, and building a whole 

new set of turning vanes—the -33.7°-angled vanes already built were close enough to the 

design specification of -31.1° for the inlet flow. The effect of this angle difference was 

studied using CFD, and more detail can be found in §3.1 Simulations and Experimental 

Measurements of . 

With inlet Reynolds number with respect to chord length given (240,000) and 

nominal running conditions in the wind tunnel known, the freestream velocity for the 

experiment could be determined. Inlet Reynolds number with respect to chord length 

(ReC,inlet) is defined as follows: 

 𝑅𝑒𝐶,𝑖𝑛𝑙𝑒𝑡 =
𝑢𝑖𝑛𝑙𝑒𝑡𝐶

𝜈∞
    (2.1) 

where uinlet is the velocity approaching the blade inlet, and ν∞ is the freestream kinematic 

viscosity. With the properties of air at 303K, the temperature at which these experiments 
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were performed, uinlet could then be determined. uinlet is defined as the velocity following 

the second-stage turning vane in the test section. It is also the blade approach velocity. It 

was calculated as follows: 

𝑢𝑖𝑛𝑙𝑒𝑡 =
𝑅𝑒𝑖𝑛𝑙𝑒𝑡𝜈∞

𝐶
=

2.4 ∗ 105 ∗ 1.6 ∗ 10−5 𝑚2

𝑠
0.6023𝑚

= 6.38 𝑚
𝑠⁄  

An approach velocity of 6.38 m/s is well within the operating range of the facility. 

The conditions of the wind tunnel during tests are summarized in Table 2.1. These are the 

conditions for the wind tunnel that match mainstream flow similitude with the Kopriva 

blade simulation. 

Table 2.2: Flow conditions for low-speed testing of Kopriva blade 

Parameter Value 

Inlet Velocity 6.38 m/s 

Inlet Mach Number 0.02 

Temperature 303K 

Inlet Angle -33.7° 

Exit Angle 70.7° 

2.2.3 Pressure Distribution Scaling 

For testing of an airfoil model, kinematic similitude is not yet complete with 

matching only the Reynolds number. For complete similitude, the passage flow field 

between the blades should be matched. It is presumed that by matching the pressure at the 

surface of the blade in an inviscid flow, the corresponding flow field in the passages is 

matched as well. Thus, for this test, the pressure distribution along the surface of the blade 

was made similar to the CFD simulation from Kopriva et al. (2014) by appropriate 

adjustments to the test section described next [22]. 
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The pressure distribution can be non-dimensionalized for scaling purposes using 

the coefficient of pressure, Cp, defined in the following equation [25]: 

 𝐶𝑝 =
𝑃 − 𝑃∞

1
2 𝜌∞𝑢∞ 

2
 

  (2.2) 

where P is the local static pressure, P∞ is the static pressure of the approach flow, ρ∞ is the 

approach flow density, and u∞ is the approach flow velocity. The Kopriva design specifies 

a Mach loading distribution rather than a Cp distribution, shown in Figure 2.4. With 

knowledge of the approach flow conditions and using isentropic flow equations, this Mach 

loading distribution was converted to a Cp distribution. 

 
Figure 2.4: Design Mach loading on Kopriva blade [22] 

With a target high-Mach-number Cp distribution and approach flow static pressure, 

density, and velocity known from Reynolds number scaling, the only remaining unknown 
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is the local static pressure. Experimental measurements of local static pressures along the 

blade were made to confirm when the pressure distribution was set correctly, matching the 

design. Detail of how local static pressure was measured experimentally can be found in 

§2.5.4 Pressure Distribution Measurements. Detail of the novel approach that matched the 

high-Mach-number pressure distribution using a low-Mach-number test section can be 

found in §3.1 Simulations and Experimental Measurements of . 

2.2.4 Acceleration Parameter, K 

Another way to scale flow around the blade is via the acceleration parameter, K. 

The acceleration parameter is a metric of the strength of acceleration in the presence of a 

pressure gradient. Because of the pressure gradients inherent to the flow around an airfoil, 

the acceleration parameter is a useful value to calculate. Though K automatically scales if 

Cp is properly matched, it is worth showing the distribution of K around the blade because 

it is a measure of the strength of the local freestream pressure gradient. The acceleration 

parameter is defined as follows:  

 
𝐾 =

𝜈

𝑢𝑙𝑜𝑐𝑎𝑙
2

𝑑𝑢𝑙𝑜𝑐𝑎𝑙

𝑑𝑠
 (2.3) 

where ν is the kinematic viscosity, ulocal is the freestream velocity along the surface, and s 

is distance along the surface. If flow is accelerating, du/ds is a positive value. Therefore, 

wherever K is positive represents a favorable pressure gradient in that location. The 

opposite is true when K is negative, where an adverse pressure gradient occurs. 

Experimentally, it has been found that highly-accelerating flows, corresponding to 

K ≥ 3E-6, tend to have laminar-like boundary layer profiles near the wall—even when the 

flow is turbulent prior to accelerating [26]. The reason is that turbulence generation is 
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suppressed in the presence of the strong acceleration. Thus, laminar boundary layers are 

expected anywhere on the blade where K exceeds ~3E-6. 

The acceleration parameter was calculated along the surface of the Kopriva blade 

to give further insight into the behavior of the flow around it. A plot of K versus surface 

distance s normalized by chord length is shown in Figure 2.5. The dashed line on the plot 

is the approximate critical value for re-laminarization, i.e., K = 3E-6. Note that the origin 

for s is at the blade’s geometric leading edge. The stagnation position was located at s/C = 

-0.046. Values of s/C less than -0.046 represented pressure side points; values greater 

represented suction side points. 

 
Figure 2.5: K distribution along normalized surface length 

Acceleration is highest at the leading edge, the location of the stagnation point. 

Here flow accelerates very sharply from stagnant, producing very large K values. 



 

 

44 

Acceleration then becomes more moderate on both the pressure and suction sides. At s/C 

≈ 0.55, K is zero and becomes negative downstream of that. This corresponds to the 

position of the throat; a peak velocity occurs where the acceleration is equal to zero. After 

the throat, the flow is decelerating, making the derivative of local velocity with respect to 

surface distance negative, making K negative. 

2.3 DESIGN AND SCALING OF FILM COOLING HOLES 

The local flow at the film cooling holes had to be scaled in addition to flow around 

the whole blade. However, the positions and sizes of the film cooling holes were subject to 

fewer constraints. The positions of the two rows were chosen based on the local surface 

curvature. The sizes of the holes were chosen based on the local hole Reynolds number. 

2.3.1 Curvature Profile of Blade 

This experiment was designed to isolate the effects of curvature on the suction side 

of a scaled-up turbine blade. Thus, it was necessary to calculate the profile of surface 

curvature of the Kopriva blade to determine the location of the test holes. A MATLAB 

script was written to determine the surface curvature at any point along the blade. Using 

the geometric profile of the blade, the script utilized the mathematical definition of 

curvature: 

 
𝜅 =

|
𝑑2𝑦
𝑑𝑥2|

(1 + (
𝑑𝑦
𝑑𝑥

)
2

)

3
2

 
  (2.4) 

where x and y are the Cartesian coordinates of the surface in question [27]. Because 2D 

airfoil designs are defined by a series of x- and y-coordinates, the equation can be used to 

calculate the local surface curvature at any point on the blade. Note that the radius of 
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curvature, R, is the inverse of curvature, κ, by definition. Because the absolute value of 

d2y/dx2 is taken, κ here represents the magnitude of surface curvature. 

Surface curvature was calculated as a function of distance along the blade, s. κ was 

multiplied by C, and s was divided by it to non-dimensionalize the two variables. These 

dimensionless values are thus independent of the geometric scale of the blade. The plot of 

non-dimensional curvature versus normalized surface distance is shown in Figure 2.6. Note 

that the plot is cut off at the far downstream sections on each side of the blade. At the 

trailing edge, the curvature becomes extreme; and this curvature blows up the scale of the 

curvature plot. The trailing edge curvature was omitted for clarity of the curvature plot. 

 

Figure 2.6: Normalized curvature magnitude plotted against s/C for both pressure and 

suction sides 
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The curvature is most intense near the geometric leading edge (s = 0). The curvature 

quickly decreases on either side of the showerhead section. The pressure side had milder 

surface curvature than the suction side. At s/C ≈ -0.15, κ becomes zero and then increases. 

At this point, the curvature transitions from convex to concave. For the rest of the pressure 

side, the surface curvature is concave. On the far downstream portion of the suction side, 

the curvature steadies out at a very low value; this is a relatively flat section of the suction 

side. 

The curvature on the suction side is plotted in Figure 2.7.  For further clarity, the 

y-axis (surface curvature) maximum limit is set to κC = 8. 

 

Figure 2.7: Normalized curvature magnitude plotted against s/C for suction side 
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This plot shows two general regions of curvature: κC ≈ 4 for s/C = 0.1 – 0.4 and κC 

≈ 0.5 for s/C > 0.7. These two regions were selected for the high and low curvature rows 

of holes, respectively. 

2.3.2 Hole Sizing Based on Reynolds Number 

With the curvature profile and the velocity distribution (from the Cp distribution) 

known, the hole sizes were determined. Holes were sized based on the criterion that hole 

Reynolds number for each row was to be ~6500. This value is similar to the hole Reynolds 

numbers from many tests performed on the standard 7-7-7 hole geometry in TTCRL’s flat 

plate facility, which will be useful in future comparisons of data between the two facilities. 

The hole Reynolds number, ReD, mentioned is defined as follows: 

 
𝑅𝑒𝐷 =

𝑢𝑙𝑜𝑐𝑎𝑙𝐷

𝜈
 (2.5) 

Positions for the holes were chosen such that ReD was identical for the two rows based on 

the design velocity distribution of the blade. 

2.3.3 Summary of Sizing and Local Conditions for Rows of Holes 

The hole sizing and position criteria from §2.3.1 Curvature Profile of Blade and 

2.3.2 Hole Sizing Based on Reynolds Number resulted in the positions and sizes of holes 

shown in Table 2.3. Included also are the calculated local surface curvature magnitudes 

and acceleration parameters for the two rows’ positions as well as experimental 

measurements of the local Cp’s, velocities, and hole Reynolds numbers. 
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Table 2.3: Table of hole size and local flow parameters 

Category Parameter High Curvature Row 

(Row 1) 

Low Curvature Row 

(Row 2) 

 s/C 0.334 0.798 

Position x/Cax 0.278 0.734 

 y/Cax -0.224 0.073 

Sizing D (mm) 6.09 5.60 

Curvature 

Curvature Type Convex Convex 

κ (m-1) 5.85 0.84 

2R/D 56 213 

  Cp -4.93 -6.39 

Local ulocal (m/s) 15.0 16.7 

Conditions ReD 6600 6800 

 K (E-6) 2.0 -0.56 

There were several interesting results from this hole placement and sizing: 

• Position: Row 1 was located upstream of the throat while Row 2 was located 

downstream of it. 

• Sizing: Rows 1 and 2 had different hole diameters because of the different 

local velocities at the two locations to achieve similar ReD. 

• Curvature: 2R/D = 213 for Row 2, which far exceeded the near-flat 2R/D of 

158 discussed in Waye & Bogard (2007). Therefore, surface curvature was 

expected to have a negligible effect on the film cooling performance of this 

row. 

• Local Conditions: The hole Reynolds numbers are not identical to one 

another because of slight differences between the experimental velocity 

profile and the design velocity profile. Acceleration factor for Row 1 was 

very near the critical value for re-laminarization of 3E-6. Row 1 

experienced a favorable pressure gradient because K = 2.0E-6 > 0. Row 2 

experienced an adverse pressure gradient with K = -0.56E-6. 
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2.3.4 Hole Geometry 

The geometry of the film cooling holes used for this experiment was based on the 

baseline 7-7-7 hole design presented in Schroeder & Thole (2014) [18]. However, slight 

modifications were made to fit the hole into the curved surface of the turbine blade model. 

The adjustments in geometry from the standard 7-7-7 design are summarized in Table 2.4. 

Table 2.4: Differences between standard 7-7-7 and blade 7-7-7 film cooling hole 

geometries 

Geometric Parameter Standard 7-7-7 

Shaped Hole 

Blade 7-7-7: 

High Curvature 

Blade 7-7-7: 

Low Curvature 

Entrance Angle, αin 30º 15.5º 28.5º 

Exit Angle, αout 30º 30º 30º 

Lm/D 2.5 2.5 2.5 

L/D 6 5.98 6.01 

H/D 3 2.34 2.94 

Laidback Angle, γ 7º 7º 7º 

Lateral Angle, β 7º 7º 7º 

Pitch-to-diameter, p/D 6 6 6 

Coverage Ratio, t/P 0.35 0.38 0.35 

Area Ratio, AR 2.5 2.44 2.48 

Because the 7-7-7 holes were built into a curved surface—the surface of the 

Kopriva blade—different values for wall thickness, entrance angle, and coverage ratio 

arose necessarily as a function of location on the blade surface. Thus, the geometries of the 

high curvature row of holes and that of the low curvature row were not completely 

identical; but the key design parameters were matched. A diagram of the geometry of the 

high curvature 7-7-7 hole is shown in Figure 2.8 compared with the 7-7-7 hole built into a 

standard flat surface. 
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Figure 2.8: CAD views of 7-7-7 geometry designed into curved vs. flat surfaces 

2.4 DESIGN AND MANUFACTURING OF TEST MODEL 

Much of the basis for the physical design of the test model was taken from previous 

test models built for the wind tunnel’s test section. More detail on the specific features 

implemented for compatibility with the test section can be found in Packard (2015) [28]. 
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Shown in Figure 2.9 is a top-down CAD image of the wind tunnel test section ceiling with 

the blade models in place. 

 
Figure 2.9: Top-down CAD view of test section with blades installed 

The test model and dummy models were made of primarily two materials: acrylic 

and polyurethane foam. The acrylic parts were machined by Chris Krull in Midlothian, TX, 

using a router; and the foam was machined by Reed Prototype & Machining in Lockhart, 

TX, using a CNC lathe. Like with previous models, acrylic was used for the model’s 

structural sections that either nested into the test section floor or ceiling or rested outside 

of the wind tunnel completely. This material was chosen for rigidity, transparency, 

continuity with the acrylic test section, and ease of machining. The bodies of the test model 

and the two dummy blades were made from Last-a-Foam® R-3315 rigid polyurethane 

A 

C 

B 

A: Test Blade Model 
B: Full Dummy Blade Model 
C: Half Dummy Blade Model 
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foam purchased from General Plastics. This foam was chosen because of its low thermal 

conductivity (0.043 W/m·K; for the adiabatic wall assumption) and good machinability. 

The foam was manufactured in 3”-thick (7.62 cm) sections. Foam layers were 

stacked and glued together with Original Gorilla Glue®, a polyurethane glue. Because both 

the foam itself and the adhesive were polyurethane-based, material properties between the 

foam layers were the same as in the rest of the solid foam; and a strong, seamless bond 

could be formed. Two sections of foam are shown being glued and clamped together in 

Figure 2.10. 

 

Figure 2.10: Layers of foam clamped and being glued together for dummy model 

Acrylic top-plates were attached to each of the models after the foam layers were 

glued together. The top-plates constituted a key structural part of each blade, nesting into 

the ceiling of the wind tunnel. These acrylic parts were glued to the foam via Dow 
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Corning® 739 Plastic Adhesive, which not only adhered the two materials together but 

also formed an airtight seal between them. 

This method of construction was used for all the blade models used in this 

experiment: the film cooling model, the dummy blades, and the pressure model. 

2.4.1 Film Cooling Model 

 

Figure 2.11: Three CAD images of film cooling model 

All film cooling experiments were performed using the film cooling model, shown 

above in Figure 2.11. The two rows of holes—the high curvature row and low curvature 

row—were installed on the model using removable hatches, a design well-vetted in the lab. 

Hatches allowed easy access to the internal passages of the models and modularity for 

future hole designs to be tested with this model. The machining was performed on a CNC 

mill by the Daniel Smith of the UT Mechanical Engineering machine shop. A CAD image 

and a photo of the two hatches are shown in Figure 2.12 and Figure 2.13. 
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Figure 2.12: CAD image of high curvature hatch (top) vs. photo of hatch as machined 

(bottom) 

 

Figure 2.13: CAD image of low curvature hatch (top) vs. photo of hatch as machined 

(bottom) 
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The hatches were attached to the model using ½”-long (1.27 cm) 8-32 flanged 

rounded-head screws fastened into weld-nuts pushed through an inner mating surface on 

the main body and epoxied in place. To seal the hatches, a combination of vacuum grease, 

Dow Corning® 737 Neutral Cure Sealant, and spackle was used. None of these sealants 

were permanent, making removal and re-installation of hatches relatively quick and simple. 

Photos of the hatches installed in the model are shown in Figure 2.14 & Figure 2.15. Notice 

that fiducial marks were drawn onto the model’s surface using silver paint. These were 

used during image processing, discussed later in §2.5.7.5 Overview of Adiabatic 

Effectiveness Data Processing. 

 

Figure 2.14: Photo of suction side of test model with both high and low curvature hatches 

installed 
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Figure 2.15: Close-up photo of installed hatches – high curvature (left) and low 

curvature (right) 

Two internal coolant passages were included in the model for the two hatches. Each 

hatch covered one passage. The internal passages of a blade model typically are fed directly 

from the coolant piping beneath. All the flow that enters the passage then leaves through 

the film cooling holes. However, this setup introduces gradients of velocity and 

temperature as a function of vertical position in the passage—all of which have significant 

effects on film cooling performance. The experiment was designed to be analogous to tests 

run in the TTCRL flat plate facility using a quiescent plenum feed, so plenum-like 

conditions had to be achieved inside the coolant passages. 

To achieve these conditions in the coolant passage, a novel coolant-routing design 

was incorporated. The following description is aided with CAD images of the coolant 

configuration, shown in Figure 2.16. Coolant was fed into a pipe with holes along its 

length. This pipe stood vertically within the passage such that flow within it was parallel 
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to the span-wise direction of the model. As coolant flowed through the pipe it exited the 

holes. These holes were pointed away from the film cooling holes at an opposite wall within 

the passage. The flow then impinged on that wall and circumvented the outside of the pipe, 

filling the coolant passage. The crux of this design is the pressure drop as the flow impinges 

on the wall inside the coolant passage—because of this sizable pressure drop, the flow is 

conditioned to be uniform in pressure after the impingement, creating a plenum-like 

chamber. 

 

Figure 2.16: Perspective and orthogonal CAD view of cross section of internal passages 

in film cooling model 

With plenum-like conditions in mind, the plenum area ratio was sized according to 

the area ratio used in the TTCRL flat plate facility. The area ratio was made to exceed the 

100:1 cross-sectional area to total hole area ratio that the flat plate facility’s plenum has. 

2.4.2 Dummy Blade Models 

The dummy blades were manufactured in much the same way as the main film-

cooling model. However, they did not feature any of the internal geometry or film cooling 

holes present in the test model because the dummy blades are used only to satisfy the 

mainstream flow boundary conditions for the main test model. Another difference is that 
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these models did not feature an acrylic baseplate; rather, they simply rested on the floor of 

the test section. One blade model (left image in Figure 2.17, B in Figure 2.9) incorporated 

the full blade geometry. Flow passed on either side of it and exited the test section. The 

other dummy blade (right image in Figure 2.17, C in Figure 2.9) nested into the outer test 

section wall and allowed flow only on its pressure side. Flow on its suction side was bled 

through the U-bend bypass outside of the test section. 

 

Figure 2.17: Full dummy blade (left) and half dummy blade (right) sitting outside test 

section 

2.4.3 Pressure Distribution Model 

The pressure model resembled the hollowed-out full dummy model but included 

slots machined at locations determined in §2.5.4.1 Location of Pressure Taps. These slots 

were where pressure taps were installed. 

A photo of a tap being installed is shown in Figure 2.18. Miniature stainless steel 

tubing with a 90° elbow was used for each pressure tap with an inner diameter of 0.027” 

(0.686 mm). The taps were glued into the slots using Devcon® 5 Minute® epoxy. During 

installation, a magnifying glass was used to ensure that the taps were flush with the blade’s 
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external surface. A pin was inserted into the tap to prevent any epoxy from entering the 

tap, hardening, and rendering the tap unusable. 

 

Figure 2.18: Pressure tap being glued into place with protective pin inserted 

Each tap was connected to vinyl tubing, and the connection was secured with heat-

shrink wrap. The tubes were all bundled together and color-coded according to which 

pressure transducer they were to be plugged into. Clips were installed at the top of the 

pressure model for strain relief for all the tubes attached to the pressure taps—the clips 

prevented any dislodging that might have accidentally happened while handling the 

pressure model. A photo of the pressure model installed in the test section is shown in 

Figure 2.19 with a view of the cable management and strain relief solutions. 
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Figure 2.19: Photo of pressure model installed in tunnel with pressure tap lines bundled 

and strain-relieved 

Most of the pressure taps were located at the model’s mid-span. Some were placed 

6” above mid-span to verify that the pressure distribution was invariant in the span-wise 

direction. These secondary pressure taps were thus located at a height equal to 78% of the 

model’s 549 mm span. 

2.4.4 A Note on Modifications to the Wind Tunnel 

It was discovered in the design stage of this experiment that the properly scaled 

Kopriva blade would not fit into the existent test model window built into the test section. 

To fit the blade, additional room forward of the windows had to be cut. The modifications 

are highlighted in blue in Figure 2.20. The machining was performed by the Daniel Smith 

of the UT Mechanical Engineering machine shop. 
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Figure 2.20: CAD drawings of cuts made in test section ceiling (left) and floor (right) for 

Kopriva blade to fit 

2.4.5 Coolant Piping 

Piping had to be installed to connect the test model coolant passage to the wind 

tunnel coolant loop. Out of the three available coolant pipes, only two were used—one for 

each plenum inside the film cooling model. Two photos of the coolant piping installed for 

this experiment are shown in Figure 2.21. 
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Figure 2.21: Photos of coolant piping 

The configuration is rather simple. The piping is connected to the existing 

architecture via a nominal 3” (7.79 cm pipe inner diameter) PVC pipe union. The diameter 

is gradually reduced down to a nominal 1.5” (4.09 cm), at which point it connects to the 

bottom of the test model via another PVC pipe union. The entire length of piping is 

insulated to maintain the coolant’s low temperature. 

Two gate valves were used to control the coolant mass flow rate during tests. The 

valve position was changed as the operator monitored coolant flow rates and temperatures 

using LabVIEW from National Instruments™ to establish the correct density ratio and 

blowing ratios. Two other gate valves that were part of the previously built coolant loop 

were used as open/close valves. These valves were especially useful when frosting 

occurred during experiments. The coolant feed could be stopped, allowing ingestion of the 

Flow rate 

valves 

Open/close 

valves 
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warm mainstream into the model and raising the plenum temperature above the gas’s dew 

point, eliminating frosting contamination. 

2.5 INSTRUMENTATION 

The following section describes the instrumentation used in the calibrations and 

experiments performed in this thesis. 

2.5.1 Pressure Measurements 

Pressure transducers were used throughout all the experiments for a variety of 

purposes. Pressures were measured directly in the piping and test section, and pressure 

measurements were used with other instruments to measure velocities and mass flow rates. 

Pressure transducers were calibrated using a micromanometer. One exception was 

a 25” pressure transducer, which was calibrated using a 50” well-type manometer. The 

calibration process for either instrument was the same. First, the precision accuracy of the 

manometer was tested by opening both its ends to atmosphere, forcing a pressure input of 

0. The operator then repeatedly zeroed the manometer, taking note of the amount of scatter. 

The precision accuracy of the micromanometer was found to be 0.001 inches of water 

column (inAq), equivalent to 0.25 Pa. After connecting one end to the pressure transducer 

being tested, the operator then used a handheld pump to apply pressure to the manometer 

and transducer. The micromanometer pressure was recorded, and the transducer voltage 

was recorded using LabVIEW. The process was repeated across the transducer’s pressure 

range, and a calibration was made using a quadratic fit. A typical pressure transducer 

calibration is shown in Figure 2.22. 
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Figure 2.22: Sample pressure transducer calibration 

2.5.2 Temperature Measurements 

Temperature was recorded at various locations within the wind tunnel, coolant loop, 

and test model itself. While monitoring temperatures served as a check on whether 

experimental conditions were met in-test, measured temperatures were also used to 

calculate fluid properties, such as density and viscosity. For example, the density ratio was 

calculated using measurements of mainstream temperature and of coolant temperature at 

the exit of the film cooling holes. Type E thermocouples (chromel-constantan) are the 

preferred type of thermocouple used in TTCRL because their measurable temperature 

range is well-suited for cryogenic applications. This experiment used Type E 

thermocouples exclusively. 

Each thermocouple used in the experiment was calibrated in a glycol-water solution 

bath whose temperature was regulated by a built-in high-accuracy thermistor. The 

-0.10

0.00

0.10

0.20

0.30

0.40

0.50

0.60

0.00 1.00 2.00 3.00 4.00 5.00 6.00

M
ic

ro
m

an
o

m
et

e
r 

P
re

ss
u

re
 (

in
A

q
)

Voltage (V)

PTE - 03/14/2017



 

 

65 

thermocouples were calibrated across the operating range of this bath, 249.15-308.15K. A 

sample calibration is shown in Figure 2.23. 

 
Figure 2.23: Sample thermocouple calibration 

The thermocouples were all calibrated at the same time to eliminate any bias 

uncertainty that might occur from calibrating separately. This ensured that any drift in the 

temperature reported by the thermistor in the glycol-water bath over time was no factor 

from thermocouple to thermocouple. 

2.5.3 Velocity Measurements 

Mainstream velocities were measured using Pitot-static probes. A pressure 

transducer measured the pressure difference between the Pitot-static probe’s total and static 

pressure readings, yielding the flow’s dynamic pressure. Velocity was calculated using the 

Bernoulli Equation as follows: 

y = 1.0026919x - 2.0658427
R² = 0.9999855
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𝑢 = √
2∆𝑃

𝜌
 (2.6) 

where ΔP is the pressure difference between the two ports on the Pitot-static probe. Gas 

density was calculated using ideal gas law with knowledge of the gas’s temperature and 

pressure. 

2.5.4 Pressure Distribution Measurements 

2.5.4.1 Location of Pressure Taps 

The method of using pressure taps to measure local static pressure along the surface 

of the test blade precluded having a spatially resolved measurement of the pressure 

distribution. Therefore, the pressure taps were placed in locations that could be confidently 

said to resolve the pressure distribution curve. This was determined by choosing locations 

that left mostly-linear changes in Cp between each pressure tap. Figure 2.24 shows the 

locations of the pressure taps (denoted with X’s). Areas around the two rows of holes were 

well-resolved to know flow conditions at the sites of coolant injection. 
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Figure 2.24: Location of pressure taps based on target pressure distribution 

Note that this plot and all following Cp plots invert the y-axis such that more 

negative Cp values correspond to higher values on the axis. This is an intuitive way to view 

the Cp distribution—higher values on the y-axis correspond to higher local velocities. Also, 

the x-axis consists of x, the axial position along the blade, normalized by Cax, the axial 

chord length of the blade. 

2.5.4.2 Calculation of Cp Relative to Exit Conditions 

Cp is typically calculated relative to approach flow conditions. This formulation 

requires a measurement of the incoming mainstream velocity, u∞. However, the nonzero 
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angle of attack configuration in the test section inconveniently disallowed a reliable reading 

of incoming mainstream velocity because it required very precise placement of a Pitot-

static probe. Measurements of mainstream velocity for Cp calculations were taken from the 

blade exit instead because the Pitot-static probe could be positioned in place with relative 

ease. An alternate formulation of Cp relative to exit conditions, Cp,outlet, is shown next: 

 
𝐶𝑝,𝑜𝑢𝑡𝑙𝑒𝑡 =

𝑃 − 𝑃∞,𝑜𝑢𝑡𝑙𝑒𝑡

1
2

𝜌∞𝑢∞,𝑜𝑢𝑡𝑙𝑒𝑡
2

 (2.7) 

In this equation, P∞,outlet is the static pressure of the flow at the blade outlet; and u∞,outlet is 

the flow velocity at that outlet. Chavez (2016) used a similar Cp,outlet measurement 

technique in previous experiments in the same facility [24]. The following equation was 

developed to show the relation between Cp,outlet and Cp relative to inlet: 

 
𝐶𝑝,𝑜𝑢𝑡𝑙𝑒𝑡 = 1 + (𝑉𝑅𝑖𝑛/𝑜𝑢𝑡)

2
(𝐶𝑝 − 1) (2.8) 

In this equation, VRout/in is the ratio of u∞ to u∞,outlet. The value for Cp,outlet could of course 

be calculated directly from the target high-Mach-number infinite cascade CFD by using 

the blade outlet as the reference location for flow conditions. But the previous equation 

shows that the relation between inlet and outlet Cp depends solely on the ratio of velocities 

at the two reference locations. 

Recall that the large-scale low-speed blade facility used in the present study used 

an inlet approach flow angle of -33.7° whereas the simulation it emulated had an angle of 

-31.1°. This difference in approach flow angle necessarily caused a difference in VRin/out, 

changing the relationship between Cp and Cp,outlet. Rather than keeping track of this 

difference in inlet-outlet velocity ratio, which was sensitive to the inlet flow angle and the 

test section wall positions, it was decided that comparisons between the experimental and 
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simulated pressure distribution would be performed using Cp,outlet rather than Cp. After all, 

there was more experimental control over the exit conditions. 

 The target Cp distribution from Figure 2.24 was thus converted into a Cp,outlet 

distribution using the method described above. A plot of this distribution is shown in 

Figure 2.25. Like Cp, Cp,outlet equals 1 at the stagnation point by definition. Cp,outlet achieves 

a less negative value on the suction side at the throat (near -0.3) compared to Cp (near -

8.0). This is because u∞,outlet, the reference velocity for Cp,outlet, is much higher than the 

approach velocity u∞, the reference velocity for Cp. 

 

Figure 2.25: Target Cp,outlet distribution 

2.5.4.3 Pressure Distribution Test Procedure 

The pressure distribution model testing was an iterative process comprised of two 

main steps. The first step was to set the stagnation lines of the blades at the leading edge. 
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The second was to set the pressure distribution of the test model to match the design 

distribution. 

The stagnation lines on each of the outer dummy blades were set at each one’s 

leading edge by adjusting the mass flow rates through the passages between the blades. 

Passage flow rates were controlled by movable plungers in the outside passage and an 

adjustable fan in the U-bend bypass section. Flow stagnation was visualized using sets of 

small tufts taped at and adjacent to the blades’ leading edges. A photo of these tufts during 

pressure distribution testing is shown in Figure 2.26. One tuft was placed at each blade’s 

leading edge; this tuft was monitored as the flow rates in the passages were adjusted. If the 

tuft biased to either the pressure or suction side of the blade, the stagnation line was not 

correctly set. When the tuft tended to hang straight down, correct stagnation position was 

considered to have been achieved. A 1mm rod was used to perturb the tuft gently while it 

was thought to be in stagnation to ensure that the tuft was not simply pressed and stuck in 

position against the wall. 

 

Figure 2.26: Tufts on half dummy model used to determine stagnation line location 
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Next, the pressure distribution was adjusted. During testing of the pressure model, 

the Cp,outlet distribution is measured real-time on a plot in LabVIEW. This live measurement 

includes reference points from the target pressure distribution and points representing the 

Cp,outlet at each pressure tap location. The adjustable test section walls were moved in and 

out depending on the Cp,outlet readings, and they were positioned such that the live Cp,outlet 

readings matched the target values. 

The movement of the adjustable walls had a slight effect on the passage flow rates, 

affecting the stagnation lines. The two-step process was iterated until both the stagnation 

and the pressure distribution criteria were met. 

2.5.5 Velocity Field Measurements 

Approach boundary layer measurements were performed using an A.A. Lab 

Systems Ltd. AN-1003 Hot-Wire & Film Anemometer. The anemometer is shown in 

Figure 2.27. 

 

Figure 2.27: Hotwire anemometer used for boundary layer measurements 
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A TSI Model 1210 General Purpose Probe and a TSI Model 1218 Standard 

Boundary Layer Probe were used to measure the boundary layers at the low curvature row 

and high curvature row, respectively. Each were fitted with 5 μm tungsten wire. Diagrams 

of the probes taken from TSI’s Hotwire Catalog are shown in Figure 2.28. 

 

 

Figure 2.28: Diagrams of hotwire probes used for boundary layer measurements [29] 

The probe was connected to an arm and mounted onto a 48” MN10 – Precision 

Lead Screw Motorized BiSlide® manufactured by Velmex, Inc. The traverse is shown in 

Figure 2.29. The stepper motor in the traverse was controlled by the experimentalist in the 

COSMO app from Velmex through a Velmex VXM Stepping Motor Controller. The step 
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position was recorded during measurements and converted into a dimensional position 

using the traverse’s step resolution: 1 step per 0.005mm travelled. 

 

Figure 2.29: Photo of hotwire traverse positioned for measurement at low curvature row 

A sample rate of 10 kHz over a period of 5 seconds was used during the boundary 

layer measurements. Five of these recordings were then averaged together at a given 

measurement position to produce the final measurement at each position. This method 

reduced the precision uncertainty to an acceptably small level, described in §2.6.4 

Uncertainty in Velocity Field Measurements. 

2.5.5.1 Boundary Layer Measurement Locations 

Boundary layer measurements were taken at the positions of both the high and low 

curvature rows of holes. The measurement axis was positioned normal to the blade surface 

at the downstream breakout positions of each hole. These positions are s/C = 0.334 for the 
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high curvature row and s/C = 0.798 for the low curvature row. During these measurements, 

both rows were covered with electrical tape, making the blade surface completely smooth 

and avoiding unintentional tripping of the boundary layer by film cooling holes. A photo 

of the TSI Model 1218 Probe over the low curvature row is shown in Figure 2.30. 

 

Figure 2.30: Photo of boundary layer hotwire probe over low curvature row 

(downstream breakout location denoted by dashed line) 

  A diagram showing the traverse direction and probes used for each velocity field 

measurement can be found in Figure 2.31. In each case, the probe was inserted through the 

wall of the wind tunnel into the test section. Because of the low curvature row’s position, 

it was convenient to set up the traverse and probe axes normal to the surface at the 

measurement location; thus, the standard boundary layer probe was used. On the other 

hand, it was impossible to traverse in the normal direction at the high curvature row 

location due to the presence of the bypass loop entrance and the half dummy blade. For 
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this reason, the probe axis was aligned tangentially to the surface at the measurement 

location; and the traverse axis was made normal. A general purpose straight probe was 

used for the high curvature row boundary layer measurements because of this arrangement. 

A boundary layer trip is shown in the diagram as well—trips of various sizes were used to 

change the boundary layer thicknesses at each location. The trip sizes used to produce the 

desired boundary layer thicknesses were found through trial and error. 

 

Figure 2.31: Diagram showing boundary layer measurement locations with probes used 

and traverse directions 
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2.5.5.2 Hotwire Calibration Procedure 

The hotwire’s calibration has been known to be sensitive to the exact setup of the 

anemometer, the style of probe used, and the temperature of the surrounding air. Because 

of this, the hotwire was calibrated before each boundary layer measurement. A Pitot-static 

probe was installed near the particular measurement location at a distance from the surface 

well outside the boundary layer. Effort was made to place the Pitot-static probe over the 

same s/C location on the blade as the boundary layer measurement (though not at the same 

height lest the two probes crash into one another). The hotwire probe was traversed to the 

same surface-normal distance from the blade, and the position was recorded for each 

calibration. The probes were aligned in the first place by visual inspection. 

Next, the mainstream velocity was varied by the operator. The freestream was 

maintained at the same temperature among the different calibration points. At each 

mainstream velocity, the voltage reading from the hotwire was recorded; this was 

calibrated against the velocity reading from the Pitot-static probe to make a calibration for 

the hotwire. 

The calibration took the form of a 2nd order polynomial with the square of the 

hotwire voltage, E2. The form of the calibration is as follows: 

 
𝑢 = 𝐴 + 𝐵(𝐸2) + 𝐶(𝐸2)2 (2.9) 

A sample calibration is shown next in Figure 2.32. 
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Figure 2.32: Sample hotwire calibration (from high curvature row) 

2.5.5.3 Measurement of Boundary Layer Thickness, δ99 

After the initial calibration was completed, the probe was traversed into the 

boundary layer to begin measurements. During these experiments, the probe was 

positioned as close to the wall as possible to start and then traversed outward. The starting 

position was informed by viewing the probe with a small telescope as the probe was 

traversed towards the wall in smaller and smaller increments. Eventually, the probe 

appeared to touch the wall (by inspection through the telescope); and the position here was 

used as an initial guess at the wall position. This wall position would later be corrected 

through comparison to a standard turbulent boundary layer profile. 

The operator then traversed the probe away from the wall at increasingly greater 

increments depending on the location within the boundary layer. During the experiment, 

successive velocity measurements were plotted against the known position to inform the 
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operator of the current measurement location within the boundary layer. This method 

ensured that the boundary layer was well-resolved. 

The boundary layer thickness δ99 was defined as the distance normal to the wall (Y) 

at which the local mean velocity U was equal to 99% of the freestream velocity at the edge 

of the boundary layer Uedge. Put mathematically, 

 
𝑈(𝑌 = 𝛿99) = 0.99𝑈𝑒𝑑𝑔𝑒 (2.10) 

At the low curvature row, the freestream velocity approached a constant value; and 

several of these measurements were averaged together to calculate Uedge. However, at the 

high curvature location, the nature of the flow over the highly curved surface caused the 

mainstream velocity outside the boundary layer to decrease linearly as wall-normal 

distance increased. A method described in McClintic (2013) was used to determine the 

edge of the boundary layer [30]. A line was fit to the linearly decreasing points in the 

freestream. The velocity along this line, Uinviscid, approximated what the inviscid velocity 

profile would be over this surface all the way down to the wall. The 99% boundary layer 

thickness is defined using Uinviscid for the high curvature row as follows: 

 
𝑈(𝑌 = 𝛿99) = 0.99𝑈𝑖𝑛𝑣𝑖𝑠𝑐𝑖𝑑 (2.11) 

 

Uinviscid is plotted along with the measured U profile at the high curvature row in 

Figure 2.33. 
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Figure 2.33: Measured mean velocity profile and linearly extrapolated inviscid velocity 

profile for high curvature row 

The experimental wall position was corrected to find the exact wall position. To 

determine the exact position of the wall, inner wall boundary layer coordinates were used 

along with the law of the wall. The U and Y were non-dimensionalized as follows: 

 
𝑢+ ≡

𝑈

𝑢𝜏
 (2.12) 

 
𝑦+ ≡

𝑢𝜏𝑌

𝜈
 

(2.13) 

where u+ is a non-dimensional velocity, y+ is a non-dimensional wall distance, and uτ is the 

friction velocity, a velocity scale based on the wall shear stress. In the viscous sublayer, 

 
𝑢+ = 𝑦+ (2.14) 
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because viscous stresses dominate the flow. Outside the viscous sublayer and buffer layer 

(y+ > 50) but not too far out into the boundary layer (y << δ99 or y ≲ 0.2δ99), the empirical 

law of the wall holds true. It is stated as follows: 

 
𝑢+ =

1

𝜅
ln(𝑦+) + 𝐵 (2.15) 

where κ and B are empirical constants, equal to 0.41 and 5.3, respectively [31]. 

The determination of the wall position using data recorded in the log layer was a 

two-part process. First, a Clauser fit method was used to determine the friction velocity uτ. 

At each measurement position, values of uτ were sought such that equation for the law of 

the wall held true. At the y+ values corresponding to the logarithmic region where the law 

of the wall holds, a constant value of uτ was obtained. Next, the wall position was finely 

adjusted so that the measurements very near to the wall in the viscous sublayer matched 

the standard profile u+ = y+. Each of the boundary layer measurements included at least 

one measurement below y+ = 5. The Clauser fit was checked again after the wall position 

tuning to see if uτ changed; if necessary, the two-part process was repeated. This iterative 

process provided an estimate of the true wall position accurate to ±0.020mm. 

2.5.6 Flow Rate Measurements 

Measuring coolant flow rate was needed during experiments to determine the 

blowing ratio at different test conditions. The pressure drop across an Oripac Model 5300 

orifice plate purchased from Lambda Square, Inc., was measured by a pressure transducer 

calibrated as described in §2.5.1 Pressure Measurements. An orifice plate was set up for 

each of the two coolant passages. 
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Figure 2.34: Photo of laminar flow element connected to coolant loop exit 

The two orifice plates were calibrated using a laminar flow element (LFE) flow 

meter, as photographed in Figure 2.34. A range of mass flow rates were swept through by 

using the coolant blower and the gate valves in the coolant piping. The range of mass flow 

rates during the calibration was calculated from the range of blowing ratios to be tested 

during film cooling experiments. The pressure drop across the LFE was measured during 

calibration, and it is related to the mass flow rate by the following equation provided by 

the LFE manufacturer. 

 
�̇�𝐿𝐹𝐸 = 𝜌𝐿𝐹𝐸 (

0.3048𝑚

1𝑓𝑡
)

3

(
1𝑚𝑖𝑛

60𝑠
) (21.558∆𝑃𝐿𝐹𝐸 − 0.189) (2.16) 

In this equation, ṁLFE is the mass flow rate through the LFE in kg/s, ρLFE is the density of 

the fluid at the inlet of the LFE in kg/m3, and ΔPLFE is the pressure drop measured across 

the LFE in inAq. The calibration configuration is illustrated in Figure 2.35 and will aid in 
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understanding of the measurements that were used for the calibration. ρLFE was determined 

by using the ideal gas law informed by a temperature measured at the LFE inlet and a 

pressure equal to the LFE pressure drop added to atmospheric pressure. The atmospheric 

pressure was acquired before each test from online weather station data from the National 

Oceanic and Atmospheric Administration’s (NOAA) closest weather station at New 

Braunfels, TX. The atmospheric pressure from NOAA is reported as an equivalent sea level 

pressure; this pressure was corrected for the lab’s elevation and used as Patm for the 

experiments in this study 

 

Figure 2.35: Diagram of orifice plate calibration and instrumentation 

By conservation of mass, it is known that ṁLFE is equal to ṁorifice, the mass flow rate 

through the orifice plate. The mass flow rate through the orifice plate is related to its 

discharge coefficient, Cd, by the following equation: 

 

�̇�𝑂𝑟𝑖𝑓𝑖𝑐𝑒 = 𝐶𝑑𝐴𝑜𝑟𝑖𝑓𝑖𝑐𝑒√
2𝜌𝑜𝑟𝑖𝑓𝑖𝑐𝑒∆𝑃𝑜𝑟𝑖𝑓𝑖𝑐𝑒

1 − 𝛽4
 (2.17) 

where Aorifice is the cross-sectional area of the constriction in the orifice plate, ρorifice is the 

density of the fluid at the inlet of the orifice, ΔPorifice is the pressure drop measured across 

the orifice plate, and β is the beta ratio of the orifice plate, defined as the diameter of the 
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constriction divided by that of the pipe. This equation shows that if Cd is known, the mass 

flow rate of the orifice plate—and therefore, the coolant pipe—can be calculated because 

all other quantities are either known or measured during testing. The discharge coefficient 

is a function of the pipe Reynolds number Repipe. A formulation derived from the definition 

of Repipe using the mass flow rate directly 

 
𝑅𝑒𝑝𝑖𝑝𝑒 =

4�̇�𝑜𝑟𝑖𝑓𝑖𝑐𝑒

𝜋𝑑𝑝𝑖𝑝𝑒𝜇
 (2.18) 

In this equation dpipe is the diameter of the coolant pipe, and μ is the dynamic viscosity of 

the fluid in the pipe. Using these equations and the measurements taken during calibration, 

the orifice discharge coefficient can be calibrated against the pipe Reynolds number. The 

calibration is typically applied in the form of the following equation, in which the 

coefficients A, B, C, D, and E are found by a curve fit. 

Data taken during an orifice plate calibration are shown in Figure 2.36. A 

calibration is made using the fourth-order polynomial fit for Cd as a function of 

(106/Repipe)
¾. The calibration data are quite flat, yet this fourth-order polynomial fit was 

used in following with previous orifice plate calibrations for this facility. 

𝐶𝑑 = 𝐴 ((
106

𝑅𝑒𝑝𝑖𝑝𝑒

)

0.75

)

4

+ 𝐵 ((
106

𝑅𝑒𝑝𝑖𝑝𝑒

)

0.75

)

3

+ 𝐶 ((
106

𝑅𝑒𝑝𝑖𝑝𝑒

)

0.75

)

2

+ 𝐷 ((
106

𝑅𝑒𝑝𝑖𝑝𝑒

)

0.75

) + 𝐸 (2.19) 
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Figure 2.36: Typical orifice plate calibration data 

 Flow rate measurements using the orifice plate alone pose a problem. Cd is a 

function of pipe Reynolds number. Pipe Reynolds number is a function of ṁorifice. ṁorifice is 

a function of Cd. These variables are inevitably connected in a loop, meaning that without 

previous knowledge of one of them, the others cannot be calculated directly. An iterative 

calculation is used in the LabVIEW virtual instrument (VI) to calculate Cd during 

experiments. The calculation starts with a hardcoded initial guess of a pipe Reynolds 

number and iterates through the orifice plate equations, updating its guess until each 

equation is satisfied. Thus, the mass flow rate of the coolant is determined during 

experiments. 

2.5.6.1 Note about Pressure Transducer Zero Offset 

 It was observed that the zero reading of the pressure transducers used in the 

experiments drifted under the influence of a gauge pressure applied to both sides. In other 
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words, for a pressure transducer with both terminals connected to the same pressure line, 

the reading (which should equal the zero of the transducer) decreases as the pipe pressure 

increases.  

To account for this drift, a calibration was performed in which the orifice plate 

pressure transducers (the only transducers operating in a pressure far from atmospheric 

conditions) were connected to equal pressure on both terminals. Pressure readings were 

taken as the pipe pressure was forced to increase by use of the coolant blower and 

downstream control valves. With the “zero” readings and the pipe pressure readings, a 

zero-correction calibration could be made. These corrections were implemented in the 

LabVIEW VI. The offset was noticeable, subtracting ~15 Pa at a line pressure of ~5000 

Pa, the typical coolant piping line pressure during film cooling experiments. The 

repeatability of this offset was tested by performing a second calibration several days later. 

The calibrations matched to within 2 Pa at the typical line pressure of 5000 Pa.  

2.5.7 Adiabatic Effectiveness Measurements 

Adiabatic effectiveness is derived from three separate temperature measurements: 

coolant exit temperature, mainstream temperature, and adiabatic wall temperature. The 

measurement of each of these is described in this section. 

2.5.7.1 Coolant Exit Temperature 

The coolant exit temperature was measured by gas thermocouples mounted on the 

inside of the film cooling test model. Four gas thermocouples were placed at the inlet of 

four separate holes just outside of the surface measurement area. This arrangement ensured 

that the thermocouples would not affect the behavior of any of the film cooling jets viewed 

by the IR cameras. The thermocouple mounting positions are shown in Figure 2.37 
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Figure 2.37: Photo of hole inlet gas thermocouple arrangement 

A photo of a coolant exit temperature thermocouple mounted over the center of a 

hole inlet is shown in Figure 2.38. The placement over the center of the metering hole 

provided the best measurement of the coolant exit temperature, being as far from the hole 

wall as possible and avoiding measurements inside any developing thermal boundary layer. 

 

Figure 2.38: Photo of hole inlet gas thermocouple positioned over the center of the 

metering hole 

Holes to be viewed during η measurements 

Coolant thermocouples 
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These thermocouples were calibrated using the method described in §2.5.2 

Temperature Measurements. 

The four thermocouples from each hatch consistently measured a spatial 

temperature gradient. For both rows, the two thermocouples below the measurement area 

(in the span-wise direction) tended to read temperatures up to ~2K higher than those 

positioned above the measurement area. There was an overall temperature gradient in the 

plenum due to the flow field internal to the blade. The difference in temperatures between 

the adjacent thermocouples was typically lower, on the order of ~0.5K or lower. The 

differences there were systematic and consistent in direction with the apparent temperature 

gradient inside the plenum. 

A linear fit was applied to the measured temperatures in the model versus span-

wise position, and the gradient in temperature was estimated. The fit was used to estimate 

the temperature at the two center holes where the measurements of adiabatic effectiveness 

were taken on the surface. Of course, the two measurement holes did not have the same 

temperature because of the spatial temperature gradient, but the difference was small (ΔT 

≈ ~0.5K). For convenience, the coolant exit temperature was calculated as the average of 

the four thermocouples’ temperature, which would be consistent with the true temperature 

if the temperature gradient was truly linear. On average, the linear-fit temperatures deviated 

from the average temperatures by ~0.15K. For a conservative estimate of the uncertainty 

in space for the coolant thermocouples, a value of δTspatial = 0.3K was used. 

2.5.7.2 Mainstream Temperature 

Three gas thermocouples measured the mainstream temperature. Two protrude 

from the floor of the test section to about 40% of the test section height. One is placed 

directly upstream of the geometric leading edge of the test model. The other is placed on 
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the test model’s suction side, halfway between the blade and the dummy half blade. The 

third is hung from the test section ceiling at about 55% of the test section height 

approximately over the suction side floor thermocouple. The arrangement is shown in the 

diagram in Figure 2.39. 

 

Figure 2.39: Diagram of approximate placements of mainstream thermocouples 

A thermal boundary layer stemming from the meeting of the 303K mainstream air 

and the colder test section floor (which thermally communicates with lab air at 295K) has 

been observed in the test section. Previous placement of the floor mainstream 

thermocouples had resulted in temperature measurements almost 2K lower than the 

measured mainstream temperature at midspan, where the film cooling tests are measured. 

This informed the current position of the thermocouples, closer to mid-span. 
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The temperature readings were averaged together to calculate T∞ for adiabatic 

effectiveness measurements. The differences in temperatures from these thermocouples 

were systematic; the floor thermocouples tended to read ~0.1-0.2K lower than the ceiling 

thermocouple. The spatial variation of temperature within the test section was checked by 

traversing a thermocouple across the test section across an entire blade pitch upstream of 

the suction-side passage. The measured difference in temperatures between the locations 

of the mainstream thermocouples was no more than 0.1K. However, because only two 

locations were used for the calculation of mainstream temperature, a conservative estimate 

of δTspatial = 0.2K was used. 

These thermocouples were also calibrated using the method described in §2.5.2 

Temperature Measurements. 

2.5.7.3 Adiabatic Wall Temperature 

Infrared cameras were used to measure the surface temperature of the test model 

during film cooling tests. Four cameras—two FLIR A655SC’s, T620, and SC325—were 

used to view the film cooling model during testing. The cameras were arranged so that data 

could be taken along most of the blade suction side up to the trailing edge. A sketch of the 

arrangement of the cameras is shown in Figure 2.40. 
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Figure 2.40: Diagram of approximate placements of IR cameras and each one’s viewing 

range 

Table 2.5 summarizes the camera setup. All in all, s/C positions from 0.25 to 1.30 

could be viewed with this camera setup. This range of view allowed for temperature data 

to be taken along the entire downstream suction side of the blade. 

Table 2.5: Table of IR camera specifications and viewing ranges 

Camera Model Lens 

Angle (°) 

Resolution 

(px x px) 

Window s/C Range 

FLIR SC325 25 320 x 240 Salt Crystal 0.25 – 0.46 

FLIR A655SC (#2) 25 640 x 480 Salt Crystal 0.38 – 0.65 

FLIR T620 45 640 x 480 Zinc-Selenide 0.55 – 0.97 

FLIR A655SC (#1) 45 640 x 480 Salt Crystal 0.84 – 1.30 
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The IR cameras were calibrated in situ, accounting for effects from the viewing 

window, camera angle, and surface emissivity. Surface thermocouples were epoxied onto 

the tops of 1/16” thick, ½”-square copper tabs and painted with the same black spray paint 

as the blade model. Copper was chosen for its high thermal conductivity, ensuring a 

uniform temperature throughout the coupon; and black paint was chosen to match the 

model’s emissivity. These coupons were attached to the model surface using electrical tape 

at discrete locations within the cameras’ viewing areas. Figure 2.41 shows the arrangement 

of the calibration coupons seen by the downstream A665SC camera both in a normal photo 

and in an IR image. 

   

Figure 2.41: Photo of calibration thermocouple coupons (left) and IR image of same 

location (right) 

By imaging the surface thermocouples attached to the surface of the film cooling 

model, an IR temperature could be extracted from an average of pixel temperatures on the 

black calibration coupons. This IR temperature was then plotted against the thermocouple 

temperature measurement taken simultaneously with the IR image. Figure 2.42 shows a 

sample set of calibrations for Camera 3 along with a sample IR image from the calibration 
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with the thermocouples labeled. A third order polynomial was used for the calibration. The 

slope of the calibration was dependent upon the IR window used and the IR camera used. 

 

 

Figure 2.42: Calibration example from Camera 3 IR calibration with accompanying IR 

image showing thermocouples’ locations 
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Temperature in the calibration was changed by adjusting coolant flow through the 

film cooling holes. As coolant covered the surface of the model, it decreased the 

temperature of the calibration coupons. Coolant temperature was slowly and steadily 

decreased, and calibration measurements were made successively. The calibration 

consisted of points taken during both cool-down and warm-up of the coolant from several 

different calibrations on different days. Because the data all lay on the same curve, it was 

confirmed that quasi-steady state conditions were achieved during the calibration. 

 Viewing angle of the IR cameras has previously been shown to influence their 

measured temperatures—likely an effect from surface emissivity changing at shallower 

angles [24]. Because the cameras were viewing a curved surface, it was checked whether 

the viewing angle had a significant effect on camera calibrations. Cameras viewing 

relatively constant surface angle generally had little spatial variation in their calibrations 

(see Figure 2.42). Cameras that viewed more curved portions of the blade tended to have 

greater spatial variation on the other hand. For example, Camera 2 viewed the area 

downstream of the high curvature row of holes. Its calibrations are shown in Figure 2.43 

along with a raw IR image showing the four calibration coupons viewed by the camera. 

Coupons labeled CAL_06, CAL_08, CAL_09, and CAL_10 were placed at various angles 

and stream-wise positions with respect to the camera. The change in thermocouple location 

results in a difference of up to 5K in true temperature reading, which falls outside of 

experimental uncertainty for this measurement.  
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Figure 2.43: Calibration example from Camera 2 IR calibration with accompanying IR 

image showing thermocouples’ locations 

Coupons CAL_09 and CAL_10 had notably different calibrations despite being 

placed at the same stream-wise position. Clearly, the discrepancy in calibrations between 

the two thermocouples could not have arisen from stream-wise variation in calibration due 
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to surface viewing angle. Other factors, such as reflections of IR radiation throughout the 

test section and defects in the IR windows, were seen to have effects on calibrations during 

the calibration process and could be responsible for discrepancies such as this one. 

Adjustments accounting for the variations in calibration at the different 

thermocouple locations were implemented using the MATLAB script described in §2.5.7.5 

Overview of Adiabatic Effectiveness Data Processing. The uncertainties of these IR 

calibrations are described in §2.6.6 Uncertainty in Adiabatic Effectiveness. 

2.5.7.4 Correction for Through-Wall Conduction 

Film cooling adiabatic effectiveness is calculated based upon the adiabatic wall 

assumption. Though it was made of low-conductivity foam, the film cooling test model 

still allowed conduction through its walls from the coolant within—unlike a truly adiabatic 

surface, which would prevent any heat transfer through it. Thus, the adiabatic effectiveness 

results required correction for internal cooling conduction effects. 

The conduction correction tests measured the baseline effectiveness level due to 

conduction through the test model wall, η0. Heat transfer analysis in Appendix C of 

Robertson (2004) shows that this no-blowing effectiveness η0 can be used to correct 

measured adiabatic effectiveness ηuncorrected for 1D conduction through the wall where 3D 

conduction effects are not present [32]. The final value of η is calculated from η0 and 

ηuncorrected as follows: 

 𝜂 =
𝜂𝑢𝑛𝑐𝑜𝑟𝑟𝑒𝑐𝑡𝑒𝑑 − 𝜂0

1 − 𝜂0
 (2.20) 

This correction for 1D conduction was applied as a function of stream-wise coordinates. 

The correction was assumed to be constant in the span-wise direction. 
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For each row, two holes were masked; and coolant was passed through the model 

just as it would be during normal film cooling tests. The masked holes were plugged with 

clay, forming a smooth surface and sealing the hole. Small foam plugs were pushed into 

the metering length of the holes to mitigate clogging after the clay was removed after the 

tests. A photo of the blocked off holes at the low curvature row is shown in Figure 2.44. 

 

Figure 2.44: Low curvature row blocked off during η0 testing 

IR cameras measured the effectiveness of the blade surface over the same 

measurement area as the film cooling tests. The mid-pitch effectiveness constituted the η0 

value used in the conduction correction. 

2.5.7.5 Overview of Adiabatic Effectiveness Data Processing 

Adiabatic effectiveness results were processed using a MATLAB script developed 

by former PhD student Kyle Chavez and improved by the author. The script calculates η 

using the experimental measurements of mainstream temperature, coolant temperature, and 

surface temperature. It applies a spatially-varying IR camera calibration based on the 
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stream-wise positions of each of the copper calibration thermocouples. It also transforms 

the images of the 3D surfaces into 2D contour plots using the blade coordinates and fiducial 

marks on the model’s surface. It then stitches images from multiple cameras together to 

form a contour of adiabatic effectiveness in the viewing area of the camera. The contours 

were then cropped from X/D = -5 to X/D = 50 for the low curvature row and from X/D = -

5 to X/D = 94 for the high curvature row. Data for laterally-averaged effectiveness, lateral 

profiles of effectiveness, and spatially-averaged effectiveness were taken from these 

contour plots of η. More detail on the calculations performed by the processing script can 

be found in Chavez (2016) [24]. 

The author changed the processing scripts to implement better organization of input 

files and output data. It reduced the time required to process a new set of film effectiveness 

data in half and made the workflow more intuitive. 

2.6 UNCERTAINTY ANALYSIS 

The uncertainty of the measurements outlined in §2.5 Instrumentation was 

determined next. The uncertainty estimations for all the instruments are described along 

with uncertainty in the calculated values that use these basic instruments. 

Uncertainty was propagated to derived values using sequential perturbation. Each 

instrument had bias and precision uncertainties. The former is a measure of closeness of 

the mean value of the measurement to the true value while the latter is the degree of 

agreement among independent measurements of the same true value. For almost all the 

measurements taken in this set of experiments, the precision uncertainty was minimized by 

taking many data points at each measurement setpoint. For measurements of coolant and 

mainstream temperature, coolant flow rates, mainstream velocities, and surface static 

pressures, 700 samples at a data rate of 350 Hz were taken for each measurement point 
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using a LabVIEW VI. For each measurement point, 5 of these 700-sample measurements 

were then averaged together. This method reduced the precision uncertainty from 

thermocouples and pressure transducers significantly, down to small fractions of the 

magnitude of other uncertainties. Though this reduced the precision uncertainty to a 

perhaps excessively small amount, this combination of sample number and data rate was 

convenient and simple to use during experiments. 

2.6.1 Uncertainty in Pressure Measurements 

Atmospheric pressure was measured as the value reported by NOAA on the day of 

the experiment corrected according to the lab’s elevation. Previously, the uncertainty in 

this value had been calculated to be δPatm = 100 Pa ≈ 0.1% [24]. The uncertainty in 

atmospheric pressure contributed very little uncertainty to derived measurements. 

Measurements using pressure transducers contributed a more significant amount to 

experimental uncertainties. The transducers used in this experiment were calibrated using 

a micromanometer. The calibration introduced an uncertainty for each of the pressure 

transducers used in the experiments. The uncertainty from curve fit was determined using 

the following equation [33]: 

 

𝛿𝑦(𝑥𝑝) = ±𝑡𝛼/2,𝑛−2𝑠𝑦,𝑥
√

1

𝑛
+

(𝑥𝑝 − �̅�)
2

𝑆𝑆𝑥𝑥
  (2.21) 

where δy is the uncertainty in some calibrated value y, tα/2,n-2 is the t-distribution of the 

calculation with n-2 degrees of freedom using a 95% confidence interval, sy,x is the standard 

error of the estimate, n is the number of points used in the calibration, xp is one of the x-

coordinate samples (measurements from the calibration standard) in the calibration, x̅ is the 

mean of the x-coordinate samples, and SSxx is the sum-of-squares of x-coordinate deviations 
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from the sample mean. Some of the calibrations in this experiment were quadratic or 

higher-order fits, but the equation is to be used for a linear least-squares fit. Despite this, 

the equation is a reasonable estimate for the uncertainty for these higher-order fits because 

the higher-order coefficients are small. The uncertainty is a function of the measured 

value’s position in the calibration curve—measurements closer to the mean value in the 

calibration have lower uncertainties than those at the edges of the calibration. Since most 

measurements in this experiment were taken near the center of the range, the average could 

be used to simplify analysis; this made the quantity (xp – x̅)2 rather small when divided by 

SSxx. n, the number of measurements taken during calibration, was greater than 10 for all 

calibrations, making 1/n small as well. The two values under the radical offset the value of 

tα/2,n-2 after multiplication, leaving the uncertainty approximately equal to sy,x. With this 

justification, the standard error of estimate was used to calculate uncertainty in calibrated 

values in this experiment. Using a constant standard error of estimate was also much more 

convenient in uncertainty calculations than using an uncertainty of curve fit dependent on 

xp – x̅. 

Transducers of different models and ranges resulted in different uncertainties. The 

uncertainties for each type of pressure transducer used are summarized in Table 2.6. 
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Table 2.6: Pressure transducers used in present study 

Nominal Transducer 

Range 

δPcalibration 

(Pa) 

Typical 

Reading 

(Pa) 

Percentage 

Uncertainty at 

Typical Reading 

Measurement 

0-0.5” (0-125 Pa)† 0.28 20 1.4% Mainstream 

contraction 

nozzle dynamic 

pressure 

0-2” (0-500 Pa)* 0.37 150 0.2% Mainstream 

blade outlet 

dynamic 

pressure 

±2” (±500 Pa)† 3 ±0 - 70 > 4.3% Pressure model 

pressure taps 

±2” (±500 Pa)† 3 -120 2.5% Tunnel static 

pressure 

±5” (±1250 Pa)† 5 ±70-130 3.8 - 7.1% Pressure model 

pressure taps 

0-25” (0-6250 Pa)† 13 5000 > 0.3% Pipe gauge 

pressure 

upstream of 

orifice plates 

†Omega™ PX2650 (economical model) 

*Omega™ PX653 (high accuracy model) 

Drift in pressure transducer zero values was considered as well. During an 

experiment, pressure transducers’ zeros drifted by no more than 10% of its calculated 

calibration uncertainty. Dwarfed by the calibration uncertainties, the drifts of the pressure 

transducers’ zeros were not corrected for. 

2.6.2 Uncertainty in Temperature Measurements and Density Ratio 

To eliminate any bias uncertainty, the thermocouples were all calibrated in the same 

glycol-water bath at the same time. Thus, any drift in the bath’s calibration had no effect 

on the calibration of these thermocouples with respect to each other. The bias in the 

temperature of the bath itself had been previously measured to be a maximum of 0.05K 

[24]. Most of the bias uncertainty came from uncertainty in the calibration of the 
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thermocouples. The average standard error of the estimate for the thermocouple 

calibrations was 0.09K, and this was taken as the uncertainty from the calibration. 

Precision uncertainty was determined to be less than 0.01K based on the standard 

deviation of the temperature measurements in each sample taken during testing. Further 

reducing this uncertainty is the fact that multiple samples were averaged together for each 

measurement point taken during testing. In all, the uncertainty due to precision is negligible 

compared to bias. 

Several of the thermocouples underwent repeat calibrations over the same range. 

These calibrations were found to be repeatable to within ±0.05K, in agreement with the 

calibration uncertainty. 

For measurements of mainstream temperatures and coolant temperatures, multiple 

thermocouples were averaged together. A spatial uncertainty was estimated for each of 

these averaged temperature measurements; this is summarized in Table 2.7. This 

uncertainty was quantified as described in §2.5.7.1 Coolant Exit Temperature and §2.5.7.2 

Mainstream Temperature. 

Table 2.7: Thermocouple groups used in present study 

Measurement Number of 

thermocouples 

Typical Value (K) δTspatial (K) 

T∞ 3 303.0 0.2 

Tc,exit (High Curvature Row) 4 252.5 0.3 

Tc,exit (Low Curvature Row) 4 252.5 0.3 

The spatial and bias uncertainties for the mainstream and coolant thermocouples 

were combined and used to find uncertainty in DR. Because of the low-Mach-number flow 

around the test model, the ratio of pressures of the coolant and mainstream can be assumed 
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to be equivalent to unity at the hole exit. Thus, temperature is inversely proportional to 

density. As a result, density ratio can be formulated simply as follows: 

𝐷𝑅 =
𝑇∞

𝑇𝑐,𝑒𝑥𝑖𝑡
 (2.22) 

Uncertainties in temperatures were propagated, and it was found that δDR = 0.002. 

2.6.3 Uncertainty in Pressure and Velocity Distributions 

The pressure distribution measurements were made using pressure transducers 

connected to the pressure model via vinyl tubing. Though the uncertainty in their 

calibrations was detailed in §2.6.1 Uncertainty in Pressure Measurements, each pressure 

uncertainty was propagated into an overall uncertainty in Cp as a function of pressure tap 

placement. Three pressure measurements were used to calculate the Cp at each pressure tap 

on the pressure model. The local pressure relative to atmosphere was measured from the 

pressure tap, the dynamic pressure was measured at the reference exit position using a 

Pitot-static probe, and the static pressure was measured from the Pitot-static probe’s static 

port measured relative to atmosphere. Cp was calculated from these measurements using 

the method described in §2.2.3 Pressure Distribution Scaling. 

Pressure transducers with ranges 2 inAq and 5 inAq (2” and 5”) were used for the 

pressure taps on the pressure model based on the taps’ locations and expected pressure 

readings, and each type had a different uncertainty associated with it. The uncertainties in 

Cp and Cp,outlet are reported in Table 2.8. 

Table 2.8: Uncertainties in Cp and Cp,outlet based on pressure transducer used 

 500 Pa (2”) Transducer 1250 Pa (5”) Transducer 

δCp (unitless) 0.18 0.26 

δCp,outlet (unitless) 0.024 0.036 
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These values will be plotted as uncertainty bars along with the measured pressure 

distribution in the results in §3.1.2 Experimental Pressure Distribution. 

2.6.4 Uncertainty in Velocity Field Measurements 

Uncertainty in mean and fluctuating velocities came from both bias and precision 

uncertainties. Contributors to bias uncertainty included mainstream temperature variations’ 

effect on the probe calibration, conduction of heat through the length of the hotwire sensor 

[34], and uncertainty in the calibration of the instrument. The normalization of mean and 

fluctuating velocities with Uedge eliminated these biases through division. 

Precision uncertainty at a measurement point was determined by finding the 

standard deviation of U and of urms, the root-mean-square of velocity fluctuations. In all 

the hotwire data, the scatter among the measurements increased as a function of the local 

turbulence levels in the flow. The bounds of the true value for each of these were estimated 

with a 95% confidence interval for 5 measurements. Percent uncertainties were as high as 

1.5% for U close to the wall where turbulence was higher; near the edge of the boundary 

layer, it decreased to ~0.1%. For urms, the levels remained ~1.5% for the whole boundary 

layer. Near the wall, urms scatter was higher; but so were the measured values. Near the 

boundary layer edge, urms scatter was smaller; but velocity fluctuations were smaller. This 

accounted for the somewhat constant percentage uncertainty in urms throughout the 

boundary layer. 

Several freestream velocity measurements were used to calculate reference 

velocities for these boundary layer measurements. The uncertainty in Uinviscid for the high 

curvature row was estimated from its standard error of fit, equal to 0.003 m/s. For the low 

curvature row, the 7 points averaged to determine Uedge yielded an uncertainty of 0.006 m/s 

with 95% confidence. 
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These uncertainties in reference velocities were used in conjunction with 

uncertainties in mean velocities near the boundary layer edge and uncertainty in the probe 

position (found previously to be on the order of 0.002mm) to find the uncertainty in 

boundary layer thickness, δ99. In addition, the uncertainties of the hole diameters were 

accounted for in an estimation of the uncertainty of δ99/D for each row. For the hole 

diameter uncertainty, a conservative CNC machining tolerance of ±0.003” (±0.08mm) was 

used. These uncertainties along with their measured values are summarized next in Table 

2.9. 

Table 2.9: Uncertainties in boundary layer thickness for the two rows 

 Low Curvature Row High Curvature Row 

δ99 (mm) 6.05 6.37 

δ(δ99) (mm) 0.04 0.08 

D (mm) 5.60 6.09 

δ99/D 1.08 1.05 

δ(δ99/D) 0.02 0.02 

2.6.5 Uncertainty in Blowing Ratio 

The blowing ratio was formulated in terms of directly measured quantities to 

estimate its uncertainty, shown in the following equation. 

𝑀 = (
𝛽 ∗ 𝑑𝑝𝑖𝑝𝑒

𝐷
)

2

(
𝐶𝑑

𝑁ℎ𝑜𝑙𝑒𝑠

) √
∆𝑃𝑜𝑟𝑖𝑓𝑖𝑐𝑒

∆𝑃𝑜𝑢𝑡𝑙𝑒𝑡

∗
𝑃𝑜𝑟𝑖𝑓𝑖𝑐𝑒,𝑎𝑏𝑠𝑇∞

𝑃𝑠𝑡𝑎𝑡𝑖𝑐,𝑜𝑢𝑡𝑙𝑒𝑡,𝑎𝑏𝑠𝑇𝑜𝑟𝑖𝑓𝑖𝑐𝑒

∗
1

1 − 𝛽4
∗

1

1 − 𝐶𝑝,𝑜𝑢𝑡𝑙𝑒𝑡

 (2.23) 

In this equation, Nholes is the number of film cooling holes in the row, ΔPoutlet is the pressure 

difference measured by the outlet Pitot-static probe, Porifice,abs is the absolute pressure at the 

orifice plate, Pstatic,outlet,abs is the absolute static pressure of the blade outlet, and Torifice is the 

temperature at the orifice plate. The uncertainties in temperatures and pressures have 

already been quantified as well as the uncertainty in Cp,outlet. The uncertainty in β according 
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to the orifice plate manufacturer is very small, on the order of 0.01%. The diameter of the 

pipe is 3.068” ± 0.01”, a standard size and tolerance for nominally 3” PVC pipe. The 

diameter of the film cooling holes, D, is 6.09 mm for the high curvature row and 5.60 mm 

for the low curvature row, with an uncertainty of ±0.003” (±0.08mm) as described before. 

Nholes is 10 for the high curvature row and 12 for the low curvature row. The calibration 

uncertainty of the orifice plates was δCd,calibration = 0.004 for the high curvature row and 

δCd,calibration = 0.002 for the low curvature row. 

 Table 2.10 shows the uncertainties in blowing ratio for each of the two rows at the 

lowest M tested (nominally M = 1.0) and the highest (nominally M = 3.0). The uncertainty 

in blowing ratio varied from δM ≈ 0.04 at M = 1.0 to δM ≈ 0.10 at M = 3.0. The relative 

uncertainty in blowing ratio at all conditions tested was ~3.5%.  

Table 2.10: Uncertainty in blowing ratio 

Row M δM δM% Main Contributors to δM 

High Curvature 1.01 0.04 3.5% 49% δD, 43% δCp,outlet  

High Curvature 2.98 0.10 3.5% 50% δD, 43% δCp,outlet 

Low Curvature 0.97 0.03 3.4% 62% δD, 29% δCp,outlet 

Low Curvature 3.00 0.10 3.3% 64% δD, 31% δCp,outlet 

The two uncertainties that contributed the most to uncertainty in blowing ratio were 

those in D and Cp,outlet. Uncertainty in blowing ratio could be reduced by measured each 

hole’s diameter and using an average blowing ratio for the entire row instead of assuming 

the holes all had an identical diameter. As for reducing uncertainty in Cp,outlet, using a higher 

quality pressure transducer could reduce the uncertainty due to the curve fit. Despite these 

simple improvements, these measures to improve δM were not taken for the present study 

because an uncertainty of ~3.5% was deemed sufficient for comparisons among the desired 

blowing ratio setpoints during film cooling experiments (M = 1.0, 1.5, 2.0, 2.5, and 3.0). 
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2.6.6 Uncertainty in Adiabatic Effectiveness 

Three temperature measurements are used to calculate adiabatic effectiveness: 

coolant temperature, mainstream temperature, and adiabatic wall temperature. The first 

two’s respective uncertainties have already been quantified in §2.6.2 Uncertainty in 

Temperature Measurements and Density Ratio. The adiabatic wall temperature was 

measured by IR cameras. 

Both precision and bias uncertainties were significant for IR temperature 

measurements. The precision uncertainty in IR temperature was determined to be 

δTIR,precision = 0.1 K. During camera calibration, the wind tunnel was run for enough time to 

bring the mainstream temperature and apparent IR temperature of the model surface to 

steady-state. The copper calibration tabs were imaged, and the scatter of their temperatures 

from five images (the number of images averaged together for adiabatic effectiveness 

measurements) determined this precision uncertainty. 

Bias uncertainty in the adiabatic wall temperature came from the calibration of the 

IR cameras. During experiments for either row of holes, all four IR cameras were used to 

view the entire measurement area; the calibration uncertainty was conservatively taken as 

the maximum standard error of estimate from all the cameras. A calibration bias 

uncertainty of δTcalibration = 0.10 K was thus used for each row. 

It was observed that in both η and η0 tests, repeat measurements later in experiments 

were systematically higher than measurements earlier in experiments. It was hypothesized 

that the model cooled down over time, effectively causing an upward drift in baseline 

effectiveness values. Over a four-hour experiment, a drift in η of up to 0.01 could be seen. 

This drift in η as a function of experiment duration was not corrected for in the present 

study. The author proposes a method in which the timestamp of η measurements are tracked 
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throughout data processing; η0 corrections will be applied to the data as a function of time 

so that the time-based model cooling is accounted for. 

The precision and bias uncertainties (including drift in η) were combined to find an 

overall uncertainty for η during these experiments. The uncertainty in η0 was also 

incorporated in the calculation of overall uncertainty in 1D conduction-corrected adiabatic 

effectiveness. For each row, at a nominally high effectiveness value of η = 0.650, δη was 

calculated to be 0.012; at a nominally low effectiveness value, η = 0.100 ± 0.015. 

In places where 3D conduction effects occurred (not simply through-wall 

conduction, but also lateral and stream-wise conduction) like very near to the hole 

breakout, uncertainty due to conduction is large. Quantifying this uncertainty due to 3D 

conduction effects is outside the scope of this thesis; but based on examination of 

effectiveness between holes, 3D effects were considered negligible past X/D ≈ 5 for each 

of the rows. 

Repeat tests were performed for several blowing ratio setpoints during experiments, 

two sets of which are shown in Figure 2.45 and Figure 2.46. The in-test repeat 

measurements were taken 2 to 3 hours apart; the day-to-day repeat measurements shown 

were taken 3 days apart. Laterally-averaged adiabatic effectiveness values were found to 

be repeatable to within 0.01 usually, which is consistent with the estimation of uncertainty. 

The uncertainties are displayed using error bars. 
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Figure 2.45: Repeatability of laterally-averaged adiabatic effectiveness measurements 

for low curvature row 

 

Figure 2.46: Repeatability of laterally-averaged adiabatic effectiveness measurements 

for high curvature row 
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Chapter 3: Low-Speed Blade Testing Results 

All experiments were conducted in the low-speed cascade test facility described in 

§2.1 Overview of Wind Tunnel and Coolant System. The results section is comprised of 

three primary groups of measurements: computational predictions and experimental 

measurements of the Cp distribution of the low-Mach-number test model, mean and 

fluctuating velocity profile measurements using a hotwire anemometer, and adiabatic 

effectiveness measurements using IR thermography. 

The Cp distribution of the test model was studied both computationally and 

experimentally. First, the effects of the differences between the target conditions from 

Kopriva et al. (2014) and the present study’s test conditions were studied with CFD 

simulations [22]. These differences included the inlet Mach number and approach flow 

angle. Next, after a preliminary simulation of the test section showed that the wall 

movement needed to match the target Cp distribution was indeed feasible, the pressure 

distribution around the test blade was measured using the pressure model and converted 

into a dimensionless Cp distribution. The experimental Cp distribution was compared to the 

target distribution from the high-Mach-number infinite cascade case. In addition, the 

experimental data were compared to a simulation performed by TTCRL doctoral student 

Fraser Jones using the measured wall positions of the test section. 

The mean and fluctuating velocity profiles were measured at the locations of each 

of the two rows of holes. The boundary layer thicknesses at each position were modulated 

via the placement of upstream trips such that they matched (relative to film cooling hole 

diameter). 

Adiabatic effectiveness tests were then performed using the film cooling model. 

The two rows of holes were tested at DR = 1.20 and at M = 1.0 - 3.0 with a nominally low 
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freestream turbulence intensity—measured with the hotwire probe to be ~1.5% at each row 

of holes. The performances of the low and high curvature rows were compared to gain 

insight into the film effectiveness of the 7-7-7 shaped hole at two different levels of convex 

surface curvature.  

3.1 SIMULATIONS AND EXPERIMENTAL MEASUREMENTS OF CP IN THE TEST SECTION  

Before the simulations and measurements of Cp from the present study were made 

to those from the literature, TTCRL doctoral student Fraser Jones replicated the conditions 

from Kopriva et al. (2014) in a Reynolds-averaged Navier-Stokes (RANS) CFD simulation 

of a high-Mach-number infinite cascade [22]. The Mach loadings from his simulations are 

shown in Figure 3.1 along with the loading from the literature. 

 

Figure 3.1: Comparison of Fraser Jones’s CFD prediction of Mach loading to that from 

Kopriva et al. (2014) [22] 
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Jones’s 3D simulation of the flow field around the blade at a high Mach number 

agreed well with the data from Kopriva et al. (2014), thus validating the literature data [22]. 

The Mach loading from Jones’s 3D simulation was converted to a dimensionless Cp 

distribution using known approach flow conditions and compressible isentropic flow 

equations. The Cp distribution in this high-Mach-number environment is shown in Figure 

3.2. This target Cp distribution was subsequently used in comparisons with simulations of 

low-Mach-number Cp distributions. 

 

Figure 3.2: Target high-Mach-number Cp distribution for present study from Fraser 

Jones’s CFD 

3.1.1 Computational Studies of Differences in Flow Conditions Between Target 

Case and Present Study 

As described in §2.2.2 Flow Scaling, after proper geometric and kinematic scaling, 

two lone differences remained in flow conditions between the target case from Kopriva et 
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al. (2014) and the present study: the inlet Mach number and the approach flow angle. The 

values are shown in Table 3.1. 

Table 3.1: Differences in flow conditions between Kopriva et al. (2014) and present 

study [22] 

Flow Parameter Kopriva et al. (2014) Present Study 

Mainlet 0.25 0.02 

Flow Inlet Angle -31.1° -33.7° 

RANS CFD simulations were run to study the effects that these parameters have on 

the Cp distribution around the blade in a low-Mach-number infinite cascade. Shown in 

Figure 3.3, the computational domain was an infinite cascade of Kopriva blades with 

geometric and dynamic similarity to the simulation in Kopriva et al. (2014) [22]. 

 

Figure 3.3: Sketch of Domain for Low-Speed Infinite Cascade Simulations 

The top and bottom surfaces were set to be periodic. The upstream and downstream 

distances from the blade in the simulation were set to be 0.36C, equal to ½ the blade pitch. 

Increasing this distance on either side of the blade had little effect on the pressure 

distribution along the blade’s surface, so it was deemed adequate. 
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3.1.1.1 Effects of Compressibility on Cp Distribution 

First, the effects of compressibility on the pressure distribution around the Kopriva 

blade were studied computationally. These simulations helped determine whether a high-

Mach-number flow field around the test blade model could be implemented using the low-

Mach-number test section. The calculations were an integral part of experimental planning, 

having been performed before the designs of any experimental test models were finalized. 

In this simulation, the approach Mach number matched conditions in the wind 

tunnel, resulting in negligible compressibility effects. All other conditions (Reynolds 

numbers, geometric similarity, inlet angle, etc.) were matched. Thus, the effect of Mach 

number on Cp distribution was isolated. The conditions are summarized in Table 3.2. 

Table 3.2: Flow conditions for low-Mach-number Kopriva blade simulation 

Flow Parameter Value 

Reinlet 240,000 

Reexit 510,000 

Mainlet 0.02 

Flow Inlet Angle -31.1° 

Flow Exit Angle 69.9° 

T∞ 303K 

The resulting low-Mach-number Cp distribution is shown in Figure 3.4 in red 

compared with Jones’s target high-Mach-number Cp distribution in blue. 
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Figure 3.4: Comparison of low- and high-Mach-number Cp distributions 

The pressure distribution curves diverged early on the suction side and later 

downstream on the pressure side. The differences in pressure distributions between the 

low- and high-Mach-number cases arose from compressibility effects. Recalling the design 

Mach number loading distribution of the blade from Figure 2.4, the Mach number became 

appreciable (Ma > 0.3) very quickly as flow traveled along the suction side. A local Mach 

number approaching unity corresponded to the position where the two Cp distributions 

diverged significantly—the high-Mach-number case accelerating more than the low-Mach-

number case. At near-sonic local Mach numbers, the air density decreases significantly—

thus, given a constant mass flowrate, the velocity increases proportionally; and the static 

pressure decreases. 

An important decision had to be made about the flow field around the blade in the 

low-Mach-number test section. On the one hand, the experiment could be designed to 
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simulate a low-Mach-number infinite cascade for actual low-speed wind tunnel conditions; 

this was the procedure for setting pressure distributions in the test section in the past. On 

the other, it could be designed to simulate Cp distribution for the high-Mach-number 

infinite cascade simulation from Kopriva et al. (2014) by using the adjustable side walls in 

the test section to accelerate the flow artificially, imitating the acceleration arising from 

compressibility effects [22]. It was decided that the latter—simulating the high-Mach-

number case—would be pursued for this experiment. 

Consider the exit conditions of the blades in the low- and high-Mach-number 

simulations. For an incompressible flow, Cp can be related to the local velocity as follows: 

𝐶𝑝 = 1 −
𝑢2

𝑢∞
2

 (3.1) 

This formula was used to calculate the necessary increase in exit velocity to match the Cp 

for the high-Mach-number flow. The differences in Cp’s at the exit (Cp = -4.1 for the low-

Mach-number, Cp = -5.5 for the high-Mach-number) resulted in a 13% higher velocity 

needed to match the compressible case. Subsequently, this increase in exit velocity would 

be achieved experimentally by reducing the suction side exit area via the adjustable outer 

walls of the test section. 

On the pressure side, the local Mach numbers were lower; and the pressure 

distributions matched more closely than on the suction side. The point where the pressure 

side pressure distributions diverged significantly corresponded to the throat location. In the 

high-Mach-number case, the Mach number becomes greater than 0.3 beyond this point; 

hence, compressibility effects become important to the behavior of the flow and cause the 

discrepancy in Cp. 
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3.1.1.2 Effects of Approach Flow Angle on Cp Distribution 

During the design phase of the experiment, the sensitivity of the blade’s Cp 

distribution and stagnation location to inlet angle was studied. As was stated in §2.2.2 Flow 

Scaling, the inlet angle was not matched identically with the Kopriva simulation conditions 

due to the design of the turning vanes used to vary angle of attack in the test section. The 

influence of the inlet flow angle difference was investigated with another RANS 

simulation. All other conditions were held the same; and two simulations of low-speed 

infinite cascades were run: one with an inlet angle matching the design specification (-

31.1°) and the other with the actual wind tunnel inlet angle (-33.7°). The resulting Cp 

distributions are shown in Figure 3.5. 

 

Figure 3.5: Comparison of low-Mach-number infinite cascade pressure distributions with 

varying inlet angle 
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With different inlet angles, the pressure distributions were not expected to match 

completely. As can be seen, the suction side showed the most variation; but this variation 

was far less than the difference between the low- and high-Mach-number scenarios. 

Interestingly, the higher-angle case caused a shift in Cp towards the target value, resulting 

in a slight reduction in wall movement necessary to match Cp for the high-Mach-number 

case. 

This simulation showed that the stagnation point moved, another effect of the 

difference in inlet flow angles. A zoomed-in version of Figure 3.5 is shown in Figure 3.6, 

focusing on the stagnation region. 

 

Figure 3.6: Close inspection of stagnation point location from inlet angle simulation 
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 According to the simulation, the stagnation point with the actual test section inlet 

angle is located at x/Cax = 0.015 whereas the design stagnation point is at x/Cax = 0.020. 

Converting to s-coordinates, this amounts to a shift of ~3mm in stagnation point along the 

blade surface resulting entirely from the difference in angle between the design case and 

the testing condition. 

 Ultimately, adjustment of flow rates through the individual passages in the cascade 

test section via movable plungers and a bypass loop allowed the location of the stagnation 

line to be controlled. The stagnation line was set at the design location: x/Cax = 0.020. 

3.1.2 Experimental Pressure Distribution 

The differences in Cp distributions seen in §3.1.1 Computational Studies of 

Differences in Flow Conditions Between Target Case and Present Study prompted a 

simulation using the test section geometry (rather than an infinite cascade) to determine 

whether the adjustable walls could be moved so that the target Cp distribution could 

actually be matched. This preliminary simulation, run by Fraser Jones, predicted that 

repositioning the walls could indeed result in the high-Mach-number pressure distribution. 

The results inspired confidence that the test section could match the target conditions 

without modification. 

The Cp distribution and stagnation lines were then set to match their targets 

according to the methods in §2.5.4.3 Pressure Distribution Test Procedure. Blade exit 

conditions were used to calculate pressure coefficient (Cp,outlet) rather than inlet conditions 

(Cp). This convention stemmed from the fact that the exit conditions were more convenient 

to control than the inlet conditions because of the variable inlet approach flow angle. For 

more information on this decision, see §2.5.4.2 Calculation of Cp Relative to Exit 

Conditions. 
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The measured values of Cp,outlet are shown in Figure 3.7. The measurements taken 

at the 78% span location are also included. The target Cp,outlet distribution is shown in cyan. 

Uncertainty bars are placed around each measurement point. The uncertainty varied 

depending on the range of the pressure transducer connected to the surface pressure tap. 

 

Figure 3.7: Cp distribution measurements plotted against target Cp,outlet distribution 

The variation of Cp,outlet in the span-wise direction remained within calculated 

uncertainty, confirming the achievement of 2D flow around the blade where subsequent 

film cooling tests would be located. 

The suction side of the blade was matched to the design pressure distribution in 

nearly all places to within experimental uncertainty. However, the pressure side diverged 
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between the two. The pressure side measurements tended to have more negative Cp values 

than the target, indicating higher velocities than the design case. 

An explanation of this deviation from the target Cp distribution on the pressure side 

is presented. To match the Cp distribution from the high-Mach-number target case, both 

the suction and pressure sides required additional acceleration. The adjustment of Cp began 

with the suction side where the movable test section outer walls were located. The blade 

exit area was decreased via movement of the downstream walls inward towards the blade. 

Given a constant mass flow rate through the suction passage, this decrease in area resulted 

in an increase in velocity—this adjustment provided the extra acceleration needed on the 

suction side to match the high-Mach-number Cp distribution. A decreased blade exit 

pressure followed the increased blade exit velocity. 

However, control of the pressure side exit area was not possible. Thus, given the 

constant pressure side exit area, the lower blade exit pressure resulted in an increased mass 

flow rate and accompanying velocity. The increased velocity was responsible for the more 

negative Cp values on the pressure side in the test section compared to those in the target 

case. While it was recognized that modification of the inner passage could force the correct 

Cp on the pressure side, it was elected not to make such changes because the subsequent 

film cooling experiments were comprised of rows of holes exclusively on the suction side, 

where the Cp matched well to the design distribution. 

3.1.3 Comparison of Experimental Measurements with CFD Emulating Test 

Section Geometry 

Another simulation by Fraser Jones implementing the actual test section geometry 

was performed after the discrepancies in Cp distribution were measured between the test 

section and the target case. This simulation included the measured wall positions after the 
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pressure distribution was set experimentally. A comparison of the Cp distribution from this 

simulation with the target high-Mach-number distribution is shown in Figure 3.8 along 

with the experimental values. 

 

Figure 3.8: Comparison of expected and target Cp distributions with experimental 

measurements 

Nearly everywhere along the blade surface, the measured Cp,outlet values matched 

the simulated test section Cp,outlet distribution within uncertainty. The test section simulation 
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line may have caused this issue. Thus, it is marked as an outlier in Figure 3.7 and Figure 

3.8. 

3.2 APPROACH BOUNDARY LAYER MEASUREMENTS 

The approach boundary layer profiles at each of the two film cooling rows were 

measured as described in §2.5.5 Velocity Field Measurements. The locations of the 

measurements on a schematic of the Kopriva blade were shown previously in Figure 2.31. 

The locations of the two velocity field measurements in terms of the Cp distribution were 

also shown previously in Figure 2.24. The results from the two rows are presented and then 

compared. 

3.2.1 Low Curvature Row Boundary Layer 

The boundary layer thickness at the low curvature row (2R/D = 213) was measured 

to be δ99 = 6.05mm. Normalized by hole diameter, the thickness was δ99/D = 1.08. To 

produce a boundary layer of this size, a trip with diameter d = 1mm was placed at s/C = 

0.21. Many adiabatic effectiveness experiments have been performed in TTCRL’s flat plate 

facility with thin, turbulent boundary layers with δ99/D ≈ 1.1. Matching δ99/D and ReD 

(~6800) between the two facilities ensured valid comparisons could be made subsequently. 

The mean velocity profile, shown in Figure 3.9, is plotted against the 1/7th power 

law. This empirical law is often used as an approximation of a turbulent boundary layer’s 

profile on a flat plate. The 1/7th power law is formulated as follows: 

 
𝑈

𝑈𝑒𝑑𝑔𝑒
= (

𝑌

𝛿99
)

1
7

  (3.2) 
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Figure 3.9: Mean velocity profile for low curvature row 

The measured mean velocity profile has a velocity deficit near the wall (Y/δ99 < 0.5) 

compared to the 1/7th power law. This is consistent with the behavior of turbulent boundary 

layers in the presence of adverse pressure gradients, as described in Turbulent Flows by 

Pope [31]. Recall that the acceleration parameter at the low curvature row’s location was 

calculated to be K = -0.56E-6—a negative value indicative of an adverse pressure gradient. 

urms was measured during the boundary layer profile measurements as well. Figure 

3.10 shows the fluctuating velocity profile measured at the low curvature row. 
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Figure 3.10: Fluctuating velocity profile for low curvature row 

The fluctuating velocity normalized by the edge velocity peaks just over 10% near 

the wall. It remains near this level moving outward from the wall until Y/δ99 of ~0.5, where 

it sharply decreases to the local freestream level of ~1.5%. The local freestream turbulence 

level of 1.5% likely stemmed from the upstream turning vanes’ wakes. The high-turbulence 

region near the wall (corresponding with the same area that showed the defect in the mean 

velocity profiles) has a double peak in urms/Uedge. In data from Monty et al. (2011), the 

double peak in fluctuating velocity in this region was characteristic of adverse pressure 

gradients—the peaks’ strengths increasing with the strength of the adverse pressure 

gradient [35]. The adverse pressure gradient promotes turbulence production, manifesting 

in increases in fluctuating velocity in this region. 
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3.2.2 High Curvature Row Boundary Layer 

The boundary layer thickness at the high curvature row (2R/D = 56) was measured 

to be δ99 = 6.37mm. Normalized by hole diameter, the thickness was δ99/D = 1.05. To 

produce a boundary layer of this size, a trip with diameter d = 3mm was placed at s/C = 

0.21. Once again, the boundary layer thickness was chosen to match a set of adiabatic 

effectiveness experiments in TTCRL’s flat plate facility. 

The mean velocity profile, shown in Figure 3.11, is once again plotted against the 

1/7th power law, shown in dashed gray. 

 

 

Figure 3.11: Mean velocity profile for high curvature row 

The mean velocity profile has a steeper shape than the 1/7th power law, 

characteristic of turbulent boundary layers in the presence of favor pressure gradients [31]. 
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The acceleration parameter was calculated to be K = 2.0E-6 at the measurement location—

the positive value indicating a favorable pressure gradient. The non-constant freestream 

velocity can also be seen in this plot. Because of the significant surface curvature (2R/D = 

56), the freestream velocity did not remain at a constant value for Y/δ > 1 unlike for a flat 

plate or the low curvature location. 

Next, Figure 3.12 shows the fluctuating velocity profile measured at the low 

curvature row. 

 

 

Figure 3.12: Fluctuating velocity profile for low curvature row 

A peak in normalized fluctuating velocity of ~9% occurs close to the wall, but 

fluctuations then decrease going outward. A region of gently decreasing turbulence follows 

the peak before decreasing steeply down to the local freestream level of ~1.5% beyond the 
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edge of the boundary layer. Once again, this local freestream turbulence level likely 

originated in the wakes of the upstream turning vanes. The area of gentle slope is a 

characteristic of the fluctuating velocity profiles of boundary layers in favorable freestream 

pressure gradients. DeGraaff & Eaton (2000) showed that the slope there becomes steeper 

with increasing strength of the favorable pressure gradient [36]. This is due to the favorable 

pressure gradient’s tendency to suppress production of turbulence. 

3.2.3 Comparison of Boundary Layers at the Two Rows 

The boundary layer measurements made for the two rows are compared next. 

Figure 3.13 shows the mean velocity profiles of the two rows normalized by their 

respective film cooling hole diameters, D. 

 

Figure 3.13: Mean velocity profiles for low and high curvature rows normalized by film 

cooling hole diameter, D 
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The boundary layers at the two rows’ locations were forced to have similar 

thicknesses relative to their hole diameters to match local flow parameters as closely as 

possible. However, the profile shapes are noticeably different. The low curvature row had 

a larger velocity defect inside the boundary layer than the high curvature row. As discussed 

before, this was a result of the differences in freestream pressure gradient for the two 

locations. 

Shown next in Figure 3.14 are the fluctuating velocity profiles of the two rows 

normalized by hole diameter D. 

 

Figure 3.14: Fluctuating velocity profiles for low and high curvature rows normalized by 

film cooling hole diameter, D 

0.000

0.500

1.000

1.500

2.000

2.500

0.000 0.020 0.040 0.060 0.080 0.100 0.120

Y/D

urms/Uedge

Fluctuating Velocity Profiles Normalized by Film 
Cooling Hole Diameter

Low Curvature Row

High Curvature Row



 

 

129 

Effects due to differences in freestream pressure gradient between the two locations 

are manifested very plainly in this comparison. The low curvature row position had higher 

turbulence levels in its boundary layer because of the adverse pressure gradient, which 

encouraged turbulent production. The opposite happened for the location of the high 

curvature row, where the favorable pressure gradient suppressed turbulence. 

Finally, the non-dimensional u+-y+ plots of the two rows are shown in Figure 3.15. 

The measurements from the two rows are plotted against the expected u+ = y+ curve in the 

viscous sublayer and log-law curve in the log layer. 

 

Figure 3.15: Non-dimensional velocity profile comparison for low and high curvature 

rows 

0

5

10

15

20

25

30

1 10 100 1000

u
+

y+

Non-dimensional Boundary Layer Profile Comparison of 
Low and High Curvature Rows

Low Curvature Row
High Curvature Row
u+=y+
Logarithmic Region



 

 

130 

The friction velocity was found by matching the data in the logarithmic regime to 

the log law. The log-law region has been shown consistently to have a universal form, 

independent of the effects of freestream pressure gradient or surface curvature [31]. The 

process of determining uτ and the true wall position is discussed in §2.5.5.3 Measurement 

of Boundary Layer Thickness, δ99. 

In the outer layer, distinctly different behavior was seen between the boundary 

layers over the two rows of holes. The low curvature row had a wake lying above the log 

law curve, a characteristic of its freestream’s adverse pressure gradient. The weak convex 

curvature was expected to have negligible influence on the mean velocity profile’s shape. 

On the other hand, the high curvature row’s profile veered lower than the log law curve 

due to the favorable pressure gradient. It should be noted that large convex curvature 

increases the size of the wake—an effect opposite to that of the favorable pressure gradient. 

Thus, the pressure gradient’s effect on the mean velocity profile was considered dominant. 

3.3 ADIABATIC EFFECTIVENESS RESULTS FROM LOW CURVATURE ROW 

High-resolution measurements of adiabatic effectiveness on the blade surface are 

shown in this and the next several sections. They were processed using the script described 

in §2.5.7.5 Overview of Adiabatic Effectiveness Data Processing. Tests for the low 

curvature row were performed at DR = 1.20 and a nominally low freestream turbulence 

intensity of ~1.5%. The approach boundary layer thickness relative to hole diameter was 

δ99/D = 1.08. 

Figure 3.16 shows the contours of adiabatic effectiveness for the low curvature row 

of holes on the blade suction side from M = 1.0 to M = 3.0. A contour color bar is included 

indicating the η levels associated with each color in the contour plot. X, the downstream 

distance with its origin at the hole’s downstream breakout, is normalized by hole diameter, 
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D; so is Z, the span-wise position. The plots span from X/D = -5 – 50. The trailing edge 

was located just downstream of X/D = 50 and was not measured. This capital X is not to be 

confused with the lowercase x used previously as axial position on the blade surface. The 

η0 conduction correction described in §2.5.7.4 Correction for Through-Wall Conduction 

was applied at all X/D > 0. 

M
 =

 1
.0

 

 

  

M
 =

 1
.5

 

 

M
 =

 2
.0

 

 

M
 =

 2
.5

 

 

M
 =

 3
.0

 

 
Figure 3.16: Contours of adiabatic effectiveness from the low curvature row 
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Two main behaviors can be seen in the contours. First, jet width monotonically 

decreased with increasing blowing ratio. Next, as the blowing ratio was increased from M 

= 1.0 to M = 1.5, the centerline effectiveness increased as well. Beyond M = 1.5, the 

centerline effectiveness decreased with increasing M. 

The decrease in jet width with increasing blowing ratio can be attributed to 

worsening jet separation. A jet with high momentum tends to follow its own trajectory 

rather than the freestream’s. Thus, because of the angled film cooling hole, jets with higher 

momentum tend to separate from the blade surface. As jet separation intensifies, the jet 

core travels farther from the surface, reducing the degree of coolant interaction with the 

surface and hindering adiabatic effectiveness. This follows with the trends in the contour 

plots and explains the decrease in centerline effectiveness at the higher blowing ratios. 

The increase in centerline effectiveness from M = 1.0 to M = 1.5 is caused by the 

corresponding increase in coolant mass flow rate between the two blowing ratios. At M = 

1.5, more coolant travels farther downstream; and less of the total coolant mass is mixed 

out into the freestream. Far downstream, past X/D ≈ 30, the mid-pitch effectiveness for the 

M = 1.5 began to increase. Likely, some of the coolant that had separated at M = 1.5 was 

brought back into contact with the surface farther downstream where turbulent mixing is 

promoted by the spread of the jets. 

This behavior is seen more clearly in plots of laterally-averaged adiabatic 

effectiveness at the tested blowing ratios. They are shown in Figure 3.17. Adiabatic 

effectiveness was averaged at each X/D position across two hole pitches. The notches at 

X/D ≈ 3 correspond to the seam at the downstream edge of the low curvature hatch on the 

blade model. Here, spackle—a material of much higher thermal conductivity than the foam 

used to build the model—was used to smooth the gap. The spackled seam thus conducted 
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more readily than the rest of the model, artificially spreading adiabatic effectiveness 

laterally. The one-dimensional η0 conduction correction accounted for some but not the 

entirety of this error. 

 

Figure 3.17: Laterally-averaged adiabatic effectiveness results from low curvature row 

at tested blowing ratios 

The coolant jets were most effective near the hole at M = 1.0. The wide jets 

produced high values in η̄. The decrease in η̄ near the hole with increasing M corresponds 

to jet thinning and worsening separation. A comparison of the curves for M = 1.0 and M = 

1.5 highlights the discussed tradeoffs between the benefits of increased coolant injection 

rates and the adverse effects of jet separation. Beyond M = 1.5, the separation effects were 

very severe, indicated by the decrease in η̄ with increasing M. 
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Figure 3.18 shows spatially-averaged η for the low curvature row as a function of 

M. Two different X/D ranges were used to calculate η̿: an upstream range from X/D of 0 to 

20 and a downstream one from 30 to 50. They are plotted as two different curves. 

 

Figure 3.18: Spatially-averaged adiabatic effectiveness results from low curvature row at 

tested blowing ratios and two X/D ranges 

The upstream spatially-averaged data monotonically decreases with increasing 

blowing ratio due to thinning of the jets from separation. On the other hand, the 

downstream data has a peak at M = 1.5 because of the relatively well-attached jet with high 

enough coolant flowrate to propagate higher effectiveness levels downstream. 
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3.4 ADIABATIC EFFECTIVENESS RESULTS FROM HIGH CURVATURE ROW 

The same adiabatic effectiveness measurements were taken for the high curvature 

row. Tests were performed at DR = 1.20 and a nominally low freestream turbulence 

intensity. The high curvature row had a turbulent approach boundary layer with a thickness 

of δ99/D = 1.05. Contour plots of adiabatic effectiveness are shown next in Figure 3.19. 

These plots show η data far downstream on the suction side of the blade up to X/D = 94, 

beyond which the trailing edge was located. For the sake of visual clarity, the X/D axis is 

plotted vertically, increasing from top to bottom. The Z/D axis is oriented from left to right, 

spanning 6 Z/D, the equivalent of one hole pitch. 
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M = 1.0 M = 1.5 M = 2.0 M = 2.5 M = 3.0 

 

     

            
 

Figure 3.19: Contours of adiabatic effectiveness from high curvature row across one 

hole pitch 
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Centerline effectiveness increased from M = 1.0 to M = 1.5 and then decreased 

starting at M = 2.0. Between M = 1.5 and M = 2.0, a change in jet behavior was observed. 

At M = 2.0, the jet showed signs of more severe separation—that is, reduced centerline 

effectiveness and reduced width compared to the next lowest blowing ratio. At X/D ≈ 55 

though, the jet footprint merged with those of its neighboring jets. Far downstream at this 

blowing ratio, the increased coolant mass flow rate offset some of the adverse effects of 

separation. Separated coolant may have been reintroduced to the surface via turbulent 

mixing far enough downstream. 

Beyond M = 2.0, the jets became significantly thinner and more tapered with 

increasing blowing ratio as the jets lifted off farther from the surface. In this regime, the 

beneficial effects of injecting higher amounts of coolant were heavily outweighed by the 

adverse effects of severe jet liftoff. The convex surface curvature exaggerated this effect—

the effectiveness dropped off much more sharply than in the low curvature cases. At these 

higher blowing ratios, the jets’ momenta became large enough to overcome the normal 

pressure gradient towards the blade surface. Thus, the jets’ trajectories strayed from the 

blade as the convex surface curved away from their path. This effect decreased 

effectiveness severely and was worsened with increases in blowing ratio. 

At lower blowing ratios, the jets’ footprints near the hole were wider than at higher 

blowing ratios. The pressure gradient normal to the surface was responsible for this 

phenomenon. The lower-momenta jets were pushed into the surface by the pressure 

gradient, causing them to spread out, especially in the near-hole region. The effect 

weakened with higher blowing ratios because of the increased momenta of the jets relative 

to the strength of the pressure gradient. 
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The contours in Figure 3.19 show only a single hole pitch, but two hole pitches 

were measured during adiabatic effectiveness experiments. A representative contour 

showing the typical variation in adiabatic effectiveness between the two measured holes is 

shown next in Figure 3.20. 

 

Figure 3.20: Representative contour of adiabatic effectiveness from high curvature row 

showing hole-to-hole uniformity in effectiveness (M = 1.5) 

Laterally-averaged effectiveness curves from each blowing ratio for the high 

curvature row are plotted in Figure 3.21 to compare the performance at different blowing 

ratios more clearly. For the high curvature row, η was averaged at each X/D position across 

two pitches to produce these curves. 
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Figure 3.21: Comparison of laterally-averaged adiabatic effectiveness for high curvature 

row across blowing ratios 

At M = 1.0, very high near-hole effectiveness was measured due to the normal 

pressure gradient pushing the low-momentum coolant toward the wall. The near-hole 

laterally-averaged effectiveness decreased monotonically with increasing blowing ratio, 

consistent with the jet-momentum-versus-pressure-gradient behavior described before. 

Peak performance near the hole occurred near M = 1.0. The low-momenta jets attached 

well to the surface and spread out wider than any other blowing ratio. 

An examination of this data ending at X/D ≈ 30 may lead an observer to conclude 

that M = 1.0 is the optimal blowing ratio for this geometry at this position on the blade. 

However, data downstream of this position suggests that M = 1.5 constitutes the peak 

performance blowing ratio. The jets for M = 1.5 are thinner than those at M = 1.0 over the 
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measurement area. However, the centerline effectiveness for M = 1.5 exceeds that of M = 

1.0 for much of the area. The increased coolant mass flow rate is responsible for this. The 

low amount of coolant at M = 1.0 is more susceptible to being mixed out into the warm 

freestream. At M = 1.5, a relatively smaller amount of the total coolant is lost to the warm 

freestream; and downstream performance is optimized. As discussed before, M = 1.5 also 

balances the adverse effects of separation with the positive effects of increased injection 

rate. This resulted in long-lived jets as was seen in the contour plot at M = 1.5 in Figure 

3.19. The jets at M = 2.0 began to taper; and the tapering became much worse as blowing 

ratio was increased beyond that, signaling more severe jet separation. The convex surface 

curvature worsened the coolant separation, steepening the drop-off in effectiveness after 

peak performance. 

Figure 3.22 shows spatially-averaged effectiveness from the high curvature row at 

three X/D ranges. The first two ranges, X/D = 0-20 and X/D = 30-50, are the same ranges 

that η̿ was averaged over for the low curvature row. A third range X/D = 60-80 was included 

for the high curvature row. 
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Figure 3.22: Spatially-averaged adiabatic effectiveness results from high curvature row 

at tested blowing ratios and three X/D Ranges 

Near the hole, η̿ decreased monotonically with M as the jets separated more and 

more. Also aiding the near-hole effectiveness was the surface-normal pressure gradient, 

which promoted the spreading and attachment of low-momenta jets. Farther downstream, 

peak performance occurred at M = 1.5, where enough coolant was injected to maintain 

higher effectiveness downstream but not so much that the jets’ high momenta caused severe 

separation. This behavior was similar at both downstream ranges. For M = 2.0-3.0, there 

was little deterioration in performance between the two downstream ranges. The jets at 

these blowing ratios were very detached from the surface. Likely, the mixing of the 
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separated jet back to the surface was the only contributor to η in these regions at these 

blowing ratios. 

3.5 COMPARISON OF PERFORMANCE OF THE TWO ROWS 

A comparison of the overall performance for each of the rows is best summarized 

by spatially-averaged plots, shown in Figure 3.23. η was averaged from X/D = 0-20 and 

from X/D = 30-50 across two pitches for each row to produce spatially-averaged data at 

the measured blowing ratios.  

 

Figure 3.23: Comparison of spatially-averaged adiabatic effectiveness of low and high 

curvature rows across blowing ratios for two different X/D ranges 

The high curvature row outperformed the low curvature row at the measured 

blowing ratios less than M = 2.0. Near the hole, the high curvature row outperformed the 
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low curvature row by ~0.01-0.02 (~5-10%) in η̿; farther downstream, the difference was 

slightly higher—on the order of 0.02-0.03 (20%). At these blowing ratios, the pressure 

gradient normal to the streamlines was effective at “pushing” the high curvature row’s jets’ 

trajectories closer to the wall, aiding jet coverage and counteracting separation. At M = 2.0, 

the performances were nearly equal; but the high curvature row’s effectiveness showed a 

sharp decrease compared to performance at M = 1.5, indicating the onset of more severe 

jet separation. At M = 2.5 and M = 3.0, the low curvature row performed better by as much 

as ~30-50%; this was assumed to be due to a more severe level of separation for the high 

curvature row jets than for the low curvature ones. 

Considering that there is an inflection point in comparison of the performance of 

the two rows at M = 2.0, the blowing ratios M = 1.0 and M = 3.0 are perhaps the most 

representative conditions to delve deeper into. They should offer evidence for the behavior 

seen in the spatially-averaged plot. These two conditions will be examined in more detail 

next. 

Contours of η for the low and high curvature rows at M = 1.0 are shown in Figure 

3.24. This injection rate is part of the regime in which the high curvature row is aided by 

the surface-normal pressure gradient pointed towards the surface. The most notable effect 

from this phenomenon is the dramatically increased centerline effectiveness for the high 

curvature row. Secondarily, the high curvature row’s jets have a slightly wider footprint. 
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Figure 3.24: Comparison of adiabatic effectiveness contour plots for low and high 

curvature rows at M = 1.0 

Contour plot comparisons of effectiveness are shown for the two rows at M = 3.0 

in Figure 3.25. Both the high and low curvature rows showed significant decreases in η 

compared to M = 1.0 because of jet separation. The reduction in effectiveness was much 

larger for the high curvature row; the jets became much thinner than those of the low 

curvature row with lower centerline effectiveness. The convex surface curved away from 

the jets’ trajectories, rendering them unable to spread out and cool the wall effectively. The 

jets for the low curvature row maintained much wider shapes downstream compared to the 

high curvature case; this was because the jets, though they separated, could interact with 

the wall more. 
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Figure 3.25: Comparison of adiabatic effectiveness contour plots for low and high 

curvature rows at M = 3.0 

 Lateral profiles at several X/D locations for the two rows at blowing ratios of M = 

1.5 and M = 3.0 further demonstrate the differences in cooling performance of the high and 

low curvature rows. Figure 3.26 shows lateral profiles of the two rows at a nominal 

blowing ratio of 1.0 at X/D positions of 5, 10, 20, and 35. Quite close to the hole, the jets 

from the two rows had nearly equal lateral profiles in effectiveness; though a slightly wider 

jet profile could be seen for the high curvature row. Farther downstream though, the high 

curvature row’s jet maintained wider coolant jets with much higher centerline 

effectiveness. Centerline effectiveness from the high curvature row was as much as 30% 

higher than that of the low curvature row at X/D = 35. The high curvature row also had 

wider jet profiles because of the normal pressure gradient aiding jet attachment to the wall, 

which helped spread coolant laterally. 
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Lateral Profiles for Low and High Curvature Rows at M = 1.0 

X/D = 5 X/D = 10 

  

X/D = 20 X/D = 35 

  

Figure 3.26: Lateral profiles of adiabatic effectiveness for low and high curvature rows 

at M = 1.0 

0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

21 26 31

η

Z/D

0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

21 26 31

η

Z/D

0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

21 26 31

η

Z/D

0

0.1

0.2

0.3

0.4

0.5

0.6

0.7

0.8

21 26 31

η

Z/D



 

 

147 

The lateral profiles from the two rows at M = 1.0 showed the beneficial effects 

convex surface curvature can have on film cooling. The surface-normal pressure gradient 

pointed towards the surface aids the jet in staying attached and helps spread coolant 

laterally. The increased attachment also results in higher levels of centerline effectiveness 

farther downstream. The high curvature row’s jets resisted mixing out into the freestream 

more than those of the low curvature row. 

Of course, at higher injection rates, the convex surface curvature has been observed 

to hurt the film cooling performance of the 7-7-7 shaped hole. Figure 3.27 shows this with 

lateral profiles from the two rows at a blowing ratio of 3.0 at the same X/D positions as 

before. At each position, the centerline effectiveness of the high curvature jets was lower 

than that of the low curvature jets. The high curvature jets tended to be thinner as well. 

Both rows showed signs of sever separation at this blowing ratio, producing thin jets and 

low mid-pitch effectiveness; but the separation was much more intense for the high 

curvature row. The high curvature row jet’s momenta were so high at this blowing ratio 

that the surface-normal pressure gradient was unable to keep the jet attached to the surface. 

The surface curved away from the jets’ trajectories, and this resulted in much lower 

centerline effectiveness (by almost as much as 50%) than the baseline low curvature case. 

Interestingly, at X/D = 20 for the low curvature row, mid-pitch effectiveness began to 

increase. At this point, the coolant likely reattached and spread out. 
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Lateral Profiles for Low and High Curvature Rows at M = 3.0 

X/D = 5 X/D = 10 

  

X/D = 20 X/D = 35 

  

Figure 3.27: Lateral profiles of adiabatic effectiveness for low and high curvature rows 

at M = 3.0 
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One final comparison is made between the rows using the Icos2α parameter 

suggested by Ito et al. (1978) [10]. Recall that they predicted the performance of round 

holes using this quantity, relating the streamwise momentum of the jet to that of the 

mainstream. With shaped holes, the velocity of the coolant through the hole is not constant. 

To first order, the coolant velocity at any point in the hole should be inversely proportional 

to the cross-sectional area via continuity. Thus, the parameter Icos2α(AR)-1 is introduced to 

predict the relative performance of shaped holes with different magnitudes of surface 

curvature at different injection rates. Spatially-averaged effectiveness is plotted for the two 

rows against this area-adjusted streamwise momentum flux ratio in Figure 3.28. 

 

Figure 3.28: Spatially-averaged effectiveness vs. Icos2α(AR)-1 for low and high curvature 

rows over two areas 
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For Icos2α(AR)-1 < 1, the radius of curvature of the jet trajectory is expected to be 

less than that of the wall—and a convex surface is thus expected to outperform either a flat 

or concave surface. The opposite is true for Icos2α(AR)-1 > 1. Plotting spatially-averaged 

effectiveness against Icos2α(AR)-1 sets the crossover point at unity, especially with the more 

downstream effectiveness measurements. This behavior is entirely consistent with what 

has been shown with round hole performance plotted against Icos2α. Of course, the dataset 

is small, including only two holes, one injection angle, two very similar area ratios, and 

two levels of surface curvature. But the utility of Icos2α(AR)-1 certainly seems promising. 

3.6 SUMMARY OF ADIABATIC EFFECTIVENESS RESULTS 

Overall, the behavior of shaped holes in the presence of convex surface curvature 

was found to be consistent with the behavior of round holes, described in §1.2.5 Effects of 

Surface Curvature on Round Hole Film Cooling. 

As mentioned in §1.2.6 Effects of Surface Curvature on Shaped Hole Film Cooling, 

no studies on shaped holes were found in the literature that isolated the 2R/D value or 

compared to baseline low curvature or flat-plate data. The data from Colban et al. (2006) 

were suspect, showing that stronger convex curvature hurt the performance of shaped holes 

compared to performance in a region of weaker convex curvature [17]. The finding was 

misleading, considering the differences in P/D of the holes between the two rows. In two 

studies, Lutum et al. (2000) and Lutum et al. (2001) studied shaped holes with 2R/D = 50 

but made no comparisons to shaped hole data from a flat plate or low curvature row [37] 

[38]. O’Neal (2017) included measurements of multiple shaped holes on a scaled-up vane 

model [39]. The comparisons were made only to an empirical shaped hole correlation for 

flat surfaces from Colban et al. (2011)—not to experimental flat plate data [40]. No studies 
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in the literature have used the standard 7-7-7 geometry in the study of curvature’s effects 

on film cooling. 

The present study adds to the literature measurements of the standard 7-7-7 in the 

presence of varying magnitudes of convex surface curvature and freestream pressure 

gradient. The different local surface curvature magnitudes at the two rows caused 

differences in film cooling performance that were consistent with the physics understood 

regarding flow around curved surfaces and the experimental data taken with round holes. 

Finally, the newly-developed parameter Icos2αAR-1 was found to predict the relative 

performance of the two rows well.  
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Chapter 4: Summary and Conclusions 

This chapter summarizes the findings from this thesis. First, a large-scale blade 

model was designed to simulate the blade design from Kopriva et al. (2014) in TTCRL’s 

closed loop, low-speed cascade test facility [22]. The most interesting aspect of this design 

was the decision to match the design’s high-Mach-number Cp distribution in the low-Mach-

number test environment of the wind tunnel—the details of which are covered in this 

chapter. Trips were used to match the measured boundary layer thickness to the target of 

δ99/D ≈ 1.1, a condition commonly tested in TTCRL’s flat plate facility. Characteristics of 

the mean and fluctuating velocity profiles at the two rows’ locations are summarized. Next, 

adiabatic effectiveness results from film cooling experiments are reviewed; and the 

performances of the two rows of holes on the blade model are compared. Each row had 

different magnitudes of convex surface curvature and associated pressure gradients, and 

these factors’ effects on film cooling performance are described. Finally, a future work 

section details potential next-steps to be taken to continue this study. 

4.1 SIMULATING A HIGH-MACH-NUMBER CP DISTRIBUTION IN A LOW-MACH-NUMBER 

TEST SECTION 

This experiment used a low-speed cascade test section modified to match the 

pressure distribution of a high-Mach-number simulation without the use of contoured end 

walls or adjustment of blade geometry to affect acceleration around the airfoil. 

A CFD simulation of the Kopriva blade in an infinite cascade at a low Mach number 

was compared to the Fraser Jones’s simulation replicating the high-Mach-number case 

from Kopriva et al. (2014) [22]. The predicted Cp distributions along the blade surfaces 

differed because of compressibility effects. In the high-Mach-number case, the flow’s 

density decreased with increasing Mach number; this caused a proportional increase in 
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velocity, satisfying the constant mass flowrate. The low-Mach-number case had no such 

extra acceleration, so the infinite cascade Cp distributions differed. The high-Mach-number 

case had an exit Cp value of -5.5 compared to the low-Mach-number exit Cp of -4.1, 

equivalent to a velocity increase of ~13%. 

Initial simulations run by TTCRL doctoral student Fraser Jones indicated that the 

wall movement needed in the low-speed facility to match the high-Mach-number Cp 

distribution was feasible. The Cp distribution around the scaled-up Kopriva blade was then 

adjusted and measured according to the procedures explained in §2.5.4.3 Pressure 

Distribution Test Procedure. The suction side Cp values matched the target pressure 

distribution within experimental uncertainty in nearly all locations. However, the pressure 

side measurements were consistently more negative than the target Cp distribution—an 

indication that the flow was accelerating more than expected in this area. 

The reason for this discrepancy in Cp distribution on the pressure side stemmed 

from adjustments of the movable outer walls on the suction side. On the suction side, to 

achieve the acceleration needed to mimic the high-Mach-number Cp in an incompressible 

setting, a decreased exit area was required to increase velocity given a constant mass flow 

rate. To enact this, the movable outer walls in the suction side passage were moved closer 

to the blade at the blade exit. A decrease in pressure at the blade exit followed from the 

increased exit velocity on the suction side. On the pressure side, there was no flow control 

via movable walls; this left the pressure side exit area unchanged. Because of the lower 

exit pressure, the mass flow rate and velocity through the pressure passage increased, 

resulting in greater flow acceleration than in the target Cp distribution for the pressure side. 

The experimental Cp measurements on both sides of the blade agreed with a second CFD 
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simulation run by Fraser Jones incorporating the measured actual wall positions of the test 

section. 

Because all film cooling tests were performed on the blade’s suction side, where 

the Cp distribution matched well to the design, the matching of the low-Mach-number 

experimental Cp distribution to the high-Mach-number design Cp distribution was 

considered a success. 

4.2 MEASUREMENTS OF MEAN AND FLUCTUATING VELOCITY PROFILES 

The mean and fluctuating velocity profiles were measured at the locations of the 

two rows of holes tested in the present study using a hotwire probe. Trips of different sizes 

were used to modulate the boundary layer thicknesses at the two locations so that they were 

roughly equal relative to film cooling hole diameter. A turbulent boundary layer of 

thickness δ99/D ≈ 1.1 was chosen to match a set of film cooling tests in TTCRL’s flat plate 

facility. Measurements from the velocity profiles experiments are summarized in Table 

4.1. 

Table 4.1: Information and key values from boundary layer measurements 

 Low Curvature Row High Curvature Row 

Trip Size 1mm 3mm 

Trip Location (s/C) 0.21 0.21 

Boundary Layer Type Turbulent Turbulent 

δ99 (mm) 6.05 6.37 

δ99/D 1.08 1.05 

Freestream Turbulence Level 1.5% 1.5% 

Peak Turbulence Level 10% 9% 

The mean velocity profile at the low curvature row had a larger velocity defect than 

the standard 1/7th power law shape for a turbulent boundary layer on a flat plate. This defect 

is characteristic of an adverse pressure gradient, which was present at the measurement 
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site. On the other hand, the mean velocity profile at the high curvature row had a steeper 

velocity profile than the 1/7th power law because of the local favorable pressure gradient 

in the freestream. 

The effects from differences in local freestream pressure gradients between the two 

locations were manifested in the fluctuating velocity profiles as well. At the low curvature 

row, turbulence levels remained greater than 9% over halfway through the boundary layer 

starting at the wall. The adverse pressure gradient in the freestream promoted the 

production of turbulence. In contrast, turbulence levels decayed more quickly moving 

outward through the boundary layer at the high curvature row position; the inner half of 

the profile had an average of ~7% turbulence. The favorable pressure gradient had an effect 

opposite of that of the adverse pressure gradient—instead of aiding turbulent production, 

it suppressed it. 

4.3 EFFECTS OF CURVATURE ON ADIABATIC EFFECTIVENESS 

Two rows of holes were tested: one with low convex surface curvature and another 

with high convex surface curvature. The 7-7-7 shaped hole geometry was used for both 

rows of holes. In addition, most of the local freestream conditions were forced to match 

between the two rows—the holes were sized for the rows to have equal Reynolds numbers 

and boundary layer thicknesses relative to their hole diameters. The only difference 

(besides the curvature levels) that remained between the two rows was the local freestream 

pressure gradient. Because rows were positioned at two different locations on the same 

scaled-up turbine blade model, it was impossible to match the pressure gradients at the two 

rows. The high curvature row had a favorable pressure gradient while the low curvature 

row had an adverse pressure gradient. 
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Through adiabatic effectiveness results, it was determined that the high curvature 

row outperformed the low curvature row in the regime of blowing ratios when jets were 

more attached to the surface (M = 1.0-1.5). In spatially-averaged effectiveness results, η̿ 

from the high curvature row was about 5-10% higher than that from the low curvature row 

for the same blowing ratio near the hole. The difference was greater farther downstream—

the high curvature row outperforming the low curvature row by ~20%. At these injection 

rates, the high curvature row’s low-momenta jets spread wider and more effectively 

resisted separation than those of the low curvature row. The surface-normal pressure 

gradient towards the blade wall was responsible for this behavior. 

At higher injection rates, the behavior was the opposite. When the jets’ momenta 

were increased beyond M = 1.5, the steep decrease in η̿ relative to η̿ at low blowing ratios 

hinted at the onset of severe jet separation for the high curvature row. At this point, the jets 

overcame the pressure gradient pushing them towards the surface. The surface curved away 

from the separated jets, and film effectiveness was severely reduced. At the higher injection 

rates (M = 2.5-3.0), the low curvature row outperformed the high curvature row in η̿ by as 

much as ~30-50%. The low curvature row was positioned in a nearly flat part of the blade, 

so the jets’ separation was not exacerbated by the surface curving away. 

A modified version of the parameter Icos2α from Ito et al. (1978) was used to 

compare the spatially-averaged effectiveness of the two rows [10]. The shaped holes’ area 

ratios, AR’s, were incorporated into the new parameter as Icos2α(AR)-1. The justification of 

multiplying the streamwise momentum flux ratio by the inverse of AR is that a shaped hole 

with a diffuser decreases the velocity—and thereby momentum—of the coolant at its exit. 

(AR)-1 is a reasonable first order estimate of the factor by which the velocity decreases. 
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It was found that the area-adjusted streamwise momentum flux ratio predicted the 

relative performance of the two rows quite well. For Icos2α(AR)-1 < 1, the high curvature 

row outperformed the low curvature row. In this regime, the radius of curvature of the jets’ 

trajectories was less than that of the surface; and the surface-normal pressure gradient could 

aid attachment for the high curvature jets. The opposite was true for Icos2α(AR)-1 > 1. In 

this regime, the radius of curvature of the jets’ trajectories exceeded that of the surface; the 

high curvature row’s jets separated. Compounding this, the convex surface curved away 

from them. Here, the low curvature row had better performance. 

4.4 FUTURE WORK 

Data from the low curvature row should be compared to flat plate data for a standard 

7-7-7 hole with matched hole Reynolds number, freestream turbulence level, and boundary 

layer thickness relative to hole diameter. For this comparison, the stream-wise pressure 

gradient would be the isolated variable. Though stream-wise pressure gradients have been 

shown in literature to have a weaker effect when compared to other factors, quantifying its 

effects would be useful—especially because there are no studies on pressure gradients’ 

effects on the 7-7-7 hole. The increased turbulence in the adverse pressure gradient 

compared to the favorable pressure gradient could be key. Both zero-pressure-gradient and 

nonzero-pressure-gradient cases could be run in the flat plate facility and be compared to 

the data from the low curvature row. 

To develop a scaling parameter for adiabatic effectiveness for shaped holes that 

incorporates surface curvature, more shaped holes should be tested on curved surfaces to 

expand the dataset. A way to parameterize the curvature would be to use the 2R/D value 

proposed previously in the literature; a more thorough scaling factor would incorporate the 

2R/D values downstream of the hole as well because this has been shown to have a 
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significant effect. Additionally, more data would be useful for vetting of the parameter 

Icos2α(AR)-1 developed in this thesis. Testing shaped holes with different injection angles 

and area ratios would prove whether this parameter accurately predicts the relative 

performances of holes built into surfaces of different curvatures. 

 Freestream turbulence is inherent to flow in gas turbine engines. A study of 

turbulence’s effect on the performance of the two rows would give valuable insight into an 

experimental environment more analogous to real engine conditions. 
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