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Steel Fracture Modeling at Elevated Temperature for Structural-Fire 

Engineering Analysis 

 

Wenyu Cai, Ph.D. 

The University of Texas at Austin, 2015 

 

Supervisor:  Michael D. Engelhardt 

 

One of the key elements of performance-based structural-fire safety design is the 

ability to accurately predict thermal and structural response to fire. For steel structures, 

significant advances have been made in using finite element models for predicting the 

response of members, connections and entire structural systems exposed to fire.  

However, predicting the initiation and propagation of fracture of structural steel at 

elevated temperatures is still very difficult and uncertain using even the most advanced 

finite elements software. Fracture plays a critical role in the response of steel structures to 

fire, and is particularly important in connection response, where fracture often controls 

both strength and deformation capacity. While advances have been made in 

computational prediction of the initiation and propagation of fracture in steel at room 

temperature, much less is known at elevated temperature.   

The objective of the research described in this dissertation was to evaluate the 

ability of existing ductile fracture models for metals to predict initiation and propagation 

of fracture in structural steel at elevated temperatures.  The general finite element 

program Abaqus was used in this research to explore and evaluate various approaches for 

simulation of fracture.  
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In the first part of this study, true stress-strain curves were developed for 

structural steel at ambient and elevated temperatures that extend to very large, post-

necking strains.  Then two different fracture criteria were studied for modeling steel 

fracture at ambient and elevated temperatures in Abaqus. These two fracture criteria are 

referred to as the ductile fracture criterion and the shear fracture criterion. Both predict 

the equivalent plastic strain at fracture as a function of the state of stress, most notably 

the stress triaxiality, but have different formulations and model parameters. Model 

parameters for each fracture criterion were estimated by a calibration process that 

involved developing finite element models of various tests reported in the literature of 

structural steel materials, members, and connections at ambient and elevated 

temperatures. To evaluate the capabilities and limitations of each model, a number of 

comparisons were made between tests of steel components that failed by fracture, and 

simulations of those tests.  These evaluations were conducted for tests conducted at 

temperatures ranging from ambient up to 1000°C.    

Results of this work showed that the calibrated ductile fracture model was able to 

reproduce the experimentally observed behavior of tension coupons at elevated 

temperatures, all the way up through complete fracture. However, this same calibrated 

ductile fracture model was significantly less accurate in predicting the experimentally 

observed elevated temperature behavior of bolted steel connections. The model 

significantly overestimated the measured deformation capacity of the connections. This 

implies that the model overestimated the equivalent plastic strain at fracture for the states 

of stress developed in the regions of the bolted connections that experienced fracture. The 

calibrated shear fracture model, on the other hand, was capable of predicting the observed 

behavior of a wide range of bolted connection tests with reasonable accuracy. At any 

given temperature, the same shear fracture model parameters were able to reasonably 
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predict the fracture of a variety of steel grades as well as high strength bolts. This 

suggests that the fracture model parameters may not be highly sensitive to changes in 

steel strength. 

Based on information in the literature and observations from this research, neither 

the ductile fracture model nor the shear fracture model is applicable across a full range of 

stress triaxiality values. The ductile fracture model appears to be most appropriate for 

predicting fracture under high levels of stress triaxiality, whereas the shear fracture model 

appears most appropriate for states of stress characterized by lower levels of stress 

triaxiality.  

The attempts at fracture simulations in this dissertation are based on limited 

experimental data and should be considered preliminary in nature. Far more work is 

needed to further develop these capabilities. Nonetheless, the numerous comparisons 

between simulations and experiments provided in this dissertation offer the hope that 

fracture behavior of steel connections and members at elevated temperatures can 

ultimately be simulated with confidence. 
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CHAPTER 1: INTRODUCTION 

1.1 BACKGROUND 

There is an increasing worldwide interest in transforming building structural-fire 

safety design from a prescriptive-based to performance-based approach.  In a 

performance based approach, providing safety of structures subjected to severe fire attack 

requires the ability to predict the forces and deformations in the structure due to fire, as 

well as to predict the resistance of the structure to these fire-induced forces and 

deformations. Interest in performance-based approaches is being driven by a need for 

increased safety, economy, and flexibility in structural-fire safety design (Engelhardt 

2013). However, there are still many aspects of building structural response to fire that 

are not well understood. One of these areas is the behavior of connections in steel 

building structures. Connections are critical to the safety of a structure, but the behavior 

of connections in steel buildings subjected to fire is not adequately understood. 

Steel buildings are a class of structure that pose significant challenges with 

respect to fire safety. Steel buildings are generally viewed as being particularly 

vulnerable to fire, due to the high thermal conductivity and low specific heat of steel 

(steel heats very quickly in a fire) combined with the loss of stiffness and strength of steel 

at elevated temperatures (Buchanan 2002). Figure 1.1 demonstrates fire induced collapse 

and damage to a single story steel buildings located near Austin, Texas. The fire caused a 

significant loss of stiffness and strength in the structural elements of this building, 

resulting in complete collapse.  

In many buildings, structural steel members are protected by spray applied fire 

resistive coatings, or by other insulating barriers, such as gypsum-board. According to the 

conventional prescriptive-based design approach, the thickness of protective coatings or 
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insulation are usually based on the specified hourly fire resistance ratings for different 

elements of the structure, and little or no engineering calculations are typically conducted 

in designing the fire protection. The highly simplified prescriptive code based rules that 

establish fire protection requirements for steel structures have changed little in the last 

100 years, and have been widely recognized as an inadequate basis for structural fire 

safety design (Engelhardt 2013). 

 

 

Figure 1.1: Fire induced collapse of a steel building near Austin, Texas in 2008 

(Engelhardt 2013) 

Connections are critical elements affecting the safety of steel buildings and are 

vulnerable to failure during fires. During a fire event, large axial forces can often be 

generated in steel beams. Due to displacement restraint from adjacent portions of the 

structure, these forces are initially compressive, while later on with temperature 

increasing, these forces become tensile as catenary action starts to develop (Li and Guo 

2008, Hu 2010). Figure 1.2 illustrates the development of tensile catenary and membrane 
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action resulting from the large vertical displacements that occur in a fire (Figure 1.2) 

Both the compression and tension forces developed during a fire are not normally 

considered in the beam end framing connection design process and thus can possibly lead 

to connection failure and potential beam collapse in a fire event. Beam end framing 

connection failure under tension due to the development of beam catenary action can be 

examined by considering the case of World Trade Center Building No. 5 (McAllister and 

Corley 2002). Figure 1.3 is a photo of a collapsed area within WTC 5 following fires on 

September 11, 2001. These photos clearly indicate the dominating influence of tensile 

forces on the connection failure. 

 

 

Figure 1.2: Floor system response in Cardington fire test (Lennon and Moore 2003) 
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Figure 1.3: Connection tear out failure in WTC5 (McAllister and Corley 2002) 

To predict the performance of steel structures in fire, it is important to understand 

the force and deformation demands generated at the beam end framing connections in a 

fire, and to account for these demands in the design of the connection. 

 

1.2. RESEARCH OBJECTIVE 

One of the key elements of performance-based fire safety design of steel building 

structures is the ability to accurately predict thermal and structural response to fire. 

Advanced finite element models have proven to be powerful tools in this regard. These 

tools are used by researchers to study a wide range of problems in structural response to 

fire.  For steel structures, these tools are useful in predicting the response of members, 

connections, and entire structural systems exposed to fire. However, predicting the 
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initiation and propagation of fracture of structural steel at elevated temperatures is still 

very difficult and uncertain using even the most advanced finite elements software, due to 

a basic lack of fracture models and experimental data. However, fracture plays a critical 

role in the response of a steel structure to fire. Fracture is particularly important in 

connection response, where fracture typically controls both strength and deformation 

capacity. While advances have been made in computational prediction of the initiation 

and propagation of fracture in steel at room temperature, much less is known at elevated 

temperature. Basic experimental data and validated fracture prediction models for 

structural steel at elevated temperature are lacking.  

The objective of the research described in this dissertation is to study existing 

models for computational prediction of fracture of structural steel at elevated temperature 

that can be implemented in finite element analysis programs. Model parameters will be 

calibrated with existing elevated temperature test data reported in the literature, including 

tests on tension coupons as well as tests on steel connection assemblies. The models will 

be implemented in the finite element analysis program Abaqus. Model parameters will be 

developed and validated for temperatures up to 1000°C, as this is representative of the 

peak temperatures that can be expected in building fires. 

 

1.3. RESEARCH OUTLINE 

In order to address the objectives listed above, a literature review was conducted, 

followed by a series of numerical studies. 

Chapter 2 of this dissertation discusses previous research related to structural steel 

in fire. A literature review of material behavior of structural steel and bolt steel at room 

and elevated temperatures is summarized. Experiments and simulations on steel 
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connections at room and elevated temperatures with fracture behavior are also discussed 

in this chapter. 

Chapter 3 discusses fracture simulation in finite element analysis. Explicit and 

standard solvers are discussed and compared. Different types of the fracture simulation 

approaches in finite element analysis are summarized. 

Chapter 4 describes the development of true stress strain curves for structural steel 

at room and elevated temperatures. The conversion between engineering stress-strain 

curves and true stress-strain curves is discussed. A focus of the work presented in this 

chapter is the development of true stress-strain curves after necking, based on test data 

and numerical studies. The developed true stress-strain curves for structural steel at room 

and elevated temperatures are compared with other recommended true stress-strain 

curves reported in the literature. 

Chapter 5 presents the ductile fracture model for structural steel. Based on 

existing testing data of steel tension coupons, a series of simulations are performed to 

calibrate parameters for the ductile fracture model for structural steel. The derived 

parameters are generalized for modeling fracture behavior of structural steel. 

Chapter 6 describes the shear fracture model for structural steel. The model 

parameters are developed through testing data and numerical analysis. The derived  

parameters for structural steel at room and elevated temperatures are verified and 

generalized for modeling fracture behavior of steel connections at ambient temperature 

and elevated temperatures. 

Chapter 7 summarizes findings of this research. Important observations from the 

literature review, experiments and numerical analysis are studied. Future research needs 

are identified. 
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CHAPTER 2: LITERATURE REVIEW AND RECENT WORK 

2.1 OVERVIEW 

Modeling fracture of steel connections at elevated temperatures requires 

understanding of existing fracture models; understanding of fracture behavior of steel 

connections at elevated temperatures; and an understanding of the mechanical properties 

of steel at elevated temperatures. In this chapter, previous research related to these topics 

will be reviewed. The first section introduces the theoretical background for ductile 

fracture models. The second section discusses theoretical fracture initiation models. The 

third section will summarize previous experiments on steel connections at elevated 

temperatures. The fourth section reviews the material properties of structural steel at 

elevated temperature. For the fifth section, tensile and shear tests results of steel bolts at 

elevated temperature are discussed. In the last section, previous research on simulation of 

fracture of steel connections at normal and elevated temperatures are reviewed.  

 

2.2 THEORETICAL BACKGROUND FOR FRACTURE PREDICTION  

2.2.1 Brittle Fracture vs. Ductile Fracture 

Fracture is defined as "separation of a material into pieces due to stress at 

temperatures below the melting point." (Zhigilei 2010). In general, two types of fracture 

modes can be defined: brittle fracture and ductile fracture. For brittle fracture, cracks 

propagate rapidly and the material undergoes relatively little plastic deformation before 

fracture. While for ductile fracture, cracks propagate relatively slowly and the material 

undergoes extensive plastic deformation before fracture (Zhigilei 2010).  For example, in 

Figure 2.1, cast iron shows a brittle fracture mode as it is subjected to quite small plastic 

deformation before fracture. However, mild steel demonstrates a ductile fracture mode as 
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it undergoes large plastic deformation before fracture. The research described in this 

dissertation will focus on predicting ductile fracture of steel and steel connections at 

room and elevated temperatures. 

 

 

Figure 2.1: Stress-strain curves of cast iron and mild steel in tension (Juenger 2014) 

2.2.1 Ductile Fracture Modes 

2.2.2.1 Overview 

In this section, some theoretical background related to ductile fracture is 

discussed. The basic steps developed in fracture can be defined as crack formation and 

crack propagation. Based on experimental observations, crack formation can be divided 

into three stages: void nucleation, void growth and void coalescence (Chen and Butcher 

2013). Figure 2.2 shows the process of crack formation. In Figure 2.2 (a), particles and 

matrix can be observed in metals. Particles are a dispersed phase inside of a metal while 

the matrix is a continuous material around particles. In general, the matrix is more ductile 

than particles in metals. For example, in steel, the matrix is made up of Ferrite while 

particles are composed by Fe3C which is more brittle than Ferrite (Wang 2013).  Void 

nucleation starts with the particle breaking or debonding as shown in Figure 2.2 (b). With 

increased loading, voids grows larger as shown in Figure 2.2 (c). Then the voids link up 
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together to form the crack as shown in Figure 2.2 (d) which is defined as void 

coalescence. After the crack is formed, the crack will be propagated due to increasing 

stress around cracks. 

 

Figure 2.2: Ductile damage evolution, (a) Initial state; (b) void nucleation; (c) void 

growth; (d) void coalescence (Chen and Butcher 2013) 

2.2.2.2 Phenomenon of void nucleation 

Void nucleation occurs when particles of materials crack or debond from the 

matrix material during plastic deformation (Anderson 2005). Figure 2.3 demonstrates 

particles in carbon steel which nucleated a micro-void. In general, void nucleation is 

difficult to model numerically since the initiation of particle cracking or debonding  

depends on numerous factors such as particle geometry, stress state, temperature and 

strength of the particle and interface (Chen and Butcher 2013). Another issue is that void 

nucleation often occurs rapidly and suddenly, therefore, it is difficult to capture 

experimentally. However, researchers have found out that a major factor that affects the 
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occurrence of void nucleation is the magnitude of the hydrostatic stress in the vicinity of 

the void. The hydrostatic stress is defined as the mean value of principle stresses  (Chen 

and Butcher 2013).  

 

 

Figure 2.3:  High magnification fractograph of the steel ductile fracture surface 

(Anderson 2005) 

2.2.2.3 Phenomenon of void growth and coalescence 

The steps after void nucleation are void growth followed by void coalescence. 

Void coalescence develops quite rapidly and suddenly once voids grow to a certain 

extent. Based on both experimental and numerical studies, both plastic strain and 

hydrostatic stress can cause the voids to grow and coalesce (Anderson 2005). Figure 2.4 

illustrates the process of void growth and coalescence. As shown in Figure 2.4 (a), voids 

grow larger with increasing tensile stress. Then the plastic strain is localized between the 

voids in the material (Figure 2.4 b). Necking then occurs between the voids in the 

material (Figure 2.4 c). Finally the large voids coalesce to form a crack initiating the 

fracture of material (Figure 2.4 d) (Anderson 2005). 
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Figure 2.4:  Void growth and coalescence, (a) void growth, (b) strain localization 

between voids, (c) necking between voids and (d) void coalescence and 

fracture (Anderson 2005) 

2.2.2.4 Phenomenon of crack propagation   

Crack formation is followed by crack propagation. In general, crack propagation 

is caused by stress concentrations (Zhigilei 2010). The process of crack formation and 

propagation in a steel tension coupon test are illustrated in Figure 2.5. In Figure 2.5 (a), 

the voids are enlarged by the tensile stress (Chen and Butcher 2013). Figure 2.5 (b) 

shows that void coalescence is generated further by the increased stress. After the initial 

crack is formed, the intense shear stress around the crack tips facilitates the crack 

propagation as shown in Figure 2.5 (c). Finally, in Figure 2.5 (d) fracture is generated 

once the crack is propagated to the outer surface of the specimen. It is observed that the 
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"cup and cone fracture" surface is generated not only by void formations but also by 

intense shear stress near initial crack tips. It is also found that in the middle of fracture 

surface, the void coalescence leads to the fibrous appearance while around the outer 

surface, the localized shear stress generates the smooth fracture surface (Anderson 2005). 

 

 

Figure 2.5:  Crack formation and propagation in a tensile coupon test., (a) void growth, 

(b) void coalescence, (c) crack propagation by shear stress and (d) fracture 

(Zhigilei 2010) 

2.2.2.5 General Observations 

From previous studies on ductile fracture in metals, it is observed that the plastic 

strain, hydrostatic stress, and shear stress play an important role in the formation and 

propagation of cracks. According to these observations, several researchers proposed a 

series of numerical models to describe the ductile fracture behavior for metals. In the 

following sections, some of these fracture models are reviewed. 

 

2.3 PREVIOUS RESEARCH ON DEVELOPMENT OF FRACTURE INITIATION 

MODELS 

2.3.1 Overview 

A number of models for predicting ductile fracture in metals have been developed 

by several researchers. In general, the ductile fracture models can be classified into two 
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groups: uncoupled and coupled models (Lee 2005). In uncoupled fracture models, the 

effects of voids fraction and interaction in the material during the process of fracture is 

not taken into account explicitly (Lee 2005). These models predict plastic strain at the 

initiation of fracture as a function of stress triaxiality or a combination of stress triaxiality 

and shear stress. This includes models proposed by McClintock (1968), Rice and Tracey 

(1969), Hancock and Mackenzie (1976), Johnson and Cook (1985) and Hooputra (2004). 

In coupled models, the voids fraction and interaction in the material is considered 

explicitly in the model functions. One example of a coupled model is the Gurson (1977) 

model. The Gurson model was further modified by Tvegaard and Needleman (1984). 

 

2.3.2 Uncoupled Fracture Models 

2.3.2.1 Rice and Tracey Model (1969) 

The Rice and Tracey model was developed from work by McClintock (1968). 

McClintock (1968) first analyzed a cylindrical void in an infinite material (Chen and 

Butcher 2013). According to his observations, void growth depends on the principle 

stress and strain (McClintock 1968). Further, Rice and Tracey (1969) analyzed a 

spherical void in an infinite, plastic material. They found that void growth exponentially 

depends on hydrostatic stress. By combining the observations from their own work and 

from McClintock, Rice and Tracey expressed void growth as a function of void radius, 

equivalent plastic strain and stress triaxiality. Stress triaxiality is defined as the ratio of 

hydrostatic stress to von Mises stress. Based on the fracture model in Eq. 2.1, it is 

observed that the rate of increase in void radius in a material is related to stress triaxiality 

and plastic strain.  
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dtpp ∫= εε &   = equivalent plastic strain (2.5) 

 

2.3.2.2 Hancock and Mackenzie Model (1976) 

Based on the derivation from Rice and Tracey, Hancock and Mackenzie (1976) 

proposed a simplified model – the Stress Modified Critical Strain Model (SMCS) for 

capturing the void growth and coalescence phenomena in metals (Chi et al 2006). This 

model describes the ductile fracture behavior by taking into account the effect of stress 

triaxiality on void growth and coalescence (Chi et al 2006). Instead of using void radius 

in the model, Hancock and Mackenzie simplified the fracture model which is only 

expressed by the plastic strain and stress triaxiality. Based on their investigations, a 

higher stress triaxiality results in a lower critical plastic strain at fracture (Chi et al 2006). 
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According to this model, ductile crack initiation occurs once the equivalent plastic strain 

exceeds a critical value of the plastic strain, where the critical plastic strain is a function 

of stress triaxiality as described in Eq. 2.6.     

   

)exp(,
e

m
criticalp σ

σ
βαε ×−=  (2.6) 

Where, 

criticalp,ε  = equivalent plastic strain at fracture or critical equivalent plastic strain 

α = toughness index 

β = material parameter 

mσ  = mean stress or hydrostatic stress 

=eσ  equivalent tensile stress or von Mises stress 

 

The constant α in Eq. 2.6 is a toughness index used to measure the material 

resistance to ductile fracture (Chi et al 2006). The toughness index α can be determined 

from a series of notched bar tensile coupon tests. The parameter β is a material constant, 

which shows a large variation for different materials (Chi et al 2006). Based on Rice and 

Tracey's derivation, the theoretical value of the constant β is equal to 1.5. However, 

Marino et al. (1985) pointed out that this 1.5 value is more related to modeling the 

process of void growth, and recommended that a different coefficient might be required 

to model coalescence as well. Johnson and Cook (1985) showed that a coefficient of 2.12 

works better than 1.5 to model fracture in 4340 steel. Hancock and Brown (1983) 

reported fracture data for British Steels (50D and 50D N.N.), and their data suggested 

that the coefficient β is usually in the range of 1.1–2.3 (Chi et al 2006). 



 16 

The Hancock and Mackenzie Model is included in ABAQUS and is referred to 

the “ductile fracture model” in ABAQUS to simulate ductile fracture in metals due to 

void growth and coalescence. The ductile fracture model will be explained in further 

detail in the Chapter 5. 

2.3.2.3 Johnson and Cook Model (1985) 

Johnson and Cook (1985) did a series of notched bar tests and torsion tests on 

copper, iron and 4340 steel to determine the effects of strain rate and temperature on the 

strain to fracture. Their fracture model can be expressed as Eq. 2.7. 
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Where, 

criticalp,ε  = equivalent plastic strain at fracture or critical equivalent plastic strain 

1D  to 5D = material parameters 

ε& = strain rate 

oε& = 1.0 s
-1

 

roomT = ambient temperature 

meltingT  = temperature at melting point  

roommelting

room

TT

TT

−

−
= homologous temperature 

mσ  = mean stress or hydrostatic stress 

=eσ  equivalent tensile stress or von Mises stress 

As shown in Eq. 2.7, five material parameters, D1 to D5 are needed in the Johnson 

and Cook Model. The expression in the first set of brackets follows the same form as the 

fracture model developed by Hancock and Mackenzie (1976). The expression in the 
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second set of brackets represents the effect of strain rate on fracture. In the third set of 

brackets, the effect of temperature on fracture is considered. When the material 

temperature is equal to room temperature, the homologous temperature is taken as 0. 

However, when the material temperature is equal to the melting temperature, the 

homologous temperature is equal to 1.0.   

 

Figure 2.6:  Temperature, strain rate and stress triaxiality effects on fracture strain 

(Johnson and Cook 1985) 

According to the observations from experiments, Johnson and Cook described the 

stress triaxiality, strain rate and temperature effects on fracture strain with the plots in 

Figure 2.6. The plots in Figure 2.6 shows that for 4340 steel fracture strain increases as 

temperature increases; and higher stress triaxiality results in lower critical fracture strain. 

By comparing fracture strain at strain rates equal to 10
5
 s

-1
 and 1 s

-1
 respectively, Figure 

2.6 shows that at room temperature the strain rate has little effect on the critical fracture 
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strain. However, the effect of strain rate on fracture at elevated temperatures was not 

investigated in Johnson and Cook's research. 

The Johnson-Cook Model is one of the fracture models in ABAQUS to simulate 

ductile metal fracture due to void growth and coalescence. In ABAQUS, D1 to D5 must 

be specified by the user. 

2.3.2.4 Hooputra Model (2004) 

According to the previous studies described above, hydrostatic stress plays a key 

role in void formation and coalescence. However, once a crack is formed, it can be 

propagated by other stress states such as shear stress. In order to investigate the shear 

stress effect on fracture strain, Hooputra et al (2004) conducted a series of tensile, 

compressive and shear tests on aluminum alloy EN AW-7108 T6. Based on experimental 

observations, they developed a fracture model which integrates the effects of hydrostatic 

stress, von Mises stress and shear stress on fracture and they named the model as a "shear 

fracture model". 

Figure 2.7 shows the plots obtained from Hooputra's tests on aluminum alloy. "θ" 

in the plot is the shear stress ratio which includes the effects of hydrostatic stress, von 

Mises stress and shear stress on fracture (Eq. 2.9 to Eq. 2.11). The square markers in the 

plot indicate the results of tensile and compressive tests. By connecting the square 

markers, they obtained a trend line function which can be expressed by the hyperbolic 

function in Eq. 2.8. 
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mσ  = mean stress or hydrostatic stress 

=eσ  equivalent tensile stress or von Mises stress 

maxτ = maximum shear stress 

1.0≈sk  (material constant) 

sk42 −=+θ  (value of the shear stress ratio in equibiaxial tensile test (2.12)                                

sk42 +=−θ  (value of the shear stress ratio in equibiaxial compressive test (2.13)                        

+
sε = equivalent plastic strain at fracture in equibiaxial tensile test 

−
sε = equivalent plastic strain at fracture in equibiaxial compressive test 

 

 
 

Figure 2.7:  Shear fracture limit curve and experimental data from aluminum specimens 

(Hooputra et al 2004) 
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The data in Figure 2.7 suggests that the equivalent plastic strain at fracture does 

not monotonically increase with shear stress ratio. That means for larger stress triaxiality 

or shear stress, the corresponding equivalent plastic strain at fracture is not necessarily 

smaller (Hooputra et al 2004). 

Hooputra's model is included in ABAQUS as an option to predict ductile fracture. 

To use this fracture model, the shear stress ratio (θ) and corresponding equivalent plastic 

strain at fracture (εp,critical) are required input information. However, in order to obtain 

these data, some parameters such as fracture strain from an equibiaxial tensile test εs
+
, 

fracture strain from an equibiaxial compressive test εs
-
 and a material parameter f must be 

determined. An approach for determining these parameters for steel at elevated 

temperatures will be explained in Chapter 6.  

2.3.2.5 Bao-Wierzbicki Model (2004) 

Bao and Wierzbicki developed a fracture model by performing a series of 

compressive tests, shear test and tensile tests on 2024-T351 aluminum alloy. Based on 

their study, three distinct functions were derived to express fracture behavior in three 

different failure modes which are dominated by shear failure, ductile failure and 

combined failure modes respectively. 

Figure 2.8 shows the curves in terms of three different branches of functions 

derived by Bao and Wierzbicki. Generally, the plot is obtained from results of five 

compression tests, three shear tests and four tensile tests conducted by Bao and 

Wierzbicki. For branch one, stress triaxiality (σm/σe) varies from -1/3 to 0 and is 

dominated by shear failure. In branch two, stress triaxiality varies from 0 to 0.4 and is 

dominated by both shear failure and ductile failure modes. Branch three starting from a 

stress triaxiality equal to 0.4 is dominated by ductile failure due to void formation.  



 21 

From Figure 2.8, it is observed that when shear failure dominates in the fracture 

mode, the stress triaxiality developed in the material is relatively smaller than the model 

dominated by ductile failure mode which is caused by voids formation and coalescence. 

 

Figure 2.8:  Dependence of the equivalent strain to fracture on the stress triaxiality (Bao 

2004) 

Based on the curve in Figure 2.8, Bao and Wierzbicki developed a fracture model 

with three different branches as shown in Eq. 2.14. 
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fε = equivalent plastic strain at fracture 
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a = critical fracture strain in pure shear (σm/σe=0) 

b = critical fracture strain in uniaxial tension 

0
)/( em σσ = stress triaxiality in uniaxial tension 

2.3.3 Coupled Fracture Models 

For the coupled models, besides the stress state, voids fraction and interaction are 

also considered explicitly in the model. Another difference between coupled fracture 

models and uncoupled fracture models is that in the coupled model the yielding of 

material is affected by hydrostatic stress and void fraction, while uncoupled fracture 

models assume that yielding is independent of hydrostatic stress and void fraction 

(Anderson 2005). One of the widely used coupled models is the Gurson Model. This 

model was originally developed by Gurson (1977) and later modified by Tvergaard 

(1984).  

The yield function  was derived by Gurson (1977) and is shown in the following: 
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Where, 

mσ  = mean stress or hydrostatic stress 

=eσ  equivalent tensile stress or von Mises stress 

=oσ  material yield stress in stress-strain curve from tensile tests 

f = current void fraction 

In the original Gurson Model, the material coefficients q1, q2 and q3 are set as 1.0. 

Tvergaard modified the material coefficients later in the updated model in which q1 = 1.5, 

q2 = 1.0, q3 = q1
2
 = 2.25 (Tvergaard 1984). 



 23 

Besides yielding behavior of materials, Gurson and Tvergaard also proposed a 

model describing the void growth rate in material in the process of fracture. The model is 

expressed in Eq. 2.16. 
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Where, 

grf& = change due to the growth of voids existing in the material 

nucleationf&  = change due to nucleation of new voids 

Nf  = volume fraction of the nucleated voids 

Ns  = standard deviation of the nucleation strain 

plε& = plastic strain rate tensor 

I  = second-order unit tensor 

Nε = mean strain of the void nucleation 

pl
eqε = equivalent plastic strain  

pl
eqε& = equivalent plastic strain rate 

From the above expression, it is observed that strain rate and current void volume 

fraction affects the void growth rate.  However, hydrostatic stress is not considered in 

the expression, so it is not consistent with assumptions of yielding function in Eq. 2.15. 

Therefore, further research is necessary to solve these inconsistencies (Anderson 2005). 

Furthermore, Tvergaard and Needleman (1984) described void growth and 

coalescence by replacing current voids fraction f in Eq. 2.16 with an effective void 

volume fraction f* (Anderson 2005). The effective void volume fraction f
*
 can be 

expressed as Eq. 2.17. 
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cf = critical void volume fraction 

Ff = void volume fraction at fracture 
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The Gurson-Tvergaard model can also be implemented in finite element analysis 

programs. For example, in ABAQUS, porous plasticity can be assigned in material 

plasticity to consider yielding behavior of material. In porous plasticity, material 

parameters q1, q2 and q3 are required to simulate yield behavior from Eq. 2.15. To model 

the fracture behavior in Eq. 2.16 and Eq. 2.17, the initial void fraction fo; critical void 

fraction fc and total void fraction at failure fF are necessary for input. A typical 

assumption for fc for carbon steels is 0.15 (Anderson 2005). However, the initial void 

fraction fo and fF are normally determined from curve fitting techniques (Anderson 2005).   

                                                        

2.3.4 Summary 

In summary, ductile fracture models can be classified into two types: the 

uncoupled models and coupled models.  For both, hydrostatic stress plays a critical role 

in fracture initiation and evolution. The main difference between these two types is that 

for uncoupled models the interaction of void formation and void fraction is not modeled 

explicitly in the function; while in coupled models the interaction of voids formation and 

void fraction is modeled in the function. 
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In uncoupled models, Hooputra et al (2004) takes into account the effects of 

hydrostatic stress; von Mises stress and maximum shear stress in the fracture model. The 

shear failure mode is also investigated in Bao-Wierzbicki Model (2004), but effects of 

maximum shear stress are not expressed explicitly in the model function. The Johnson 

Cook Model (1985) and Hancock Mackenzie Model (1976) can be used for ductile 

failure due to void growth and coalescence. Fracture model parameters of these two 

models are somewhat simpler to determine than for the Hooputra Model. Consequently, 

the Johnson Cook Model (1985) and the Hancock and Mackenzie Model (1976) are 

widely used in numerical fracture simulations for steel. For coupled models (Gurson-

Tvergaard model), the void volume fraction and hydrostatic stress are the main factors 

influencing fracture initiation. However, hydrostatic stress is not involved in the void 

growth rate function which is inconsistent with the assumption of the yielding function in 

the model. Further research is required to solve this problem (Anderson 2005).  

Based on review of previous work on fracture models, it is found that specific 

fracture criteria for metals at elevated temperature are not been well developed. Most of 

the fracture models are derived to simulate the fracture phenomenon at room temperature. 

The Johnson Cook considers temperature effects on fracture behavior of metals, however, 

fracture parameters for structural steel were not determined from their investigations. 

Therefore, a significant number of experiments are required to calibrate fracture 

parameters for structural steel at elevated temperature. Stain rate effects are explicitly 

considered in both the Johnson Cook model and the Gurson-Tvergaard model. 

Experimental data shows that strain rate effect on fracture at room temperature is not 

significant, while the strain rate effect on fracture behavior at elevated temperature is still 

unclear and requires further investigation. 
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2.4 REVIEW OF STEEL CONNECTION TESTING AT ELEVATED 

TEMPERATURE 

2.4.1 Overview 

In this section, previous tests on different types of steel connections at elevated 

temperatures are reviewed.  These include tests on moment resisting connections as well 

as simple shear connections between beams and columns. This previous testing work is 

reviewed here, as the ultimate aim of the research described in this dissertation is to 

numerically simulate connection response at elevated temperature, including explicit 

modeling of fracture of connection components. A number of the tests described in this 

section will be used later for calibration or validation of connection models.  

 

2.4.2 Tests of Steel Connections at Elevated Temperatures 

Leston-Jones et al (1997) investigated the moment capacity of flush endplate 

beam to column connections at both ambient and elevated temperatures up to 900
°
C. The 

dimensions of the test specimens are shown in Figure 2.9. The model includes one 

column and two beams which are connected to the column. Figure 2.10 and 2.11 shows 

the test setup at ambient and elevated temperatures respectively. Loading was applied at 

the top of column at room temperature; while at elevated temperature, the loading was 

applied at the end of beams. Both of the load application methods can generate 

significant moment at the beam end connection (Leston-Jones et al 1997). 

According to this study, the researchers observed that the failure modes at 

elevated temperatures was quite similar to that observed at ambient temperature. At the 

end of the tests, local bending of the column flanges was observed at both ambient 

temperature and elevated temperatures. They also found that both the stiffness and 

moment capacity of the connection decreased with increasing temperature and there were 
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a significant decrease in the moment capacity in the range of 500–600°C. Moment 

rotation curves were also obtained from tests results and the relationship of moment and 

rotation was derived to model the same connection in frames. This investigation also 

verified that the design and calculation approach from design code generates same failure 

modes as experiments (Leston-Jones et al 1997).  

 

 

Figure 2.9:  Leston-Jones connection specimen details (dimension in mm) (Leston-Jones 

et al 1997) 
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Figure 2.10: Leston-Jones connection test setup and specimen at room temperature 

(dimension in mm) (Leston-Jones et al 1997) 

 

Figure 2.11: Leston-Jones connection setup and specimen at elevated temperature 

(dimension in mm) (Leston-Jones et al 1997) 

Al-Jabri (1999) carried out a series of tests on bare end-plate connection and 

composite end-plate connection at both ambient temperature and elevated temperature. 

The test specimens included two full end-plate and one flexible end-plate bare steel 

connection, and two flexible end-plate composite connections. The bare flexible end-

plate connection which is considered as a "pin" connection in the tests was modified from 
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full end-plate connection by reducing the thickness of end plates. The test setup for the 

bare end-plate connections was similar to that in Leston-Jones' experiments (1997) 

(Figure 2.10).  Composite flexible end-plate connections were tested to study the effects 

of concrete slab in fire (Figure 2.12). 

 

 
(a) Test Step-Up of Composite Connection  

 
(b) Composite Connection Dimensions  

Figure 2.12: Flexible End-Plate Composite Connection Details (Al-Jabri1999), (a) test 

set-up and (b) connection dimension 
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For the elevated temperature tests, temperatures were increased incrementally up 

to around 650
o
C. Al-Jabri's work provided experimental data for both fixed and pinned 

connections at ambient and elevated temperature. The interaction of concrete slab and 

connection were studied from the experiments as well. From their tests results, they 

observed that at elevated temperature all type connections produced failure modes similar 

to those of the same connection at ambient temperature. It is also found that end-plate 

deformation and fracture were dominant modes of failure in both the full and flexible 

end-plates connections (Figure 2.14). In the composite connection tests, the failure modes 

included separation of the shear studs from the concrete slab and tensile failure of some 

bars in the mesh (Figure 2.13). They also found that the presence of the concrete slab 

provided an enhancement of connection performance at elevated temperature (Al-Jabri 

1999). 
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(c) Typical Slab Crack Location of Composite Connection 

Figure 2.13: Failure Mode in Slab of Composite End-Plate Connection (Al-Jabri1999), 

(a) shear stud failure; (b) slab crack pattern and (c) crack location of 

connection 
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Figure 2.14:  Failure Mode in End Plate of Composite Connection (Al-Jabri1999) 

Some other researchers also performed a significant number of tests on the 

moment resisting beam-to-column connections. This includes work includes Lawson 

(1990), Liu (1996, 1998, 1999, and 2002), El-Rimawi et al (1997, 1999), El-Housseiny 

(1998), Simones da Silva (2001, 2004), Spyrou et al (2002) and Santiago et al (2003, 

2004, and 2009).  

In addition to the work on moment resisting connections described above, several 

researchers also tested simple shear type beam-to-column connections. Wald et al (2004) 

conducted full-scale tests on a real building with fin plate connection subject to natural 

fire in the Cardington Laboratory in the U.K.  Note that the fin plate connection is 

commonly referred to as a “shear tab” or “single plate” connection in the U.S. The fin 

plate connection details used in the tests are shown in Figure 2.15. Dead load and live 

load were applied in the eight floor steel frame building to simulate realistic loading 
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conditions. Natural fire was provided by combustible fuel put near the facade wall. The 

distribution of temperature was recorded by camera and is illustrated in Figure 2.16. 

 

 

Figure 2.15:  Connection details in Wald's test 2004 (Wald et al 2004) 

 

Figure 2.16: Fin plate connection recorded by thermo imaging camera a) during heating 

after 32 min. of fire; b) after 33 min.; c) after 35 min.; where the local 

buckling of lower flange is visualized and d) during cooling after 92 min. 

(Wald et al 2004) 
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From the experimental results, it was observed that, in the heating phase, the 

temperature of the connections was significantly lower than the temperature of beam 

bottom flange at mid-span. However, during the cooling phase the temperature of the 

connection was higher than that of the beam flange. Thermal-imaging cameras were used 

to observe this effect (Figure. 2.16 Wald, 2004). The shear tabs had higher temperatures 

compared to the bolts, and the temperature of lower bolts was higher than upper ones. 

The results from cameras provides the general information of temperature distribution in 

the connection during the fire. The elongations of the holes in the beam webs and shear 

tabs due to the large connection rotations were also observed in the tests. 

Wald and Ticha (Wald 2005) conducted a fire test on a steel beam with shear tab 

connections at the Czech Technical University in 2005. A three-bolt shear tab connection 

with a full-length steel beam was assembled with fully threaded Grade 8.8 bolts. The 

loads were applied by using two hydraulic jacks located approximately 0.25 meter from 

the beam ends. A furnace was used to simulate fire and the highest gas temperature 

reached 1200
o
C. Temperatures at different locations on the beam, and deflections at the 

loading points were recorded during the test. From the results, it was observed that the 

weld between the shear tab and the beam support did not fracture. However, the bolts 

were sheared off completely (Figure 2.17). The bolt holes in the beam web were distorted 

significantly and local buckling occurred in the beam web near both beam ends. 
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Figure 2.17: Wald and Ticha’s fin plate connection test (Sarraj 2007) 

 

A series of tests on double angle connections at elevated temperatures were 

carried out by Yu et al (2009). The test setup is shown in Figure 2.18. When the head of 

the jack moves downward, it applies a tensile and shear force to the end of the specimen. 

The specimens were heated slowly to the specified temperature, and then loaded to 

failure at constant temperature. The specimens (Figure 2.19) were designed according to 

UK design recommendations. The temperature cases includes 20
o
C, 450

o
C, 550

o
C and 

650
o
C. For each temperature cases, three different inclined loadings were applied at the 

end of beam with angles of 35 degree, 45 degree and 55 degree respectively. 
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Figure 2.18: Yu web cleat connection test setup (Yu et al 2009) 

 

 

Figure 2.19: Element details of Yu's test (Yu et al 2009) 
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From the tests results, it was observed that the tying capacities of connections 

decreased rapidly with increase of temperature. Fractures were observed at the heels of 

angles and of the bolts through the beam web at elevated temperature (Figure 2.20). 

While at room temperature, failure was initiated by the bolt head punching through the 

leg of the angles on the column face and the beam web could be seen to have undergone 

obvious bearing deformation around the bolt holes. 

 

Figure 2.20: Failure of web cleat connections at temperature 450
o
C in Yu's tests (Yu et al 

2009) 
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Hu (2011) carried out a series of shear tab connection tests under axial tension 

and inclined tension loading at both ambient temperature and at elevated temperatures up 

to 700°C. The test set-up is shown in Figure 2.21. The inclined tensile loading can 

produce shear force, tensile force and also rotation in specimens while axial tensile 

loading can only generate tensile force in specimens.  An MTS controller was used to 

apply the displacement at the end of the specimen. The furnace uses electrical heating 

elements with a 1000°C heating capacity (Figure 2.22).  

 

 

Figure 2.21: Layout of test setup for connections subject to tension (left) and specimens 

subject to inclined tension (right) (Hu 2011) 

 

Based on Hu's investigations, structural bolts were found to be more vulnerable 

than other connection components at elevated temperatures (Figure 2.22). As shown in 

Figure 2.23, it was found that at room temperature, fracture of the shear tab and bearing 

tear-out of the beam web holes caused ultimate failure of the connections. At elevated 
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temperatures, bolt shear failure was the dominant failure mode. In addition, results from 

the inclined tension tests demonstrated that the connection experienced a sequential 

failure mode under a combination of tension, shear and rotation (Figure 2.23). The 

connection demonstrated a large rotation capacity before final failure was achieved. 

Consequently, first component failure did not correspond to e failure of the connection 

(Hu 2011). 

 

 

 

Figure 2.22: Connection failures after axial tension tests at 20°C (left) and 600°C (right) 

(Hu 2011) 

 

Figure 2.23: Connection failures after inclined tension tests at 20°C (left) and 400°C 

(right) (Hu 2011) 
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2.4.3 Summary 

Previous researchers performed a significant number of tests on moment resisting 

connections at elevated temperatures. They found that the moment capacity decreased 

significantly with increasing temperature. In addition, generalized moment rotation 

curves has been developed from these investigations. A limited number of tests have also 

been conducted on fin plate (shear tab) and web cleat (double angle) connections at 

elevated temperatures. It was observed that the tying resistance capacities in double angle 

connections decreases rapidly with increasing temperature and bolt shear failure becomes 

dominant at high temperatures. Their investigations also showed that the shear tab 

connection demonstrates limited flexural capacity, however, under the combination of 

tension and shear force, the shear tab connection demonstrates large deformation 

capacity. 

 

2.5 MECHANICAL PROPERTIES OF STRUCTURAL STEEL AT ELEVATED 

TEMPERATURE 

2.5.1 Overview 

Performance of steel connections in fire is strongly dependent on the material 

properties of steel at elevated temperatures. In this section, some previous studies on 

mechanical properties of structural steel at elevated temperatures will be reviewed. Code 

recommendations for mechanical properties of steel at elevated temperature that are 

widely used in structural-fire engineering will also be discussed. 

 

2.5.2 Test Methods 

Although a variety of tests can be conducted to characterize the mechanical 

behavior of steel at elevated temperature, the tension test is by far the most common. 
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Tension tests can provide the stress-strain response of steel and provide the basic data 

needed for analysis of steel structures at elevated temperatures. 

 Two widely used methods for tension coupon tests at high temperatures are the 

steady-state test and the transient test. For a steady-state test, the steel coupon is heated 

up to a specified temperature under no load. When the target temperature is reached, load 

is applied while the temperature is held constant. The results of a steady state test is a 

stress-strain curve at a specified temperature. For a transient test, the steel coupon is 

loaded to a target engineering stress level at room temperature (Kirby and Preston 1988). 

While holding the stress constant, the temperature is increased until fracture of the 

coupon occurs. Temperature and strain readings are recorded during the tests (Figure 

2.24). After the test, the results of a series of transient tests conducted at different stress 

levels can be converted into temperature dependent stress-strain curve.  

  

 

Figure 2.24: Tensile curves for a Grade 43A steel derived from transient tests (Kirby and 

Preston 1988) 
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2.5.3 Past Investigations on Material Properties of Structural Steel at Elevated 

Temperatures 

Considerable data on the elevated-temperature properties of structural steel have 

been published. A brief review of past research is presented in this part. 

Harmathy and Stanzak (1970) studied elevated-temperature properties of two 

structural steel (ASTM A36 and CSA G40.12) and one prestressing steel (ASTM A421) 

up to 1200
o
F based on steady-state tensile tests. Stress-strain curves up to 12-percent 

strain for the two types of structural steel were obtained from their tests (Figure 2.25). 

Harmathy and Stanzak also studied the different mechanical properties of tested steels 

such as ultimate strength, yielding strength, elongation and area reduction after tests. 

Meanwhile, creep tests of steel coupon were also carried out and creep models for steel 

were proposed. 
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(a) ASTM A36 steel 

 
(b) CSA G40.12 steel 

Figure 2.25: Stress-strain curves for (a) ASTM A36 steel and (b) CSA G40.12 steel 

(Harmathy and Stanzak 1970) 

Kirby and Preston (1988) performed tests on Grade 43A and Grade 50B steel up 

to 900
o
C by using both steady-state and transient methods. Figure 2.24 shows results of 
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strain versus temperature curves for Grade 43A steel obtained from transient tests. By 

comparing the data from these two methods, they observed that stress-strain curves 

derived from transient and steady-state tests are quite different at low strains values.  

However, when the strain value is higher, especially approaching values corresponding to 

the limits of deflection and instability in a fire test, the stress-strain curves obtained from 

both methods are quite close to each other. Kirby and Preston also plotted the curves of 

the stress versus temperatures for Grade 43A and Grade 50B steel at different strains 

(0.2-percent, 1-percent, 2-percent, and 5-percent), one of the results of Grade 43A steel is 

shown in Figure 2.26. From Figure 2.26, it is observed that stress of steel is non-

monotonically decreasing with the increase of temperatures. The peak stress is located at 

around 200
o
C but not at ambient temperature for each stain cases.  

 

 

Figure 2.26: Elevated temperature strength properties of s typical BS4360: Grade 43A 

structural steel derived from steady-state tests (Kirby and Preston 1988) 
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Li et al (2003) performed steady-state tests on two kinds of widely used 

constructional steels in China which are 16Mn Steel used for steel frameworks and 

20MnTiB used for high-strength bolts. The mechanical properties of steel investigated in 

Li's work includes yield strength, tensile strength, modulus of elasticity, elongation, and 

thermal expansion coefficient. The formula for predicting these properties of the steels at 

elevated temperatures were established (Eq. 2.19 to Eq. 2.23). From their studies, it was 

observed that the ductility of steel increases with increasing temperature. Li also 

suggested that different steels may have different high temperature properties.  

 

Yield Strength: 

0413.10013.0102103
2639 +×−××+××−= −−

TTT
f

f

y

yT
 (2.19)                                        

Tensile Strength: 

9499.00002.0101101 2639 +×+××−××−= −− TTT
f

f

u

uT  (2.20)                                        

Modulus of Elasticity: 

0224.10003.0101103 2639 +×−××+××−= −− TTT
E

ET  (2.21)                                      

Elongation: 

9217.00001.0104109 2639 +×−××−××= −− TTTT

δ
δ

 (2.22)                                    

Expansion Coefficient: 

68 1099.7109.2 −− ×+××= Tα  (m/m/
o
C) (2.23)                                  

 

Chen and Young (2005) calibrated stress-strain curves of stainless steel EN 

1.4462 and EN 1.4301 (AISI 304) at elevated temperature up to 1000
o
C by using both 

steady-state and transient methods. The elastic modulus, yield strength, ultimate strength, 
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ultimate strain and thermal elongation versus temperature were compared with the 

predicted results from Australian, British and European standards and codes.  Unified 

equations for yield strength, elastic modulus, ultimate strength and ultimate strain at 

elevated temperatures were then proposed by Chen and Young. Based on Figure 2.27, it 

is shown that the proposed equations predicted the material properties at elevated 

temperatures with reasonable accuracy (Figure 2.27). Chen and Young also suggested 

that the yield strength and elastic modulus predicted by the Australian, Britain and 

European standards are un-conservative for temperatures in the range from 80
o
C to 

450
o
C, but conservatively predicted for higher temperatures up to approximately 1000

o
C. 

 

Figure 2.27: Comparison of stress-strain curves predicted from Chen and Young's stress-

strain model with test results for stainless steel type EN1.4462 (Chen and 

Young 2005) 



 47 

The National Institute of Standards and Technology (NIST 2005) studied the 

mechanical properties at ambient temperature and high temperatures of structural steels 

obtained from the World Trade Center WTC) site after the collapse of the WTC towers 

on September 11, 2001. Figure 2.28 illustrates typical high-temperature tensile stress-

strain curves from a wide-flange core column in the fire and impact zone from WTC 1. 

The properties obtained from the test were also used to simulate the structure in the fire 

event. 

 

 

Figure 2.28: High temperature stress-strain curves for specimen from the impact zone of 

WTC 1 (NIST 2005) 

Qutinen (2006) performed tests on steel S350GD+Z, S355 and S460M up to 

950
o
C. The experimental results were used to examine the temperature dependencies of 

the mechanical properties such as yield strength, modulus of elasticity and thermal 
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elongation. The testing equipment used in their tests is shown in Figure 2.29. Qutinen’s 

test results were also compared to the Eurocode 3 (2006). Based on the comparison, it 

was found that most of the results from the tested steel agreed well with Eurocode 3, 

while the yield strength reduction factors of the cold-formed material were higher than 

those given in Eurocode 3.  

 

Figure 2.29: Qutinen's high temperature tensile testing device (Qutinen 2006) 

 

Yu (2006) performed tests on Grade 50 structural steel at elevated temperatures 

up to 800
o
C by using the steady-state method with crosshead displacement rates equal to 

0.1 in/min and equal to 0.01 in/min respectively. During the loading process, 30 second 

suspensions were carried out several times in order to compare static and dynamic 

strength. Firstly, he obtained the engineering stress-strain curves of the tested steel up to 

10-percent strain (Figure 2.30). Then he also examined dynamic yielding stress, static 
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yielding stress and ultimate stress of the steel at different temperatures (Figure 2.31). He 

also developed reduction factors to express the material behavior of different types of 

steel at elevated temperatures (Figure 2.32 to Figure 2.34). The steels presented in his 

work includes: steel behavior reported by ASCE (Lie 1992), World Trade Center steels 

(NIST NCSTAR1-3 and NIST NCSTAR1-3D, 2005), S235, S355, S350 GD+Z and 

S420M which were tested by Qutinen et al (1997 and 1998) and Qutinen, Makelainen 

(1995), 16Mn structural steel, 20MnTiB high-strength bolt steel used in China, which 

were tested by Li, Jiang, Yin, Chen and Li (2003) and also A514, A588, A992, A572 and 

A36 steels at elevated temperature given in the AISC LRFD manual 3rd edition.   

 

Figure 2.30: Stress-strain curves of Grade 50 steel at elevated temperatures under loading 

rate 0.1 in/min (Yu 2006) 
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Figure 2.31: Dynamic and static ultimate strength of Grade 50 steel at different 

temperatures (Yu 2006) 

 

Figure 2.32: Yield Strength Ratio at Elevated Temperatures of Different Structural Steels 

(Yu 2006) 
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Figure 2.33: Ultimate Strength Ratios at Elevated Temperatures of Different Structural 

Steels (Yu 2006) 

 

Figure 2.34: Young's Modulus Ratio at Elevated Temperatures of Different Structural 

Steels (Yu 2006) 
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Hu (2011) examined the elevated-temperature properties for structural steel 

ASTM A992 which is most common grade of structural steel in the US. In his work, he 

obtained full range stress-strain curves up to fracture for ASTM A992 steel at elevated 

temperatures up to 900
o
C (Figure 2.35). The important mechanical properties of 

structural steel, such as yield strength, elastic modulus, tensile strength and ultimate 

strain, were also obtained from the stress-strain curves. Results were then compared with 

elevated temperature properties specified by Eurocode 3 (2006) and the AISC 

Specification (2005). These comparison are shown in Figure 2.36 to Figure 2.38. In 

general, the properties of steel obtained from tests are quite close to the results obtained 

from the code and specification. However, based on Figure 2.36, from 100°C to 500°C, 

the yield strength from tests at both crosshead rates are significantly lower than the values 

specified by Eurocode 3 and the AISC specification. The difference comes from the 

method of defining yield strength. From Hu’s test, the yield strength is defined as the 

stress at the intersection of the stress–strain curve and the proportional line off-set by 

0.2% strain; while from Eurocode 3 and AISC specification, yield strength was defined 

as the stress at 2% strain. The effects of crosshead displacement rate in tension tests at 

elevated temperatures are also presented in Hu’s work (Figure 2.39). The study of the 

displacement rates effects shows that larger crosshead displacement rate generate larger 

loading capacity for ASTM A992 steel (Hu 2011). 
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Figure 2.35: Complete stress-strain curves at elevated temperatures - 0.01 inch/min (Hu 

2011) 

 

Figure 2.36: 0.2-percent offset yielding strength reduction factor (Hu 2011) 
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Figure 2.37: Tensile strength reduction factor fu,T/fy,20 (Hu 2011) 

 

Figure 2.38: Elastic modulus reduction factor (Hu 2011) 
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Figure 2.39: Stress-strain curves compared at two different crosshead rates (Hu 2011) 

 

Lee et al (2012) studied the mechanical properties of ASTM A992 structural steel 

at elevated temperature up to 1000
o
C by using steady-state temperature tensile tests. 

Three different tested samples MA, MB and MC were cut from the web of W30×99 

sections and flange of W4×13 section respectively (Figure 2.40). According to full range 

engineering stress-strain curves at elevated temperatures from MA, MB and MC, 

mechanical properties for structural steel such as yield stress, tensile strength, 

proportional limit, elastic modulus and elongation were obtained. The results shows that 

yield stress based on 2% total strain agrees well with corresponding values from 

Eurocode 3 (2006) and from the AISC Specification (Lee et al 2012). Results also shows 

that tensile strength, proportional limit and elastic modulus are degraded with increase of 

temperature (Lee et al 2012). Elongation of structural steel continuously increases up to 

around 800
o
C and then decreases for 900

o
C and 1000

o
C (Lee et al 2012). Lee et al also 
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studied displacement rate effects on steel strength at elevated temperatures (Figure 2.41). 

It was shown that displacement rate has significant effects on steel strength at 

temperatures higher than 600
o
C (Lee et al 2012). Lee also pointed out that creep effects 

on stress-strain behavior of structural steel are quite significant for temperatures higher 

than 500
o
C. Besides tensile tests, Lee conducted a series of Charpy V-notch tests on MB 

samples to examine the impact energy of structural steel at elevated temperatures. It was 

observed that impact energy of structural steel are decreasing with temperatures up to 

600
o
C and then increases sharply at 700

o
C. Finally, Lee pointed out that the stress-strain 

behavior shows considerable variability for the same grade of steel and the variability 

should be considered at developing stress-strain models for structural steel. 

 

Figure 2.40: MA, MB and MC coupon from Lee's tests (Lee et al 2012) 
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Figure 2.41: Comparison of elevated-temperature stress-strain curves for different 

crosshead displacement rates (Lee et al 2012) 

 

2.5.4 General Observations 

Based on previous studies on structural steel properties at elevated temperatures, 

it can be observed that mechanical properties of steel including yield strength, ultimate 

tensile strength and modulus of elasticity, decrease with increase of temperature. The 

degradation is found to be quite significant at higher temperatures. For most structural 

steels, with increasing temperature the yield plateau gradually disappears, and the strain-

hardening portion of the stress-strain curve shortens significantly. In general the 

elongation of steel at higher temperatures are larger than that at lower temperature. The 

displacement rate of testing machine also affects the stress-strain curves. Data shows that 

the engineering stress is higher with larger displacement rate than that with smaller 
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displacement rate. In general, the tests results agreed reasonably well with elevated 

temperature material properties specified in Eurocode 3.  

 

2.5.5 Code Recommendations for Elevated Temperature Material Properties of 

Structural Steel 

Based on the results of previous investigations, Eurocode 3 (2006) provides 

recommendations for mechanical properties of steel at elevated temperatures. Reduction 

factors of yield strength and modulus of elasticity at elevated temperatures up to 1000°C 

given in Eurocode 3 (2006) are listed in Table 2.1. The reduction factors of Eurocode 3 

for the yield strength of structural steel starts to decrease at temperatures above 400°C; 

while the modulus of elasticity starts to drop at temperatures beyond 200°C. Appendix 4 

of the AISC Specification on Structural Design for Fire Conditions (2005) adopted the 

same reduction factors for the properties of structural steel at elevated temperatures as 

Eurocode 3.                                                                                                  

 

Table 2.1: Yield strength and modulus of elasticity reduction factor (Eurocode 3 2006) 
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Based on stress-strain curves from previous tests, numerical expressions have also 

been developed to model the stress-strain behavior of structural steel at both ambient and 

elevated temperatures.  

Eurocode 3 (2006) provides simple equations to predict the stress-strain curves 

for carbon steel at elevated temperatures using a combination of linear and nonlinear 

curves. Stress-strain curves for carbon steel at elevated temperature can be divided into 

four parts (Shown in Table 2.2). The first part, which is linear, extends up to the 

proportional limit. The second part is nonlinear and extends from the proportional limit to 

the yield stress which is also taken as the maximum engineering stress. The third part is a 

plateau which extends from a strain equal to 0.02 to a strain equal to 0.15. The final part 

is linear and extends from a strain equal to 0.15 to a strain equal to 0.2, at which point the 

engineering stress is taken as zero.  
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          In Eurocode 3, the symbol θ denotes the temperature. 

Table 2.2:   Stress-strain relationship of carbon-steel without strain-hardening (Eurocode 

3 2006) 

In Annex A of Eurocode 3 (2006), for temperatures below 400°C, an alternative 

expression for stress-strain relationships including strain-hardening is provided. In this 

case: 

When 0.02< ε <0.04:       

θθθθ εσ ,,,, 2)(50 uyyu ffff −+−=  (2.24)                                       

When 0.04< ε <0.15: 

θσ ,uf=  (2.25)                       

When 0.15< ε <0.20: 
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)]15.0(201[, −−= εσ θuf  (2.26)                                          

When ε ≥ 0.20: 

0=σ  (2.27)                                                

                                                           

(Where fu,θ is the ultimate strength at elevated temperature, allowing for strain-

hardening.) 

The fu,θ can be determined as: 

When T < 300
o
C:                    

θθ ,, 25.1 yu ff =  (2.28)                                                  

When 300
o
 C ≤ T≤ 400

o
C                                                           

)0025.02(,, Tff yu −= θθ  (2.29)                                       

When T ≥ 400
o
C                   

θθ ,, yu ff =  (2.30)                                           

 

2.6 THE BEHAVIOR OF STRUCTURAL BOLTS AT ELEVATED 

TEMPERATURE 

2.6.1 Overview 

Structural bolts are critical elements in steel connections. Understanding the 

behavior of steel connection at elevated temperatures requires understanding the 

mechanical properties of structural bolts at elevated temperatures. In this section, some 

previous studies on material properties of structural bolts at elevated temperatures will be 

discussed. Recommendations for elevated temperature bolt strength provided by 

Eurocode 3 will also be reviewed. 
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2.6.2 Test Methods 

The strength of structural bolts at elevated temperatures can be determined from 

bolt shear tests and bolt tension tests. The stress-strain curves of structural bolts can be 

obtained from small-scale tension coupon tests at elevated temperatures.  Hardness tests 

can be conducted on bolts to provide an estimation of tensile strength. Although several 

approaches can be used to determine the mechanical properties of structural bolts, 

investigations on the properties of structural bolts at elevated temperatures in the 

literature are still quite limited. A few key previous studies on structural bolts are 

reviewed in the following. 

 

2.6.3 Past Investigations on Material Properties of Steel Bolts 

Kirby (1995) carried out a series of experiments on the behavior of high strength 

steel bolts Grade 8.8 at elevated temperatures up to 800°C. Both tensile and double shear 

capacity of Grade 8.8 bolts at elevated temperatures were obtained from the experiments 

(Figure 2.42). Kirby observed that in both tensile and shear tests, bolts showed a 

remarkable loss in strength between 300°C and 700°C. It is concluded that high-strength 

bolts show higher temperature sensitivity compared to hot rolled structural steel at 

elevated temperatures. The post-fire evaluation of Grade 8.8 bolts were also performed 

by Kirby. The residual hardness of Grade 8.8 bolts after fire is shown in Figure 2.43. 

From Figure 2.43, it is found that the residual hardness of Grade 8.8 bolts is degraded 

significantly at temperatures larger than 400°C.  
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Figure 2.42: Tensile capacity (left) and double shear capacity (right) of Grade 8.8 bolts at 

elevated temperatures (Kirby 1995) 

 

Figure 2.43: Hardness change with different heating temperatures (Kirby 1995) 
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Yu (2006) performed a series of double shear tests on ASTM A325 and A490 

bolts at elevated temperatures up to 800°C. Figure 2.44 shows the comparison of shear 

capacity between A325 and A490 bolts. He also compared his test results with Kirby's 

test results of Grade 8.8 bolts. Then Yu found that at ambient temperature, the shear 

capacity of Grade 8.8 bolts are equivalent to that of A325 bolts. However, at elevated 

temperatures, the normalized shear capacities of A490 bolts behave similarly to Grade 

8.8 bolts, while A325 bolts behave differently from Grade 8.8 bolts (Figure 2.45). 

By carrying out direct shear tests and hardness tests, Yu obtained the residual 

shear capacity of A325 and A490 bolts after exposure to temperatures up to 800°C. He 

compared the residual shear capacities from both of the testing methods (Figure 2.46). It 

was observed that the residual shear capacity obtained from direct shear tests and 

hardness tests were quite similar to each other. He also studied the effects of heating time 

and cooling rate on the bolt residual shear capacity and found that the effects are not 

significant. 

  

Figure 2.44:  Shear capacity of A325 and A490 bolts at different temperatures (Yu 2006) 
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Figure 2.45:  Normalized shear capacity of bolts at different temperatures (Yu 2006) 

 

 

Figure 2.46: Residual shear capacity of bolts A325 (left) and bolts A490 (right) (Yu 

2006) 

Hu (2011) summarized several researchers' investigations on structural bolts 

which include: tests on the strength of fire resistant bolts at elevated temperature from 

Sakumoto (1993) ; studies on the behavior of Grade 10.9 high-strength bolts under fire 
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conditions from Gonzalez and Lange (2008); tests on Grade 8.8 high-strength bolts under 

heating and cooling conditions from Hanus et al (2010); and also experiments on both 

Grade 8.8 and 10.9 bolts at elevated temperatures from Lou et al (2010). The summarized 

data were also compared with Eurocode recommendations. Figure 2.47 shows the 

strength reduction factor plots of different bolts at elevated temperatures in tension and 

shear. Figure 2.48 shows the residual strength reduction factors of different bolts after 

heating. Based on the summary plots from Hu (2011), the shear strength and residual 

shear strength of bolts degraded significantly when temperature is beyond 400°C. From 

Figure 2.47 and Figure 2.48, it is also observed that the reduction factors of tension 

strength are quite similar to that of shear strength. 

 

Figure 2.47: Strength reduction factors of different structural bolts at elevated 

temperatures (Hu 2011)  
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Figure 2.48: Residual strength reduction factors of different structural bolts after heating 

(Hu 2011) 

Kodur et al (2012) carried out a series of steady-state single shear and tension 

tests on A325 and A490 bolts within the temperatures of 20–800°C. They also conducted 

a series of tension tests on coupons machined from bolts at temperatures up to 800°C 

(Figure 2.49). They also conducted tests to measure the thermal conductivity, specific 

heat, and thermal expansion of bolts. Test results with comparison to other predictions 

are plotted in Figure 2.50. Recommendations for elevated temperature properties of A325 

and A490 bolts are listed in Table 2.3.  
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Figure 2.49: High-temperature stress—strain curves of (a) A325; and (b) A490 bolts 

(Kodur et al 2012) 
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Figure 2.50: Comparison of (a) measured thermal conductivity; (b) specific heat; and (c) 

thermal expansion of A325 and A490 bolts with ASCE and EC3 provisions 

and published test data (Kodur et al 2012) 
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Table 2.3:   High-Temperature Property Relationships for Thermo mechanical 

Properties of Different Types of Steel (Kodur et al 2012) 

 

2.6.4 General Observations 

According to the limited investigations on material properties of steel bolts, it is 

observed that the strength of steel bolts degrade significantly at high temperatures. The 

reduction factors of shear and tension strength for structural bolts are quite similar 

generally. Both structural steel and steel bolts demonstrate high ductility at high 

temperature, but high-strength bolts show higher temperature sensitivity than that for the 

hot rolled structural steel at elevated temperatures, because more significant strength loss 

at elevated temperatures were observed for steel bolts. 

 



 71 

2.6.5 Code Recommendations for Elevated Temperature Strength of Structural 

Bolts 

From Eurocode 3 (2006), strength reduction factors of structural bolts at elevated 

temperatures up to 1000°C are listed in Table 2.4. Eurocode 3 recommends that the same 

reduction factors can be used for both tensile and shear strength for bolts. According to 

the summary from Hu's (2011) research, it is reasonable to assume same tension and 

shear strength reduction factors at elevated temperatures (Figure 2.48).  

 

Table 2.4:  Bolts strength reduction factors (Eurocode 3 2006) 

 

2.7 PREVIOUS RESEARCH TO SIMULATE FRACTURE AT STEEL 

CONNECTIONS AT NORMAL AND ELEVATED TEMPERATURE 

2.7.1 Overview 

Besides performing experiments on steel connections at elevated temperatures, 

several researchers also conducted computational simulations on steel connections at 
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elevated temperatures that include simulation of fracture.   Some of these studies are 

discussed below.  

 

2.7.2 Simulations of Fracture at Steel Connections at Normal Temperature 

Kanvinde and Deierlein (2004) conducted studies of fracture of steel components 

under tensile loading by using the Stress Modified Critical Strain (SMCS) facture model 

(Equation 2.31). In his work, he first calibrated the fracture model parameter toughness 

index α by using both experimental results and computational results. In this step, tensile 

tests were performed on notched bars to obtain load versus displacement curves. 

Simulations of the same notched bars under tensile loading were carried out in ABAQUS. 

By comparing the results form numerical analysis and experimental analysis, fracture 

properties at fracture initiation point can determined from the ABAQUS results. Using 

this approach, he calibrated the parameter α in the model function from the obtained 

results. He employed the calibrated fracture model to simulate fracture of steel 

connections in tension. Figure 2.51 shows the simplified connection specimen used in his 

simulations. Failure modes from simulation results were not illustrated in his paper, 

however, the comparison of loading versus displacement curves between testing and 

simulations illustrates that the simulation results using the SMCS ductile fracture model 

agreed well with tests results (Figure 2.52). Kanvinde suggested that SMCS model works 

well for the fracture simulation of materials with small flaws.  
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Figure 2.51: Steel connection test setup (left) and FEM simulation of one-quarter 

specimens (Kanvinde and Deierlein 2004) 

 

 

Figure 2.52: Prediction of failure in connection specimen using SMCS model (Kanvinde 

and Deierlein 2004) 
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Khandelwal and Sherif (2007) conducted simulations on special moment resisting 

frame connections under catenary effects. The numerical model used in the study was the 

Gurson-Tvergaard fracture model.  This model was described in section 2.2. The model 

parameters were calibrated from existing engineering stress-strain curves for A572 Grade 

50 steel by a trial and error process. Khandelwal and Sherif also validated these 

parameters by comparing the simulation results with results from tests. He used the 

explicit finite element code MPP-DYNA to carry out the simulation of the steel frame 

subassembly with catenary action (Figure 2.53). Figure 2.54 demonstrates the failure 

modes obtained from simulation results. Failure modes were dominated by shear tab 

failure and RBS (Reduced Beam Section) region fracture in the model with RBS Beam, 

while for the model without the RBS beam, the failure modes were dominated by tearing 

type failure around hole and shear tab fracture near columns. Based on the simulation 

results, Khandelwal and Sherif pointed out that the special moment frame demonstrates 

higher ductility under catenary effects; however, connection ductility and strength are 

adversely influenced by an increase of beam depth. 

 

  
 

Figure 2.53:  Subassembly of steel frame building model (Khandelwal and Sherif 2007) 
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Figure 2.54:  Typical failure modes: (a) RBS beams; (b) beams without RBS 

(Khandelwal and Sherif 2007) 

 

Sadek et al (2010) performed computational investigations on the response of 

steel beam-column assemblies with moment resisting connections under monotonic 

loading conditions in column removal scenarios, in which connections are subjected to 

combined bending and tension. The finite element analyses were conducted by using 

explicit solver in LS-DYNA. The analyses accounted for both geometrical and material 

nonlinearities, including element removal. In his model, plastic strain to failure is 

defined. Once the failure strain is reached, the element is removed. Figure 2.55 shows the 

deflected shape of the steel frame in the simulation, and Figure 2.56 shows the failure 

modes at the connection. The failure modes were dominated by bolt shear failure and 

beam bottom flange rupture. For the same frame model, he used a reduced model which 

consisted of beam and spring elements with rigid links (Figure 2.57). Both the reduced 

model and detailed finite element model predicted results agreeing well with tests (Figure 

2.58). Sadek et al suggested that the validated reduced models would be valuable in the 

analysis of complete structural systems. 
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Figure 2.55:  Steel frame deflected shape (Sadek et al 2010) 

 

Figure 2.56: Failure mode of detailed connection model. Contours represent plastic 

strains (Sadek et al 2010) 
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Figure 2.57:  Detailed view of the connection in the reduced model (Sadek et al 2010) 

 

 

Figure 2.58:  Comparison between experimental results and simulated results from 

detailed model and reduced model (Sadek et al 2010) 
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Yang and Kang (2012) performed numerical simulation on six types of 

connections: double angle, fin plate, top and seat with web angles (8mm thick angle and 

12mm thick angle), flush end plate, and extended end plate. The finite element program 

ABAQUS was used for the simulations. Both static and explicit dynamic solvers were 

used and compared in his study.  The models assumes the fracture starts when the 

specified equivalent plastic strain at the onset of fracture is reached. It was also assumed 

that the fracture strain is independent of hydrostatic stress. Figure 2.59 illustrates 

simulation results and test results of double angle connections. Figure 2.60 demonstrates 

the comparison between simulation results and test results of the fin plate connection. 

Based on the results, it was observed that the problem of numerical non-convergence 

usually occurs when the standard solver is employed to conduct fracture simulations. 

However, convergence problem can be addressed by using the explicit dynamic solver 

although long computational times are required. Figure 2.61 demonstrates that the finite 

element analyses predicted the performance of connections with reasonable accuracy. 

However, Figure 2.61 also shows the sequential failure of the fin plate connection with 

three different peaks observed in experimental results. The simulation results did not 

capture this observed behavior very well. It might be because stress triaxiality effects on 

the plastic strain at fracture were ignored in the simulations.  
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Figure 2.59: Failure modes of FE simulations and the experiment of the web cleat 

connection (Yang and Kang 2012) 

 

Figure 2.60:  Failure modes of FE simulations and experiment of the fin plate connection 

(Yang and Kang 2012), (a) explicit solver; (b) standard solver and (c) 

experimental test 
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Figure 2.61:  Comparison of the FE simulations to the test data of fin plate connection 

(Yang and Kang 2012) 

 

2.7.3 Simulations of Fracture at Steel Connections at Elevated Temperature 

This section reviews several previous studies that involved simulations of steel 

connections at elevated temperature. In general, the number of such studies reported in 

the literature are substantially less numerous than those conducted at ambient 

temperature.  

Rahman et al (2004) conducted a time-history transient finite element analysis for 

steel shear connections subjected to fire loading in ANSYS. The fire curve was based on 

ASTM E119.Although temperature dependent material properties were included in the 

analysis, fracture simulations were not included. Sarraj (2007) developed an advanced 

three-dimensional finite element model to study the behavior of shear tab connections in 

fire. Solid element and detailed modeling was performed for all connection components 

including bolts, nuts, shear tab and beam. Contact interaction was defined in the models 

in order to simulate the bolt shearing and bearing behavior. Fracture was not simulated 

explicitly in the model. However, by comparing with existing experimental results, 
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Sarraj’s model predicted the performance of shear tab connections under both ambient 

temperature and fire conditions with quite reasonable accuracy. LaMalva et al (2009) 

performed a failure analysis of the internal structural collapse that occurred in World 

Trade Center 5 (WTC 5) due to fire exposure on September 11, 2001.  ABAQUS was 

used to reconstruct the fire event and to predict the steel connection performance 

subjected to fire. Fracture behavior of connection was not explicitly modeled in the 

simulation. Plastic shear strains were examined to infer the occurrence of fracture (Figure 

2.62). Garlock and Selament (2010) examined single-plate shear connections that are 

bolted to the beam and welded to the supporting girder and subjected to fire.  ABAQUS 

was employed in this study. They successfully simulated the behavior of beam flange and 

web buckling in the fire.  They also studied the performance of connections during 

heating phase and cooling phase. However, bolt shear failure and web tearing failure 

were not captured in their model. Hu (2011) simulated shear tab connections subjected to 

fire in ABAQUS (Figure 2.63). Bolt shear failure and beam web hole fracture were not 

captured in his model. Hu also studied the performance of steel shear tab connection at 

heating phase and cooling phase from analysis results. Hu suggested that in the cooling 

stage, large tension can be produced in the beam, and the magnitude of tension increases 

rapidly with decreasing temperature. Hu concluded that the large tension force during 

cooling can potentially cause connection failure.  
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Figure 2.62: Comparison of FEM Results Versus Forensic Evidence of WTC 5 building 

(LaMalva et al 2009) 

 

Figure 2.63: Deformed shape and stress contour of the shear tab connection (Hu 2011) 
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Recently, Schaumann and Thomas (2013) developed a numerical simulation of 

endplate connections tested at the University of Sheffield at elevated temperature. In the 

testing, the connection was subjected to inclined loading. Both implicit 

(Abaqus/Standard) and the explicit solvers (Abaqus/Explicit) were used in the 

simulations. A shear fracture in the endplate was simulated by using two different 

methods. The first method was the use of cohesive elements located where the shear 

failure occurred. The second method was a fracture strain criterion. For the method of 

cohesive elements, a thin layer of cohesive elements were implemented in the endplate 

next to beam web and flange. Failure of the cohesive layer was dependent on a stress-

strain curve, as shown in Figure 2.64. When the maximum stress was reached in the 

cohesive elements, the cohesive elements start to separate from other elements. Figure 

2.65 shows that the shear failure at the end plate were captured by the method of cohesive 

elements. Figure 2.66 demonstrates the comparison on loading versus rotation curves 

between tests and simulations at different temperatures. Based on the results of this study, 

it was observed that to simulate shear failure mode, the cohesive element method is 

helpful. However, the main disadvantage of using cohesive elements is the need to 

determine where the fracture may occur before modeling. 
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Figure 2.64: Scheme of material behavior of cohesive elements (Schaumann and Thomas 

2013) 

  

Figure 2.65: Comparison of testing results and simulation results by using cohesive 

elements (Schaumann and Thomas 2013) 
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Figure 2.66: Load-rotation behavior of connection for different temperatures including a 

damage criterion (Schaumann and Thomas 2013) 

 

2.7.4 General Observations 

From the previous numerical simulations of steel connections at normal and 

elevated temperatures, it is observed that researchers have attempted to employ different 

criteria to model fracture behavior of steel connections which include: Stress Modified 

Critical Strain (SMCS) facture model (Hancock Model), Gurson Model, plastic strain 

criterion and cohesive elements. The SMCS model predicted the load and deformation 

capacity of connections at normal temperature with reasonable accuracy. Fracture 

parameters of SMCS model must be calibrated using experimental data. The Gurson 

Model also captured fracture quite well at normal temperatures but the applications for 

elevated temperatures are not clear. The plastic strain criterion method assumes that 

fracture is only based on the critical plastic strain without considering the stress triaxiality 

effects on fracture strain. This criterion works well for the model without sequential 

failure of the components, however, it seems that plastic strain criterion cannot capture 

subsequent fractures within the connection (Figure 2.62). The cohesive elements method 
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was verified at both normal and elevated temperatures.  The limitation of this method is 

that before using it, the locations of fracture must be known. Several researchers also 

have attempted to employ both standard and explicit solvers for fracture simulation. It 

was observed that both of solvers generate quite similar simulation results. However, it 

was also found that standard solvers can experience convergence problems when 

simulating fracture. In comparison, explicit solvers experience fewer convergence 

problems, but increase computational time. 

 

 

2.8 SUMMARY 

Based on this review of past investigations of the steel connection and material 

properties at elevated temperatures, it is recognized that structural steel is very vulnerable 

at elevated temperature and the capacity of steel at elevated temperature is quite different 

from that at normal temperatures. Elevated temperature tests on connection assemblies 

are difficult and costly, and only a very limited number of such tests are reported in the 

literature. Computational simulations can be used to augment experimental results. 

Although researchers have attempted to employ computational simulations to predict 

steel connection performance in fire, the simulation of fracture behavior is still difficult 

and uncertain due to lack of validated fracture models and experimental data.  In order to 

improve simulations of steel connection performance in fire, additional research is 

needed. One of these needs is the development of elevated temperature true-strain strain 

relationships for steel beyond necking. The second area of need is evaluating the 

capabilities and limitations of currently available fracture prediction models, along with 

temperature dependent fracture model parameters. The objective of this dissertation is to 

contribute to addressing these needs. 
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CHAPTER 3: BACKGROUND ON PREDICTING INITIATION AND 

PROPAGATION OF FRACTURE USING ABAQUS 

 

3.1 OVERVIEW 

The focus of this research is simulating the performance of steel connections in 

fire, including the simulation of the fracture of connection components. This chapter 

presents some background on predicting ductile fracture by using the finite element 

analysis program ABAQUS. The first section of this chapter discusses fracture initiation 

criteria in ABAQUS. These criteria include ductile fracture criterion, Johnson-Cook 

fracture criterion, shear fracture criterion and others. The second section discusses 

fracture propagation techniques. In the third section, simulating fracture using a static 

implicit solver versus a dynamic explicit solver will be reviewed.  

 

3.2 FRACTURE INITIATION 

3.2.1 Introduction 

In general, fracture initiates once the stiffness of the material begins to degrade 

significantly (Figure 3.1).  Several fracture initiation models have been proposed in the 

literature, as discussed in Chapter 2. In the finite element analysis programs ABAQUS, 

several of these fracture initiation models have been implemented. Fracture models 

include the ductile fracture model, the Johnson-Cook model, the shear fracture model and 

the Gurson-Tvergaad model. Use of these models in ABAQUS is discussed below. 
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Figure 3.1: Steel response showing fracture initiation and progressive failure.  

 

3.2.2 Ductile Fracture Model 

In general, ductile fracture models are based on the concept that fracture is the 

result of the formation and coalescence of voids, as discussed in Chapter 2., Based on this 

concept, Hancock and Mackenzie (1983) proposed a model that predicted the equivalent 

plastic strain at the initiation of fracture as a function of the stress triaxiality (σm/σe), as 

given by Eq. 3.1.  
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To utilize this fracture model (Eq. 3.1) in ABAQUS, the parameters α and β are 

needed. Parameters α and β are defined as the toughness index and exponential 

coefficient respectively which can be determined from notched bar tensile tests. Once the 
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parameters are determined, data of stress triaxiality versus equivalent plastic strain can be 

calibrated based on Eq. 3.1. Inputting the calibrated data in ABAQUS will establish the 

ductile fracture criterion in the simulation. Figure 3.2 shows the input for the ductile 

fracture criterion in ABAQUS. The first column of data is the equivalent plastic strain at 

fracture; the second column is the corresponding stress triaxiality, and the third column is 

the corresponding strain rate. In ABAQUS, fracture is defined as "damage", therefore, the 

code is described as "damage initiation". 

 

  

Figure 3.2: Input for ductile fracture initiation criterion in ABAQUS (ABAQUS 2012) 

The following example shows the approach to capturing fracture by using the 

ductile fracture criterion in ABAQUS. A simulated steel tension coupon with rectangular 

cross section is shown in Figure 3.3. The steel coupon is fixed at one end while subjected 

to an imposed displacement at the other end. The fracture will initiate in the reduced 

section in the coupon.  

 



 

Figure 3.3: Steel coupon in tension

Figure 3.5 demonstrates the process of capturing ductile fracture in the steel 

coupon. The blue plot indicates the stress triaxiality

reduced section of the steel coupon.

plastic strain increases with the increase of stress triaxiality. The red plot indicates the 

input ductile fracture criterion. Once the blue plot intersects the input criterion or pass 

beyond the criterion, fracture in the material initiates. 

 

Figure 3.4: Capture of ductile fracture initiation in the simulation
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Steel coupon in tension 

Figure 3.5 demonstrates the process of capturing ductile fracture in the steel 

coupon. The blue plot indicates the stress triaxiality-equivalent plastic strain curve in the 

reduced section of the steel coupon. It is observed that in the steel coupon, the equivalent 

plastic strain increases with the increase of stress triaxiality. The red plot indicates the 

input ductile fracture criterion. Once the blue plot intersects the input criterion or pass 

terion, fracture in the material initiates.  

 

Capture of ductile fracture initiation in the simulation of a steel coupon

 

Figure 3.5 demonstrates the process of capturing ductile fracture in the steel 

equivalent plastic strain curve in the 

It is observed that in the steel coupon, the equivalent 

plastic strain increases with the increase of stress triaxiality. The red plot indicates the 

input ductile fracture criterion. Once the blue plot intersects the input criterion or pass 

of a steel coupon 
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3.2.3 Johnson-Cook Fracture Model 

The Johnson-Cook fracture model also predicts fracture due to void formation and 

coalescence. As shown in Eq. 3.2, besides stress triaxiality, strain rate effects and 

temperature effects on fracture strain are also integrated into the model.  
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To utilize the Johnson-Cook model in ABAQUS, model parameters D1 to D5 are 

needed (Figure 3.5). In general, these parameters can be obtained from a series of 

notched bar tensile tests conducted with varying notch radii, temperatures and loading 

rates. Inputting the Johnson-Cook fracture criterion in ABAQUS only requires the 

parameters D1 to D5 and temperatures to be specified.  

 

 

Figure 3.5: Input for Johnson-Cook fracture initiation criterion in ABAQUS (ABAQUS 

2012) 
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To capture fracture initiation, the Johnson-Cook fracture model employs the same 

approach as ductile fracture, wherein the equivalent plastic strain and stress triaxiality are 

monitored until the critical value of equivalent plastic strain is achieved. Utilizing the 

Johnson-Cook model can be difficult because of the large number of model parameters 

and the large amount of testing needed to establish these parameters.    

 

3.2.4 Shear Fracture Model 

Shear fracture criterion in ABAQUS is based on Hooputra's fracture model 

derived in 2004.  The shear fracture criterion, given by Eq. 3.3, predicts the critical 

plastic strain at fracture as a function of stress triaxiality and shear stress.  
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To employ the shear fracture model in ABAQUS, material dependent parameters 

εs
+
, εs

-
 and f are required. To obtain material parameters, a series of tests such as 

equibiaxial tension tests, equibiaxial compression tests and shear tests are needed. Once 

the material parameters are obtained, data on the shear stress ratio θ and equivalent 

plastic strain at fracture εp,critical can be calibrated based on Eq. 3.3. Inputting the 

calibrated data in ABAQUS will establish the shear fracture criterion in the simulation. 

Similar to the ductile fracture criterion, the shear fracture criterion also requires inputting 
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a series of data points, as shown in Figure 3.6. (ABAQUS 2012). The first column of data 

is the equivalent plastic strain at fracture; the second column is the corresponding shear 

stress ratio and the third column is the corresponding strain rate.  

 

Figure 3.6: Shear Fracture initiation usage in ABAQUS (ABAQUS 2012) 

The following example demonstrates the shear fracture criterion in ABAQUS. In 

Figure 3.7, a single bolt connection for two steel plates is subjected to tensile loading. 

One end of the connection is fixed while the other end is subjected to an imposed 

displacement. The connection is designed so that failure occurs by a bearing tear-out 

fracture of the plate, rather than by shear fracture of the bolt.  



 

Figure 3.7: Example of shear fracture simulation

Figure 3.8: Shear fracture initiation of upper plate in 

In Figure 3.8, it is shown that s

of hole of upper plate. Figure 3.10 demonstrat

ABAQUS. In Figure 3.9, the shear fracture initiation curve

describes from the shear fracture function (

the equivalent plastic strain versus shear stress ratio for the elements near the fracture 

Upper Plate 
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Example of shear fracture simulation 

Shear fracture initiation of upper plate in the ABAQUS simulation

In Figure 3.8, it is shown that shear fracture initiates at the element along the edge 

Figure 3.10 demonstrates the process of capturing shear failure in 

he shear fracture initiation curve (red line) is based on 

shear fracture function (Eq. 3.3). The blue line is a plot of indicates 

n versus shear stress ratio for the elements near the fracture 

Shear Fracture 

 

 

simulation 

hear fracture initiates at the element along the edge 

es the process of capturing shear failure in 

based on data that 

The blue line is a plot of indicates 

n versus shear stress ratio for the elements near the fracture 
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zone. From this plot, it can be seen that the equivalent plastic strain is not monotonically 

increasing with an increase in the shear stress ratio. Once the shear stress ratio versus the 

equivalent plastic strain curve reaches the shear fracture initiation criterion, shear fracture 

of the element initiates. This approach to capturing the fracture initiation is quite similar 

to that in ductile facture model.  

 

 

Figure 3.9: Capture of shear fracture initiation in the simulation of a bolted connection 

 

3.2.5 Other Fracture Criteria 

Emphasis will be on the ductile fracture criterion and shear fracture criterion in 

this research. However, other fracture criteria are also available in ABAQUS including 

Gurson-Tvergaad criterion and maximum stress strain criterion. 

The Gurson-Tvergaad model is used to simulate ductile fracture due to void 

formation and void coalescence. To define fracture initiation in Gurson-Tvergaad model, 

it is required to define the constitutive function in Eq. 3.6.  Material parameters q1, q2 
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and q3 are derived by Tvergaard and defined as "q1= 1.0 to 1.5; q2=1.0 and q3=1.0 to 

2.25" in ABAQUS (ABAQUS 2012).  

To define failure with this model, the void fraction in the material is required (Eq. 

3.7). The total void volume fraction at failure is expressed as fF and the default value is 

set as 1.0 (ABAQUS 2012). It is also required to enter a value for critical void volume 

fraction fc which is defined as the start of rapid loss of stress carrying capacity or 

explained as the critical value corresponds to void volume fraction at onset of void 

coalescence (Tvergaard 1984). However, these values are usually calibrated from 

experimental results or established by curve fitting techniques in simulations. For S235 

JR steel, Kossakowski 2012) recommends fF equal to 0.667 and fc equal to 0.06. 
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For the maximum stress strain criteria, fracture initiation is based on specified 

values of stress or strain. Three stress-based and three strain-based fracture initiation 

criteria are available in ABAQUS including maximum principle stress (MAXPS); 

maximum principle strain (MAXPE); maximum nominal stress (MAXS); maximum 

nominal strain (MAXE); quadratic nominal stress (QUADS) and quadratic nominal strain 

(QUADE) (ABAQUS 2012). Figure 3.10 shows the ABAQUS input for the MAXPS 

criterion. For MAXPS and MAXPE criteria, fracture initiation occurs when the 



 97 

maximum principal stress or strain reaches a critical value (f=1) (see Eq. 3.8) and the 

fracture plane is perpendicular to the direction of maximum principle stress (or strain) 

(Du 2012). For MAXS and MAXE, fracture initiation is based on the maximum normal 

stress (ABAQUS 2012). In Eqs. 3.9 and 3.10, the fracture initiation criterion is satisfied 

when f ≥1. Figure 3.11 shows the ABAQUS input for the MAXS criterion. This criterion 

considers the maximum normal stress from three different direction and the fracture 

initiates from three different normal directions (Du 2012). The QUADS and QUADE 

criteria are based on the Eq. 3.11. It shows that the stresses or strains from different 

directions are coupled with each other to influence fracture initiation (Du 2012).  
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Figure 3.10: Cohesive element crack criterion based on MAXPS (Du 2012) in ABAQUS 
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Figure 3.11: Cohesive element crack criterion based on MAXS (Du 2012) 
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3.3 FRACTURE PROPAGATION 

3.3.1 Introduction 

Once fracture initiates in the finite element model, the fracture will be propagated 

because of the progressive degradation of materials (ABAQUS 2012). In ABAQUS, 

fracture propagation can be simulated with damage evolution and element removal. The 

procedures for such a simulation are discussed below. In the following part, damage 

evolution and element removal will be discussed. 
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3.3.2 Damage Evolution 

In ABAQUS, damage evolution defines the post fracture-initiation material 

behavior and is described as the rate of degradation of the material stiffness once the 

fracture initiation criterion is satisfied (ABAQUS 2012). The damage evolution of 

material is defined in Figure 3.12. This figure shows the material engineering stress-strain 

response with distinct phases. The material response is initially linear elastic from a to b. 

The linear elastic region can be followed by plastic yielding with strain hardening b-c. 

However, for some metals such as structural steel at ambient temperature, the linear 

elastic region can be followed by a yield plateau and strain hardening. Beyond point c 

there is a rapid reduction of load capacity which is described as segment c-d. Point c 

describes the material state at the onset of fracture which is also identified as the fracture 

initiation point (ABAQUS 2012). Beyond this point, the stress-strain response c-d 

represents the post fracture-initiation behavior which is defined as damage evolution 

(ABAQUS 2012). The dashed curve c-d' describes the material without fracture behavior. 

  

Figure 3.12: Engineering stress strain curve with progressive damage degradation. 

(ABAQUS 2012) 
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Damage evolution can be also defined quantitatively in ABAQUS (ABAQUS 

2012). The scalar damage variable D is introduced to describe damage evolution 

(ABAQUS 2012). With the damage variable D increasing, the rate of stress degradation 

increases (Figure 3.12). When D = 0, the damage initiates at point c; when D reaches 1, 

the load capacity of the material reaches zero (Figure 3.12). The damage evolution is 

initiated from D equal to 0 and finishes at D equal to 1(ABAQUS 2012). In ABAQUS, 

the damage evolution law can be specified either in terms of fracture energy (per unit 

area) or equivalent plastic displacement (ABAQUS 2012).  

For the energy based damage evolution law, Gf represents the area under the 

curve of the degrading portion of the stress versus plastic displacement curve as shown in 

Figure 3.13. In this figure, 
pl
fu  is the displacement at fracture (

pl
f

pl
f Lu ε= ). Gf is 

referred to as the energy of fracture (ABAQUS 2012). The curve of stress versus plastic 

displacement can be linear or exponential. The unit of fracture energy is Joules in the SI 

unit system. For steel, the fracture energy is usually within the range of 10 Joules to 250 

Joules (Hitt 2005). For high carbon steel, the fracture energy is within the range of 150 to 

250 Joules; for the low carbon steel, the fracture energy is ranged from 10 Joules to 150 

Joules (Hitt 2005). For steel at elevated temperature, the value of fracture energy is 

approximately 100 Joules to 200 Joules (Hitt 2005). The energy Gf is defined as an 

additional fracture parameter in ABAQUS, and it is used to compute the displacement at 

which the material is totally fractured. 
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Figure 3.13: Energy based damage evolution law (ABAQUS 2012) 

For the displacement based damage evolution law, the damage evolution is 

evaluated from plastic displacement. Figure 3.14 shows the curve of plastic displacement 

versus damage variable D. When the damage variable reaches 1, the plastic displacement 

is equal to the fracture displacement.  In ABAQUS, the relationship between plastic 

displacement and the damage variable D can be linear, exponential or can be input in 

tabular form with user defined values (ABAQUS 2012).   

   

Figure 3.14: Displacement based damage evolution in tabular form (ABAQUS 2012) 

plpl Lu ε=  

D 
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In ABAQUS, a characteristic length L is introduced into the formulation (Figure 

3.14), which is related to the element size. In this research work, the energy based 

damage evolution law is used in the simulation as the fracture energy is relatively stable 

at room and elevated temperatures for structural steel.  

 

3.3.3 Element Removal 

Once the stiffness of material is fully degraded, ABAQUS offers the choice to 

remove the element from the mesh to simulate fracture of materials (ABAQUS 2012). To 

judge if the material is fully degraded, ABAQUS will examine if all section points of 

element at any one integration point have lost their load capacity (ABAQUS 2012).  

Another approach to understand element removal in ABAQUS is based on damage 

variable D. If the damage variable D reaches a critical value Dmax (ABAQUS 2012), then 

element removal will be employed. Generally, the default value of Dmax is 1 in ABAQUS 

(ABAQUS 2012). If Dmax is set as 0.99, elements will remain active in the simulation 

with a residual stiffness of around 1% of the original stiffness and failed elements will be 

retained (ABAQUS 2012). Figure 3.15 shows how the elements are removed after the 

projectile impacts the plate. In this research work, element removal is applied in all of 

fracture simulations. 
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Figure 3.15: Elements removal example of projectile impacting the plates (ABAQUS 

2012) 

 

3.3.4 Extended Finite Element Method 

The extended finite element method (XFEM) is an approach that can be used for 

fracture simulation for both brittle and ductile failures (Du 2012). XFEM allows 

simulation of initiation and propagation of a crack along an arbitrary path without the 

requirement of re-meshing (Figure 3.16) (Du 2012).  

However, there are some challenges in using XFEM. Convergence can be 

problematic for progressive crack growth modeling and also for 3-D analysis of surface 

cracks that are not linear (Du 2012). XFEM is implemented in the ABAQUS standard 

solver but not in the ABAQUS explicit solver (ABAQUS 2012). In this dissertation, 

fracture simulations were not conducted using XFEM. However, the basic concept and 

use of XFEM will be discussed briefly in this section. 

Element Removal 
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Figure 3.16: Modeling of fracture and crack by using XFEM (Du 2012) 

XFEM is based on the concept of partition of an element and allows the presence 

of discontinuities in an element by enriching degrees of freedom with special 

displacement functions (Figure 3.17) (Du 2012). In XFEM, initial representations of a 

crack location is not required and a crack is entirely describe by nodal data. Therefore 

any crack path can be generated between different nodes (Du 2012). Figure 3.17 shows 

three terms included in XFEM concept function. The first term represents the basic nodal 

function of all the nodes in element. The second terms considers the node whose shape 

function is cut by an interior crack, and the third term takes account of nodes whose 

shape function is cut by crack tips (Du 2012). Generally, the third term is neglected when 

there is no pre-existing crack or flaws in the simulated models. In comparison with the 
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node based representation of cracks in XFEM, element removal fracture models are 

elements based and the crack path is generated from element removal.  

 

 
 

 

Figure 3.17: Explanation of XFEM functions (Du 2012) 

Two distinct types of fracture modeling can be used in XFEM techniques. The 

first one is called cohesive segments approach and the other is linear elastic fracture 

mechanics approach. The cohesive segment approach uses traction-separation laws based 

on the maximum principle stress or normal stress (see section 3.2.5) (ABAQUS 2012). 

Cohesive segment approach is applicable for both brittle and ductile failures (Du 2012). 

For linear elastic fracture mechanics, it is based on the traditional brittle fracture 

mechanics which is only applicable for brittle failure (Du 2012).  
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The procedure of ductile failure modeling by using XFEM techniques is discussed 

briefly in the following. The procedure can be divided into two parts. The first part is 

setting up uncracked domain which is general geometry of model. In uncracked domain, 

it is required to establish the fracture criterion in material properties. As mentioned 

earlier, the traction-separation laws can be chosen in the damage property. The fracture 

criterion is followed by damage evolution which can be specified as energy based or 

displacement based (section 3.3.2). The second part is creating cracked domain. It is 

accomplished by defining cracks in interaction properties. By selecting the XFEM as the 

crack properties, the crack domain is established. The crack domain can be assigned in 

the entire uncracked domain in order to simulate the arbitrary crack path. After creating 

both uncracked and cracked domains, application of boundary condition and loading is 

then conducted as usual. XFEM analysis might fail to converge once the crack initiates, 

therefore some efforts have to be made in order to converge the solution.  

 

3.3.5 General Observations  

In this section, the basic process of fracture propagation includes damage 

evolution and element removal. The process is applied in ABAQUS to simulate the post-

fracture behavior of materials. Another way to simulate fracture is XFEM technique. For 

this method, element removal is not required to simulate the crack, by contrast, XFEM 

technique can simulate crack arbitrarily by using nodal function. However, some 

difficulties still exist in XFEM technology, such as solution convergence and curved 

crack simulation.  

In the following part of this research, emphasis will be on the ductile and shear 

fracture simulation with element removal technique because both implicit solver and 

explicit solver are needed and convergence of solution is required. 
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3.4 COMPARISON OF ABAQUS IMPLICIT SOLVER AND ABAQUS EXPLICIT 

SOLVER 

3.4.1 Introduction 

In this section, two main approaches in finite element analysis will be discussed 

and the focus will be on the ABAQUS program. The first part will introduce the implicit 

and explicit solvers in numerical analysis. The second part will discuss static analysis and 

the available solvers for static analysis in ABAQUS. The third part will discuss dynamic 

analysis and available solvers for dynamic analysis in ABAQUS.  

 

3.4.2 Implicit versus Explicit Solvers 

In finite element analysis, implicit and explicit methods are the main approaches 

for obtaining numerical solutions of time-dependent ordinary and partial differential 

equations (ABAQUS 2012). Implicit methods find a solution by solving a system of 

coupled equations, while explicit methods solve for systems of uncoupled equations 

(ABAQUS 2012). For example, if Y(t) is the equation system at the current state and 

Y(t+∆t) is system after the next time step (∆t is a small time step), then for explicit 

method (Eq. 3.12), the state of the system at later time can be directly solved from the 

state at the current time F(Y(t)). However, for an implicit method the state of the system 

at the current time and at the later time are coupled and have to be solved together (Eq. 

3.13).  

 

Y (t+∆t) = F (Y(t)) (3.12)                                       

                                                     

G (Y(t), Y(t+∆t))=0  (3.13)                                   

Implicit methods require more effort for computation. However, implicit methods 

are often preferred in many engineering problems because the use of an explicit method 
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may require a very small time step ∆t to keep numerical stability (ABAQUS 2012). For 

these types of problems, to achieve reasonable accuracy, it takes less computational time 

to use an implicit method with larger time steps than to use an explicit method with very 

small time step. Thus, whether using an explicit or implicit method depends upon the 

problem to be solved. 

In ABAQUS, implicit and explicit solvers method are used to solve static and 

dynamic problems. These two methods are described as the ABAQUS/Standard solver 

and ABAQUS/Explicit Solver in ABAQUS. In the following section, these two solvers 

will be reviewed briefly for different types of analysis. 

 

 

3.4.3 ABAQUS Static Analysis 

In this research, fire related analysis is related to static analysis or quasi-static 

analysis. ABAQUS allows for the static analysis for structures under various loading 

conditions. A static analysis calculates the effects of steady loading conditions on a 

structure, while ignoring inertia and damping effects, such as those caused by time-

varying loads (ABAQUS 2012). A static analysis can include steady inertia loads such as 

gravity and rotational velocity, and can also include time-varying loads that can be 

converted into static equivalent loads such as the static equivalent wind and seismic loads 

(ABAQUS 2012). In ABAQUS, static problems can be only solved by 

ABAQUS/Standard solver in which the implicit method is applied (ABAQUS 2012).  

To generate the solution to the system of linear algebraic equations in static 

analysis, a Newton's iterative solution method is performed, for which an approximate 

solution gets closer to the exact solution at each iteration (McHugh 2007). 

 

For example, in static analysis, the general equilibrium is: 
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FKUUCUM =++ &&&  (3.14) 

                                                                                      

Where M is mass matrix; C is damping coefficient matrix; K is stiffness matrix; U 

is displacement vector and F is external loading vector. Since the structure is in a static 

state, UM && and UC & are equal to zero, and equilibrium in static state of structural system 

is represented: 

 

FKU =  (3.15)                                               

For nonlinear systems, the external loading F is not linear with displacement U. In 

ABAQUS/Standard, Newton's iterative method assumes that residual force of each step is 

described as G(u
t+∆t

) shown in Eq. 3.16 (McHugh 2007): 

 

KUFuG tt −=+ )( ∆
 (3.16)                                     
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Reorganizing the above equation, the incremental displacement for each iteration is 

calculated as:  
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Then it is assumed that K is the tangent stiffness matrix which is expressed as:  
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Then for each incremental displacement: 
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A new derived equilibrium for each iteration is: 
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+ −=  (3.21)                                             

Eq. 3.21 describes the residual force calculated from each iteration. The 

incremental displacement δui+1; tangent stiffness matrix K(ui
t+∆t

) and residual force 

G(ui
t+∆t

) are different for each iteration. For each step ∆t, several iterations are required 

until G(ui+1
t+∆t

) is below a specified tolerance.  The tolerance can be quite small, such as 

10
-5

. When the absolute value of residual force is smaller than the tolerance value, it is 

concluded that the solution is converged successfully (McHugh 2007). Then the current 

increment in displacement from all of the iterations is equal to: 
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 (3.22)                                                 

Figure 3.18 shows the iteration and convergence procedure for an implicit 

solution scheme ABAQUS/Standard uses automatic selection of increment size by 

default (ABAQUS 2012). The rate of convergence is monitored to determine appropriate 

time or load increments. When few iterations are required, the increment size is 

increased. If convergence is slow, the increment size is decreased (ABAQUS 2012). 

Sometimes, if convergence cannot be obtained, the increment size is decreased and 

further solution attempts are made. If convergence cannot be achieved for the specified 

solution parameters, the analysis will be aborted (ABAQUS 2012).  
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Figure 3.18: Schematic representation of the iteration process in ABAQUS/Standard 

(McHugh 2007) 

The implicit solver in Abaqus/Standard is appropriate for smooth nonlinear 

response as shown in Figure 3.18. However, for problems with a sudden discontinuity or 

local instability such as fracture problems, convergence in Abaqus/Standard may we very 

difficult to achieve (Mohammad 2012). Similar problems can occur with 

Abaqus/Standard for some contact problems, because the implicit method requires 

contact conditions to be satisfied at every point. However, three-dimensional models can 

have a large number of possible contact points and changing contact conditions can result 

in extremely small time increments or non-convergence (Mohammad 2012). 

 

3.4.4 ABAQUS Dynamic Analysis 

General nonlinear dynamic analysis in ABAQUS can be conducted using either 

implicit or explicit time integration to calculate the transient dynamic or quasi-static 
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response of a system. Dynamic analysis is characterized by the need to include inertia 

and damping in the analysis. In contrast, for static analysis, loads are assumed not to vary 

with time, so there are no inertia and damping effects. For quasi-static analysis, loads 

vary with time, but it is assumed that the rate of load application is sufficiently small so 

that inertia and damping effects can be neglected with little resulting error in the solution.  

For dynamic analysis in ABAQUS, both the implicit and explicit approaches can 

be used for solution. However, for the general static analysis, the implicit approach must 

be used in Abaqus. 

For an implicit dynamic analysis, the algorithm used in ABAQUS is defined by 

Hilber et al (1978): 

 

)()()()1()( 111 ttFtKUtKUtUM nnnn ∆ααα +=−++ +++
&&  (3.23)               

                          

)](2)()21[()(
2

1
)()()( 1

2
1 ++ +−++= nnnnn tUtUttUttUtU &&&&& ββ∆∆  (3.24)        

                    

)]()()1[()()( 11 ++ +−+= nnnn tUtUttUtU &&&&&&& γγ∆  (3.25)                    

                                 

Where 2/)21,4/)1(],0,
3

1
[ 2 αγαβα −=−=−∈ (          

With initial boundary conditions, the displacement can be solved step by step. A 

value of α= -0.05 is chosen by default in ABAQUS (Sun et al 2000).  

The explicit dynamic procedure is based on the implementation of an explicit 

integration method and the use of diagonal element mass matrices. The equation of 

motion for the structure is integrated using an explicit central difference integration rule 

(Sun et al 2000): 

 

FKUUM =+&&  (3.26)                                            



 113 

                                                      

Then equation 3.24 can be converted to: 
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Based on the central difference rule:  
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With initial boundary conditions, the solution can be computed. Since the mass 

and stiffness matrix are lumped already, the computation is inexpensive for each step. 

However, one limitation of the explicit method is the time step size. From Eq. 3.32, it is 

observed that the errors are on the order of O((∆t)
2
) for ∆t→0. Therefore, it is important 

to choose an appropriate time step size for the analysis or large errors may be introduced 

into the solution. (ABAQUS 2012). 

From the comparison between implicit and explicit approaches, it is found that 

they use different methods to solve the equilibrium equations for dynamic analysis. The 

ABAQUS/Standard implicit solver uses a direct-integration procedure for solution of the 

equations of motion, while ABAQUS/Explicit uses the central-difference method for 

solutions (ABAQUS 2012). In an implicit dynamic analysis the global mass or stiffness 

matrix must be inverted and a set of nonlinear equilibrium equations must be solved at 
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each time increment. In an explicit dynamic analysis the mass and stiffness matrices are 

lumped, which means that each increment is relatively inexpensive in computation. 

However, the central-difference rule is only conditionally stable because the stability of 

solution depends on the time step ∆t (ABAQUS 2012). 

 

 

3.4.5 General Observation 

ABAQUS/Standard and ABAQUS/Explicit are two different solvers in the 

ABAQUS program to analyze static or dynamic response of systems. The 

ABAQUS/Standard solver uses the implicit approach in which Newton's iterative method 

and direct integration are applied to calculate the solution. The ABAQUS/Explicit solver 

employs the explicit approach in which the central difference integration rule is applied 

for solutions. Both solvers have their own disadvantages and advantages.   

In ABAQUS, static analysis problems can only be solved using the implicit solver 

in ABAQUS/Standard. For smooth nonlinear problems, the general static analysis 

approach is usually a reasonable choice. Quasi-static analysis is a type of the dynamic 

analysis in which the inertia force is neglected and the response of system is relatively 

monotonic (ABAQUS 2012). For quasi-static analysis, either the implicit or explicit 

approach can be used for computation. One of advantages of using the explicit approach 

is that iteration and convergence is not required for each step during the analysis. The 

limitation is that the time step size has to be quite small to keep analysis stable. 

Therefore, the most appropriate solution approach depends on the type of problem to be 

solved. In this research work, severe nonlinearity exists in the simulations of contact and 

fracture problems, which often results in non-convergence when using the 
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ABAQUS/Standard solver. Thus, most of the simulations in this research will be 

performed using ABAQUS/Explicit dynamic analysis. 

 

3.5 MODELING PROBLEMS USING ABAQUS IMPLICIT AND EXPLICIT 

SOLVERS 

3.5.1 Introduction 

For the fire related analysis in this research, both the static implicit solver and 

dynamic explicit solver can be used for simulation. The method of modeling by using 

these two methods are quite different. Model problems as static implicit solver and as 

dynamic solver will be discussed below. 

3.5.2 Modeling Problems using Static Implicit Solver 

Similar to other finite element analyses, the basic procedure of modeling using the 

static solver is creating parts, assembly, meshing, and assigning loading as well as 

boundary conditions. When creating the analysis step, static analysis has to be defined in 

the step. As discussed above, a potential problem when using the implicit solver is non-

convergence. Generally, the ABAQUS static implicit solver defines the step size of 

iteration automatically by default (Figure 3.19). Fixed incrementation of iteration can 

also be chosen as an option. If the solution does not converge the analysis will be aborted. 

Based on author's experience, to improve the convergence of the solution, the initial 

increment size can be defined relatively small such as a value smaller than 0.005 and the 

minimum increment size can be assigned even smaller such as 1e-6 or even 1e-7. When 

the automatic increment size is below the minimum increment size the analysis will be 

aborted. Therefore, for some problems with severe nonlinearity or discontinuity, a series 

of analysis has to be performed by trial and error to achieve solution convergence. The 

mesh also must be defined carefully to achieve convergence of solutions. 
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Figure 3.19: Incrementation edit for static implicit solver (ABAQUS 2012) 

 

3.5.3 Modeling Problems using Dynamic Explicit Solver 

3.5.3.1 General Procedure 

The general procedure of modeling problems using the dynamic explicit solver is 

quite close to that of the static implicit solver, including creating parts, assembly, 

meshing, and assigning loading as well as boundary conditions. The main difference is in 

defining the analysis step. For the dynamic explicit solver, "dynamic explicit" has to be 

defined in the analysis step. When the dynamic explicit solver is selected, the time history 

of loading has to be defined using "amplitude" options which define the change of 
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loading or displacement with the time period. This is different from the static implicit 

analysis because the loading history is assigned as "Ramping" by default in the standard 

solver. For ramping loading or displacement, acceleration can be neglected. 

 

3.5.3.2 Time step size for stability 

The central-difference rule in the explicit procedure is conditionally stable, and 

the stability limit for the rule (without damping) is given in terms of the highest 

frequency of the system (ABAQUS 2012): 

 

max

2

ω
∆ ≤t  (3.33)                                                   

                                                      

where maxω is the maximum frequency of system. 

 

With damping, the stable time increment is given by: 
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where ζmax is the fraction of critical damping in the mode with the highest frequency.  

 

Introducing damping to the solution reduces the stable time increment (ABAQUS 2012). 

To estimate the stable time step in the explicit dynamic procedure, the 

approximation to the stability limit is often defined as the smallest transit time of a 

dilatational wave across any of the elements in the mesh (ABAQUS 2012): 

 

dc

L
t min≈∆  (3.35)                                                        
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Where Lmin is the smallest element dimension in the mesh and cd is the 

dilatational wave speed which is defined in the following (ABAQUS 2012): 

 

ρ
µλ ˆ2ˆ +

=dc  (3.36)                                          

                                                                 

Where ρ is the density of the material. For an isotropic, elastic material, the 

effective Lamé's constants can be defined in terms of Young's modulus, E, and Poisson's 

ratio, ν, by 
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The estimate provided by Eq. 3.35 is only approximate and in most cases is not a 

conservative estimate. In general, the actual stable time increment chosen by 

Abaqus/Explicit will be less than this estimate by a factor between 1/√2 and 1 in a three-

dimensional model (ABAQUS 2012). The time increment chosen by Abaqus/Explicit 

also accounts for any stiffness behavior in a model associated with penalty contact 

(ABAQUS 2012). 

The time increment used in an analysis must be smaller than the stability limit. 

Failure to use a small enough time increment will result in an unstable solution. For 

example, displacements will oscillate with monotonic increase of amplitudes and the total 

energy balance will also change significantly (ABAQUS 2012). It is observed that if the 

model contains only one material type, the initial time increment is directly proportional 

to the size of the smallest element in the mesh (Eq. 3.35). If the mesh contains uniform 
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size elements but contains multiple material descriptions, the element with the highest 

wave speed will determine the initial time increment (ABAQUS 2012). 

3.5.3.3 Quasi-static analysis in explicit solver 

The explicit dynamic procedure can be used for quasi-static analysis. However, if 

explicit dynamic is applied to model quasi-static events, special consideration is needed 

in the loading rate and energy balance (ABAQUS 2012). 

To mimic static analysis by using a dynamic procedure, the loading rate applied to 

the structural system should be quite small so that the inertia effects can be neglected. 

The frequency of structural system is required to estimate a suitable loading rate. Linear 

perturbation analysis can be employed to obtain the frequency of a structural system in 

ABAQUS. From the first natural frequency, the corresponding time period (T) is 

calibrated as the reciprocal of the frequency (1/ω). Estimation of global deflection (D) in 

the impact direction is also required because it will be used to obtain the impact velocity 

(V). Calculating the impact velocity (V) is based on the formula: V=D/T. The limit of 

impact velocity should be less than 1% of the wave speed of the material. Typically, 

wave speed in metals is around 5000 m/sec. Therefore, the impact velocity for a system 

with metals should be smaller than 50 m/s in quasi-static analysis (ABAQUS 2012). It is 

observed that excessive loading rates in a quasi-static analysis can result in a steep initial 

slope of the load versus displacement curve because inertial effects cause increased 

resistance to initial deformation (ABAQUS 2012).  

Another important aspect of controlling loading rate is to apply loading gradually. 

Instantaneous loading may result in the propagation of a stress wave through the model, 

producing undesired results (ABAQUS 2012). Generally, by default, in 

ABAQUS/Explicit, loads will be applied instantaneously. Therefore, ramping up the 
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loading gradually from zero can minimize these adverse effects and also ramping down 

the loading to zero is also recommended for the same reasons (ABAQUS 2012). Figure 

3.20 illustrate how the smooth amplitude application in loading rate works in ABAQUS. 

Ramping up the loading gradually by using a higher order polynomial function for 

loading amplitude is the principle of the smooth loading application in ABAQUS 

(ABAQUS 2012).  

 

 

Figure 3.20: Smooth amplitude application in loading rate (ABAQUS 2012) 

 

The other important consideration in quasi-static analysis is energy balance. 

Examination of the energy content provides another measurement to evaluate whether the 

results from an ABAQUS/Explicit simulation reflect a quasi-static solution (ABAQUS 

2012). Generally, if the analysis is quasi-static, the work applied by the external forces 

(EW) equals the internal energy (EI) in the system (Figure 3.21). Figure 3.23 also shows 
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that the energy due to inertia force (ETOT); the velocity of the material (EV) and kinetic 

energy (EKE) are negligible in quasi-static analysis.  

 

Figure 3.21: Energy history for quasi-static pull test (ABAQUS 2012) 

Another approach to evaluate whether the analysis is quasi-static is to compare 

the internal energy with kinetic energy of system. The kinetic energy of the deforming 

material should not exceed a small fraction of its internal energy throughout the majority 

of a quasi-static analysis. A small fraction typically means 5–10% (ABAQUS 2012). 

However, it is generally not possible to achieve this in early stages of the analysis since 

the deformable structure will be moving before it develops significant deformation 

(ABAQUS 2012). The smooth loading amplitude application can help improve the early 

response of system.  Figure 3.22 shows the loading rate effects on quasi-static analysis 

of a forming progress. Three different loading speeds are applied on a system: 3 m/s, 30 

m/s and 150 m/s. At loading speeds of 3 m/s and 30 m/s, the kinetic energy (ALLKE) is 

only a small fraction of the internal energy (ALLIE) over the majority of the forming 

process history; while at a loading speed of 150 m/s, the kinetic energy of the system is a 
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significant fraction of its internal energy. Therefore, in this example, analysis with 

loading rates 3 m/s and 30 m/s can be considered as quasi-static analysis. 

 

 

Figure 3.22: Loading rate effects on internal and kinetic energies (ABAQUS 2012) 

3.5.3.4 Increase of speed of computation in explicit solver 

Very small time increments may be needed to obtain a stable solution in the 

explicit solver, and this may result in very long run times to complete a simulation. 

Increasing the speed of the simulation is therefore desirable in the dynamic explicit 

ALLIE: Internal Energy 

ALLKE: Kinetic Energy 
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analysis (ABAQUS 2012). Two approaches can be employed to obtain economical quasi-

static solutions with an explicit dynamics solver: increased loading rate and mass scaling. 

Increasing the loading rate will reduce the loading duration time of the simulation 

so that fewer increments are needed to complete the analysis. This method should be 

controlled by the energy balance. When the loading rate is increased, the kinetic energy is 

also increased. As result, the kinetic energy will occupy a larger fraction of the internal 

energy. To ensure the analysis is still a quasi-static analysis, the loading rate can only be 

increased until the maximum kinetic energy of system does not exceeding approximately 

10% of the internal energy during the majority of the analysis process. Taking the 

example from Figure 3.22, since both 3m/s and 30 m/s loading rate generate quasi-static 

analysis without introducing large inertia effects, to generate an economical solution, 30 

m/s loading rate for analysis is better choice than 3 m/s loading rate. 

The mass scaling approach increases the size of the stable time increment so that 

fewer increments are needed to complete the analysis. Mass scaling will affect mass and 

rotary inertia in elements but it will not affect gravity loads and thermal solution response 

in a fully coupled thermal-stress analysis (ABAQUS 2012). There are two ways to 

perform mass scaling in ABAQUS. The first way is to directly increase the time step size 

∆t. Figure 3.23 shows how to define the time step size in the mass scaling command. If 

time step is required to be fixed, the option of "uniformly to satisfy target" can be 

selected. If the time step is set as the minimum step size, then the option of "if below 

minimum target" can be chosen. Another way to change mass scaling is to increase the 

mass factor directly. From Eq. 3.34 and Eq. 3.35, if we artificially increase the material 

density ρ by a factor of f
2
, the wave speed will decrease by a factor of f, and the stable 

time increment increases by a factor of f (Figure 3.24). However, the time step size ∆t 
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should also be controlled by the limit of stability of computation which is equal to 2/ωmax 

(Eq. 3.31 and Eq. 3.32). The modified time step size cannot surpass the limit of stability.
 

  

Figure 3.23: Modify time step size to increase mass scaling in ABAQUS (ABAQUS 

2012) 

 

Figure 3.24: Modify mass scale factor in ABAQUS (ABAQUS 2012) 
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3.5.4 Comparison between Static Implicit and Dynamic Explicit Analysis of a Steel 

Tension Coupon 

In general, ABAQUS/Standard is more efficient for solving smooth nonlinear 

problems. On the other hand, ABAQUS/Explicit is the better choice for problems with 

severe nonlinearity or discontinuities. The example of a steel coupon in tension will be 

used to compare solutions using the implicit solver versus the explicit solver. An actual 

steel coupon under tensile loading will undergo plastic deformation in the reduced 

section, followed by necking and fracture. It is desired to simulate the tension coupon 

behavior, up through necking and fracture, on ABAQUS (Figure 3.25). By employing 

both the standard implicit solver and the explicit solver, it is found that the standard 

solver needs a significant number of iterations to converge when the coupon undergoes 

plastic deformation. However, explicit solver develops the solution without the need for 

convergence at each step, but may proceed slowly due to the need for very small time 

increments. For the computational time, generally, in this simple model, the time spent by 

the implicit solver is less than that spent by explicit solver. By comparing the analysis 

results, both solvers generate the same failure mode and very similar response curves 

(Figure 3.26). This problem demonstrates that when the dynamic explicit procedure is 

employed to simulate static response, the analysis can still generate reasonable response 

if an appropriate loading rate is applied. 
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Figure 3.25: Steel coupon simulations in tensile loading  

 

Figure 3.26: Engineering stress strain curve of a simulated steel coupon analyzed using 

the standard solver and the explicit solver 
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Therefore, for those problems that can be solved with both solvers, the efficiency 

of computation will determine which product to use. Some problems solved with 

ABAQUS/Standard but may have difficulty in converging because of contact, fracture or 

material complexities resulting in a large number of iterations. Such analyses are 

expensive in ABAQUS/Standard because each iteration requires a large set of integration 

equations to be solved. ABAQUS/Explicit determines the solution with no iteration. Even 

though the analysis may require a large number of time increments by using the explicit 

method, the analysis can be more efficient in ABAQUS/Explicit if the same analysis in 

ABAQUS/Standard requires many iterations. Another advantage of ABAQUS/Explicit is 

that it often requires much less disk space and memory than ABAQUS/Standard for the 

same simulation (ABAQUS 2012). 

Another consideration in determining which product to use is related to the cost of 

mesh refinement. Using the explicit method, the computational cost is proportional to the 

number of elements and inversely proportional to the smallest element dimension (Eq. 

3.34 and Eq. 3.35) (ABAQUS 2012). Mesh refinement increases the computational cost 

by increasing the number of elements and reducing the smallest element dimension. 

However, cost is more difficult to predict when using the implicit method. For using the 

implicit method, experience from other researchers shows that for many problems the 

computational cost is proportional to the square of the number of degrees of freedom 

(ABAQUS 2012). In general, the explicit method shows larger cost savings than the 

implicit method when the model size increases and the mesh is relatively uniform 

(ABAQUS 2012). However, the explicit solver may not always generate accurate and 

reasonable solutions, and thus simulation results from the explicit solver should be 

examined carefully.  
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3.5.5 General Observations 

Both the implicit and explicit solvers can analyze static problems with the implicit 

solver, problems with fracture, contact and material complexities may require a large 

time to solve and in some cases may not converge. For such problems, analysis of static 

response can often be accomplished using the explicit solver. If the quasi-static response 

can be successfully simulated in the explicit solver, it will generate quite similar results 

as the implicit solver. However, loading rates and energy balance must be considered 

carefully.  One of the advantages of the explicit solver is that non-convergence of the 

solution is not an issue. Therefore, problems with severe nonlinearity can be analyzed 

with the explicit solver. The time, disk and memory saving also make the explicit solver 

attractive for the analysis of problems with fracture or contact.  But examination and 

verification of results from the explicit solver is quite important because highly 

inaccurate results can be obtained with a poor choice of time step or other analysis 

parameters. In this research work, most of the simulations will be performed by using 

quasi-static analysis in the explicit solver since fracture and contact are contained in most 

of the models.  

 

3.6 SUMMARY 

By studying the background of fracture initiation criteria and damage propagation 

in ABAQUS, it is observed that ductile fracture and shear fracture criteria can be used for 

simulation for ductile failure. For fracture propagation, the fracture energy can be used to 

simulate the progressive degradation of materials. Although the maximum displacement 

of fracture of material can be also used to simulate progressive failure, the value of 

maximum displacement at fracture is relatively difficult to determine in the model.  

After the material is degraded completely, element removal is used to model fracture 
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propagation. A relatively new technique described as the extended finite element method 

(XFEM) can also be used to simulate fracture without removing elements or re-meshing. 

If XFEM is applied in simulations, convergence problems must be solved when the 

fracture or crack is initiated during the analysis. 

To model structures under static loading in ABAQUS, different solvers can be 

selected based on the efficiency of computation. Both the standard implicit solver and the 

dynamic explicit solver can solve quasi-static problems. The implicit solver can generate 

stable solutions but may not converge for problems severe nonlinearities. The explicit 

solver avoids the convergence problems of the implicit solver, but requires considerable 

care to avoid highly inaccurate results. 
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CHAPTER 4: DEVELOPMENT OF TRUE STRESS-STRAIN 

CURVES FOR ASTM A992 STEEL AT ELEVATED 

TEMPERATURES 

 

4.1 OVERVIEW 

Predicting fracture of steel elements using finite element programs requires 

information on the true stress-strain response of steel up to very large strains.  A true 

stress-strain curve can be determined from an experimentally measured engineering 

stress-strain curve in a straightforward manner before the onset of necking. However, 

after the onset of necking, determining the true stress-strain curve is more difficult due to 

the non-uniform deformation and complex state of stress and strain within the necked 

region of a tension coupon. To address this problem, finite element analysis and curve 

fitting techniques can be used to approximate the true stress-strain curve after necking.  

In this chapter, background on the true stress-strain curves for metals will first be 

reviewed. The determination of true stress-strain curves for structural steel from tests and 

simulations will be introduced. Recommended true stress-strain curves for ASTM A992 

structural steel will be derived for temperatures up to 1000 °C. These recommended 

curves will extend to very large strains representative of the strain at fracture. Finally, the 

recommended true stress-strain curves will be compared with elevated temperature stress-

strain curves published by NIST and by Eurocode 3.  
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4.2 BACKGROUND ON TRUE STRESS-STRAIN  

4.2.1 Engineering Stress-Strain versus True Stress-Strain 

4.2.1.1 Introduction 

True stress-strain curves can be derived from measured engineering stress-strain 

curves before the onset of necking by using simple conversions. After the onset of 

necking, true stress-strain curves can be inferred from engineering stress-strain curves by 

using finite element analysis of tension coupons combined with curve fitting techniques. 

The following sections review basic concepts of both engineering and true stress-strain 

curves for steel. 

4.2.1.2 Engineering Stress-Strain Curves 

Engineering stress-strain curves are usually obtained from tensile coupon tests. In 

the tensile coupon test, the ends of a rod or flat specimen are clamped in a test machine 

and subjected to a controlled displacement δ (Askeland 2003). Figure 4.1 shows the 

typical test machine used to obtain engineering stress-strain curves at room temperature 

or at elevated temperature. 

 

   
(a) Grips, wedges and furnace                (b) Schematic diagram of heating system 

Figure 4.1: Example of machine for tensile test (Lee et al 2012) 
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After the tensile testing is performed, the engineering stress-strain curves can be 

calculated from measured loading and deformation. The calculation of engineering stress 

and strain are shown in Eq. 4.1. 

 

o
e

A

P
=σ ,    

o
e

L

δ
ε =  (4.1)                                        

In this equation, Ao is the initial cross-sectional area of the tension coupon, and Lo 

is the initial gage length over which elongation of the coupon is measured. P is the force 

applied to the coupon at any given instant of the test, and δ is the corresponding 

elongation of the initial gage length. σe and εe are the engineering stress and strain.  

Figure 4.2 shows a typical engineering stress-strain curve determined from a tension 

coupon test on structural steel.   

 

 

Figure 4.2: Typical engineering stress-strain curve for structural steel 
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In the initial linear elastic portion of the curve, based on Hooke's rule, stress is 

proportional to strain with the constant proportionality which is described as the modulus 

of elasticity or Young’s modulus E: 

 

ee Eεσ =  (4.2)                                      

In the elastic region, materials are not subjected to permanent deformation after 

loading and unloading. However, if loading is applied beyond the elastic region, when 

unloading occurs, the material will recover from the deformation partially but will 

undergo some permanent deformation (Rosler 2007). 

The yield stress, denoted as σy, is the stress at which the plastic behavior will 

initiate in materials. It is sometimes difficult to distinguish the beginning point of the 

plastic region, therefore, the yield stress is often defined as the stress introducing a 

specified amount of permanent strain, typically 0.2% (Askeland 2003). To find this 0.2% 

offset yield stress, a straight line of slope equal to elastic modulus is drawn from the 

strain axis at εe equal to 0.2%. The intersection point of the 0.2% offset line and 

engineering stress-strain curve is defined as 0.2% offset yield stress (Askeland 2003). 

As strain and stress are increased further, stress is not linear to strain and the 

stress-strain curve demonstrates nonlinearity. The nonlinearity reflects plasticity in the 

material. Based on observations from previous investigations, in the plastic stage, the 

material is subjected to a rearrangement of its internal molecular or microscopic 

structure, in which atoms are being moved to new equilibrium positions (Askeland 2003).  

In Figure 4.2 it is observed that the stress increases further beyond the 

proportional limit (end of elastic region) up to maximum engineering stress. This is the 

strain hardening region.  
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Necking of the tension coupon occurs when the differential of the load P is zero 

(maximum loading or maximum engineering stress is reached) (Figure 4.2). Until the 

neck forms, the deformation is uniform throughout the specimen. However, after the 

onset of necking, deformation is localized within the necked region. With increasing 

deformation on the coupon, the minimum cross-sectional dimension of the neck becomes 

smaller and smaller. As the neck develops, the non-uniform geometry of the coupon 

within the necked region changes the state of stress from uniaxial to triaxial (Ling 1996). 

The engineering strain at fracture is denoted as εf, which integrates the deformation in the 

necked region and the unnecked region together. 

 

4.2.1.3 True Stress-Strain Curves 

Since the coupon dimensions experience substantial change from their original 

state during the loading process, using the true stress (σt =P/A) rather than the 

engineering stress (σe=P/Ao) can give a more realistic measure of the material’s response 

in the plastic region. The true stress, σt is defined as the load divided by the actual area A 

at any given instant during loading. A corresponding measure of true strain, εt is based on 

the on the instantaneous increment of elongation, dL divided by an instantaneous gage 

length L. True stress and true strain can be defined by Eq. 4.3 and 4.4. 

 

A

P
t =σ   (4.3)                                                   
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Ltt ==⇒= ∫εε  (4.4)                              

Figure 4.3 shows typical true stress-strain curve of ductile steel material. In 

contrast to the engineering stress-strain curve, the true stress-strain curve does not 
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demonstrate a reduction in stress beyond necking. The maximum true stress does not 

correspond to the onset of necking because the true area at the neck reduces with 

continued loading. Although load on the coupon decreases after the onset of necking, the 

decreasing cross-sectional area results in increasing true stress in general (Rosler 2007). 

However, close to the end of tensile test, the approximate true stress-strain curve 

decreases again (Figure 4.3), since the cross-sectional area to calculate approximate true 

stress is overestimated in most of tests when measurement gage length is too large. In 

fact, the true stress at the thinnest part of necking region is still increasing in most of 

cases as estimation of true stress curve shown in Figure 4.3 (Rosler 2007). 

 

 

Figure 4.3: Example of true stress strain curve and engineering stress strain curve for a 

ductile material (Rosler 2007) 

From the start of loading up to the maximum engineering stress, the true stress-

strain curve can be computed from the engineering stress strain curve using standards 

conversions, which are discussed in the next section. Beyond necking, determining the 
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true stress-strain curve from a corresponding engineering stress-strain curve becomes 

more difficult. However, several researchers have suggested approaches for determining 

the true stress-strain curve beyond necking. Section 4.2.3 will review this previous work.  

 

4.2.2 True Stress and True Strain before Onset of Necking 

4.2.2.1 Elastic Region 

In the elastic region (ε ≤ εy), the tension coupon is subject to a uniaxial state of 

stress and a state of strain that is constant over its entire gage length. The true stress σt 

and true strain εt can be derived from the engineering stress σe and engineering strain εe. 

Take, for example, a tension coupon with a round cross-section, and define the following: 

 

d = instantaneous diameter of cross section 

 

od = original diameter of cross section 

 

A= instantaneous cross-sectional area 

 

oA = original cross sectional area 

 

o

o
x

d

dd −
=ε  

A measure of strain is based on the incremental increase in displacement dL of the 

gage length divided by the current gage length L: 

 

0
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0 L

L

L

dL

L

dL
d L

Ltt ==⇒= ∫εε  (4.4)                                  

 

True stress is defined by: 

 



 137 

A

A

A

P oe
t

×
==
σ

σ  (4.5)                                          

 

Based on Poisson's ratio (ν): 
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This equation, which is valid for round tension coupons, indicates there is a 

difference true and engineering stress in the elastic range. However, this difference is 

very small. 

 

4.2.2.2 Plastic Region up to Onset of Necking 

In plastic region up to onset of necking onset (σe ≤ σe-max), the tension coupon is 

still subject to a uniaxial state of stress and a state of strain that is constant over its entire 

gage length. During the process of deformation, an accurate approximation derived by 

several literatures is that the material volume remain constant (Faridmehr 2014). Based 

on this approximation, the true stress and true strain in plastic region up to the onset of 

necking are obtained in the following:  

 

AllA oo =  (4.7)                                              

 

For true stress: 
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For true strain: 
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The conversion of engineering stress to true stress given by Eq. 4.8 is valid from 

first yield up through the onset of necking. In the elastic range, the conversion of 

engineering stress to true stress is different, and is given by Eq. 4.6 for a round tension 

coupon. The conversion of engineering strain to true strain given by Eq. 4.4 above is 

valid in both of elastic behavior and for plastic behavior up to the onset of necking. 

The conversions from engineering stress and strain to true stress and strain given 

above are based on the assumption of uniform deformation over the entire gage length of 

the coupon. This is no longer correct after the onset of necking. 

 

4.2.3 True Stress and True Strain after onset of Necking 

4.2.3.1 Introduction 

The true stress-strain curve after the onset of necking cannot be derived directly 

from the corresponding engineering stress-strain curve. This is due to the highly non-

uniform state of stress and strain with the gage length of the coupon after necking.  This 

section provides some discussion on the phenomena of necking, and provides a brief 

review of previous work aimed at developing true stress-strain curves after necking.  

4.2.3.2 Formation of Necking 

To understand the true stress-strain curve after the onset of necking, it is 

instructive to examine how the process of necking in the metals under tensile loading. 
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Two types of necking can be observed from tests on metal specimens. The first type of 

necking is diffuse necking. For diffuse necking, the length of the necked region is 

significantly larger than the specimen thickness (Figure 4.4) (Ling 1996). Diffuse 

necking usually initiates when the engineering stress reaches its maximum value. Diffuse 

necking is often followed by a second necking form which is called localized necking 

(Ling 1996). In localized necking, there is a narrow band inclined at an angle to the 

specimen axis, as shown in Figure 4.4. Localized necking is generated by void 

coalescence and fracture occurs soon after the localized necking forms. In a relatively 

thin specimen, both diffuse necking and localized necking can be observed during the 

process of tensile test (Figure 4.5).  

 

 
 

Figure 4.4: Illustration of the difference between localized and diffused neck during 

necking of a thin strip (Ling 1996) 
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Figure 4.5: Schematic plot of the load displacement record of a tension test (Zhang et al 

1998) 

Considere's criterion provides an approach to predict initiation of diffuse necking. 

Based on Considere's criterion, the true stress-strain curve can be approximated by the 

following power law expression (Choung and Cho 2008): 

 
n

tpt K )( ,εσ =  (4.9)                                                

                                                         

where, 

  

K is the strength coefficient  

n is work hardening exponent given by 
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where, 

  

P is the applied external axial loading 

  

A is cross sectional area under applied loading 

 

Ao is initial cross sectional area 

 

L is gage length under applied loading 

 

Lo is initial gage length 

 

=eε Engineering Strain 

 

Considering the natural logarithm in both sides of Eq. 4.12, 

 

tPotP AnKP ,, lnlnlnln εε +++=  (4.13)                             

                                               

Differentiating both sides of Eq. 4.13 with tpd ,ε , then 
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 (4.14)                                                 

          

The onset of necking takes place when internal force reaches a maximum value, 

which means tpdPd ,/ln ε =0 in Eq. 4.14 and n is equal to tp,ε : 

ntp =,ε  (4.15)                                                            

                                                                                                                                                               

According to Considere's criterion, diffuse necking usually initiates once the 

corresponding plastic strain is equal to the strain-hardening exponent n. The greater the 

strain-hardening exponent, the greater is the plastic strain to reach the initiation of diffuse 

necking. The physical meaning of the hardening exponent n is the true strain at the onset 

of necking. 
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From the perspective of microscopic level behavior, hydrostatic stress accelerates 

the growth of voids in materials. When the voids are stretched along the axial direction, 

the cross section area of the specimen is reduced by the enlarged voids and enlarged 

localized strain between the voids. 

 

4.2.3.3 Review the Investigations on Derivations of True Stress-strain Curves after 

Onset of Necking 

Several investigations of true stress-strain curves after onset of necking have been 

performed by previous researchers. 

Early work was done by Bridgman (1952). He derived equations to express the 

true stress-strain curve for round bars (Figure 4.6). Bridgman assumed uniform strain 

distribution in the necked section. He also assumed that the radial plastic strain εtp,r in the 

minimum cross section is the same as the tangential plastic strain εtp,t and half of the axial 

plastic strain εtp,a. 

 

2/,,, atpttprtp εεε ==  (4.16)                                                   

                                        

Based on this assumption, the equivalent plastic strain εtp,eq at the minimum cross 

section area is equal to the axial strain εtp,a at the minimum cross section . Based on a 

constant volume approximation, the equivalent plastic strain can be expressed as: 

 

)ln(,,
A

Ao
atpeqtp == εε  (4.17)                                    

                                                  

The strain in Eq. 4.17 is called average true plastic strain, logarithmic true strain 

or Bridgman strain. According to Eq. 4.17, it is relatively easy to get the true strain at the 
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necked cross section by measuring the instantaneous reduction of the minimum cross 

section (Bridgman 1952). 

When a neck forms in a round specimen, triaxial stress states are generated at the 

region of minimum cross section area. The triaxial stress contributes to an increase of the 

average true stress (P/A) (Eq. (4.18)) (Choung et al 2008). 
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avta =,σ   (4.18)                                             
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where, 

 

avta,σ  = average true stress 

 

eqt,σ  = equivalent true stress corresponding to uniaxial stress state 

 

rt,σ  = radial true stress 

 

tt,σ  = tangential true stress 

 

at,σ  = axial true stress 

Due to the triaxial stress state in the necked cross section, the average true stress 

σta,av must be converted to an equivalent true stress σt,eq corresponding to a  uniaxial 

stress state. Bridgman derived the equivalent true stress distribution from three 

components including radial, tangential, axial true stress at the smallest cross section: 
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where, 

 

a = radius of cross section at the minimum cross section 

 

R = R is radius of curvature at the minimum cross section 

 

r = radius of cross section in specimen 

 

The equivalent true stress can be further reduced to simplified form: 

 

ζσ
σ

σ ⋅=
++

= avta
avta

eqt

R

a

a

R ,
,

,

)
2

1ln()
2

1(

 (4.22)                                         

The above equations are the derivation for true stress and true strain for a round 

bar in tensile loading. Eq. 4.22 allows computation of the true stress in round specimen  

from experimental data of tensile force (P), area A, neck radius R and radius a in the 

necking (Figure 4.6). The correction parameter ζ should always be smaller than 1.0 after 

onset of necking (Choung et al 2008). Bridgman's function for the true stress-strain 

relation of round bars generates accurate results if a and R are accurately measured 

(Choung at al 2008). Although the true stress-strain relation derived by Bridgman is 

based on round bars, true stress-strain curve after onset of necking for flat bars can be 

also derived from Bridgman's function.   
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Figure 4.6: Triaxial stress state in the necked region. R is radius of curvature at the 

minimum cross section (Choung et al 2008) 

For specimens with a rectangular cross-section, the true stress strain curve after 

the onset of necking can also be still derived from Bridgman's equations but some 

corrections are required (Zhang et al 1999). Several researchers have attempted to 

determine suitable corrections for estimating the true stress-strain curve after the onset of 

necking for rectangular bars. 

 

Aronofsky (1951) investigated the stress distribution at the necked region of two 

flat specimens and pointed out that the stress pattern was not uniform in the minimum 

cross section of a flat specimen. Unlike a round specimen, he found that determination of 

the true stress-strain curve of a flat specimen involves two problems: determination of an 
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average true stress based on the changing aspect ratio after onset of necking, and 

correction of the average true stress based on the equivalent uniaxial stress state 

(Aronofsky 1951). 

 

Based on Aronofsky's investigation, Zhang et al (1999) carried out an extensive 

three-dimensional numerical study on the diffuse necking behavior of tensile specimens 

with rectangular cross-section.  An estimate of the area reduction of the minimum cross-

section was established. The estimate they proposed can be also used to solve for the 

average true stress σa,av in Eq. 4.22. According to Zhang et al's work, before the onset of 

necking, the deformation of specimen is uniaxial and the reduction of cross section area 

is purely due to proportional area change (Zhang et al 1999). After onset of necking, they 

observed that the total area reduction ratio of a rectangular tensile specimen at the 

minimum cross-section (∆A/Ao)  can be separated into a proportional part calculated 

from the thickness reduction (∆Ap)) and another non-proportion part due to shape change 

(∆As) (Zhang et al 1999): 
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where, 

 

oA

A∆
 = total area reduction ratio of a rectangular tensile specimen at the minimum cross-

section  

 

o

p

A

A∆
= reduction ratio of specimen at minimum cross-section due to the change of 

thickness  
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o

s

A

A∆
= reduction ratio of specimen at minimum cross-section due to the shape change in 

specimen 

 

The first term is same as a round bar and can be written as: 
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where, 

 

t∆ = change of thickness in necked region of specimen 

 

ot = initial thickness in specimen 

 

The second term in Eq. 4.23 is calibrated from finite element analysis, and is given by: 
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The functions fs and ft are also derived from finite element analysis, and are given by: 

 

)ln(6.01686.0)( SSfs +=  (4.26)                                   
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where, 

 

S is aspect ratio (width/thickness);  

 

x = max)/()/( poo tttt ∆∆ −   

 

max)/( pott∆  = the reduction of thickness at the maximum load 

The proposed formula to calculate the reduction of cross-section area has been 

verified by Zhang et al and it is demonstrated that the equations can predict reduction of 

cross-section area of isotropic materials with reasonable accuracy.  
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The average true stress and true strain can be derived from Bridgeman's equations 

and Zhang et al's equations. Choung et al (2008) derived the correction parameter ζ (Eq.4. 

22) for flat bar coupons from testing results and finite element results to determine an 

equivalent true stress at for a uniaxial state of stress (Figure 4.7). Finally, the relation of 

average true stress and equivalent true stress can be expressed as ζ in the following: 
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where n is the hardening exponent.  

 

For the equivalent true stress, the expression is: 

 

)(, pavaeq εζσσ ⋅=  (4.31)                                        

 

where )( pεζ  is no more than 1. 

By using Zhang et al's equations (1998) to solve the reduction of area to calculate 

the average true stress and by employing Choung et al’s (2008) equation for the 

correction parameter, the equivalent true stress of flat specimens after the onset of 

necking can be obtained. 
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Figure 4.7: Photo of test set up and simulation for specimen (Choung et al 2008) 

 

Some other researchers observed that the assumption of Bridgman's correction 

method is incorrect for flat bars and in that it does not consider localized necking. The 

strain distribution at the minimum cross-section becomes highly non-uniform when 

localized necking begins. Therefore, they derived their own equations to express behavior 

of metals after the onset of necking. Ling (1996) used finite element analysis to 

determine an equation of true stress-strain after the onset of necking for a copper alloy.  

He simulated the tension coupon in the ABAQUS/Standard solver. By comparing the test 

data and simulated results, he observed that a power law function appears to 

underestimate true stress and linear function was found to overestimate the true stresses 

(Ling 1996). Then he proposed a function which is a weighted average of the lower 

bound of a power law function and an upper bound of a linear function (Eq.4. 31). 
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where w is weighting coefficient and tuσ , tuε  are the true stress and true strain at onset 

of necking. 

 

)1( eueutu εσσ +=  (4.33)                                          

                                                     

)1ln( eutu εε +=  (4.34)                                                    

The weighting coefficient w is always less than 1. It was observed that w 

approximately equal to 0.5 fits most of test data for the copper coupons very well.   

 

 

4.2.3.4 Observations 

Based on review of investigations on true stress-strain relationships after the onset 

of necking, three important observations can be made. First, two necking modes referred 

to as diffuse necking and localized necking can usually be observed in flat specimens. 

Second, determination of true stress and true strain depends on the accurate estimation of 

cross-section area within the necked region. Third, instead of using average true stress, in 

finite element analysis, an equivalent true stress calculated from von Mises yield criterion 

is employed for simulations. Although research has been performed to determine post-

necking true stress-strain from measured engineering stress-strain for different shapes of 

specimens, verification of these results is still required. 

 

4.2.4. General Observations 

To summarize the discussion above, obtaining true stress-strain from engineering 

stress-strain prior to necking is straightforward using well established conversions.  

However, engineering stress-strain after the onset of necking cannot be directly used to 

determine true stress-strain because of the complicated state of stress at the location of 
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necking and uncertain reduction of cross-section area in the neck. Several researchers 

have developed approximations to determine true stress-strain after the onset of necking. 

However, none of the previous work found in the literature provided recommendations 

for determining post-necking true stress-strain for structural steel at elevated 

temperatures. In the next section, finite element analysis will be used together with 

measured engineering stress-strain data to estimate true stress-strain curves for ASTM 

992 steel at both room temperature and at elevated temperatures. 

 

4.3 DETERMINATION OF TRUE STRESS-STRAIN CURVES FOR ASTM A992 

STEEL 

4.3.1 Introduction 

To estimate true stress-strain relations for ASTM A992 steel, both tensile coupon 

test data and simulations of the test coupons in ABAQUS will be used. A trial and error 

process will be used to establish a true stress-strain relationship in the ABAQUS analysis 

that provides a close match between the simulated and experimentally observed coupon 

engineering stress-strain response. The following section provides a description of the 

tension coupon tests on A992 steel at various temperatures that were used as a basis for 

determining true stress-strain curves. 

 

4.3.2 ASTM A992 Tensile Coupon Test Data used in Analysis 

The tensile coupon test data used in the analysis of true stress-strain response is 

reported by Lee et al (2012).  This was the only test data found in the literature for 

ASTM A992 steel at elevated temperatures. This study reported the full measured 

engineering stress-strain curves from the start of loading up through fracture, for 

temperatures varying from 20°C up through 1000°C. From the test data, the authors also 
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reported yield stress, tensile strength, proportional limit, elastic modulus, and elongation 

for all tests. 

       The equipment used by Lee et al (2012) to perform the tensile testing is shown in 

Figure 4.8., A 22kip capacity MTS 810 test frame equipped with MTS 647 water cooled 

hydraulic wedge grips was used. An MTS Model 653 furnace was used as the heating 

device. Three thermocouples were located inside the furnace to measure the furnace air 

temperature and additional thermocouples were attached to the coupons to measure steel 

temperature. 

 

      

            (a) Grips, wedges and furnace      (b) Schematic diagram of heating system  

Figure 4.8: Test set up for Lee et al (2012) elevated temperature coupon tests 

Coupons for the tests were cut from wide-flange sections of ASTM A992 steel 

from three different production heats. The ASTM A992 materials used for the test 

coupons were designated as MA, MB, and MC. Specimens designated as MA and MB 

were cut from the web W30×99 sections from two different heats of steel. Specimens 
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designated as MC were cut from the flange of a W4×13 section. Details of these 

specimens are illustrated in Figure 4.9 (Lee et al 2012).  

 

 

Figure 4.9: Coupon specimens from Lee et al's tests (Lee 2012) 

 

The tension coupon tests were conducted as steady-state temperature tests (Lee et 

al 2012). With this approach, the coupon was first heated to the target test temperature 

with no load on the coupon. Once the target test temperature was achieved in the coupon, 

the temperature was held constant as the load was applied. Loading was then continued at 

constant temperature up through fracture of the coupon.  Coupons were tested at room 

temperature (20°C) and at elevated temperatures of 100°C up through 1000°C, in 

increments of 100°C.  Engineering stress was computed by taking the measured force on 

the coupon and dividing by the original area. Engineering strain was measured using an 

extensometer. For the room temperature coupons, the extensometer had a gage length of 

2-inches. For the elevated temperature tests, a high temperature extensometer was used 

that had a gage length of 1-inch. The measured engineering stress-strain curves for 

materials MA, MB, and MC are shown in Figures 4.10 to 4.12. 
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(a) Full-range stress-strain curves              (b) Initial portion of stress-strain curves 

Figure 4.10: Engineering stress-strain curves for material MA at elevated temperature 

from Lee et al (2012) 

  

     (a) Full-range stress-strain curves          (b) Initial portion of stress-strain curves 

Figure 4.11: Engineering stress-strain curves for material MB at elevated temperature 

from Lee et al (Lee et al 2012) 
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       (a) Full-range stress-strain curves        (b) Initial portion of stress-strain curves 

Figure 4.12: Engineering stress-strain curves for material MC at elevated temperature 

from Lee et (Lee et al 2012) 

Based on Lee's investigations, at 200°C and above, the steel no longer exhibits a 

well-defined yield plateau, and the maximum engineering stress (tensile strength) 

decreases rapidly as temperature increases (Lee et al 2012). The elastic modulus of 

structural steel is also degraded with increasing temperature. The elongation for the 

coupons is relatively larger at higher temperatures. Lee et al's test data and results will be 

compared with finite analysis results from ABAQUS to obtain true stress-strain curves in 

the following section. 

 

4.3.3 Finite Element Analysis of Tensile Coupons 

4.3.3.1 ABAQUS Solver 

ABAQUS (Version 6.12) was utilized to simulate the structural steel coupon in 

tensile loading at ambient temperature and elevated temperatures. Fracture simulation 

was not considered at this stage of the research in determining the true stress-strain 

curves. Therefore, the ABAQUS/Standard solver was used for simulation in order to save 

computational time.  
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4.3.3.2 Material Properties 

Material properties input to the ABAQUS coupon simulations were dependent on 

the test data for the MA, MB and MC coupons from Lee et al's experiments. The stress-

strain curves input into ABAQUS are true stress-strain curves rather than engineering 

stress-strain. By utilizing the engineering stress-strain curves from the test results, the 

true stress-strain curves before the onset of necking can be obtained from the Eq.4.4 and 

Eq.4.8. After the onset of necking, true stress-strain curves cannot be directly computed 

from engineering stress-strain curves. Therefore, after the coupon necks, the true stress-

strain curve was developed by a trial and error process. Different post-necking true stress-

strain curves were input into ABAQUS until the engineering stress-strain curve predicted 

by the simulation matched reasonably well with the test data. From the ABAQUS coupon 

simulation, engineering stress was computed by taking the force on the coupon and 

dividing by the original area. The engineering strain was computed from two nodes along 

the length of the coupon with an original (prior to deformation) distance between them 

corresponding to the gage length of the extensometer (2-inches for the room temperature 

coupons and 1-inch for the elevated temperature coupons). During the simulation, the 

relative displacement of these two nodes was monitored. The engineering strain in the 

simulation then computed as the relative displacement of the two nodes divided by the 

original distance between them. Thus, engineering stress and strain was measured in the 

same was for both the tests and the simulations. 

 Generally, different forms of true stress-strain curves after the onset of necking 

can be assumed, such as power laws, linear relationships, and others. Based on the trial 

and error process described above, it was found that a bilinear true stress-strain curve 

after necking provide a good prediction of the measured post-necking engineering stress-

strain curves. Further details are provided in the following section. In the ABAQUS 
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simulations, yielding was predicted using the von Mises yield criterion. Strain rate effects 

and creep effects were not considered in this study. 

 

4.3.3.3 Element Selection 

For the element selection, ABAQUS provides several types of elements for 

simulations such as solid elements, shell elements, beam elements, membrane elements 

and truss elements. In this research, the C3D8R three-dimensional solid brick element 

was chosen. The C3D8R is a three-dimensional, hexahedral eight-node linear brick, 

reduced integration with hourglass control. Based on experience with numerous 

simulations, this element has good performance under large displacements, and also 

works well when large element distortion exists. After sensitivity study was performed 

for selection of mesh size, then mesh size can be determined as 0.1 inch which generated 

3822 elements for a tensile coupon model.  

4.3.3.4 Geometric Nonlinearity 

Geometric nonlinearity was considered in all analyses by a large displacement 

formulation. ABAQUS adopts a large strain formulation for 3-D solid elements by 

default. When the optional parameter “NLGEOM” is selected, the locations of all nodes 

are updated after each analysis step. The “NLGEOM” was activated for all analyses so 

that large deformation effects, including necking, could be captured. No initial 

imperfection was introduced in the analyses. 

 

4.3.3.5 Boundary and Load Conditions 

To follow the actual test conditions, one end of the simulated coupon was fixed in 

all the directions. The other end was constrained against rotation, but released in the axial 
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direction. Displacement control was used in the simulation, as was the case in the actual 

tests. . The target displacement was set as 1 inch which was enough to generate necking 

in the simulated coupons. In ABAQUS/Standard, the ramping amplitude was employed 

by default to displacement with in a smooth step. 

 

4.3.3.6 Models simulated in ABAQUS 

 Thirty models were simulated in ABAQUS to determine true stress-strain curves. 

For each of the MA, MB, and MC coupons, ten coupons were modeled with temperature 

range from 20 to 1000
o
C. Figure 4.13 illustrate the specimens MA, MB and MC 

simulated in ABAQUS. MA, MB and MC have similar dimension in length; for the 

thickness, MB has the largest thickness while MC has the smallest thickness (see Figure 

4.9). 

 

 

Figure 4.13: Coupons simulated in ABAQUS from Lee's tests 

 

From the analysis results, the necking behavior was successfully simulated in 

these coupons (Figure 4.14). Since no imperfection was modeled in these specimens, the 

necking occurred exactly at mid-length the specimens if the standard solver is utilized. 

But In real specimens, imperfections are always present. Therefore, necking does not 

always occur at mid-length of the actual specimens. If the explicit solver is utilized, 
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imperfection will be introduced by dynamic effects and deformation is not always 

symmetric, even though the model geometry, loading and boundary conditions are 

modeled as perfect symmetric. 

 

 

 

Figure 4.14: Coupons simulated in ABAQUS from Lee's tests with formation of necking 

 

 

4.3.4 Calibration of True Stress-Strain Curves 

4.3.4.1 Calibration of True Stress-Strain Curve before Onset of Necking 

 

4.3.4.1.1 Elastic Region 

The elastic region was defined from the start of loading up to the proportional 

limit. The proportional limit is highest stress at which stress is directly proportional to 

strain. In the elastic region, true stress calibrated from test data was based on the equation

tt Eεσ = , where E is elastic modulus in elastic region of true stress-strain curve. Table 



 

4.1 lists the calculated true stress of MA, MB and MC 

that with the temperatures increasing, the true stress at 

decreasing. 

 

Table 4.1: Calculated True Stress at Proportional Limit for MA, MB and MC Specimens

True strain at the proportional limit 

the true strain of MA, MB and MC at 

temperature. It is observed that 

around 0.002 in/in, but beyond

to around 0.001 in/in. For 900 and 1000

even smaller at approximately 

higher temperatures, nonlinear material response initiates at smaller strains.

 

Table 4.2: Calculated True Strain at Proportional Limit for MA, MB and MC Specimens

The elastic modulus of true stress

strain curve in elastic region can be also calculated from obtained true stress and true 

strain at the proportional limit. Figure 4.15 shows that elastic modulus of true stress

strain curve (labeled as slope of the curves with unit as ksi) 
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4.1 lists the calculated true stress of MA, MB and MC at the proportional limit. 

that with the temperatures increasing, the true stress at the proportional limit is 

ated True Stress at Proportional Limit for MA, MB and MC Specimens

proportional limit was calculated from Eq. 4.4. Table 4.2 lists 

the true strain of MA, MB and MC at the proportional limit at room and elevated 

d that below 500
o
C, the true strain at the proportional limit is 

beyond 500
o
C the true strains at the proportional limit are reduced 

to around 0.001 in/in. For 900 and 1000
o
C, the true strain at the proportional limit 

at approximately 0.00065 in/in and 0.00032 in/in respectively. 

higher temperatures, nonlinear material response initiates at smaller strains. 

Calculated True Strain at Proportional Limit for MA, MB and MC Specimens

dulus of true stress-strain curves defined as slope of true stress

strain curve in elastic region can be also calculated from obtained true stress and true 

proportional limit. Figure 4.15 shows that elastic modulus of true stress

(labeled as slope of the curves with unit as ksi) decreases with increasing 

at the proportional limit. It shows 

proportional limit is 

 

ated True Stress at Proportional Limit for MA, MB and MC Specimens 

calculated from Eq. 4.4. Table 4.2 lists 

proportional limit at room and elevated 

proportional limit is 

proportional limit are reduced 

proportional limit was 

0.00065 in/in and 0.00032 in/in respectively.  Thus, at 

 

 

Calculated True Strain at Proportional Limit for MA, MB and MC Specimens 

slope of true stress-

strain curve in elastic region can be also calculated from obtained true stress and true 

proportional limit. Figure 4.15 shows that elastic modulus of true stress-

s with increasing 
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temperature. The difference between engineering and true stress-strain in the elastic range 

is very small. As such, the value of elastic modulus of the true stress-strain curve at any 

given temperature is quite close to that of engineering stress-strain curve at the same 

temperature. Therefore, the elastic modulus of engineering stress-strain curve can be also 

used as the elastic modulus of true stress-strain curve at the same temperature with little 

error.  

 

 

Figure 4.15: True stress-strain curve of structural steel in elastic region at elevated 

temperatures 

 

4.3.4.1.2 Plastic Region up to Necking 

True stress in the plastic region prior to necking can be computed from 

engineering stress-strain by Eq. 4.8. Based on Eq. 4.8, the true stress at the onset of 

necking for each coupon at each temperature case is summarized in Table 4.3. It is 



 

observed that the true stress at 

temperature. 

 

 

Table 4.3: Calculated True Stress at 

True strain in the 

engineering strain by using Eq.4.4. Table 4.4 shows the 

of necking for each specimen at each temperature. 

 

 

Table 4.4: Calculated True Strain at Necking for MA, MB and MC Specimens

The measured engineering stress

plateau at temperatures up to 

curves. For example, at room temperature, the 

0.002 to a true strain of 0.02

strain of 0.002 to a true strain at 0.01. 

by a strain hardening region and no plateau region exists in the

stress-true strain curves (Table 4.5).
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observed that the true stress at the onset of necking decreases with increasing 

Calculated True Stress at Onset of Necking for MA, MB and MC Specimens

in the plastic region prior to necking can be computed

engineering strain by using Eq.4.4. Table 4.4 shows the computed true strain at 

or each specimen at each temperature.  

Calculated True Strain at Necking for MA, MB and MC Specimens

engineering stress-strain curves from Lee et al's tests exhibit a yield 

temperatures up to 200
o
C. The same plateau exists in the true stress

For example, at room temperature, the yield plateau extends from a 

0.02. At 200
o
C, the plateau is shorter and extends 

true strain at 0.01. For 300
o
C and above, the elastic region is followed 

strain hardening region and no plateau region exists in the engineering or in the

true strain curves (Table 4.5). 

decreases with increasing 

 

Necking for MA, MB and MC Specimens 

computed from 

true strain at the onset 

 

Calculated True Strain at Necking for MA, MB and MC Specimens 

exhibit a yield 

true stress-strain 

 true strain of 

and extends from a true 

, the elastic region is followed 

engineering or in the true 



 

Table 4.5: Plateau in True Stress

4.3.4.2 Determination of True Stress

4.3.4.2.1 Method of Obtaining True Stress

Determination of the 

trial and error process, as described earlier. 

necking is unknown, but is 

estimate of the true stress-strain curve after onset of necking can be input in ABAQUS. 

After the analysis, the engineering 

ABAQUS results. By comparing 

engineering stress-strain curve from 

and simulated curve can be 

difference between the real curve and 

stress-strain curve that provides the best match 

strain curve is taken as the post

bilinear relationship between true stress and true strain 

the true stress-strain curve after onset of necking

has a positive slope and the 

maximum true stress occurs 

strain at fracture. This relation

simulations for different temperature conditions.
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Plateau in True Stress-Strain Curve 

rue Stress-Strain Curve after Onset of Necking 

.2.1 Method of Obtaining True Stress-Strain Curve after Onset of Necking

the true stress-strain curve after the onset of necking 

trial and error process, as described earlier. Since the true stress-strain curve after onset of 

 required as an ABAQUS material property input, only 

strain curve after onset of necking can be input in ABAQUS. 

engineering stress-strain curve can be calculated from 

y comparing the simulated engineering stress-strain curve with 

strain curve from the test results, differences between the 

and simulated curve can be evaluated. Several trials are then conducted until the 

real curve and the simulated curve is negligible. Finally, the true 

that provides the best match to the experimental engineering stress

ost-necking true stress-strain curve.  As mentioned earlier, 

between true stress and true strain was found to accurate 

strain curve after onset of necking in this study. The first linear 

the second linear portion has zero slope. It was found that 

 at the value of true strain which is equal to the 

relationship of true stress and strain worked quite well fo

different temperature conditions. 

 

 

Strain Curve after Onset of Necking 

onset of necking requires a 

strain curve after onset of 

input, only an 

strain curve after onset of necking can be input in ABAQUS. 

strain curve can be calculated from the 

train curve with the 

the real curve 

conducted until the 

simulated curve is negligible. Finally, the true 

to the experimental engineering stress-

As mentioned earlier, a 

accurate to simulate 

. The first linear portion is 

found that the 

the engineering 

quite well for most of 



 

The first linear part of 

listed in Table 4.6. The trends expressed in the table 

the true stress-strain curve decreas

for the different materials MA, MB and MC

consistent. 

 

Table 4.6: Slope of True Stress

The second linear part 

starting point of the second part of 

true stress is maximum. By trial and error, it is found that 

stress can be located at the true strain with 

Table 4.7 demonstrates that for higher temperature conditions, the true strain at maximum 

true stress is relatively larger than that for lower temperature condition

 

Table 4.7: True Strain at Maximum True Stress

The second flat portion of the post

very large strains. Fracture is not modeled directly through the stress

the termination of the true stress
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The first linear part of the true stress-strain curve after the onset of n

The trends expressed in the table shows that the slope of linear part of 

rain curve decreases with increasing temperature. It was also found that 

MA, MB and MC, the slope of linear part of the curve is quite 

Slope of True Stress-Strain Curve after Onset of Necking.  

nd linear part of the post-necking true stress-strain curve 

second part of the true stress-strain curve is also the point at which 

true stress is maximum. By trial and error, it is found that the point of maximum true 

ess can be located at the true strain with a value equal to engineering strain at fracture. 

Table 4.7 demonstrates that for higher temperature conditions, the true strain at maximum 

true stress is relatively larger than that for lower temperature conditions.  

True Strain at Maximum True Stress 

The second flat portion of the post-necking true stress-strain curve continues to 

very large strains. Fracture is not modeled directly through the stress-strain curve. That is, 

e stress-strain curve in the model does not represent fracture. 

onset of necking is 

that the slope of linear part of 

also found that 

the slope of linear part of the curve is quite 

 

strain curve is flat. The 

strain curve is also the point at which 

point of maximum true 

value equal to engineering strain at fracture. 

Table 4.7 demonstrates that for higher temperature conditions, the true strain at maximum 

 

strain curve continues to 

strain curve. That is, 

strain curve in the model does not represent fracture. 
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The true stress-strain curve therefore can continued without defining a limiting strain. 

Nonetheless, from experience in fracture modeling of tension coupons (see Chapter 5), it 

was found that maximum true strains at fracture are on the order of 1.5 in/in. Thus, the 

true stress-strain curve used in the ABAQUS model should be defined at least up to this 

level of strain. 

 

4.3.4.2.2 Comparison of Engineering Stress-Strain Curves from Simulation and Tests 

True stress-strain curves were developed using the techniques described above, 

for the MA, MB, and MC samples of ASTM A992 steel, for temperatures ranging from 

20°C to 1000°C. These true-stress strain curves specifically developed for MA, MB and 

MC were then used to simulate tension coupon tests on ABAQUS. Figures 4.16 to 4.18 

show comparisons of the engineering stress-strain curves from the simulations compared 

with those from tests. Since fracture simulation was not included in the model at this 

stage, the engineering stress strain curves from the simulations extend beyond the point 

of fracture observed in the tests. Note, however, that up to the end of the engineering 

stress-strain curve from the tests (i.e. up to fracture), the simulated curves match 

reasonably well with the test data.  
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(a) MA-20

o
C              (b) MA-200

o
C 

 

 
(c) MA-300

o
C              (d) MA-400

o
C

 

 
(e) MA-500

o
C               (f) MA-600

o
C 

 
(g) MA-700

o
C                  (h) MA-800

o
C 

 
(i) MA-900

o
C                (j) MA-1000

o
C 

Figure 4.16: Comparison of FEA and test results for MA specimens in tensile loading at 

room and elevated temperatures 
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(a) MB-20

o
C                     (b) MB-200

o
C

 

 
(c) MB-300

o
C                       (d) MB-400

o
C

 

 
(e) MB-500

o
C                    (f) MB-600

o
C

 

 
(g) MB-700

o
C                     (h) MB-800

o
C

 

 
(i) MB-900

o
C                      (j) MB-1000

o
C 

Figure 4.17: Comparison of FEA and test results for MB specimens in tensile loading at 

room and elevated temperatures 
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(a) MC-20

o
C                    (b) MC-200

o
C

 

 
(c) MC-300

o
C                   (d) MC-400

o
C

 

 
(e) MC-500

o
C                  (f) MC-600

o
C

 

 
(g) MC-700

o
C                    (h) MC-800

o
C

 

 
(i) MC-900

o
C                     (j) MC-1000

o
C 

Figure 4.18: Comparison of FEA and test results for MC specimens in tensile loading at 

room and elevated temperatures 
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4.3.4.2.3 Further Comparisons of Simulated versus Measured Engineering Stress-Strain 

Curves 

In this section, the true stress-strain curves developed for ASTM A992 steel will 

be compared with additional tensile coupon data. The purpose of these comparisons is to 

evaluate how well the post-necking true stress-strain curves developed above compare 

with tensile coupon data not used to calibrate the true stress-strain curves.  

Okazaki (2004) conducted a series of room temperature tension coupon tests on 

samples cut from a W18×40 section of ASTM A992 steel. Samples were cut from the 

W18x40 section at the locations shown in Figure 4.19. The dimension of each coupon is 

shown in Figure 4.20. The width and thickness of coupons in the middle of the gage 

section are listed in Figure 4.20. The other dimensions are based on the testing standard 

using 2 inch gage length. The true stress-strain relation used in simulations of these 

coupons were developed from Okazaki’s coupon data before the onset of necking. After 

the onset of necking, the true stress-strain relation was based on the calibrations described 

above from Lee 's (Lee et al 2012) tests. The slope of linear part of the true stress-strain 

curve after the onset of necking is same as that for simulation of Lee's test, which was 60 

ksi (Table 4.6). The true strain at the end of the linear portion (start of the flat portion) is 

equal to the value of engineering strain at fracture. 

 



 

Figure 4.19: W18×40 Section from Okazaki's tests (Okazaki 2004)

 

 

 

Figure 4.20: Simulation of coupon from Okazaki's tests

Figure 4.21 shows the engineering stress

simulations compared with those measured by Okazaki. Altho
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W18×40 Section from Okazaki's tests (Okazaki 2004) 

Simulation of coupon from Okazaki's tests 

Figure 4.21 shows the engineering stress-strain curves derived from the ABAQUS 

simulations compared with those measured by Okazaki. Although the post

 

strain curves derived from the ABAQUS 

ugh the post-necking 



 

behavior in the simulations was based on calibration to Lee’s data (Lee et al 2012), the 

agreement with Okazaki’s measured post

(a) Web 1                         

(c) Flange 1    

 

Figure 4.21: Comparison of simulation results and testing results of tension coupon from 

Okazaki's tests 

Only a limited number of 

reported in the literature, where 

provided. One of these studies is that by 

 

In Qiang's work, elevated temperature coupon tests were 

strength steel S460 and S690, 

state test method. S460 is grade designation abbreviation of structural steel with 
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behavior in the simulations was based on calibration to Lee’s data (Lee et al 2012), the 

agreement with Okazaki’s measured post-necking curves is reasonable. 

(a) Web 1                                    (b) Web 2 

(c) Flange 1                                (d) Flange 2 

Comparison of simulation results and testing results of tension coupon from 

 

a limited number of elevated temperature tension coupon test data are 

reported in the literature, where the full engineering stress-strain curve up to fracture is 

provided. One of these studies is that by Qiang's (2013). 

elevated temperature coupon tests were performed on high 

0, by using both the steady state test method and t

S460 is grade designation abbreviation of structural steel with 

behavior in the simulations was based on calibration to Lee’s data (Lee et al 2012), the 

 

 

Comparison of simulation results and testing results of tension coupon from 

elevated temperature tension coupon test data are 

strain curve up to fracture is 

performed on high 

t method and the transient 

S460 is grade designation abbreviation of structural steel with 
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minimum yield strength of 460 Mpa (67 ksi). And S690 is high strength structural steel 

with minimum yield strength of 690 Mpa (100 ksi). At room temperature, S460 has a 

specified tensile strength of 95 ksi; while for S690 the specified tensile strength at room 

temperature is 120 ksi. The elastic modulus, yield strength and ultimate strength of these 

two high strength structural steels were also obtained from the tests. Figure 4.22 shows 

the tension coupon and dimension in Qiang's tests.  

 

 

Figure 4.22: Test coupons and dimensions in Qiang's test (2013) 

The same coupons of S460 and S690 were simulated in the ABAQUS/Standard 

solver. The modeling method was the same as that for MA, MB and MC coupons from 

Lee's tests. The true stress-strain curves at different temperatures before the onset of 

necking were obtained from the engineering stress strain curves from the tests. After the 

onset of necking, the true stress-strain curves were derived from Lee's tests using average 

values from Table 4.6 and 4.7. 



 

Figure 4.23: Coupon from Qiang's test simulated in ABAQUS

Figures 4.24 and  4.25 show 

state tensile test results of engineering stress strain curves of S460 coupon

coupons at temperatures rang

true stress strain curves used in the simulations provide

temperatures (temperatures below 300

differences between the simulation and the test data

the simulated engineering stress strain curve

different from the tested engineering stress

necking true stress strain curve

not quite appropriate for the simulation of higher strength steel

Calibration of the post-necking true stress

for these steels. 
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Coupon from Qiang's test simulated in ABAQUS 

4.24 and  4.25 show comparisons between the simulation 

ults of engineering stress strain curves of S460 coupon

ranging from 20 to 700
o
C. For the S460 coupons, the estimated 

s used in the simulations provide reasonable results at lower 

eratures below 300
o
C). But for higher temperatures, there are larger 

differences between the simulation and the test data. For the higher strength steel S690, 

stress strain curves for all the temperature ranges 

from the tested engineering stress-strain curves. Therefore, the estimated 

true stress strain curves developed from Lee’s tests on the ASTM A992 steel

not quite appropriate for the simulation of higher strength steels at higher temperature

necking true stress-strain curves based on the test data is needed 

 

between the simulation and steady 

ults of engineering stress strain curves of S460 coupons and S690 

, the estimated 

reasonable results at lower 

there are larger 

higher strength steel S690, 

for all the temperature ranges are quite 

. Therefore, the estimated post-

s developed from Lee’s tests on the ASTM A992 steel is 

at higher temperatures. 

strain curves based on the test data is needed 



 

(a) S460-

(c) S460-

(e) S460-500

          
                    (g) S460-

 

Figure 4.24: Comparison of simulation results and testing results of tension coupon S460 

from Qiang's tests
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-20
o
C                    (b) S460-200

o
C 

-300
o
C                  (d) S460-400

o
C 

500
o
C                    (f) S460-600

o
C 

 
-700

o
C 

Comparison of simulation results and testing results of tension coupon S460 

's tests 

 

 

 

Comparison of simulation results and testing results of tension coupon S460 



 

(a) S690-20

(c) S690-300

(e) S690-500

         
                      (g) S690

Figure 4.25: Comparison of simulation results and testing results of tension coupon S690 

from Qiang's tests
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20
o
C                      (b) S690-200

o
C 

300
o
C                       (d) S690-400

o
C 

500
o
C                     (f) S690-600

o
C 

 
(g) S690-700

o
C 

Comparison of simulation results and testing results of tension coupon S690 

's tests 

 

 

 

Comparison of simulation results and testing results of tension coupon S690 
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4.3.5 General Observations 

In this section, a series of simulations were performed with the 

ABAQUS/Standard solver to investigate the true stress-strain curves for ASTM A992 

structural steel at room and elevated temperatures.  From the simulation results, it is 

observed that the true stress-strain curve before the onset of necking can be estimated 

quite accurately using standard conversions from engineering stress-strain to true stress-

strain. After the onset of necking, the true stress-strain curve was derived from 

engineering stress-strain test data using finite element analysis and curve fitting 

techniques. Generalized true stress-strain curves for ASTM A992 structural steel will be 

discussed in the following section. 

 

4.4 RECOMMENDED TRUE STRESS- STRAIN CURVES FOR ASTM A992 

STEEL 

4.4.1 Recommended True Stress-Strain Curve before Onset of Necking 

4.4.1.1 Elastic Region 

From the previous discussion, it was observed that the elastic modulus of the true 

stress-strain curve in the elastic region is nearly identical to the elastic modulus of the 

engineering stress-strain curve. The generalized proportional limit that marks the end of 

the initial linear elastic region at different temperatures, based on average data of MA, 

MB and MC from Lee et al (2012) is listed in Figure 4.26.  Figure 4.27 shows reduction 

factors for the elastic modulus of the true stress-strain curves at elevated temperatures. 

True stress at the proportional limit can be computed from the true strain and elastic 

modulus by using equation: σt = Et×εt. 



 

Figure 4.26: Recommended true strain at 

elevated temperature

Figure 4.27: Recommended reduction factors for 

at elevated temperatures
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ended true strain at the proportional limit for ASTM A992 

elevated temperatures 

Recommended reduction factors for elastic modulus for ASTM A992 steel 

at elevated temperatures 

 

ASTM A992  steel at 

 

for ASTM A992 steel  
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4.4.1.2 Plastic Region up to Necking 

The true stress-strain curve in the plastic region up to necking was calibrated from 

MA, MB and MC coupon tests at elevated temperatures from Lee's experiments (Lee et 

al 2012). The true stress-strain curves obtained from the previous section were utilized to 

propose a generalized relation of true stress-strain in the plastic region up to necking. 

Figure 4.28 shows the true stress-strain curves computed from the test data, as well an 

approximation of these curves using a power law function. Separate power law functions 

are fit to each of the experimental curves for MA, MB, and MC material samples. The 

form of the power law function is defined as: 

 
n

tt Kεσ =                                                                       (4.35)                               

 

Where the parameter K and the exponential n are determined by curve fitting to 

the experimental data. These parameter are shown in Figure 4.28. 

 

 

 

 

 

 

 

 



 

(a) 20 

(c) 300 

(e) 500 

(g) 700 

(i) 900 

Figure 4.28: Power law function

onset of necking from MA, MB and MC coupon tests
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(a) 20 

o 
C                     (b) 200 

o 
C 

(c) 300 
o 

C                      (d) 400 
o 

C 

(e) 500 
o 

C                        (f) 600 
o 

C 

(g) 700 
o 

C                     (h) 800 
o 

C 

(i) 900 
o 

C                     (j) 1000 
o 

C 

Power law functions of true stress strain curves in the plastic region up to 

necking from MA, MB and MC coupon tests by Lee et al (2

 

 

 

 

 

plastic region up to the 

by Lee et al (2012) 



 

Based on an analysis of the power law functions shown in Figure 4.28, 

generalized power function parameters at each temperature case are listed in Figure 4.29 

and Figure 4.30. The generalized par

MA, MB and MC from Lee et al (2012). 

110 ksi for temperatures of 

temperatures of 500
o
C through

800
o
C through 1000

o
C. The exponential 

Figure 4.30.  

Figure 4.29: Generalized parameter K in power law function of true stress strain curve in 

plastic region at different tem
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Based on an analysis of the power law functions shown in Figure 4.28, 

parameters at each temperature case are listed in Figure 4.29 

The generalized parameters were derived from average parameters for 

MA, MB and MC from Lee et al (2012). It is found that parameter K is approximately 

s of 20
o
C up through 400

o
C; approximately 60 ksi for 

hrough 700
o
C; and approximately 10 ksi for temperatures of 

The exponential term n varies between 0.15 and 0.4 as seen in 

Generalized parameter K in power law function of true stress strain curve in 

plastic region at different temperatures 

Based on an analysis of the power law functions shown in Figure 4.28, 

parameters at each temperature case are listed in Figure 4.29 

ameters were derived from average parameters for 

is approximately 

; approximately 60 ksi for 

mately 10 ksi for temperatures of  

varies between 0.15 and 0.4 as seen in 

 

Generalized parameter K in power law function of true stress strain curve in 



 

Figure 4.30: Generalized exponential n in power law function of true stress strain curve 

in plastic region at different temperatures

The generalized true strain at necking is 

function. These strain limit values are given 

relationship between the true strain at 

true strain at necking reflects the same general trend exhibited by the relationship 

between the measured engineering strain and necking (Figures 4.10 to 4.12).
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Generalized exponential n in power law function of true stress strain curve 

in plastic region at different temperatures 

The generalized true strain at necking is the upper strain limit of the 

values are given in Figure 4.31. The figure shows no 

between the true strain at the onset of necking and temperature. 

true strain at necking reflects the same general trend exhibited by the relationship 

engineering strain and necking (Figures 4.10 to 4.12).

 

Generalized exponential n in power law function of true stress strain curve 

the power law 

in Figure 4.31. The figure shows no simple 

onset of necking and temperature. The trend in 

true strain at necking reflects the same general trend exhibited by the relationship 

engineering strain and necking (Figures 4.10 to 4.12). 



 

Figure 4.31: True strain at onset of Necking for structural steel

The pre-necking true stress

can now be generalized as shown in

                                                   

Figure 4.32: True stress-strain curve up to necking for 

by Lee et al (2012).
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True strain at onset of Necking for structural steel 

true stress-strain curves of A992 steel at elevated temperature 

as shown in Figure 4.32.    

                                                   

strain curve up to necking for ASTM A992 steel based on data 

by Lee et al (2012). 

 

at elevated temperature 

 

steel based on data 



 

4.4.2 Recommended True Stress

As discussed in Section of 4.

was calibrated from finite element analysis results and testing results

al (2012). It was found that bilinear curves can be utilized to represent the relation

true stress and true strain after 

positive slope and the second linear 

segment is listed in Figure 4.33. 

temperature. It is also found that 

true stress is first achieved, can be 

engineering strain at fracture. The true strains corresponding to 

stresses at elevated temperatures 

Figure 4.33: Slope of true stress
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4.4.2 Recommended True Stress-Strain Curves after Onset of Necking 

ection of 4.2.3.2, the true stress-strain relationship 

calibrated from finite element analysis results and testing results reported by Lee et 

bilinear curves can be utilized to represent the relation

d true strain after the onset of necking. The first linear segment

second linear segment has zero slope. The slope of the 

is listed in Figure 4.33. Note that this slope decreases with increasing 

It is also found that the end of this first linear segment, when the 

can be taken as the value of true strain which is equal to 

engineering strain at fracture. The true strains corresponding to the maximum true 

stresses at elevated temperatures are illustrated in Figure 4.34.  

Slope of true stress-strain curve after onset of necking. 

 after necking 

reported by Lee et 

bilinear curves can be utilized to represent the relationship of 

segment has a 

the first linear 

Note that this slope decreases with increasing 

the end of this first linear segment, when the maximum 

the value of true strain which is equal to the 

maximum true 

 



 

Figure 4.34: True strains corresponding to 

 

4.4.3 Full Range True Stress

By summarizing all the generalized true stress

recommended full range true stress

4.35. 
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True strains corresponding to the maximum true stress 

4.4.3 Full Range True Stress-Strain Curve 

ummarizing all the generalized true stress-strain curves discussed above

recommended full range true stress-strain curves for A992 steel is summarized 

 

s discussed above, the 

is summarized in Figure 
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Figure 4.35: recommended full range true stress-strain curves for structural steel 

The generalized equations in different parts of the curves are summarized below. 

 

Elastic Region ( tyt εε ≤ ): 

ttt εΕσ ⋅=                                                                     (4.36)                                    

                                                                                                                          

Plastic Plateau:  

tyttyt εΕσσ ⋅==                                                               (4.37)                                          

                                                    

Strain Hardening up to Necking ( neckingtttsh −≤≤ εεε ): 

n
tt Kεσ =                                                                        (4.38)                                              

 

After Necking: ( neckingtt −≥ εε ): 

a) neckingtttu −≥≥ εεε : 

n
neckingtneckingttt KS −− +×−= εεεσ )(                                        (4.39)                           

                                       

b) ttu εε ≤  

n
neckingtneckingttut KS −− +×−= εεεσ )(                                       (4.40)                         

                                   

Where, 

  



 

tE = Elastic modulus of true stress

 

tyε = True strain at proportional limit

 

tyσ = True stress at proportional limit

 

tshε = True strain at start of strain hardening

 

neckingt−ε = True strain at onset of necking

 

tuε = True strain at maximum true stress

 

 S = Slope of first linear part of true stress

 

The above terms are temperature dependent 

The curves in Figure 4.3

percent. Note that the curves continue indefinitely in the input to Abaqus. The end 

true stress-strain curve is not intended to represent the initiation of fracture. Rather, the 

initiation of fracture will be predicted using the criteria described in 

 

 

Table 4.8: Temperature dependent parameters in true stress

steel 
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Elastic modulus of true stress-strain curve 

True strain at proportional limit 

True stress at proportional limit 

True strain at start of strain hardening 

True strain at onset of necking 

True strain at maximum true stress 

Slope of first linear part of true stress-strain curve after onset of necking

The above terms are temperature dependent and are summarized in Table. 4.8.

The curves in Figure 4.35 are arbitrarily terminated at the true strain of about 175

percent. Note that the curves continue indefinitely in the input to Abaqus. The end 

strain curve is not intended to represent the initiation of fracture. Rather, the 

predicted using the criteria described in Chapter 5 and 6.

Temperature dependent parameters in true stress-strain curves for structural 

strain curve after onset of necking 

in Table. 4.8.  

rminated at the true strain of about 175-

percent. Note that the curves continue indefinitely in the input to Abaqus. The end in the 

strain curve is not intended to represent the initiation of fracture. Rather, the 

hapter 5 and 6. 

 

in curves for structural 
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4.4.4 Comparison of Developed True Strain-True Strain Curves with True Stress-

Strain Curve from in the Literature. 

4.4.4.1 True Stress-Strain Curves by NIST 

Luecke et al (2011) developed recommended true stress-strain curves for 

structural steel at elevated temperature based on data from the NIST (National Institute of 

Standards and Technology) World Trade Center collapse investigation and many other 

data sources reported in the literature. The equation of true stress-strain recommended by 

NIST is: 
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Table 4.9: Parameters in NIST True Stress

The above function is

effects. In NIST report, there is another function with the strain rate effects, however, it is 

not listed here because strain rate is not contained in 

for this study. 

 

4.4.4.2 True Stress-Strain Curve

Eurocode 3 provides recommended engineering stress

steel at elevated temperature (Eurocode 3 2006). To compare with the true stress

curves developed in this research, the engineering stre

be converted to true stress-strain.

stress-strain curves. One set of curves does not include strain hardening. The second set 

includes strain hardening at temperature

accurately represent steel engineering stress

engineering stress-strain curves without strain hardening recommended by Eurocode 3 

are as follows: 
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Parameters in NIST True Stress-Strain Curve 

The above function is related to true stress-strain without considering strain rate 

effects. In NIST report, there is another function with the strain rate effects, however, it is 

not listed here because strain rate is not contained in the derived true stress strain curves 

n Curves Derived from Eurocode 3 

Eurocode 3 provides recommended engineering stress-strain curves for structural 

steel at elevated temperature (Eurocode 3 2006). To compare with the true stress

curves developed in this research, the engineering stress-strain curves in Eurocode 3 will 

strain. Eurocode 3 provides two different sets of engineering 

strain curves. One set of curves does not include strain hardening. The second set 

includes strain hardening at temperatures smaller than 400
o
C and are intended to more 

accurately represent steel engineering stress-strain behavior at lower temperatures. 

strain curves without strain hardening recommended by Eurocode 3 

 

considering strain rate 

effects. In NIST report, there is another function with the strain rate effects, however, it is 

derived true stress strain curves 

strain curves for structural 

steel at elevated temperature (Eurocode 3 2006). To compare with the true stress-strain 

strain curves in Eurocode 3 will 

Eurocode 3 provides two different sets of engineering 

strain curves. One set of curves does not include strain hardening. The second set 

and are intended to more 

strain behavior at lower temperatures.  The 

strain curves without strain hardening recommended by Eurocode 3 
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     (4.42)                  

 

where, 

   

Tyf ,  = effective yield strength 

 

Tpf , = engineering stress at proportional limit 

 

TaE , = Young's modulus  

 

TaTpTp Ef ,,, /=ε → engineering strain at proportional limit 

 

Ty,ε = 0.02→ engineering strain at yield  

 

Tt,ε = 0.15 → limiting strain for yield strength 

 

Tu,ε = 0.20 → ultimate strain 

 

 T → temperature 

In Annex A of Eurocode 3 (2006), for temperatures below 400°C, an alternative 

expression for engineering stress-strain relationships including strain-hardening are 

provided as follows: 

 

When 0.02< eε  <0.04       

TuTyTyTu ffff ,,,, 2)(50 −+−= εσ                                         (4.43) 

 

When 0.15< eε  <0.20       

)]15.0(201[, −−= eTuf εσ                                                   (4.44) 



 

                        

When 0.04< eε  <0.15      

Tuf ,=σ                                             

When eε  ≥ 0.20               

0=σ                                            

                                                     

The fu,θ can be determined as:

 

When 300
o
C ≤ T≤ 400

o
C    

)0025.02(,, Tff TyTu ⋅−=
         

When T < 300
o
C             

TyTu ff ,, 25.1=                                   

     

When T ≥ 400
o
C            

TyTu ff ,, =                                         

 

 

Table 4.9: Reduction factor of yield strength and Young's modulus in Eurocode

                                                                                              

For comparison with the true

Eurocode 3 engineering stress
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<0.15       

                                                                    

0.20                

                                                                        

                                                                

can be determined as: 

C     

)                                                     

C              

                                                                

C             

                                                                     

 

Reduction factor of yield strength and Young's modulus in Eurocode

                                                                                   

For comparison with the true-strain strain curves developed in this research, the 

Eurocode 3 engineering stress-strain curves that include strain hardening will be used

                            (4.45)       

                                (4.46)        

            (4.47)  

                    (4.48)   

                              (4.49)      

Reduction factor of yield strength and Young's modulus in Eurocode 3 

                                                                                    

strain strain curves developed in this research, the 

strain curves that include strain hardening will be used.  
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4.4.4.3 Comparison of True Stress-Strain Curves 

Figure 4.36 plots the true stress-strain curves derived in this research with the true 

stress-strain curves recommend in NIST, and the true stress-strain curves computed from 

Eurocode 3 engineering stress-strain curves. The minimum yield stress of steel at room 

temperature used for NIST and Eurocode 3 curves are based on that from Lee et al's test 

which is approximately 58 ksi (Lee et al 2012). To convert engineering to true stress-

strain for the Eurocode 3 curves, Equations 4.8 were used. In Eurocode 3, engineering 

curves end at 0.2 in/in. In order to compare the true stress-strain curve with large strain, 

the derived true stress-strain curves after 0.2 in/in point is extended from point at true 

strain equal to 0.2 in/in until the approximate fracture point at true strain equal to 0.45 

in/in with same manner and then extended to maximum true strain at 1.8 in/in with zero 

slope.  

 It is observed that below 500
o
C, the true stress-strain curves from NIST  are 

well above the other curves, particularly at larger true strains. At 600
o
C, the derived 

curves are close to that from both NIST and Eurocode 3. At 700
o
C, the derived curve is 

quite close to the NIST curve, but below the Eurocode 3 curve. Beyond 700
o
C, the NIST 

curves show very low strength. 

 

 

 

 

 



 

(a) Comparison

(c) Comparison

(e) Comparison

(g) Comparison

  (i) Comparison

Figure 4.36: Comparison of derived true stress

Eurocode 3 
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(a) Comparison- 20

o
C        (b) Comparison- 200

o
C 

 
(c) Comparison- 300

o
C      (d) Comparison- 400

o
C 

 
(e) Comparison- 500

o
C      (f) Comparison- 600

o
C 

 
(g) Comparison- 700

o
C       (h) Comparison- 800

o
C 

 
(i) Comparison- 900

o
C        (j) Comparison- 1000

o
C 

Comparison of derived true stress-strain curve with that from NIST and n curve with that from NIST and 
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Although not clearly stated by NIST (Luecke et al 2011) or by Eurocode 3, it 

appears that stress-strain curves recommended in these documents were not intended to 

provide accurate predictions of steel response at very large strain that are approaching the 

strain at necking. That is, it appears that these recommended stress-strain curves were not 

intended for use when conducting fracture simulations. Thus, caution is needed when 

adopting elevated temperature stress-strain curves reported in the literature for fracture 

simulations, unless the curves have been specifically developed for this purpose. To the 

knowledge of the author, the recommended true stress-strain curves derived in this 

research are the only curves developed to-date for fracture analysis of ASTM A992 steel 

at elevated temperature. 

 

4.5 SUMMARY 

Little information is available in the literature on the elevated temperature true 

stress-strain curves for structural steel that extend to fracture level strains.  This chapter 

has described the development of true stress-strain curves for ASTM A992 steel for 

temperatures ranging from 20°C to 1000°C. These stress-strain curves include the elastic, 

inelastic pre-necking and post-necking ranges of behavior. These true stress-strain curves 

were derived from measured engineering stress-strain curves for ASTM A992 steel 

reported in the literature.  

Only one set on elevated temperature engineering stress-strain curves for A992 

steel was found in the literature. This is the data reported by Lee et al (2012) on three 

different samples of A992 steel. Thus, the available experimental data on the elevated 

temperature behavior of A992 steel is quite limited. As such, the true stress-strain curves 

for A992 steel derived in this chapter should also be considered quite limited. The 
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available data is not sufficient to assess variability in elevated temperature properties of 

A992 steel, nor is it sufficient to assess the influence of strain rate effects. Nonetheless, 

the elevated temperature true stress-strain curves for A992 steel derived in this chapter 

provide a useful starting point to explore computational fracture predictions, which will 

be described in the following two chapters. In the future, additional test data on the 

elevated temperature properties of A992 steel would be desirable to assess variability and 

to assess loading rate and duration effects.  
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CHAPTER 5: DEVELOPMENT OF DUCTILE FRACTURE MODEL 

PARAMETERS FOR STRUCTURAL STEEL AT NORMAL AND 

ELEVATED TEMPERATURES 

 

5.1 OVERVIEW 

As described in Chapter 3, the computational fracture simulations for this research 

will be conducted using the general purpose finite element program ABAQUS. ABAQUS 

provides two different fracture initiation criteria, referred to as the “ductile fracture” 

criterion and the “shear fracture” criterion. This chapter will describe the development of 

model parameters for the ductile fracture criterion. Chapter 6, in turn, will describe the 

development of model parameters for the shear fracture criterion. Background for both 

fracture initiation criteria was previously described in Chapters 2 and 3. 

In this chapter, calibration of ductile fracture model parameters for ASTM A992 

steel is conducted through finite element analysis of tests on tension coupons, including 

notched bar coupons as well as standard coupons (coupons without a notch).  In the 

process of calibration, notched specimen testing results for structural steel at room 

temperature reported by Kanvinde and Deierlein (2004) are compared with simulated 

results to develop fracture parameters. The derived ductile fracture parameters are then 

verified using standard steel coupon tests at room temperature. Due to the lack of test 

data of steel notched bar specimen at elevated temperatures, calibration of ductile fracture 

parameters at elevated temperatures are based on the standard steel coupon tests from Lee 

et al (2012). 
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5.2 APPROACH TO CALIBRATING DUCTILE FRACTURE MODEL 

PARAMETERS 

5.2.1 Ductile Fracture Model 

 The ductile fracture initiation criterion used in this research is shown in Eq. 5.1. 

Using this criterion requires a series of test data relating stress triaxiality (σm/σe) and 

equivalent plastic strain at fracture (εp,critical) to derive the model parameters α and β.   

 

)exp(,
e

m
criticalp σ

σ
βαε ×−=                                                      (5.1)                                              

The fracture model in Eq. 5.1 is also referred to as the stress modified critical 

strain (SMCS) model (Kanvinde and Deierlein 2004). The theoretical fundamentals of 

this ductile fracture model were derived by McClintock (1968) and by Rice-Tracey 

(1969) based on the development, growth and coalescence of voids in ductile metals. 

With this model, the equivalent plastic strain at fracture is a function of stress triaxiality 

at a point, which in turn, is a function of the state of stress.  For example, for pure shear 

stress, the stress triaxiality is equal to 0; in a uniaxial stress state, the stress triaxiality is 

equal to 1/3; while for a biaxial stress state, the stress triaxiality is equal to 2/3.  

The constant α in Eq. 5.1 is a toughness index which is a measurement of the 

material resistance to ductile fracture initiation (Kanvinde and Deierlein 2004). The 

toughness index α can be determined from a series of tensile coupon tests on materials. 

Parameter β is also material constant, and based on investigations by Hancock and Brown 

(1983), the coefficient β is in the range of 1.1-2.3. However, 1.5 is usually chosen as the 

theoretical exponent coefficient (Marino et al 1985).  
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5.2.2 Method of Calibrating Ductile Fracture Parameters at Room Temperature 

5.2.2.1 Notched Bar Tests for Calibration of Ductile Fracture Parameters 

In general, ductile fracture model parameters can be obtained from steel notched 

bar tension tests. The notched tensile coupon is made from a specimen with a circular 

notch in the center of the coupon (Figure 5.1). With the notch in the specimen, the 

fracture is confined within the notched zone. Various levels of stress triaxiality can be 

developed within the notched region by varying the radius of the notch. To obtain the two 

material dependent parameters α and β in fracture model, at least two specimens with two 

different notch radii are needed. In standard tensile coupon tests, the stress triaxiality 

levels are generally quite close at fracture from coupon to coupon. Thus, determining 

both α and β from standard tensile coupons can be difficult.  

Notched bar tests on structural steel at room temperature are reported by several 

researchers, including Kossakowski (2012) and Kanvinde and Deierlein (2004). 

According to their investigations, the maximum stress triaxiality is usually located at the 

center of notched area at which ductile fracture initiates. 

 

 

Figure 5.1: Notched bar testing at room temperatures (Kossakowski 2012) 
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In this research, data for room temperature testing of notched bars were obtained 

from Kanvinde and Deierlein (2004) for Grade 50 steel. Two notched bars with different 

notch radii were tested by Kanvinde and Deierlein (2004). The notch radii were 0.125 

inch (Figure 5.2) and 0.06 inch. The load versus displacement plots from testing results 

are used to define the ductile fracture model parameters α and β.  

 

Figure 5.2: Notched bar dimensions in Kanvinde's tests (Kanvinde and Deierlein 2004) 

 

5.2.2.2 Calibration of Ductile Fracture Parameters 

To develop ductile fracture model parameters, notched bars from Kanvinde's tests 

are simulated in the finite element analysis computer program ABAQUS (version 6.12).  

The simulations included large-displacement effects and material non-linearity. 

The initial analysis did not include fracture simulation. Consequently, the 

ABAQUS/Standard solver was used to save computational time. Three-dimensional 

C3D8R solid brick elements were used. The true stress-strain curve recommended by 

Kanvinde and Deierlein (2004) was used as input to the simulation. Besides material 

nonlinearity, geometric nonlinearity was considered in all analyses by a large 

displacement formulation. When the option of "NLGEOM" is activated, the local 

instability and large deformation effects can be captured in the analyses. No initial 

imperfection was introduced in the analyses. For the boundary and load conditions, the 



 

simulation follow the test condition

and displacement in all directions

released for displacement in axial direction. 

A target displacement was set as 0.1 inch

of the test specimen. To measure the change of displacement in the coupon, the change of 

2 inch gage length is measured in each step of simulation.

Figure 5.3 shows the simulated notched bar in ABAQUS with 

equal to 0.06 inch. Based on 

as 0.01 inch. To save computing time, the area 

used a larger mesh size, on the order of 

ends, the mesh size was be even larger, 

                        

Figure 5.3: Notched bar simulation in ABAQUS
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conditions One end of the notched bar is fixed against

and displacement in all directions. The other end of bar is fixed against rotation 

displacement in axial direction. Displacement is applied at the 

set as 0.1 inch, which proved sufficient to capture 

To measure the change of displacement in the coupon, the change of 

2 inch gage length is measured in each step of simulation. 

Figure 5.3 shows the simulated notched bar in ABAQUS with the 

inch. Based on a study of mesh sensitivity, the minimum mesh size was set 

o save computing time, the area immediately outside of the 

, on the order of 0.03 inch to 0.05 inch. For the area close to the 

be even larger, on the order of 0.1 inch. 

                        

Notched bar simulation in ABAQUS 

against rotation 

rotation but is 

 released end. 

to capture the behavior 

To measure the change of displacement in the coupon, the change of 

the notch radius 

sh size was set 

immediately outside of the notched zone 

0.03 inch to 0.05 inch. For the area close to the 

 

Minimum Mesh 

Size in Notched 

area is 0.01 inch 
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5.2.2.3 Comparison of Testing and Simulation Results of Notched Bar Tests at Room 

Temperatures 

To obtain the fracture model parameters, comparison of load versus displacement 

curves between tests and simulations of notched bar specimens is required. Figure 5.4 

and Figure 5.5 show the test and simulation results. The point of observed fracture 

initiation on the test curve, which is taken as the point of rapid reduction in load, is 

identified. After the fracture initiation point is captured from test curve, the stress 

triaxiality and equivalent plastic strain at this point are determined from the simulation 

results. The element at the center of the notched area is used for this purpose, because 

fracture initiates at the center of notched area based on the observation from Kanvinde 

and Deierlein (2004). Using the output of stress triaxiality and equivalent plastic strain, 

the fracture parameters α and β are computed from Eq. 5.1.  

 

Figure 5.4: Test versus simulation for notched bar with 0.125 inch notch 



 201 

 

Figure 5.5: Test versus simulation for notched bar with 0.06 inch notch 

From the simulation results of the two notched bar tests, the stress triaxiality and 

equivalent plastic strain determined from the ABAQUS output at the point of 

experimentally observed fracture are as follows: 

 

Fracture initiation in the bar with 0.125 notch radius: 

 

 93.0=
E

M

σ
σ

, 36.0=Pε   

 

Fracture initiation in the bar with 0.06 notch radius: 

  

34.1=
E

M

σ
σ

, 15.0=Pε  

This data can be used to solve for the fracture parameters, resulting in α= 2.55 

and β=2.11. Thus, for the structural steel tested by Kanvinde, the calibrated ductile 

fracture model at room temperature is defined as: 
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)11.2exp(55.2,
e

m
criticalp σ

σ
ε ×−=                                                  (5.2)                                                  

For the ductile fracture model, Kanvinde and Deierlein (2004) also studied mesh 

size effects on the prediction of fracture initiation. He recommended s small mesh size of 

approximately 0.01 inch for ductile fracture simulation based on a study of the 

characteristic length calibrated from micro-structural measurements and from the fracture 

surface. The characteristic length is defined as the length of the largest plateau at the 

fracture surface. An average of the measured characteristic length for the structural steel 

studied by Kanvinde and Deierlein was about 0.01 inch. However, Kanvinde and 

Deierlein also pointed out that the characteristic length will not affect the fracture 

prediction if there are no pre-defined cracked geometries existing in structural system 

(Kanvinde and Deierlein 2004). Therefore, for notched bars or standard tension coupon, 

the minimum mesh size is not necessarily smaller than 0.01 inch and the appropriate 

mesh size can be determined from a mesh refinement study. 

 

5.2.2.4 Use of Calibrated Ductile Fracture Parameters at Room Temperature for 

Fracture Simulation 

The derived ductile fracture parameters has to be verified in different tests results. 

In the process of verification, the analyses including fracture simulation is conducted to 

examine if fracture parameters are calibrated with reasonable accuracy. 

In this section, the calibrated fracture model given by Eq. 5.2 will be used to 

conduct a fracture simulation. The ABAQUS/Explicit solver is used for this purpose to 

address convergence problems that arise with ABAQUS/Standard, as discussed in 

Chapter 3. In the simulation using the ductile fracture criterion, damage evolution is 

defined to consider the degradation of the material. As explained in Chapter 3, the 

damage evolution is a measurement of the fracture energy, which is within the range of 



 

100 to 200 Joules for structural steel. 

simulation, fracture energy in Joules should be converted to corresponding unit used in 

ABAQUS. 

Figure 5.6 and Figure 5.7

shows the test results, and ABAQUS results with and without fracture simulation 

included. The red dotted line 

while the dashed green line indicates the simulation with fracture behavior 

explicit solver. The black solid line indicates the test results from Kanvinde 

(2004). It is observed that the 

results. Although different solver

without fracture behavior, the simulated results are quite similar with each other

fracture. From the simulation with fracture behavior, it is observed that the fracture 

initiation point was captured correctly from the simulation results

Figure 5.6: Verification of ductile fracture parameters in notch bar with 0.125 notched 

size 

203 

100 to 200 Joules for structural steel. When different unit is used in ABAQUS 

simulation, fracture energy in Joules should be converted to corresponding unit used in 

Figure 5.6 and Figure 5.7 illustrate the results of the fracture simulation. This plot 

shows the test results, and ABAQUS results with and without fracture simulation 

ed dotted line is the simulation without fracture using the standard solver; 

line indicates the simulation with fracture behavior 

black solid line indicates the test results from Kanvinde and Deierlein

the simulated results with fracture are quite close to tested 

lthough different solvers were employed for the simulation with fracture and 

without fracture behavior, the simulated results are quite similar with each other

. From the simulation with fracture behavior, it is observed that the fracture 

nitiation point was captured correctly from the simulation results.  

 

Verification of ductile fracture parameters in notch bar with 0.125 notched 

When different unit is used in ABAQUS 

simulation, fracture energy in Joules should be converted to corresponding unit used in 

results of the fracture simulation. This plot 

shows the test results, and ABAQUS results with and without fracture simulation 

standard solver; 

line indicates the simulation with fracture behavior using the 

and Deierlein 

are quite close to tested 

simulation with fracture and 

without fracture behavior, the simulated results are quite similar with each other before 

. From the simulation with fracture behavior, it is observed that the fracture 

Verification of ductile fracture parameters in notch bar with 0.125 notched 



 

Figure 5.7: Verification of ductile fracture parameters in notched bar with 0.06 inch notc

Figure 5.8 shows a photo of the test specimen after fracture as well as the 

simulation results for the notched bar with 0.06 inch notch 

results, the elements at the center of notched 

close to outer region of notched area are eroded subsequently. 

was also observed in Kanvinde

maximum stress triaxiality is largest at the center, 

specimen reaches the critical fracture strain 

(Kanvinde and Deierlein 2004). 
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Verification of ductile fracture parameters in notched bar with 0.06 inch notc

shows a photo of the test specimen after fracture as well as the 

notched bar with 0.06 inch notch radius. From the 

results, the elements at the center of notched zone are removed first and then the element

close to outer region of notched area are eroded subsequently. The same phenomenon 

was also observed in Kanvinde and Deierlein 's testing results on notched bars

lity is largest at the center, the central zone of the notc

the critical fracture strain first and fractures earlier than 

2004).  

Verification of ductile fracture parameters in notched bar with 0.06 inch notch 

shows a photo of the test specimen after fracture as well as the 

the simulation 

are removed first and then the elements 

The same phenomenon 

's testing results on notched bars. Since the 

the central zone of the notched 

earlier than other zones 



 

(a) Tested notched bar (R=0.06 inch)      

Figure 5.8: Failure modes of tested notched

simulated notched bar

 

5.2.3 Method of Calibrating Ductile Fracture Parameters at Elevated Temperatures

5.2.3.1 Test Data for Calibration of Ductile Fracture Parameters at Elevated 

Temperatures 

A review of the literat

structural steel were tested at elevated temperatures. 

calibration of fracture parameters at elevated temperatures

Lee et al (2012) on standard 

used in Chapter 4 to calibrate true stress

details were previously explained in Chapter 4. 

A photo of the coupons 

Chapter 4, three samples of A992 steel were tested, referred to as MA, MB, and MC. The 

photo in Figure 5.9 is for the coupons made of the MA sample of A992 steel. These 
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(R=0.06 inch)      (b) Simulated notched bar (R=0.06 inch)

Failure modes of tested notched bar (Kanvinde and Deierlein 2004) and 

simulated notched bar 

5.2.3 Method of Calibrating Ductile Fracture Parameters at Elevated Temperatures

Calibration of Ductile Fracture Parameters at Elevated 

A review of the literature revealed no data sources where notched bars of 

structural steel were tested at elevated temperatures. Thus, in this research, 

calibration of fracture parameters at elevated temperatures were obtained using tests by 

 tension coupons of ASTM A992 steel. This is the same data 

in Chapter 4 to calibrate true stress-strain curves at elevated temperatures. Testing 

explained in Chapter 4.  

coupons after testing is shown in Figure 5.9. As discussed in 

Chapter 4, three samples of A992 steel were tested, referred to as MA, MB, and MC. The 

photo in Figure 5.9 is for the coupons made of the MA sample of A992 steel. These 

 
(b) Simulated notched bar (R=0.06 inch) 

2004) and 

5.2.3 Method of Calibrating Ductile Fracture Parameters at Elevated Temperatures 

Calibration of Ductile Fracture Parameters at Elevated 

ure revealed no data sources where notched bars of 

search, data for 

were obtained using tests by 

s of ASTM A992 steel. This is the same data 

strain curves at elevated temperatures. Testing 

9. As discussed in 

Chapter 4, three samples of A992 steel were tested, referred to as MA, MB, and MC. The 

photo in Figure 5.9 is for the coupons made of the MA sample of A992 steel. These 
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photos show the necked and fractured coupons.  Note that once necking initiates, a 

standard tension coupon becomes somewhat of a notched bar type specimen, with the 

necked region serving as the notch. Unlike actual notched bar specimens, the shape of the 

notch cannot be controlled in the necked region of a standard coupon. Nonetheless, these 

standard coupon test still provide data on fracture initiation, with values of triaxiality and 

plastic strain at fracture that can be estimated from ABAQUS models of these coupons. 

 

 

Figure 5.9: MA coupons of A992 steel after elevated temperatures tests 

 

5.2.3.2 ABAQUS Models for Calibration of Ductile Fracture Parameters at Elevated 

Temperatures 

The three different coupons referred to as MA, MB and MC in Lee et al (2012) 

are simulated in the ABAQUS/Standard solver. Due to lack of enough test data at 

elevated temperature, some approximations were made to calibrate the fracture 

parameters.  

Similar to the simulation of the notched bar specimens at room temperature 

described above, for simulation of standard tension coupons, nonlinear  analyses was  

conducted in these simulations including large-displacement effects and material non-

linearity.  For the element selection, three-dimensional solid brick elements (C3D8R) 
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was chosen. True stress-strain curves derived from tests by Lee et al (2012), as described 

in Chapter 4, was used as the material property input. Fracture modeling was not included 

in this stage of the analysis. Besides material nonlinearity, geometric nonlinearity was 

considered in all analyses by a large displacement formulation. No initial imperfection 

was introduced in the analyses. For the boundary and load conditions, the simulation 

follows the real conditions from testing. One end of coupon is fixed; while the other end 

of bars is fixed with rotation and is released with displacement in the axial direction. The 

simulations were run by imposing displacements on the model. 

Figure 5.10 shows the coupons MA, MB and MC with mesh size around 0.05 

inch simulated in ABAQUS/Standard solver. The selection of mesh size is based on a 

mesh size sensitivity study.  

 

 

Figure 5.10: MA, MB and MC coupons simulated for calibration of ductile fracture 

parameters 

5.2.3.3 Comparison of Testing and Simulation Results at Elevated Temperatures 

By comparing the testing results with simulated results, the point of fracture 

initiation can be estimated in the simulation results. Since only one stress triaxiality level 
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can be obtained from a single standard tensile coupon test, an approximation was needed 

to derive both of the ductile fracture parameters α and β. It was assumed that the 

parameter β is constant and only toughness index α is required to be determined. This 

assumption is based on the observation that β varies within relatively small range of 1.1 

to 2.3 (Hancock and Mackenzie 1983) In this research work, β was taken as  2.11 from 

the room temperature notched bar tests described earlier, and is assumed to remain 

constant at various temperature conditions.  

The calibration procedure to determine the fracture model parameter α elevated 

temperatures quite similar to the procedure used for the room temperature tests on 

notched bars.  Instead of using load versus displacement curves, engineering stress-strain 

curves are utilized to determine the parameter α. Taking the MC coupon at 200
o
C as an 

example, the process of calibration of the ductile fracture model at elevated temperatures 

was determined as follows.  The point of fracture initiation point is estimated from the 

test curve (Figure 5.11). The stress triaxiality and equivalent plastic strain at that point are 

then estimated from the simulation results. Then parameter α from Eq. 5.2 can be 

calibrated as follows: 
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Figure 5.11: Fracture initiation 

The point of fracture initiation in the test data was generally taken as the final 

point on the measured engineering stress

whether or not fracture initiated at this point.  The actual initiation of fracture may have 

occurred somewhat before this point. This uncertainty in the test data leads to possible 

error in the computed value of 

 

5.2.3.4 Analysis of Coupons using 

Temperature 

Once the fracture model parameters were estimated using the process described 

above, the ABAQUS analysis was repeated i

ABAQUS/Explicit solver was used for this analysis.  The 

used with the assumed value of 

the comparison between the test data; simulation without fracture behavior and 
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Fracture initiation point of for coupon test at 200
o
C 

The point of fracture initiation in the test data was generally taken as the final 

point on the measured engineering stress-strain curve. There is some uncertainty as to 

ure initiated at this point.  The actual initiation of fracture may have 

occurred somewhat before this point. This uncertainty in the test data leads to possible 

error in the computed value of α.  

Analysis of Coupons using Calibrated Ductile Fracture Parameters at Elevated 

Once the fracture model parameters were estimated using the process described 

above, the ABAQUS analysis was repeated including fracture simulation. 

was used for this analysis.  The fracture initiation criterion 

used with the assumed value of β of 2.11 and the derived value of α. Figure 5.1

the test data; simulation without fracture behavior and 

  

The point of fracture initiation in the test data was generally taken as the final 

strain curve. There is some uncertainty as to 

ure initiated at this point.  The actual initiation of fracture may have 

occurred somewhat before this point. This uncertainty in the test data leads to possible 

ure Parameters at Elevated 

Once the fracture model parameters were estimated using the process described 

ncluding fracture simulation. The 

initiation criterion was 

Figure 5.12 shows 

the test data; simulation without fracture behavior and 



 

simulation with fracture behavior. 

reasonably well with the measured engineering stress

 

 

Figure 5.12: Comparison among testing data, simulated data without fracture and 

simulated data with fracture of MC coupon at 

Figure 5.13 shows the 

Without fracture simulation, only necking deformation can be observed from 

result and the deformations are quite symmetric in 

loading and boundary condition a

the explicit solver was employed 

effects. Therefore, the simulated coupon fracture 

coupon but not exactly located

and loading is in symmetry.  
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simulation with fracture behavior. The ABAQUS analysis with fracture simulation agrees 

reasonably well with the measured engineering stress-strain curve. 

 

Comparison among testing data, simulated data without fracture and 

simulated data with fracture of MC coupon at 200
o
C  

shows the coupon simulations at 200
o
C for the MC tension coupon. 

Without fracture simulation, only necking deformation can be observed from 

are quite symmetric in the standard solver because geometry, 

loading and boundary condition are symmetric in this model. With fracture simulation, 

explicit solver was employed introducing some imperfection in model from dynamic 

herefore, the simulated coupon fracture is at the location close to the middle of 

cated in the middle of coupon, even though the model geometry 

 

ture simulation agrees 

Comparison among testing data, simulated data without fracture and 

MC tension coupon. 

Without fracture simulation, only necking deformation can be observed from the analysis 

standard solver because geometry, 

in this model. With fracture simulation, 

some imperfection in model from dynamic 

at the location close to the middle of 

model geometry 
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(a) Simulation without fracture                    (b) Simulation with fracture 

Figure 5.13: ABAQUS models of MC tension coupon at 200
o
C 

 

5.3 DUCTILE FRACTURE MODEL FOR ASTM A992 STEEL AT ELEVATED 

TEMPERATURE 

5.3.1 Sensitivity Study of Finite Element Models of Steel Tension Coupons 

As noted earlier, the characteristic length for the ductile fracture model is 

represented by mesh size. If predefined crack geometry is present in the model, the mesh 

size should be smaller than 0.01 inch based on the study of fracture surfaces of tested 

coupons (Kanvinde and Deierlein 2004).  However, a mesh size of 0.01 inch is quite 

small for models with 3D elements, leading to long solution times.  For example, 

consider a tension coupon where the width and thickness is approximately 0.5 inch and 

length is approximately 18 inches. Assume the minimum mesh size of 0.01 inch is only 

assigned in the middle part of coupon while for the remainder of the coupon, the mesh 

size is relatively larger.  The number of elements number can be more than 25,000 for 

this simple model and the computational time is estimated as above 10 hours when more 

than 30 computing processors are utilized together. Thus, it is important to find an 



 

appropriate mesh size which can generate acceptable accuracy without 

increasing computational time. To perform mesh 

MC at room temperature fro

(Figure 5.14).  

Figure 5.14: Mesh of tension coupon MC at room temperature for 

In ABAQUS, both the 

computational time and simulation accuracy

minimum mesh size are studied. Figure 5.1

comparison among different element numbers and 

number of elements in the model

varied from 0.01 inch to 0.2 inch. Figure 5.16 shows that

predicted by an ABAQUS/Explicit analysis of the models that includes fracture 

simulation. The maximum engineering stress is quite similar for all of the models and the 

simulated results are quite close to 

models are also reasonably similar

for different models shows some variation, varying from approximately 0.45 to 0.55.
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appropriate mesh size which can generate acceptable accuracy without 

computational time. To perform mesh a sensitivity study, the tension coupon 

MC at room temperature from the tests by Lee et al (2012) tests is taken as 

Mesh of tension coupon MC at room temperature for mesh sensitivity study

the number of elements and the minimum mesh size 

ime and simulation accuracy. Therefore, both the number of elements and 

studied. Figure 5.15 shows the engineering stress strain curve 

comparison among different element numbers and different minimum mesh size

in the model ranged from 736 to 38430.  The minimum mesh size

from 0.01 inch to 0.2 inch. Figure 5.16 shows that engineering stress-

by an ABAQUS/Explicit analysis of the models that includes fracture 

engineering stress is quite similar for all of the models and the 

simulated results are quite close to the test data. The shape of the curves from different 

reasonably similar. However, the engineering strain at fracture initiation 

shows some variation, varying from approximately 0.45 to 0.55.

appropriate mesh size which can generate acceptable accuracy without necessarily 

sensitivity study, the tension coupon 

tests is taken as an example 

 

sensitivity study 

minimum mesh size affect the 

number of elements and 

shows the engineering stress strain curve 

minimum mesh sizes. The 

minimum mesh size 

-strain curves 

by an ABAQUS/Explicit analysis of the models that includes fracture 

engineering stress is quite similar for all of the models and the 

from different 

. However, the engineering strain at fracture initiation 

shows some variation, varying from approximately 0.45 to 0.55.  
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Figure 5.15: Comparison of engineering stress-strain curves with different element 

numbers and minimum mesh size 

Figure 5.16 illustrates that the maximum engineering stress from models with 

different numbers of elements are quite close. When the number of elements is beyond 

5000, the maximum engineering stress remains relatively constant approximately.   

Figure 5.17 shows the predicted engineering strain at fracture as a function of the number 

of elements. There is considerable variation when less than 5000 elements are used. 

However, above 5000 elements, there is little variation in engineering strain at fracture. 

Thus, using a mesh with approximately 5000 elements provides a reasonable balance 

between accuracy and computational effort.  



 

Figure 5.16: Mesh sensitivity study on engineering stress based on total element number

Figure 5.17: Mesh sensitivity study on engineering fracture strain based on total element 

number 
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Mesh sensitivity study on engineering stress based on total element number

Mesh sensitivity study on engineering fracture strain based on total element 

 

Mesh sensitivity study on engineering stress based on total element number 

 

Mesh sensitivity study on engineering fracture strain based on total element 



 

Figures 5.18 and 5.19 illustrate the effect of 

maximum engineering stress and the engineering strain at fracture. Th

size has little influence on the maximum engineering stress. But when it comes to 

engineering strain at fracture, the model with 

inch generates relatively stable results. Therefore, based on this study, to generate 

relatively stable and accurate results, the 

should be larger than 5000 and 

inch.  

 

 

Figure 5.18: Mesh sensitivity study on 

mesh size 
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and 5.19 illustrate the effect of the minimum mesh size

maximum engineering stress and the engineering strain at fracture. The minimum mesh 

influence on the maximum engineering stress. But when it comes to 

at fracture, the model with a minimum mesh size smaller than 0.075 

inch generates relatively stable results. Therefore, based on this study, to generate 

relatively stable and accurate results, the number of elements for the coupon 

ger than 5000 and the minimum mesh size should be no larger than 0.075 

Mesh sensitivity study on maximum engineering stress based on minimum 

the minimum mesh size on the 

e minimum mesh 

influence on the maximum engineering stress. But when it comes to 

minimum mesh size smaller than 0.075 

inch generates relatively stable results. Therefore, based on this study, to generate 

coupon simulation  

minimum mesh size should be no larger than 0.075 

 

engineering stress based on minimum 



 

Figure 5.19: Mesh sensitivity study on engineering fracture strain based on min

mesh size 

 

5.3.2 Derived Ductile Fracture Parameters for ASTM A992 Steel

5.3.2.1 Simulation Results of MA Coupon from Lee's Tests

In Chapter 4, the MA, MB and MC 

were modeled in the ABAQUS/Standard solver

use in fracture simulations. As a next step, t

the MA coupons were also modeled 

ABAQUS/Explicit solver. As explained in 

analysis. To perform quasi-static analysis, the loading time should be long enough to 

reduce inertia effects and the 

discussed in Chapter 3, wave speed 

There is also an approach based on analysis experience. The approach is that the loading 
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Mesh sensitivity study on engineering fracture strain based on min

5.3.2 Derived Ductile Fracture Parameters for ASTM A992 Steel 

5.3.2.1 Simulation Results of MA Coupon from Lee's Tests 

MA, MB and MC tension coupons from tests by Lee

ABAQUS/Standard solver to determine true stress-strain curve

As a next step, to calibrate ductile fracture model parameters

also modeled in the ABAQUS/Standard solver 

. As explained in Chapter 3, the explicit solver uses a dynamic 

static analysis, the loading time should be long enough to 

the loading should be applied with very small accelerations

hapter 3, wave speed can be used to determine an appropriate loading time. 

approach based on analysis experience. The approach is that the loading 

 

Mesh sensitivity study on engineering fracture strain based on minimum 

Lee et al (2012) 

strain curves for 

ctile fracture model parameters 

ABAQUS/Standard solver and in the 

uses a dynamic 

static analysis, the loading time should be long enough to 

should be applied with very small accelerations. As 

appropriate loading time. 

approach based on analysis experience. The approach is that the loading 



 

duration time can be chosen to be

of the model.  For mesh size

sensitivity study in section 5.3.1. Figure 5.

ABAQUS with thickness 0.505 inch; width 0.5 inch and length 18 inches.

 

Figure 5.20: MA coupon simulated in ABAQUS

Using the procedures described in Section 5.2.3.3 for the MC coupon at 200

the fracture parameter α was determined by comparing test results with simulation results 

using ABAQUS/Standard for the MA coupons at different temperatures. As before,

value of β was taken as 2.11 at all temperatures. 

parameters for ASTM A992 

toughness index α indicate larger engineering strain

temperature reflects the observed variations of engineering strain at fracture seen in the 

experimental data in Figures 4.10 to 4.12.

 

Table 5.1: Derived Ductile Fracture Parameters for MA Coupon

Temperatures 
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n to be more than fifteen times the fundamental natural 

For mesh size, the minimum size is around 0.05 inch based on

sensitivity study in section 5.3.1. Figure 5.20 illustrates the simulated MA coupon in 

ABAQUS with thickness 0.505 inch; width 0.5 inch and length 18 inches. 

 

MA coupon simulated in ABAQUS/Explicit 

Using the procedures described in Section 5.2.3.3 for the MC coupon at 200

was determined by comparing test results with simulation results 

using ABAQUS/Standard for the MA coupons at different temperatures. As before,

was taken as 2.11 at all temperatures.  Table 5.1 lists the derived fracture 

ASTM A992 MA coupons at different temperatures. Larger 

indicate larger engineering strains at fracture. The variatio

temperature reflects the observed variations of engineering strain at fracture seen in the 

experimental data in Figures 4.10 to 4.12. 

Derived Ductile Fracture Parameters for MA Coupons at Elevated 

the fundamental natural period 

based on mesh 

illustrates the simulated MA coupon in 

 

Using the procedures described in Section 5.2.3.3 for the MC coupon at 200°C, 

was determined by comparing test results with simulation results 

using ABAQUS/Standard for the MA coupons at different temperatures. As before, the 

Table 5.1 lists the derived fracture 

. Larger values of the 

The variation of α with 

temperature reflects the observed variations of engineering strain at fracture seen in the 

 

at Elevated 
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Using the fracture parameters listed in Table 5.1, analysis of the MA tension 

coupons was repeated using ABAQUS/Explicit with fracture simulation included. Figure 

5.21 shows the simulated coupons at fracture.  These can be compared with photos of the 

actual coupons after fracture in Figure 5.9. Note that at 800°C, the actual coupon exhibits 

a rather long necked region. This extended necking phenomenon reflects the higher 

ductility observed in the test steel at 800
o
C, where the engineering strain at fracture was 

on the order of 120-percent in both the test and in the simulation. 

Another observation from the simulated results is that the fracture surfaces are not 

always simulated correctly in ABAQUS although the engineering strain at fracture is 

captured with reasonable accuracy (see below). For example, for temperatures of 700
o
C 

and 900
o
C, the shape of the fracture surface from two parts are quite different and the 

reduction of cross section areas from the two parts at fracture surface are quite different 

also. However, in reality, the two portions on either side of the fracture should match 

each other, because the material is continuous before fracture. It appears that the 

asymmetric fracture surface in the simulation results is caused by dynamic effects and 

element removal techniques.  

 

 

 

 

 

 

 



 

 

 

Figure 5.21: Simulated MA coupons at fracture 

MA-900 
o
C 

MA-700 
o
C 

MA-500 
o
C 

MA-300 
o
C 

MA-20 
o
C 
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Simulated MA coupons at fracture  

MA-1000 
o
C 

MA-800 
o
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MA-600 
o
C 

MA-400 
o
C 

MA-200 
o
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Figure 5.22 shows comparisons of engineering stress-strain curves for the test 

data and the simulation results for temperatures from 20
o
C to 1000

o
C.  The agreement of 

the curves is quite good.  

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 



 

(a) MA Coupon at 20

(c) MA Coupon at 300

(e) MA Coupon at 500

(g) MA Coupon at 700

 

(i) MA Coupon at 900

Figure 5.22: Comparison of engineering stress

test results for MA 
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(a) MA Coupon at 20

o
C     (b) MA Coupon at 200

o
C 

 
(c) MA Coupon at 300

o
C   (d) MA Coupon at 400

o
C 

 
(e) MA Coupon at 500

o
C    (f) MA Coupon at 600

o
C 

 
(g) MA Coupon at 700

o
C      (h) MA Coupon at 800
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5.3.2.2 Simulation Results for

Similar to the MA coupon

Lee et al (2012) were 

ABAQUS/Explicit solver to 

model for the MB coupon in ABAQUS

inch and 0.525 inch respectively. 

approximately 0.05 inch.  

Figure 5.23: MB coupon simulated in ABAQUS/Explicit

From the calibration process, which followed the same approach as for the MA 

coupons described above, the derived values of the fracture parameter 

Table 5.2.  Figure 5.24 shows the simulated coupons at fract

coupons after fracture were available for comparison. Figure 5.25 shows a comparison of 

the engineering stress-strain curves from the tests and from the coupons simulations in 

ABAQUS/Explicit using the fracture parameters in Ta

curves agree quite well at lower temperatures, although somewhat larger differences are 

seen at higher temperatures. 

 

Table 5.2: Derived Ductile Fracture Parameters for MB Coupon at Elevated 

Temperatures 
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for MB Coupons 

MA coupons, the MB coupons of ASTM A992 steel from tests by 

Lee et al (2012) were also simulated in the ABAQUS/Standard and 

ABAQUS/Explicit solver to calibrate fracture parameter α.  Figure 5.2

in ABAQUS. The width and thickness of the coupon 

inch and 0.525 inch respectively. The minimum mesh size in the model was 

 

pon simulated in ABAQUS/Explicit 

From the calibration process, which followed the same approach as for the MA 

coupons described above, the derived values of the fracture parameter α 

Figure 5.24 shows the simulated coupons at fracture. No photos of the actual 

coupons after fracture were available for comparison. Figure 5.25 shows a comparison of 

strain curves from the tests and from the coupons simulations in 

ABAQUS/Explicit using the fracture parameters in Table 5.2. The test and simulation 

curves agree quite well at lower temperatures, although somewhat larger differences are 
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Figure 5.24: Simulated MB coupons at fracture
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Simulated MB coupons at fracture  
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(a) MB Coupon at 20

(c) MB Coupon a

(e) MB Coupon at 500

 

(g) MB Coupon at 700

 

(i) MB Coupon at 900

Figure 5.25: Comparison of engineering stress

test results for MB
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5.3.2.3 Simulation Results of MC Coupon from Lee's Tests 

In comparison with the MA and MB coupons, the thickness of the MC coupons 

was relatively smaller. The thickness is around 0.345. Figure 5.26 shows the MC model 

in ABAQUS. The minimum mesh size was defined as 0.05 inch.  

 
Figure 5.26: MC coupon simulated in ABAQUS/Explicit 

 

Using the same procedures as for the MA and MB coupons, the fracture 

parameter α was derived based on the test data for the MC coupons. Results are listed in 

Table 5.3. Figure 5.27 shows the simulated coupons at fracture. No photos of the actual 

coupons after fracture were available for comparison. Unlike the MA and MB coupons, 

the fracture surfaces of the simulated MC coupons from the two parts of the model at 

different temperature cases are relatively uniform. This observation may be related to the 

fact that the MC coupons are thinner than MA or MB.  Figure 5.28 shows a comparison 

of the engineering stress-strain curves from the tests and from the coupons simulations in 

ABAQUS/Explicit using the fracture parameters in Table 5.3. The test and simulation 

curves agree reasonably well at all temperatures. Note that at 800°C, the engineering 

strain at fracture, both from test and simulation, is substantially less than seen in the MA 



 

and MB coupons at 800°C. This difference apparently reflects variability in high 

temperature properties of steel.    

   

Table 5.3: Derived Ductile Fracture Parameters for MC Coupon at Elevated 

Temperatures 
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C. This difference apparently reflects variability in high 

temperature properties of steel.     

Derived Ductile Fracture Parameters for MC Coupon at Elevated 
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Figure 5.27: Simulated MC coupons at fracture
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Figure 5.28: Comparison of engineering stress

test results for MC
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5.3.3 Sensitivity Study for Fracture Parameters for the Ductile Fracture Criterion 

Fracture parameters for ASTM A992 steel have been derived from test data by 

Lee et al (2012) and from simulation results for ASTM A992 steel at temperatures from 

20°C to 1000°C, Fracture parameters were calibrated separately for the three different 

samples of A992 steel tested by Lee et al. These three different material samples were 

designated as MA, MB, and MC. The fracture parameter β was taken as a constant equal 

to 2.11 for all three samples at all temperatures. The fracture model parameter α, on the 

other hand, was calibrated separately for each material sample and at each temperature. 

At any given temperature, the value of α was different for each of the three material 

samples MA, MB, and MC. All three material samples were A992 steel, and the 

differences in α at any given temperature reflect material variability. That is, every 

different heat of A992 steel will have somewhat different properties, within the limits of 

variation permitted by the ASTM A992 standard, both in mechanical properties and in 

chemistry. In this section, a study is conducted to evaluate how sensitive the predicted 

engineering stress-strain curve and the point of fracture of fracture initiation on this curve 

is to the selected values of α and β. The behavior of the MC coupon at room temperature 

will be examined first. Based on Table 5.3, the calibrated value of α at room temperature 

is 2.55 and the assumed value of β is 2.11. To study sensitivity to the toughness index α, 

three values of α were considered: 2.05. 2.55, and 3.05. The value of β was held constant 

at 2.11.  Figure 5.29 shows the results of three simulations using these three different 

values of α and also shows the test results. It is observed that by changing α within this 

range, the prediction of maximum engineering stress is not affected. However, the 

predicted engineering strain at fracture changes with the choice of α. When the toughness 

index α is increased, the fracture strain is increased. 



 

Figure 5.29: Sensitivity study for toughness index α for MC coupon at room temperature 

 

The variation of engineering strain at fracture with changes in 

Table 3.4. This result suggests that s

changes in the predicted strain at fracture

the calibrated value of 2.55, the corresponding fracture 

in/in. When α is decreased by 0.5, the corresponding fracture strain is only decreased by 

0.05 in/in. Thus, a 20-percent change in 

fracture strain. Therefore, it is concluded that prediction of fracture strain based on the 

ductile fracture criterion is sensitive to the choice of 

small variations in the model parameter α.
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Sensitivity study for toughness index α for MC coupon at room temperature 

The variation of engineering strain at fracture with changes in α are also listed in 

Table 3.4. This result suggests that small variations in the value of α produce only small 

he predicted strain at fracture. For example, when α is increased by 0.5 from 

55, the corresponding fracture strain is only increased by 0.02 

sed by 0.5, the corresponding fracture strain is only decreased by 

percent change in α results in a 5 to 10-percent change in predicted 

fracture strain. Therefore, it is concluded that prediction of fracture strain based on the 

le fracture criterion is sensitive to the choice of α, but the sensitivity is small for 

small variations in the model parameter α. 

 
Sensitivity study for toughness index α for MC coupon at room temperature  

are also listed in 

produce only small 

. For example, when α is increased by 0.5 from 

strain is only increased by 0.02 

sed by 0.5, the corresponding fracture strain is only decreased by 

percent change in predicted 

fracture strain. Therefore, it is concluded that prediction of fracture strain based on the 

, but the sensitivity is small for 



 

Table 5.4: Variation in fracture strain for different values of 

temperature 

Next, sensitivity study 

the value of α was held constant at 2.55. Simulations were conducted for values of 

equal to 1.61, 2.11, and 2.61. From the base case of 

approximately ± 25-percent. 

temperature are plotted in Fi

has little effect on the predicted maximum engineering stress. However, there is some 

variation in the predicted engineering strain at fracture as 

the predicted engineering strain at fracture dec

 

Figure 5.30: Sensitivity study for fracture model for MC coupon at room temperature 

parameter β in ductile fracture criterion
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ture strain for different values of α for the MC coupon at room 

Next, sensitivity study was performed for the model parameter β. For th

was held constant at 2.55. Simulations were conducted for values of 

equal to 1.61, 2.11, and 2.61. From the base case of β=2.11, this represents a variation of 

percent. Results of the simulations for the MC cou

Figure 5.30. It is observed that changing β within this range 

has little effect on the predicted maximum engineering stress. However, there is some 

variation in the predicted engineering strain at fracture as β is varied. As β

the predicted engineering strain at fracture decreases. 

 

Sensitivity study for fracture model for MC coupon at room temperature 

parameter β in ductile fracture criterion 

α for the MC coupon at room 

was performed for the model parameter β. For this study, 

was held constant at 2.55. Simulations were conducted for values of β 

=2.11, this represents a variation of 

Results of the simulations for the MC coupon at room 

changing β within this range 

has little effect on the predicted maximum engineering stress. However, there is some 

β is increased, 

 

Sensitivity study for fracture model for MC coupon at room temperature 
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The variation of engineering strain at fracture with changes in β are listed in Table 

5.5. When β is increased by 0.5, the corresponding fracture initiation strain is decreased 

by 0.1 in/in; when α is decreased by 0.5, the corresponding fracture strain is only 

increased by 0.03 in/in. Therefore, it is concluded that prediction of fracture strain based 

on the ductile fracture criterion is sensitive to the choice of β, but the sensitivity is 

reasonably small for small variations in the model parameter β. 

 

 

Table 5.5: Variation in fracture strain for different values of  β for the MC coupon at 

room temperature 

Based on this limited sensitivity study, it is found that prediction of fracture based 

on the ductile fracture criterion is only mildly sensitive to small variations in the model 

parameters α and β. This observation is useful for generalizing the fracture parameters of 

ASTM A992 steel in fracture simulations. 

 

5.3.4 Summary of Ductile Fracture Parameters for ASTM A992 Steel 

To compare the parameters for different temperatures and coupons conveniently, 

a single value of the fracture model parameter β equal to 2.11 will be used for all of 

analyses, with toughness index α varying with temperature and material sample. Table 

5.6 shows the calibrated toughness index α for different coupons at different 

temperatures. The average values of α at each temperature are also listed.  

 



 

Table 5.6: Summary of toughness index α from MA, MB and MC coupon 

By comparing the toughness index α for MA, MB and MC coupons, it is observed 

that at 800
o
C, the difference

more significant than that at other temperature

generate somewhat more consistent values of the 

Figure 5.31: Toughness index α comparison 

Figure 5.32 illustrates the average toughness index α from MA, MB and MC 

coupons. The α values in Figure 5.3

using the ductile fracture initiation criterion

These α values are intended to be used with a 
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Summary of toughness index α from MA, MB and MC coupon  

By comparing the toughness index α for MA, MB and MC coupons, it is observed 

C, the difference of toughness index values α among MA, MB and MC are 

other temperatures. For other temperature cases, 

somewhat more consistent values of the toughness index α.  

Toughness index α comparison for MA, MB and MC coupons 

illustrates the average toughness index α from MA, MB and MC 

in Figure 5.32 can be used as an estimate for fracture simulations 

using the ductile fracture initiation criterion ASTM A992 structural steel in tension. 

values are intended to be used with a β value equal to 2.11. For temperature

 

By comparing the toughness index α for MA, MB and MC coupons, it is observed 

α among MA, MB and MC are 

For other temperature cases, the coupons 

 

illustrates the average toughness index α from MA, MB and MC 

an estimate for fracture simulations 

steel in tension. 

or temperatures 



 

below 500
o
C, the toughness index 

higher than 500
o
C, except for 

The toughness index α for 800

Figure 5.32: Average of toughness index α for MA, MB and MC coupons

 

5.4 SUMMARY 

In this chapter, the calibration of ductile fracture model parameters 

ASTM A992 steel at elevated temperature was described. These calibrations were based 

primarily on the test results by Lee et al (2012)

generate reasonable predictions of the measured engineering stress

derive the parameters. Ultimately, additional high temperature tests on samples of A992 

steel are needed to calibrate and validate these fracture model parameters and to 

characterize variability in these parameters. The next chapter discuss a dif
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C, the toughness index α is within the range of 2 to 2.5. For temperature

for 800
o
C, the toughness index is within the range of

800
o
C is highest and is approximately 5.5. 

Average of toughness index α for MA, MB and MC coupons 

he calibration of ductile fracture model parameters 

ASTM A992 steel at elevated temperature was described. These calibrations were based 

by Lee et al (2012).  The derived ductile fracture parameters 

predictions of the measured engineering stress-strain curve

derive the parameters. Ultimately, additional high temperature tests on samples of A992 

steel are needed to calibrate and validate these fracture model parameters and to 

characterize variability in these parameters. The next chapter discuss a different fracture 

or temperatures 

the range of 3 to 4. 

 

he calibration of ductile fracture model parameters α and β for 

ASTM A992 steel at elevated temperature was described. These calibrations were based 

The derived ductile fracture parameters 

strain curves used to 

derive the parameters. Ultimately, additional high temperature tests on samples of A992 

steel are needed to calibrate and validate these fracture model parameters and to 

ferent fracture 
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initiation criteria, and provides further evaluation of various fracture simulations using 

more complex tests. 
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CHAPTER 6: DEVELOPMENT OF SHEAR FRACTURE MODEL 

PARAMETERS FOR ASTM A992 STEEL AT ROOM AND 

ELEVATED TEMPERATURES 

 

6.1 OVERVIEW 

In addition to the “ductile fracture criterion” described in the previous chapter, 

ABAQUS provides an additional fracture initiation criterion referred to as the “shear 

fracture criterion.” Despite the differences in names, both criteria are intended to model 

ductile tearing phenomena, as opposed to brittle fracture phenomena. The shear fracture 

criterion will be discussed and evaluated in this chapter for predicting fracture of steel 

components at elevated temperature.   

The first section of this chapter reviews the theoretical background of the shear 

fracture criterion in ABAQUS. The second section presents an approach for calibration of 

fracture parameters in the shear fracture model at ambient temperature.  In the third 

section, calibration of model parameters at elevated temperatures are discussed. The 

chapter concludes with some observations on the shear fracture criterion. 

 

6.2 SHEAR FRACTURE MODEL 

6.2.1 Shear and Ductile Fracture Models 

6.2.1.1 Shear Fracture Mode versus Ductile Fracture Mode 

Background for the ductile and shear fracture models was presented in Chapter 2. 

Highlights of this background are repeated here. The ductile fracture model is used for 

predicting fracture mainly caused by high stress triaxiality (σm/σe); while the shear 

fracture model is employed for fracture mainly caused by large shear stress (τ).  Figure 
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6.1 illustrates ductile fracture formation generated by significant stress triaxiality around 

voids and initiates with voids coalescence (Chen and Butcher 2013). Whereas, in Figure 

6.2, large shear stress and shear strain around voids generates shear slip planes. Shear 

fracture then initiates with dislocation of boundaries around particles in the material 

(Ling et al 1994). 

 

 

Figure 6.1: Formation of Ductile Fracture  

 

Figure 6.2: Formation of Shear Fracture  

Figure 6.3, from Bao et al (2004), shows that the development of ductile fracture 

due to void formation versus the development of shear fracture depends on the level of 

stress triaxiality. From the plot, shear fracture is expected to occur at lower levels of 

stress triaxiality, whereas ductile fracture is expected to occur at higher levels of stress 

triaxiality. Based on experimental investigations, for shear fracture, shear stress is 
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developed significantly in weak planes of materials where shear fracture initiates before 

large stress triaxiality is developed.  (Ling 1994). 

 

Figure 6.3: Controlling fracture mode as a function of stress triaxiality (Bao and 

Wierzbicki 2004) 

6.2.1.2 Simulation of Steel Connection with Ductile Fracture Model 

The ductile fracture model worked well for predicting fracture of steel coupons 

under uniaxial tensile loading, as presented in Chapter 5. However, the ductile fracture 

model can lead to erroneous and potentially unsafe predictions when it is used to simulate 

fracture behavior of steel components subjected predominantly to shear rather than 

tension. This often occurs in bolted steel connections, where fractures can occur in the 

bolts or in the base material by bearing tear out or block shear failure. In each of these 

cases, the shear dominates the occurrence of fracture. 
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  In this section, an example of a fracture simulation of a simple bolted 

connection is presented by using the ductile fracture criterion. The simulation is based on 

tests by Yu (2006) on a twin-bolts connection at 300
o
C. The twin-bolt connection 

specimen was designed to have block shear failure in tensile and thermal loading. Holes 

with 15/16 inch diameter were provided in both plates for 7/8 inch A490 bolts. Holes 

with a diameter of 1-9/16 inch were used for a pin connection to stainless steel clevises, 

which transferred load to specimen (Figure 6.4). The connection is made with 1/2 inch 

thick Grade 50 steel plates (Yu 2006). Before loading, the specimen was heated to 300°C 

by utilizing an electric furnace. Then, a tension force was applied to the specimen.   

 

 

 

Figure 6.4: Dimension and test set-up of twin bolt connection in Yu's tests (Yu 2006) 

 

This connection test was simulated using the ABAQUS/Explicit solver. For the 

material, the true stress-strain curves for A992 steel derived in Chapter 4 were used. Bolts 

used in this test were ASTM A490 and the material properties of the bolts were obtained 

from the results reported by Kodur et al (2012). The fracture criterion was based on the 
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ductile fracture model parameters derived in Chapter 5 for A992 steel at 300
o
C. 

Nonlinear geometry behavior was activated and no imperfection was applied in the 

models. For the boundary condition, one end of the connection was fixed for all degrees 

of freedom. The other end was fixed against rotation and out of plane displacement, but 

released in the vertical direction. For the loading, displacement control was used in the 

simulation and the target displacement was taken as 3 inches. The displacement was 

applied smoothly in the simulation. For the element, the C3D8R a three-dimensional 

solid brick element was chosen. The mesh size was selected based on a sensitivity study. 

Based on this study, the minimum mesh size was applied at the location around the bolts 

holes was approximately 0.03 inch. Figure 6.5 shows the actual and simulated test 

specimens.  

              
(a) Test specimen of twin bolt connection (Yu 2006) (b) Simulation of twin bolt connection in 

ABAQUS 

Figure 6.5: Actual and simulated test specimen of twin bolt connection 

 

Figure 6.6 shows the test specimen and simulated test specimen after fracture. The 

simulation predicted a block shear failure in the plate, which was also observed in the 
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actual specimen. However, the fracture patterns are somewhat different between the test 

and simulation. In the test specimen, the plate at the left bolt hole exhibited both shear 

and tensile fractures. In the simulation, only a shear fracture was observed near the left 

bolt hole. In addition, the holes are not stretched as much in the test as in the simulated 

results. In the simulated results, necking around the edge of hole was observed, whereas 

necking did not appear to occur in the test specimen.  Bolt fracture was not observed in 

either the test or the simulation, as illustrated in Figure 6.7.  

 

               
(a) Failure mode of plate in test (Yu 2006)     (b) Failure mode of plate in simulation 

Figure 6.6: Comparison of failure mode of plate between test and simulation with ductile 

fracture 

 

                            
(a) Bolts at end of test (Yu 2006)        (b) Bolts at end of simulation 

Figure 6.7: Comparison of bolts between test and simulation 



 

Figure 6.8 compares the load

the simulation. The simulation, using the ductile fracture criterion in ABAQUS, 

significantly overestimated the inelastic deformation capacity. 

Figure 6.8: Load versus displacement for twin bolt connecti

 

For this example, the ductile fracture criterion provided a reasonably inaccurate 

prediction of the load-displacement behavior of the connection. In the remainder of this 

chapter, the ability to simulate steel connection behavior us

will be examined. 

 

6.2.2 Overview of Shear Fracture Model 

The shear fracture criterion in ABAQUS is based on the fracture initiation model 

by Hooputra et al (2004). 

compressive, tensile and shear tests on aluminum alloy EN AW

plotted the shear stress ratio versus equival
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Figure 6.8 compares the load-displacement measured in the test and predicted by 

the simulation. The simulation, using the ductile fracture criterion in ABAQUS, 

significantly overestimated the inelastic deformation capacity.  

8: Load versus displacement for twin bolt connection test and simulation

For this example, the ductile fracture criterion provided a reasonably inaccurate 

displacement behavior of the connection. In the remainder of this 

chapter, the ability to simulate steel connection behavior using the shear fracture criterion 

of Shear Fracture Model  

The shear fracture criterion in ABAQUS is based on the fracture initiation model 

by Hooputra et al (2004). The derivation of this model was based on a series of 

pressive, tensile and shear tests on aluminum alloy EN AW-7108 T6.  Hooputra 

plotted the shear stress ratio versus equivalent plastic strain at fracture from those tests 

isplacement measured in the test and predicted by 

the simulation. The simulation, using the ductile fracture criterion in ABAQUS, 

 

on test and simulation 

For this example, the ductile fracture criterion provided a reasonably inaccurate 

displacement behavior of the connection. In the remainder of this 

ing the shear fracture criterion 

The shear fracture criterion in ABAQUS is based on the fracture initiation model 

based on a series of 

7108 T6.  Hooputra 

from those tests 
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and found out that a hyperbolic function provided a good fit (Figure 6.9). Based on this 

work, Hooputra et al (2004) proposed the following fracture initiation criterion: 
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Where, 

criticalp,ε  = equivalent plastic strain at fracture 

+
sε = equivalent plastic strain at fracture in equibiaxial tensile loading 

−
sε = equivalent plastic strain at fracture in equibiaxial compressive loading 
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φ max=                                                                          (6.3)                                                          

sk42 −=+θ   (shear stress ratio in equibiaxial tensile loading)                    (6.4)                            

sk42 +=−θ   (shear stress ratio in equibiaxial compressive loading)              (6.5)                                  

1.0=sk  (material parameter for metal) 
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Figure 6.9: Shear fracture model derived by Hooputra from aluminum tests (Hooputra et 

al 2004) 

 

In Hooputra's model, θ is the shear stress ratio which is function of the hydrostatic 

stress and shear stress at a point. In Eq.6.4 and Eq.6.5, θ
+
 and θ

-
 are the shear stress ratio 

in equibiaxial tensile loading and equibiaxial compressive loading respectively. 

Correspondingly, εs
+
 and εs

-
 represent the equivalent plastic strain at fracture in an 

equibiaxial tensile test and an equibiaxial compressive test respectively. The parameter f 

is an orientation dependent parameter which depends on the angle between the direction 

of loading and the direction of first principal strain ε1 (Hooputra et al 2004). According to 

Hooputra's investigations, if the material is isotropic, the parameter f can be defined as 

constant. The parameter ks is material dependent, and for metal, ks can be taken as 0.1 

(Hooputra et al 2004). Table 6.1 lists derived material parameters for aluminum alloy. 
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Although the parameters are for aluminum, these data are used as a reference to 

determine fracture parameters for structural steel in the following sections. 

 

Shear Fracture 

Parameter 

Quasi-

Static  

Dynamic 

(Approximate Strain 

Rate 250 s
-1

) 

εs
+ 

0.26 0.35 

εs
- 

4.16 1.2 

f 4.04 2.05 

Table 6.1: Material parameters in for shear fracture model for quasi-static and dynamic 

loading for aluminum EN AW-7108 T6. (Hooputra et al 2004) 

6.2.3 Shear Fracture Model Applied to Structural Steel 

The shear fracture model parameters s derived by Hooputra et al (2004) were for 

an aluminum alloy. Based on a review of the literature, there appears to be no test data or 

recommendations for shear fracture model parameter for structural steel, either at room 

temperature or at elevated temperatures. Thus, for this research, some parameters will be 

estimated from previous work on aluminum alloy and some parameters will be derived 

from finite element analysis of elevated temperature connection tests. Since the material 

parameter ks can be taken as 0.1 for most of metals (Hooputra et al 2004), the shear stress 

ratio θ
+
 at equibiaxial tensile loading and θ

- 
at

 
equibiaxial compressive loading can be 

computed from Eqs. 6.4 and 6.5. The parameters εs
+
 and εs

-
 are the equivalent plastic 

strain at fracture under equibiaxial tensile loading and under equibiaxial compressive 

loading respectively. These parameters can be measured directly from equibiaxial tensile 

and compressive tests. However, as noted above, such test data is not available for 

structural steel at room or at elevated temperature. In this research, simulation of elevated 

temperature connection tests reported in the literature will be used to estimate these 

parameters. According to Hooputra et al (2004), the value of the parameter f is quite 
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similar for all isotropic metals. Therefore, for structural steel under quasi-static loading 

this parameter will be taken as 4 and for dynamic loading, will be taken as 2 (Table 6.1). 

Thus, with these assumptions, if shear fracture model is used for steel, the only 

parameters required are εs
+
 and εs

-
. Calibration of εs

+
 and εs

-
 is explained in the following 

part. 

Another problem in utilizing the shear fracture model is to determine how the 

model parameters vary with temperature. In Hooputra's tests, all of the work was at room 

temperature. In this research, the parameters ks and f are assumed constant with 

temperature, whereas the parameters εs
+
 and εs

-
 will be calibrated at various elevated 

temperatures. The applicability of these assumptions and calibrations will be evaluated by 

comparing model predictions with results of tests not used in the calibration process. 

Ultimately, high temperature material tests specifically designed to establish shear 

fracture model parameters for structural steel are needed to further define and validate the 

model. 

 

6.3 CALIBRATION OF SHEAR FRACTURE MODEL PARAMETERS FOR 

STRUCTURAL STEEL AT ROOM TEMPERATURE 

6.3.1 Estimation of Shear Fracture Model Parameters for Structural Steel at Room 

Temperature 

Notched bar results from Chapter 5 will be utilized to estimate the shear fracture 

model parameters εs
+
 and εs

-
 for structural steel at room temperature. Based on 

investigation of notched bar tests, ductile fracture dominates the failure mode in the 

center of the notched zone, while the shear fracture dominates the failure mode around 

the outer surface of the notched area (Figure 6.10). Therefore, the stress and strain state 

located at outer elements of the simulated specimen should be useful to calibrate the 
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shear fracture model. Using stress and strain values obtained from simulated results for 

elements close to the outer surface, the shear fracture model parameters εs
+
 and εs

-
 can be 

estimated. However, the stress and strain values should be obtained at the step after 

ductile fracture initiation, because shear fracture occurs after ductile fracture initiates 

(Kanvinde 2004). This approach is approximate due to uncertainty in determining the 

step at which shear fracture occurs, so verification of calibrated εs
+
 and εs

-
 is required. 

The procedure for estimating εs
+
 and εs

-
 is described below. 

 

Figure 6.10: Photo of ductile fracture (center region of fracture) and shear fracture (outer 

region of fracture) (Kanvinde and Deierlein 2004) 

 

 The first step is obtain the state of stress and strain from simulation of notched 

bar tests at the initiation of shear fracture for the outer elements of the notch region.   
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Figure 6.11: Calibration of shear fracture model parameters from notched bar test with 

notch size 0.125 inch 

 

In this step, the outer region elements are examined to obtain the shear stress ratio 

and equivalent plastic strain. The shear stress ratio is obtained from Eq. 6.1. Shear 

fracture initiation is estimated to occur one step after ductile fracture initiation which is 

taken as the point of rapid reduction in load. The shear stress ratio is then calculated from 

the principle stress and maximum shear stress, and the equivalent plastic strain can be 

output directly from ABAQUS.  Figures 6.11 and 6.12 show the ABAQUS models of 

the notched bars with notch radii of 0.125 inch and 0.06 inch. The resulting shear stress 

ratio and equivalent plastic strain at initiation of shear fracture are shown in Tables 6.2 

and 6.3 for the notched bar tests with radii of 0.125 inch and 0.06 inch, respectively. 

 

 

Table 6.2: Calculation of shear stress ratio and equivalent strain for R=0.125 inch 
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Figure 6.12: Calibration of shear fracture model parameters from notched bar test with 

notch size 0.06 inch 

 

 

Table 6.3: Calculation of shear stress ratio and equivalent strain for R=0.06 inch 

As a next step, the results from the analysis described above are used to calculate 

the parameters of the shear fracture model in Eq. 6.1. Thus, the calculated shear stress 

ratio and equivalent plastic strain are input in Eq. 6.1, and two equations with unknown 

variables εs
+
 and εs

-
 are established. 

4.0
]2.3sinh[

)]6.16.1(4sinh[)]4.26.1(4sinh[
==

−

−+− −+

eq
ss ε

εε
                                (6.6)                                 
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Where, 

6.11.04242 =×−=−=+
skθ       

4.21.04242 =×+=+=−
skθ       

0.4=f  

Finally, the shear fracture model function Eq. 6.1 with derived parameters for 

structural steel at room temperature can be expressed as follows: 

 

]2.3sinh[

)]4.2(4sinh[9)]4.2(4sinh[4.0

]2.3sinh[

)]6.1(4sinh[)]4.2(4sinh[

−
−+−

=
−

−+−
=

−+ θθθεθε
ε ss

eq   (6.8)               

In the next section, this model (Eq. 6.8) will be evaluated by conducting 

simulations of several room temperature tests on steel connections reported in the 

literature.  

 

6.3.2 Evaluation of Shear Fracture Model Parameters for Structural Steel at Room 

Temperature 

6.3.2.1 Simulation of Single Bolt Connection from Richard et al (1980) 

To evaluate the derived shear fracture model parameters at room temperature, 

different types of steel connections will be simulated and compared with test results. The 

first simulation is for single bolt connection test reported by Richard et al (1980).  

The dimensions of the tested single bolt connection are illustrated in Figure 6.13. 

The connection consisted of two plates connected by a single bolt. The bolt was 3/4 inch 

diameter and the hole was 13/16 inch diameter. One plate was 3/8 inch thick and the 
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second plate was of 1/2 inch thick. The test specimen was designed so that bolt shear 

fracture was the controlling failure mode.  

 

Figure 6.13: Single bolt connection test specimen from Richard's tests (Hu 2011) 

 

The same specimen was then simulated in the ABAQUS/Explicit solver (Figure 

6.14). The specimen used A36 plates and an A325 bolt. The material properties of these 

elements were obtained from the results reported by Harmathy- Stanzak (1970) and 

Kodur et al (2012) respectively. Harmathy and Stanzak tested A36 steel at different 

temperatures including room temperature. True stress-strain curves for A36 steel was 

then developed from the engineering stress-strain curves reported by Harmathy- Stanzak 

before necking. After necking, the relation of true stress-strain was obtained from the 

results in Chapter 4.  For the bolt material properties, the true stress-strain curve for 

simulation was developed from the engineering stress-strain curve from Kodur et al 

(2012) based on the method described in Chapter 4. The shear fracture model parameters 

used in the simulation are those shown in Eq. 6.8. Both the plates and the bolt were 

modeled using the C3D8R three-dimensional solid brick element. Based on the mesh 

sensitivity study, the minimum mesh size was taken as approximately 0.03 inch. For the 



 

boundary conditions, one end of specimen 

other end was assigned a target 

 

Figure 6.14: ABAQUS model 

 

After analysis was completed

was performed. Figure 6.15 

testing. Both the test and simulation show bearing deformations at the bolt hole.
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, one end of specimen was fixed for all degrees of freedom while the 

a target displacement of 3 inches. 

ABAQUS model of single bolt connection from Richard's test 

was completed, a comparison between test and simulation results 

 shows photos of the test plates and simulated plates after 

t and simulation show bearing deformations at the bolt hole.

of freedom while the 

 

between test and simulation results 

shows photos of the test plates and simulated plates after 

t and simulation show bearing deformations at the bolt hole. 
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Figure 6.15: Comparison of plate failure mode from Richard's test and simulation results 

The ABAQUS simulation predicted bolt shear fracture, which was the failure 

mode observed in the test (Figure 6.16). Note that Richard et al (1980) only provided a 

sketch of the final failure, but did not include a photo of the bolt. 

 

                   
(a) Sketch of failure mode from Richard's test (Richard et al1980)    (b) ABAQUS simulation 

results 

Figure 6.16: Comparison of bolt failure mode from Richard's test and simulation results 

Figure 6.17 compare the overall load-displacement response of the connection 

from the test data and from the simulation. The test data did not capture the descending 

portion of the curve. However, it captured the maximum load capacity for this connection 

which was approximately 33 kips. The loading capacity of connection from the 

simulation is quite close to that in tests. Since the final portion of the load-displacement 

curve is not reported in the test, it cannot be compared with the simulation.  



 

Figure 6.17: Comparison of force versus displacement curve between Richard's testing 

results and simulation results

From this example, 

mode, the peak strength, and the load

displacement reported in the tests. This agreement provides some confidence in the 

model. However, it was not possible to evaluate the prediction of the full l

displacement response from this test.

6.3.2.2 Simulation of Single Bolt Connection from Yu (2006)

Another single bolt connection 

room temperature. This connection 

failure. As shown in Figure 6.18, the length of connection is 21 inches; width is 
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Comparison of force versus displacement curve between Richard's testing 

results and simulation results 

From this example, the simulation was able to capture the controlling failure 

mode, the peak strength, and the load-displacement response up to the maximum 

displacement reported in the tests. This agreement provides some confidence in the 

model. However, it was not possible to evaluate the prediction of the full l

displacement response from this test. 

6.3.2.2 Simulation of Single Bolt Connection from Yu (2006) 

Another single bolt connection was simulated based on a test by Yu

room temperature. This connection specimen was designed for the plate bearing

As shown in Figure 6.18, the length of connection is 21 inches; width is 

 

Comparison of force versus displacement curve between Richard's testing 

ontrolling failure 

displacement response up to the maximum 

displacement reported in the tests. This agreement provides some confidence in the 

model. However, it was not possible to evaluate the prediction of the full load-

Yu (2006) at 

bearing tear-out 

As shown in Figure 6.18, the length of connection is 21 inches; width is 
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approximately 6 inches and the thickness of plates are 3/8 inch. The plates were 

connected by a 7/8 inch A325 bolt in a 15/16 inch diameter hole. There were two 

additional holes drilled in the plates for attachment to the loading equipment. 

 

 

Figure 6.18: Single bolt connection specimen by Yu (2006) 

The same specimen was also simulated in the ABAQUS/Explicit solver (Figure 

6.19). The plate was simulated with Grade50 steel. The true stress-strain curve for Grade 

50 structural steel was obtained from Chapter 3 directly. For the A325 bolt, the 

engineering stress strain curve was obtained from Kodur et al (2012) curve, and 

converted into a true stress-strain curve.  The shear fracture criterion based on the Eq.6.8 

was used for the connection plates and bolt. C3D8R elements were used with a minimum 

mesh size of 0.03 inch. For the boundary conditions, one end of specimen was for all 

degrees of freedom while the other end was assigned a target displacement of 5 inches. 
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Figure 6.19: Single bolt connection test setup from Yu's tests (Yu 2006) and simulation in 

ABAQUS 

The ultimate failure mode of this specimen was bearing tear-out. Figure 6.20 

shows a photo of the plate after testing and the ABAQUS simulation of the plate. The 

fracture pattern predicted in the simulation reasonably matched that observed in the test, 

although there some difference. 

 

                   

Figure 6.20: Comparison of plate failure mode from Yu's test (Yu 2006) and simulation 

result 



 

Figure 6.21 shows the load

with the ABAQUS prediction.  The peak capacity is predicted well by the model, 

although the simulation predicts a somew

descending portion of the curve. Nonetheless, the overall load

predicted reasonably well.  

Figure 6.21: Comparison of force versus displacement curve between

simulation 

6.3.2.3 Simulation of Two Bolt Connection from Jo (2006)

In this section, a two bolt connection 

further evaluate the shear fracture model for structural steel at 

specimen is shown in Figure 6.

joint. The fixture joint was used to attach the loading apparatus to the specimen, and was 

designed to remain essentially elastic in the test. The

specimen, was the focus of the test, and was modeled in detail
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Figure 6.21 shows the load-displacement curve measured in the test compared 

with the ABAQUS prediction.  The peak capacity is predicted well by the model, 

although the simulation predicts a somewhat more rapid loss in capacity in the 

descending portion of the curve. Nonetheless, the overall load-displacement behavior was 

Comparison of force versus displacement curve between test Yu (2006) and 

.3.2.3 Simulation of Two Bolt Connection from Jo (2006) 

two bolt connection test reported by Jo (2006) is 

the shear fracture model for structural steel at room temperature. The 

is shown in Figure 6.22.  The specimen includes the fixture joint and 

was used to attach the loading apparatus to the specimen, and was 

designed to remain essentially elastic in the test. The test joint, in the center portion of the 

was the focus of the test, and was modeled in detail. The 3/8-inch thick 

displacement curve measured in the test compared 

with the ABAQUS prediction.  The peak capacity is predicted well by the model, 

hat more rapid loss in capacity in the 

displacement behavior was 

 

Yu (2006) and 

test reported by Jo (2006) is simulated to 

room temperature. The 

22.  The specimen includes the fixture joint and the test 

was used to attach the loading apparatus to the specimen, and was 

in the center portion of the 

inch thick test 
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plate was made with grade 50 steel. The bolts were ½-inch diameter grade A325 placed 

in 9/16-inch diameter holes.  The connection was designed to fail by bolt shear fracture 

for the inner bolt and by plate bearing tear-out failure at the outer bolt (Jo 2006). The 

complete setup is composed of five plates: two 1-inch plates, two grip plates, and one test 

plate. The two 1-inch plates were 17-inch long and the two grip plates were 19-inch long, 

whereas the test plate was 18-inch long. The thickness of test plates was 3/8 inch. The 

grip plates were the same thickness as the test plate to minimize eccentricities (Jo 2006). 

The 1-inch thick plates were used to enforce the plate bearing deformations and plate 

bearing failures to occur primarily in the test plates. 

 

 

Figure 6.22: Two bolt connection dimension from Jo's test (Jo 2006) 

The full test setup is shown in Figure 6.23. According to Jo's test, the five plates 

for a typical test specimen were assembled with finger-tightening of the bolts. To make 

sure that bolts were in bearing against the plates from the beginning of a test, a load of 

about 1 kip was applied and removed before the test (Jo 2006).  
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Figure 6.23: Two bolt connection testing setup from Jo's tests (Jo 2006) 

This specimen is also simulated in ABAQUS/Explicit. The finite element model 

is shown in Figure 6.24. Material properties of the grade 50 plate were obtained from 

Chapter 4. Material properties for the A325 bolts were derived from Kodur et al (2012) as 

for the connections described earlier. The shear fracture criterion from Eq. 6.8 was used 

for the bolts and the plates. C3D8R elements were used with a minimum mesh size is 

0.03 inch. For the boundary conditions, one end of the specimen was fixed for all degrees 

of freedom while the other end was assigned a target displacement of 3 inches. 

 



 

Figure 6.24: Specimen simulated in ABAQUS from Jo's test (Jo 2006)

Figure 6.25 shows the 

was observed at the outer bolt, together with significant deformation, but no fracture, 

within the bolt. The inner bolt was predicted to fail by shear fracture, with relatively 

small bearing deformation of the plate. 

 

Figure 6.25: Failure mode of specimen from Jo's test in ABAQUS simulation

To verify the failure mode 

compared with the test results.  The same failure modes were observed in the test as in 
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Specimen simulated in ABAQUS from Jo's test (Jo 2006) 

Figure 6.25 shows the simulated failure of the test joint. Bearing tear

was observed at the outer bolt, together with significant deformation, but no fracture, 

within the bolt. The inner bolt was predicted to fail by shear fracture, with relatively 

small bearing deformation of the plate.  

Failure mode of specimen from Jo's test in ABAQUS simulation

To verify the failure mode predicted by the analysis, the simulation 

compared with the test results.  The same failure modes were observed in the test as in 

 

Bearing tear-out failure 

was observed at the outer bolt, together with significant deformation, but no fracture, 

within the bolt. The inner bolt was predicted to fail by shear fracture, with relatively 

 

Failure mode of specimen from Jo's test in ABAQUS simulation 

simulation results are 

compared with the test results.  The same failure modes were observed in the test as in 
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the simulation. Figure 6.26 shows a photo of the plate after testing as well as the 

simulated plate.  

 

Figure 6.26: Comparison of plate failure mode from Jo's test (Jo 2006) and simulation 

results 

Figure 6.27 shows a photo of a fractured inner bolt from the test and also shows 

both simulated bolts. A photo of the outer bolt in the actual test specimen, which did not 

fail by shear fracture, was not available. Overall, the simulation captured the correct 

fractures observed in the test specimen: bearing tear-out at the out bolt and bolt shear 

fracture at the inner bolt. 

      

Figure 6.27: Comparison of bolt failure mode from Jo's test (Jo 2006) and simulation 

results 

Figure 6.28 compares the measured load-displacement response with that 

predicted by the simulation. The overall comparison is quite good.  



 

Figure 6.28: Comparison of force versus displacement curve between Jo (2006) 's test 

and simulation 

 

6.3.2.4 Simulation of Three bolt Connection in Axial Loading and Inclined Loading 

from Hu (2011) 

 

6.3.2.4.1 Axial Loading 

Hu (2011) performed a series of shear tab connection tests under axial tension and 

inclined tension (combined tension, shear and rotation) at room and elevated 

temperatures. Test specimens were cut from a W12×26 steel beam

Beam sections were connected to a 3/8 inch

steel using three hand tightened 

connection assembly is shown in Figure 6.29.
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Comparison of force versus displacement curve between Jo (2006) 's test 

 

6.3.2.4 Simulation of Three bolt Connection in Axial Loading and Inclined Loading 

011) performed a series of shear tab connection tests under axial tension and 

inclined tension (combined tension, shear and rotation) at room and elevated 

temperatures. Test specimens were cut from a W12×26 steel beam of ASTM A992 

connected to a 3/8 inch-thick shear tab made from A36 structural 

steel using three hand tightened ¾-inch diameter A325 bolts (Hu 2011). The details of the 

connection assembly is shown in Figure 6.29. 

Comparison of force versus displacement curve between Jo (2006) 's test 

6.3.2.4 Simulation of Three bolt Connection in Axial Loading and Inclined Loading 

011) performed a series of shear tab connection tests under axial tension and 

inclined tension (combined tension, shear and rotation) at room and elevated 

ASTM A992 steel. 

thick shear tab made from A36 structural 

bolts (Hu 2011). The details of the 
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Figure 6.29: Dimension of shear tab connection under axial loading at room temperature 

(Hu 2011) 

 Figure 6.30 shows the actual test specimen and the ABAQUS model. The 

specimen was attached to the hydraulic grips of the test machine with 3-inch thick grade 

50 steel plates. Compared to the tested specimen, the loading plates were very stiff, and 

contributed very little to the overall deformations of the specimen (Hu 2011). However, 

the 3-inch thick loading plates were included in the model to match the boundary 

conditions of the specimen. 

For the model material properties for the beam were on the grade 50 material 

properties in Chapter 4. Material properties of the A325 bolts were based on Kodur 

(2012) as before. The shear tab was ASTM A36 steel and the true stress strain curve was 

developed from the engineering stress strain curves obtained from Harmathy and Stanzak 

(1970). The shear fracture criterion in Eq. 6.8 was used for the beam, shear tab, and bolts. 

C3D8R elements were used with a minimum mesh size of 0.03 inch. For the boundary 
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conditions, one end of the specimen was fixed for all degrees of freedom while the other 

end was assigned a target displacement of 3 inches. 

 

 

 
(a) Testing setup under axial loading (Hu 2011)   (b) Connection simulation 

Figure 6.30: Test specimen by Hu (2011) and ABAQUS model for connection under 

axial loading  

Figure 6.31 shows a photo of the specimen after testing as the simulated 

specimen. The simulation predicted bearing tear-out at all three bolts, and this same 

failure mode was observed in the actual test specimen.  Figure 6.32 shows photos of the 

bolts after testing and the simulated bolts at the end of the simulation. Both the simulated 

and actual bolts did not fracture and exhibited little deformation. Figure 6.33 compares 

the measured load-displacement response with that predicted by the simulation. Overall, 

the agreement is quite good.     

 



 

(a) Specimen after testing (Hu 2011)                 

Figure 6.31: Actual and simulated specimen after testing for axial load test by Hu (2011) 

 

(a) Bolts after test (Hu 2011)                         

Figure 6.32: Actual and simulated bolts for test by Hu (2011) 
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(Hu 2011)                  (b) Simulated test specimen 

Actual and simulated specimen after testing for axial load test by Hu (2011) 

   
11)                         (b) Simulated bolts 

Actual and simulated bolts for test by Hu (2011)  

 
Simulated test specimen   

Actual and simulated specimen after testing for axial load test by Hu (2011)  

 



 

Figure 6.33: Comparison of axial force versus displacement curve between test 

2011) and simulation 

 

6.3.2.4.2 Inclined Loading 

In addition to tests on shear tab connections under axial loading, 

performed tests on the same 

tension test, the angle between the axis of the 

was 37° (Figure 6.34). To avoid having the specimens striking the wall of the furnace, the 

beam section was 2 inches shorter than those used in axial tension test.
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Comparison of axial force versus displacement curve between test 

2011) and simulation  

In addition to tests on shear tab connections under axial loading, 

performed tests on the same type of specimen under inclined loading. For

tension test, the angle between the axis of the beam segment and the loading direction 

was 37° (Figure 6.34). To avoid having the specimens striking the wall of the furnace, the 

shorter than those used in axial tension test. 

Comparison of axial force versus displacement curve between test (Hu 

In addition to tests on shear tab connections under axial loading, Hu (2011)  

For the inclined 

ding direction 

was 37° (Figure 6.34). To avoid having the specimens striking the wall of the furnace, the 
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Figure 6.34: Shear tab connection test specimen under inclined loading at room 

temperature (Hu 2011) 

The finite element analysis model of this specimen is quite similar to that used for 

the axial loading condition, except the beam was two inches shorter. The material 

properties for the inclined loading specimen were the same as for the axial loading 

specimen. Figure 6.35 shows the test specimen and the ABAQUS model. 

 

                      
(a) Testing setup for inclined loading (Hu 2011)   (b) Connection model in ABAQUS 

Figure 6.35: Test specimen by Hu (2011) and ABAQUS model for connection under 

inclined loading  
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Figure 6.36 shows the specimen and the simulated specimen after testing. Failure 

in the test specimen occurred by bearing tear-out at the bolt holes in the beam. The three 

bolt holes did not tear-out simultaneously.  Rather, the tear-out failures occurred at 

different times as a result of the inclined loading. The simulated test specimen captured 

this observed behavior.  

 

       
(a) Specimen after testing (Hu 2011)          (b) Simulated test specimen  

Figure 6.36: Actual and simulated specimen after testing for inclined load test by Hu 

(2011)  

Figure 6.37 shows the force versus displacement curve and the force versus 

rotation curve, both from the test and from the simulation. In the experimental curves, 

there are three peak loads in these plots, and the peak loads are reduced gradually. The 

three peak loads indicate the sequential failure from the three beam holes. The three 

different peak loads estimated from the tests are  80 kips, 40 kips and 27 kips 

respectively, while the peak loads estimated from simulation are 75 kips, 50 kips and 40 

kips respectively.  The first peak load is estimated with reasonable accuracy, but for the 



 

second and third peak loads the simulation results are overestimated

might come from the testing machines stiffness which is different from that simulated in 

ABAQUS.  The displacement capacity estimated from test is around 1.8 inches, while 

the results estimated from simulation is around 2.

results obtained from tests is around 0.42 and that captured from simulation is around 0.4. 

Although the load displacement and rotation plots differ somewhat between the test and 

simulation, the correct failure mode, peak load, and overall deformation cap

captured reasonably well in the simulation. 

(a) Force versus Displac

Figure 6.37: Comparison of force versus displacement curve and force versus rotation 

curve under inclined loading at room tempera

and from simulation results

 

6.3.2.5 Simulation of Web Angle

6.3.2.5.1 Overview 

Yu et al (2009) performed a series of web 

angles of inclined loading at diff

conducted at room temperature. 
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second and third peak loads the simulation results are overestimated.  The difference 

come from the testing machines stiffness which is different from that simulated in 

ABAQUS.  The displacement capacity estimated from test is around 1.8 inches, while 

the results estimated from simulation is around 2.2 inches. For the rotation capacity, the

results obtained from tests is around 0.42 and that captured from simulation is around 0.4. 

the load displacement and rotation plots differ somewhat between the test and 

simulation, the correct failure mode, peak load, and overall deformation cap

captured reasonably well in the simulation.  

(a) Force versus Displacement             (b) Force versus Rotation

force versus displacement curve and force versus rotation 

curve under inclined loading at room temperature from test by Hu

simulation results 

Angle Connections from Yu et al (2009) 

(2009) performed a series of web angle connection tests under different 

of inclined loading at different temperatures. This section examines his tests 

conducted at room temperature.  

The difference 

come from the testing machines stiffness which is different from that simulated in 

ABAQUS.  The displacement capacity estimated from test is around 1.8 inches, while 

inches. For the rotation capacity, the 

results obtained from tests is around 0.42 and that captured from simulation is around 0.4. 

the load displacement and rotation plots differ somewhat between the test and 

simulation, the correct failure mode, peak load, and overall deformation capacity were 

 
(b) Force versus Rotation 

force versus displacement curve and force versus rotation 

Hu (2011) 

connection tests under different 

This section examines his tests 
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The layout and dimensions of the tests specimens are shown in Figure 6.38. A 

UC254 ×89 section was used for the column, and the beam specimens were all from 

UB305×165×40.  The specimens were intended to be representative of U.K. design 

practice for simple framing connections between beams and columns.  Twelve 

specimens used equal leg angles of L90×8 sections for the connection, as shown in Fig 

6.38.  A connector was bolted to the end of the beam, and the load was applied to this 

connector through a pin (Yu et al 2009). 

 

 

 

Figure 6.38: Dimensions of web angle connection under inclined loading at room 

temperature (Yu et al 2009) 

The test setup is shown in Figure 6.39(a). Two 25 mm diameter 1030 Grade bars 

were used to support the column top. The link bar was pin connected to the reaction 

frame. The jack bar was connected to the head of the displacement-controlled loading 

jack. The angle between the furnace bar and the axis of the beam determined the ratio of 
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the shear and axial forces applied to the connection. The initial loading angles tested for 

each temperature case were 35
o
, 45

o
 and 55

o
. The setup was designed so that these angles 

changed during the loading process. 

To simplify the modeling work in ABAQUS, the link bar, jack bar and furnace 

bar were not simulated explicitly in the model assembly (Figure 6.39(b)). The pin 

connector is modeled with rigid body element. The inclined angle is modeled by rotating 

the assembly direction. In the ABAQUS model, material properties for the beam 

segments and angles were based on properties reported by Yu et al (2009) (Table 6.4). 

For the steel of the beam, the key parameters are: E = 176 kN/mm
2
, fy = 356 N/mm

2
, and 

fu = 502 N/mm
2
. For the web angle, they are: fy = 350 N/mm

2
, and fu = 455 N/mm

2
. The 

bolts were Grade 8.8. From (Yu 2009) et al, the test results of Grade 8.8 bolts from 

Theodorou (2003) are quite close to the properties of bolts used in the tests.  Therefore, 

data obtained from Theodorou (2003) was used for the ABAQUS model. The column 

was modeled as a rigid material because the column segments in the tests were subject to 

very small deformations in comparison with other components of the specimens. The 

shear fracture parameters at room temperature were based on Eq. 6.8, as was the case for 

all other simulations described above. The C3D8R element was used, as in the previous 

examples. The minimum mesh size was 2 mm. The loading was applied by displacement 

control at one end of beam. At the end of the column, a fixed boundary was applied. 
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Table 6.4: Recommended material properties of connection member from Yu's test (Yu et 

al 2009) 

 

 

 
(a) Testing setup for inclined loading (Yu et al 2009)   (b) Connection model in ABAQUS 

Figure 6.39: Test specimen by Yu et al (2011) and ABAQUS model for connection under 

inclined loading  
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6.3.2.5.2 Results
 

At room temperature, three tested connections were subjected to initial inclined 

loading angles of 35
o
, 45

o
 and 55

o
 respectively. Figure 6.40 shows the specimens and 

simulated specimens after testing.  For both the test results and simulation results under 

different inclined loadings, failure was initiated by the bolt head punching through the leg 

of the angle on the column face. A block-shear fracture then developed from the bolt hole 

towards the top of angle. The two angles underwent a significant amount of deformation. 
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(a) Test results-35

o 
loading (Yu et al 2009)           (b) Simulation results-35

o
 loading 

  
(c) Test results-45

o
 loading (Yu et al 2009)        (d) Simulation results-45

o
 loading 

   
(e) Test results-55

o
 loading (Yu et al 2009)      (f) Simulation results-55

o
 loading 

Figure 6.40: Actual and simulated specimens after testing for inclined load tests by Yu et 

al (2009)  
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From Figure 6.41, it is observed that the web angles from the tests underwent 

more significant deformations than that from the simulation for the 35 degree inclined 

loading. For the 45 and 55 degree inclined loadings, the extent of damage of the angles in 

the simulation were quite close to that observed in the tests. In general, the failure modes 

were captured by the simulations reasonably well.  
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(a) Angle failure from test-35

o 
loading (Yu et al 2009) (b) Angle failure from simulation-

35
o
loading 

          
(c) Angle failure from test-45

o 
loading (Yu et al 2009) (d) Angle failure from simulation-

45
o
loading        

    
(e) Angle failure from test-55

o 
loading (Yu et al 2009) (f) Angle failure from simulation-

55
o
loading 

 

Figure 6.41: Comparison of failure mode of web angles of connection tests under 

different inclined loadings at room temperature from Yu et al (2009) and 

from simulation  
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Figure 6.42 shows photos of the beam segments after testing, and the 

corresponding simulations. For the 35 degree loading case, the bolt hole in the actual 

beam member shows bearing type deformation and the extent of deformation of the first 

hole on the top is more significant than that of the other holes. From the simulation 

results in Figure 6.42(b), the bolt holes also exhibit bearing type deformations, but the 

first bolt hole is already torn off by the bolts. From testing results under 45 and 55 degree 

inclined loading in Figure 6.42(c) and (e), the first hole near top is subjected to the largest 

bearing deformation, but a tear-out failure is not observed in test beams. The simulation 

results from Figure 6.42(d) and (f) show similar results as the tests.  
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(a) Beam from test-35

o
loading (Yu et al 2009)   (b) Simulated beam -35

o
loading 

  
(c) Beam from test-45

o
loading (Yu et al 2009)   (d) Simulated beam -45

o
loading 

   
(e) Beam from test-55

o
loading (Yu et al 2009)   (f) Simulated beam-55

o
loading 

Figure 6.42: Comparison of failure modes in the beam segment of tests at room 

temperature from Yu et al (2009) tests and from simulation  



 

Figure 6.43 shows comparison

and simulations. The test and simulation 

case. The peak capacity predicted by 

the tests.  

(a) Force versus Rotation 

(c) Force versus Rotation - 55

Figure 6.43: Comparison of force versus rotation 

(2009) and from 

6.3.3 General Observation 

In this section, several tests and simulations were utilized to verify 

temperature shear fracture model pa

observed that the parameters of 0.4 and 9 for 

data at room temperature quite well. The verification of the parameters are based on 
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Figure 6.43 shows comparisons of reaction force versus rotation between the tests 

test and simulation curves are quite close for each inclined loading 

apacity predicted by the simulations is quite similar to that obtained from 

(a) Force versus Rotation - 35
o
 loading      (b) Force versus Rotation - 45

 
55

o
 loading                  

: Comparison of force versus rotation between test results from Yu et al 

from simulation results 

 

In this section, several tests and simulations were utilized to verify 

shear fracture model parameters derived from notched bar tests. It is 

he parameters of 0.4 and 9 for εs
+
 and εs

-
 respectively fit most of the testing 

data at room temperature quite well. The verification of the parameters are based on 

between the tests 

each inclined loading 

is quite similar to that obtained from 

 
45

o
 loading                  

from Yu et al 

In this section, several tests and simulations were utilized to verify the room 

rameters derived from notched bar tests. It is 

respectively fit most of the testing 

data at room temperature quite well. The verification of the parameters are based on 
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observed failure modes, load capacity and deformation capacity. It is useful to note that 

the same set of fracture parameters, derived from notched bar tests on Grade 50 steel, 

worked well in predicting fracture over a wide range of experiments with a wide range of 

materials. Using these fracture parameters worked well in predicting fractures in mild 

carbon structural steels, with specified yield stress values in the range of 36 to 50 ksi. 

However, these fracture parameters also worked well in predicting fractures in high 

strength bolts, with a specified tensile strength of 120 ksi. This suggests that choice of 

shear fracture model parameters is not highly sensitive to small changes in steel 

properties. In the next section, the parameters of the shear fracture model are calibrated to 

simulate structural steel at higher temperatures.  

 

6.4 CALIBRATION OF SHEAR FRACTURE MODEL PARAMETERS FOR 

STRUCTURAL STEEL AT ELEVATED TEMPERATURES 

6.4.1 Estimation of Shear Fracture Model Parameters for Structural Steel at 

Elevated Temperatures 

6.4.1.1 Approach of Estimation of Shear Fracture Model Parameters 

No data was found in the literature on notched bar tests on structural steel at 

elevated temperature that can be used to calibrate the shear fracture model parameters. 

Therefore, in this research, shear fracture model parameters will be estimated using a trial 

and error process based on simulations of available elevated temperature tests on bolted 

steel connection subassemblies. Simulations of connection tests will be conducted using 

different fracture parameters until the simulation reasonably agrees with test 

measurements and observations. Subsequently, these derived parameters will be 

evaluated by conducting simulations of other experiments that were not used in the 

parameter calibration process. 
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6.4.1.2 Shear Tab Connection Tests at Elevated Temperature from Hu (2011) 

6.4.1.2.1 Overview 

As explained in the Section 6.3.2, Hu (2011) performed a series of tests on steel 

connection assemblies at room temperature and at elevated temperatures under axial 

loading and inclined loading.  In this section, the performance of steel connections at 

elevated temperatures from tests and simulations are studied.  In Hu's tests, connection 

specimens were heated up to a target temperature and then loaded to failure while 

maintaining the same temperature (Hu 2011). The results of tests and simulations shown 

in this section are for temperatures of 400°C, 500°C and 700°C. 

The dimensions of the specimen tested under axial loading for elevated 

temperatures is same as that at room temperature (Figures 6.29 and 6.30). For simulation, 

the process of modeling is similar to that at room temperature. The only thing that was 

the material properties at elevated temperature and the fracture model parameters. For 

example, the material properties for the beam section, shear tab and bolts are obtained 

from the engineering stress strain curves of Grade 50 steel, ASTM A36 steel and A325 

bolt at the specific test temperature, and then converted to true stress-strain curves. 

Parameters of the shear fracture model at elevated temperatures were obtained by trial 

and error. 

 

6.4.1.1.2 Axial Loading 

The best fitting parameters for εs
+
 and εs

-
 in the shear fracture model to simulate 

Hu's connection test at 400°C are 0.2 and 4 respectively. For both 500°C and 700°C, the 

derived fracture parameters for εs
+
 and εs

-
 are approximately 1 and 9 respectively. 

Therefore, the derived parameters, in general, appear to increase with temperature. From 

simulations with these derived parameters, failure modes of the beam at different 

temperatures are shown in Figure 6.44. At 400
o
C, the failure model of the beam is 
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dominated by bearing tear-out failure. At 500
o
C and 700

o
C, the beam exhibited only 

minor bearing deformations at the bolt holes.  The same behavior in the beams was also 

observed in the tests, as seen in the photos in Figures 6.45(a), (c) and (e). 

 

   
  (a) Beam in test - 400

o
C (Hu 2011)            (b) Beam in simulation- 400

o
C 

 
 (c) Beam in test - 500

o
C (Hu 2011)                 (d) Beam in simulation- 500

o
C

       
(e) Beam in test - 700

o
C (Hu 2011)                 (f) Beam in simulation- 700

o
C 

Figure 6.44: Comparison of tested and simulated beams in axial load tests by Hu (2011) 

at elevated temperature. 
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By comparing bolts between the tests and simulations at different temperatures, it 

is observed that bolts at 400
o
C in both the tests and in the simulations were subjected 

limited permanent deformations, but did not fracture (Figures 6.45(a) and (b)).  At both 

500
o
C and 700

o
C, the bolts fractured in both the tests and in the simulations. (Figures 

6.45(c) to (f)). Thus, using the derived fracture parameters in the simulations reasonably 

captured the observed failure modes. Note that as was the case at room temperature, the 

same fracture parameters were used for all connection elements (beam, shear tab, and 

bolts) at elevated temperature.  
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(a) Deformation of bolt in test- 400

o
C (Hu 2011)    (b) Deformation of bolt in simulation- 400

o
C 

    
(c) Bolt shear failure in test- 500

o
C (Hu 2011)       (d) Bolt shear failure in simulation- 500

o
C 

    
(e) Bolt shear failure in test- 700

o
C (Hu 2011)   (f) Bolt shear failure in simulation- 700

o
C 

Figure 6.45: Comparison of tested and simulated bolts in axial load tests by Hu (2011) at 

elevated temperature.     

 

Figure 6.46 shows the comparison between tests and simulations for axial force 

versus displacement curves at different temperatures for the axial loading tests by Hu 



 

(2011). The overall behavior, including maximum load and deformation capacity, was 

captured quite well by the simulations.

(a) Axial force versus displacement

(c) Axial force versus displacement

Figure 6.46: Comparison of axial force versus displacement curve

axial loading at elevated temperatures from 

simulation results

 

 

6.4.1.2.3 Inclined Loading 

A similar connection assembly 

loading at 400°C, 500°C and 700°C. In this 

model derived from simulations 

temperature condition, as described in the previous section,
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The overall behavior, including maximum load and deformation capacity, was 

ptured quite well by the simulations. 

(a) Axial force versus displacement-400
o
C    (b) Axial force versus displacement

 
) Axial force versus displacement-700

o
C 

Comparison of axial force versus displacement curves of connection

axial loading at elevated temperatures from tests by Hu (2011) test and from 

simulation results 

similar connection assembly was also tested by Hu (2011) under inclined 

loading at 400°C, 500°C and 700°C. In this section, the parameters of the shear fracture 

model derived from simulations of connections under axial loading 

, as described in the previous section, are used to simulate fracture

The overall behavior, including maximum load and deformation capacity, was 

 
) Axial force versus displacement-500

o
C 

of connections under 

test and from 

under inclined 

shear fracture 

under axial loading under each 

are used to simulate fracture 
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of specimens under inclined loading. Therefore, the model parameters derived from the 

axial loading tests will be evaluated using the same models of tests under inclined 

loading. The material properties and fracture model parameters for each temperature are 

the same as those used for simulation of connections under axial loading. The only 

modification is the loading direction.  

Figure 6.47 shows the actual and simulated specimens after testing. At all three 

temperatures, failure occurred by bolt shear fracture, both in the test specimens and in the 

simulations. At 400°C under axial loading, failure occurred by bearing tear-out in the 

beam rather than by bolt shear fracture (Figure 6.44(a)). Under inclined loading at 400°C, 

bolt shear fracture was observed rather than bearing tear-out. This change in failure mode 

between the axial load test and inclined test may be due to the large bearing edge distance 

in the inclined specimen. This change in failure mode observed in the tests was also 

observed in the simulations. 
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(a) Test Specimen - 400

o
C (Hu 2011)        (b) Simulated test specimen 400

o
C 

                   
(c) Test specimen- 500

o
C (Hu 2011)         (d) Simulated test specimen- 500

o
C 

                               
(e) Test specimen- 700

o
C (Hu 2011)          (f) Simulated test specimen 700

o
C 

Figure 6.47: Comparison of tested and simulated connections from inclined load tests by 

Hu (2011) at elevated temperature.  
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Figure 6.48 shows plots of load versus displacement and load versus rotation for 

each inclined loading test and simulation. At 400
o
C (Figure 6.48(a) and (b)), it is seen 

that only two peak loads can be observed from the test while three different peak loads 

can be found in the simulation results. At 500
o
C (Figure 6.48(c) and (d)), both tests and 

simulations captured three different peak loads. At 700
o
C (Figure 6.48(e) and (f)), only 

two peak loads are captured by both tests and simulations. For all temperature cases, the 

first loading peak obtained from the simulations are somewhat below the test values. For 

the second loading peak or third loading peak, at 400
o
C and 500

o
C, the peak loads are 

overestimated by the simulations. At 400
o
C, the displacement and rotation capacity are 

overestimated by the simulations. At both 500
o
C and 700

o
C, displacement and rotation 

capacities from simulations are quite close to that from the tests. In general, the failure 

mode and prediction of connection capacity are captured reasonably well in the 

simulations. However, some errors still exist in comparing the simulations with the test 

results. Improvement is still required in further research.  
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(a) Force versus Displacement-400

o
C           (b) Force versus Rotation-400

o
C 

 
(c) Force versus Displacement-500

o
C           (d) Force versus Rotation-500

o
C 

    
(e) Force versus Displacement-700

o
C           (f) Force versus Rotation-700

o
C 

Figure 6.48: Comparison of force versus displacement and force versus rotation for 

connections under inclined loading at elevated temperatures from tests by 

Hu (2011) and from simulations 

 

6.4.1.2.4 Summary 

Table 6.5 summarizes load and deformation capacities measured in the axial and 

inclined load tests by Hu (2011) and those predicted in the simulations. In general, the 
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peak loads and deformations measured in the tests are reasonably close to the simulation 

results. Some differences are apparent in the inclined loading case where there is a 

sequential failure of bolts. For the inclined loading case, the second load peak and third 

load peak from test is usually smaller than that from simulation results. It is observed that 

the maximum load capacity for both the axial loading and inclined loading condition is 

decreased with increasing temperature, as expected. For inclined loading, sequential peak 

loads are observed from test results and from simulation results; and the peak loads are 

decreased gradually with increasing displacement and rotation. The exception is the case 

at 700
o
C, where it is observed that the effect of sequential failure is less apparent.  

 

 

Table 6.5: Comparison of estimated capacity of shear tab connections from tests by Hu 

(2011) and from simulations 

Table 6.6 lists the ultimate failure modes observed in the tests by Hu (2011) and 

the failure modes predicted by the simulations. The simulations were very successful in 

predicting the observed failure modes.  
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Temperature 

Failure Mode Failure Mode 

Under Axial Loading Under Inclined Loading 

Test Simulation Test Simulation 

20 
o
C 

Beam 

Bearing Tear-

out 

Beam 

Bearing 

Tear-out 

Beam 

Bearing 

Tear-out 

Beam Bearing 

Tear-out 

400 
o
C 

Beam 

Bearing Tear-

out 

Beam 

Bearing 

Tear-out 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

500 
o
C 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

700 
o
C 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

Bolt Shear 

Fracture 

Table 6.6: Comparison of failure modes of observed in Hu (2011) tests and 

corresponding simulations 

 

The derived shear fracture parameters are shown in Table 6.7. It is observed that 

the parameters are reduced at 400
o
C but increased significantly after 500

o
C.  It appears 

that for temperatures beyond 500
o
C, the same fracture model parameters can be used. 

This observation, however, requires further validation. Also, as was the case at room 

temperature, the same fracture parameters were used for the beams, shear tabs, and high 

strength bolts at elevated temperatures. Thus, these fracture parameters appear over a 

range of different steel types and strength levels.   
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Shear 

Fracture 

Parameters 

Temperature 

20
o
C 400

o
C 500

o
C 700

o
C 

εs+ 0.4 0.2 1 1 

εs- 9 4 9 9 

f 4 4 4 4 

Table 6.7: Shear fracture parameters derived from tests by Hu (2011) and simulation 

6.4.1.3 Web Cleat Connection Tests at Elevated Temperatures from Yu et al (2009) 

6.4.1.3.1 Overview 

In the previous section, connection tests by Yu et al (2009) were studied for 

evaluation of shear fracture parameters at room temperature. Yu also performed a series 

of tests under different inclined loading angles at elevated temperatures. In this section, 

the test data of different temperature cases from Yu et al (2009) are studied to evaluate 

the shear fracture model parameters at elevated temperatures. The temperatures tested in 

the work by Yu et al (2009) are 450
o
C, 550

o
C and 650

o
C; and the initial angle of loading 

are 35
o
, 45

o
 and 55

o
.  

The test specimen and setup at elevated temperature was identical to that at 

ambient temperature (Figures 6.38 and 6.39), except that a furnace was used to heat the 

connection specimen up to the target temperature and then the specimen was loaded to 

failure. The material properties of the beam and web angles was obtained from Table 6.4. 

The column was assumed to be much stiffer than beam and web cleat. The material 

properties of bolts were derived from Theodorou (2003). The modeling process of 

connection at elevated temperature is similar to that at ambient temperature. The only 

changes were in the material properties and fracture model parameters. 

 

 

 

 



 

6.4.1.3.2 Tests at 450
o
C 

The parameters of εs
+

temperature tests under different inclined loadings are 0.2 and 4 respectively. 

these were determined by a trial and error process so that the simulation results matched 

well with the observed and measured test results.   T

the same as those derived from Hu's tests at 400°C. Figure 6.

connections after failure these

loadings. Fracture of the web angles 

 

(a) 35 degree inclined loading      

            (c) 55 degree inclined loading

Figure 6.49: Deformation of web 

loadings from simulations
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+
 and εs

-
 for the shear fracture model derived from 

under different inclined loadings are 0.2 and 4 respectively. 

these were determined by a trial and error process so that the simulation results matched 

well with the observed and measured test results.   The parameters obtained at 450°C are 

derived from Hu's tests at 400°C. Figure 6.49 shows the 

s after failure these fracture parameters at 450°C with different inclined 

of the web angles is observed clearly from the simulated results.

(a) 35 degree inclined loading                     (b) 45 degree inclined loading

 
(c) 55 degree inclined loading 

Deformation of web angle connection at 450°C under different inclined 

loadings from simulations 

shear fracture model derived from the 450°C 

under different inclined loadings are 0.2 and 4 respectively. As before, 

these were determined by a trial and error process so that the simulation results matched 

ned at 450°C are 

shows the simulated 

fracture parameters at 450°C with different inclined 

lated results. 

 
(b) 45 degree inclined loading 

connection at 450°C under different inclined 
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The details of failure modes of the web angles at 450°C with different inclined 

loadings are illustrated in Figure 6.50. From the test results with the 35 and 45 degree 

inclined loadings, it is seen that fracture occurs at the heels of the angles.  From the 

simulation results for the corresponding inclined loading condition, fracture of one of the 

angles initiates at the center of the bolt holes and the fracture of the other angle occurs at 

the heel of the angle. From the tests results and simulation results with 55 degree inclined 

loading, both web angles undergo fracture at the heels of the angles. 
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(a) Angle failure from test-35

o
loading (Yu et al 2009)   (b) Angle failure from simulation-

35
o
loading 

    
(c) Angle failure from test-45

o
loading (Yu et al 2009) (d) Angle failure from simulation-

45
o
loading 

   
(e) Angle failure from test-55

o
loading (Yu et al 2009) (f) Angle failure from simulation-

55
o
loading 

Figure 6.50: Comparison of failure mode of web angle at 450°C under different inclined 

loadings from Yu et al (2009) tests and from simulations 

Figure 6.51 shows plots of force versus deformation measured in the tests and 

predicted by the simulations. The maximum loading capacities and maximum rotation 



 

capacities predicted by the simulati

the simulations captured the specimen response quite well.

 

(a) Force versus Rotation - 35

(c) Force versus Rotation - 55

Figure 6.51: Comparison of force versus rotation curve at 450°C under different inclined 

loadings from Yu (2009)'s test and from simulations

 

6.4.1.3.3 Tests at 550
o
C 

At 550°C, the parameters of shear fracture model ε

by Yu et al (2009) are 0.3 and 4 respectively

model parameters derived from tests by Hu (2011) at 500

the simulated connections at the end of the simulations are 

test at 450°C, at 550°C the connection failure

heels of angles.  
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simulations are reasonably close to the test results. Overall, 

the simulations captured the specimen response quite well. 

     
35

o
 loading            (b) Force versus Rotation 

 
55

o
 loading   

Comparison of force versus rotation curve at 450°C under different inclined 

loadings from Yu (2009)'s test and from simulations 

the parameters of shear fracture model εs
+
 and εs

- 
derived from 

(2009) are 0.3 and 4 respectively which are significantly different than the 

model parameters derived from tests by Hu (2011) at 500°C (Table 6.7). Overall views of 

simulated connections at the end of the simulations are in Figure 6.52. Similar to the 

450°C, at 550°C the connection failures are dominated by web angle fracture

test results. Overall, 

 
(b) Force versus Rotation - 45

o
 loading 

Comparison of force versus rotation curve at 450°C under different inclined 

derived from the tests 

are significantly different than the 

Overall views of 

Similar to the 

angle fracture at the 



 

 

(a) 35 degree inclined loading              

(c) 55 degree inclined loading

Figure 6.52: Deformation of web 

loadings from simulations

The details of failure mode

loadings, both from the tests and from the simulations, 

simulations captured the fractures observed in the tests quite well. 
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clined loading              (b) 45 degree inclined loading 

 
(c) 55 degree inclined loading 

Deformation of web angle connection at 550°C under different inclined 

loadings from simulations 

The details of failure modes of the web angles at 550°C under different inclined 

from the tests and from the simulations, are shown in Figure 6.5

simulations captured the fractures observed in the tests quite well.  

connection at 550°C under different inclined 

at 550°C under different inclined 

in Figure 6.53. The 
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(a) Angle failure from test-35

o 
loading (Yu et al 2009) (b) Angle failure from simulation-

35
o
loading 

           
(c) Angle failure from test-45

o
loading (Yu et al 2009)   (d) Angle failure from simulation-

45
o
loading 

            
(e) Angle failure from test-55

o
loading (Yu et al 2009)   (f) Angle failure from simulation-

55
o
loading 

Figure 6.53: Comparison of failure mode of web angles at 550°C under different inclined 

loadings from Yu et al (2009) tests and from simulations 



 

 

 Figure 6.54 shows plots of force versus deformation measured in the tests and 

predicted by the simulations.  The agreement between test and 

for the maximum load and deformation capacities of the connections. 

 

(a) Force versus Rotation - 

 

(c) Force versus Rotation - 55

Figure 6.54: Comparison of force versus rotation curve

loadings from Yu 

 

6.4.1.3.4 Tests at 650
o
C 

At 650°C, the parameters of shear fracture model ε

by Yu et al (2009) are 1 and 10

derived from Hu's test at 500°C and 700°C

connections at the end of the simulations are 
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shows plots of force versus deformation measured in the tests and 

predicted by the simulations.  The agreement between test and simulation is quite good 

for the maximum load and deformation capacities of the connections.  

 35
o
 loading         (b) Force versus Rotation - 

 
55

o
 loading 

force versus rotation curves at 550°C under different inclined 

loadings from Yu et al (2009) tests and from simulations 

50°C, the parameters of shear fracture model εs
+
 and εs

- 
derived from 

nd 10 respectively. These are quite close to the parameters 

derived from Hu's test at 500°C and 700°C (Table 6.7). Overall views of the simulated 

connections at the end of the simulations are in Figure 6.55. For all three inclined loading 

shows plots of force versus deformation measured in the tests and 

simulation is quite good 

 
 45

o
 loading 

at 550°C under different inclined 

derived from the tests 

the parameters 

Overall views of the simulated 

For all three inclined loading 



 

cases, the simulations predicted ultimate failure by bolt shear fracture for the bolts 

connecting the angles to the beam web, which agrees with the test observations. 

 

(a) 35 degree inclined loading      

(c) 55 degree inclined loading

Figure 6.55: Deformation of web 

loadings from simulations

Significant deformation of bolt

(c) and (d). By comparing the

and (f), it appears that deformation

observed in the tests. This may be

modeled in the simulations.  Howe

and simulation results. 
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tions predicted ultimate failure by bolt shear fracture for the bolts 

connecting the angles to the beam web, which agrees with the test observations. 

(a) 35 degree inclined loading                 (b) 45 degree inclined loading

 
d loading 

Deformation of web angle connections at 650°C under different inclined 

loadings from simulations 

ignificant deformation of bolts was observed in the test results in Figure 6.5

the test photos with the simulation results in Figure 6.5

that deformations of the simulated bolts are not as significant as that 

s. This may be the result of the fact that the bolt threads were not 

modeled in the simulations.  However, fracture of the bolts was observed in

tions predicted ultimate failure by bolt shear fracture for the bolts 

connecting the angles to the beam web, which agrees with the test observations.  

 
(b) 45 degree inclined loading 

at 650°C under different inclined 

observed in the test results in Figure 6.56(a), 

in Figure 6.56(b), (d) 

bolts are not as significant as that 

bolt threads were not 

in both the test 
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(a) Bolt failure from test-35

o
loading (Yu et al 2009)  (b) Bolt failure from simulation-35

o
loading 

        
 
(c) Bolt failure from test-45

o
loading (Yu et al 2009)  (d) Bolt failure from simulation-45

o
loading 

                 
 
(e) Bolt failure from test-55

o
loading (Yu et al 2009)  (f) Bolt failure from simulation-55

o
loading 

Figure 6.56: Comparison of failure mode of bolts at 650°C under different inclined 

loadings from Yu et al (2009) test and from simulations 

 

Figure 6.57 plots curves for applied force versus connection rotation at 650°C 

under different inclined loadings for the tests and the simulations. The maximum loading 

capacities predicted by the simulations are somewhat larger than measured in the tests. 



 

The maximum deformation capacit

with the test curves, up to the limit where the test curves are reported. 

 

(a) Force versus Rotation - 35

(c) Force versus Rotation - 55

Figure 6.57: Comparison of force versus rotation curve at 650°C under different inclined 

loadings from Yu 

 

6.4.1.2.5 Summary 

 

Table 6.8 summarizes load and deformation capacities measured in the inclined 

load tests on double angle connections by Yu et al (2009) and those predicted in the 

simulations. In general, the peak loads and deformations measured in the tests are 

reasonably close to the simulation results. The maximum difference between the 

measured and predicted peak loads is about 15

the measured and predicted rotation capacity is about 25
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The maximum deformation capacities from the simulation results agree reasonably well 

with the test curves, up to the limit where the test curves are reported.  

      
35

o
 loading          (b) Force versus Rotation -

 
55

o
 loading 

Comparison of force versus rotation curve at 650°C under different inclined 

loadings from Yu et al (2009) tests and from simulations 

Table 6.8 summarizes load and deformation capacities measured in the inclined 

load tests on double angle connections by Yu et al (2009) and those predicted in the 

simulations. In general, the peak loads and deformations measured in the tests are 

ly close to the simulation results. The maximum difference between the 

measured and predicted peak loads is about 15-percent. The largest difference between 

the measured and predicted rotation capacity is about 25-percent. 

agree reasonably well 

 
- 45

o
 loading 

Comparison of force versus rotation curve at 650°C under different inclined 

Table 6.8 summarizes load and deformation capacities measured in the inclined 

load tests on double angle connections by Yu et al (2009) and those predicted in the 

simulations. In general, the peak loads and deformations measured in the tests are 

ly close to the simulation results. The maximum difference between the 

percent. The largest difference between 



 

 

Table 6.8: Comparison of load 

tests by Yu et al (2009) and 

Table 6.9 compares the observed failure modes for the connection tests with those 

predicted by the simulations. Differences are highlighted in red in the t

the experimentally observed 

example, beam bearing failure is 

simulation also shows fracture 

shear force from the bolts. The other difference is the location of 

In both the test and simulation, 

of the fracture is sometimes 

fracture is usually predicted around 

the test was observed at the heel of web 

and 650
o
C, bolts in the tested 

the simulations. As noted earlier, this difference may have occurred because the threads, 

which effectively reduce the bolt diameter, were not modeled.

simulation, bolt shear fracture was
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load and deformation capacity of web angle connection

(2009) and from simulation  

Table 6.9 compares the observed failure modes for the connection tests with those 

predicted by the simulations. Differences are highlighted in red in the table.  In general, 

experimentally observed failure modes were captured by the simulation

example, beam bearing failure is correctly captured by the simulation at 20

fracture around bolt holes in the beam web generated by the large 

bolts. The other difference is the location of fracture in web 

test and simulation, fracture of web angles was be observed, but the location 

sometimes different. For example, for the simulation at 450

is usually predicted around the bolt hole in the web angle while the 

heel of web angle. At higher temperatures, such as 

the tested connections exhibited larger distortion than predicted by 

the simulations. As noted earlier, this difference may have occurred because the threads, 

which effectively reduce the bolt diameter, were not modeled. However, for both test and 

fracture was the ultimate failure mode. 

 

connections from 

Table 6.9 compares the observed failure modes for the connection tests with those 

able.  In general, 

simulations. For 

simulation at 20
o
C, but the 

ated by the large 

in web angles. 

but the location 

simulation at 450
o
C, the 

while the fracture in 

such as at 550
o
C 

than predicted by 

the simulations. As noted earlier, this difference may have occurred because the threads, 

However, for both test and 
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Table 6.9: Comparison of failure modes of web angle connections from tests by Yu et al 

(2009) and from simulation 

 

Table 6.10 shows the shear fracture model parameters derived from simulation of 

the tests by Yu et al (2009). For 450
o
C and 550

o
C, the shear fracture model parameters 

are quite close, while at 650
o
C the shear fracture model parameters are much larger than 

that at lower temperatures. There is no apparent trend between temperature and the 

parameters of shear fracture model. 

 

Shear Fracture 

Parameters 

Temperature 

20
o
C 450

o
C 550

o
C 650

o
C 

εs+ 0.4 0.2 0.3 1 

εs- 9 4 4 10 

f 4 4 4 4 

Table 6.10: Shear fracture parameters derived from tests by Yu et al (2011) 
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6.4.1.4 Twin Bolt Connection Test at Elevated Temperature from Yu (2006) 

 

6.4.1.4.1 Overview 

Yu (2006) tested twin bolt connections loaded in tension at elevated temperature. 

These specimens were deigned to exhibit block shear failure. These tests will be used for 

further derivation of shear fracture model parameters.  The specimen dimensions and test 

setup were previously described in Section 6.2.1.2. The 15/16 inch holes on both plates 

are for the 7/8 inch A490 bolts. These 15/16 inch holes were punched instead of drilled. 

The 1-9/16 inch holes are used attach the specimen to stainless steel clevises (Figure 6.4), 

which transferred load to specimen (Yu 2006). The connection was made with 1/2 inch 

thick Grade 50 steel plate. 

This connection was modeled in ABAQUS/Explicit. The plates were grade 50 

steel, and the true stress-strain curve for the ABAQUS model was based on the curves 

derived in Chapter 4. The bolts were A490 and the ABAQUS input properties were 

derived from data from Kodur et al (2012). The shear fracture model parameters were 

those derived earlier based on tests by Hu (2011), listed in Table 6.7. For Hu's tests, shear 

fracture model parameters were derived for 400
o
C, 500

o
C and 700

o
C. In the tests by Yu 

(2006), there also were tests at 300
o
C and 600

o
C, in addition to 400

o
C, 500

o
C and 700

o
C. 

Therefore, new shear fracture model are needed for 300
o
C and 600

o
C.  

 

6.4.1.4.2-Results 

Simulations were conducted for the specimens by Yu (2006) at 300
o
C and 600

o
C. 

Using a trial and error process, shear fracture model parameters were derived that led to 

good agreement between test and simulation for the observed failure modes and the 

measured load-displacement response. The parameters that were derived by this process 

were 0.2 and 4 for εs
+
 and εs

- 
at 300

o
C, and 1.0 and 9.0 at 600

o
C.   
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Figure 6.58 shows photos of the specimens after testing and the corresponding 

simulation results. This figure includes specimens for all temperatures considered in the 

test program. The test specimens all exhibited block shear fracture failures. However, the 

simulations predicted bearing tear-out failures at 300
o
C and 400

o
C which differs from the 

test observations. At 500
o
C, 600

o
C and 700

o
C, the simulations predicted block shear 

fracture failures, similar to those observed in the tests.  
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(a) Plate failure mode from Yu (2006)-300

o
C   (b) Plate failure mode from simulation-300

o
C 

             
 
(c) Plate failure mode from Yu (2006) -400

o
C    (d) Plate failure mode from simulation-400

o
C 

              
 
(e) Plate failure mode from Yu 2006)-500

o
C   (f) Plate failure mode from simulation-500

o
C 

   
(g) Plate failure mode from Yu (2006)-600

o
C   (h) Plate failure mode from simulation-600

o
C 

           
 
(i) Plate failure mode from Yu (2006)-700

o
C   (j) Plate failure mode from simulation-700

o
C 

 

Figure 6.58: Comparison of plate failure modes in two bolt connections at elevated 

temperatures from tests by Yu (2006) and from simulation 



 

 

 Figure 6.59 shows plots of load versus displacement measured in the tests by Yu 

(2006) and predicted by the simulations. Overall, the simul

capacity and the deformation capacities measured in the tests reasonably well.

(a) 300
o

(c) 500
o
C                           

                      (e) 700

Figure 6.59: Load-displacement curve

from tests by Yu (2006) and from simulation
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Figure 6.59 shows plots of load versus displacement measured in the tests by Yu 

(2006) and predicted by the simulations. Overall, the simulations predicted the peak load 

capacity and the deformation capacities measured in the tests reasonably well.

o
C                            (b) 400

o
C 

 
C                               (d) 600

o
C 

 
(e) 700

o
C                                                          

displacement curves for twin bolt connections at elevated temperatures

from tests by Yu (2006) and from simulation 

Figure 6.59 shows plots of load versus displacement measured in the tests by Yu 

ations predicted the peak load 

capacity and the deformation capacities measured in the tests reasonably well.  

 

 

                                                   

at elevated temperatures 
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6.4.1.4.3 Summary 

The twin bolt connection results from the tests by Yu (2006) and from the 

simulations are listed in Table 6.11. It is observed that the load and deformations 

predicted by simulation are quite close to that estimated by tests. However, at lower 

temperatures of 300
o
C and 400

o
C, the block shear failure of plate was not captured 

correctly by the simulations. Table 6.12 summarizes the shear fracture model parameters 

used in the test simulations. 

   

 

Table 6.11: Comparison of load and deformation capacity of twin bolt connections from 

tests by Yu (2006) and from simulation  

 

Shear Fracture 

Parameters 

Temperature 

300
o
C 400

o
C 500

o
C 600

o
C 700

o
C 

εs+ 0.2 0.2 1 1 1 

εs- 4 4 9 9 9 

f 4 4 4 4 4 

Table 6.12: Shear fracture parameters derived from tests by Yu (2006) 
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6.4.1.5 Single Bolt Connection Test at Elevated Temperatures from Yu (2006) 

6.4.1.5.1 Overview 

Single bolt connections loaded in tension were also tested by Yu (2006) at room 

and at elevated temperatures. The connections were designed to fail by bearing tear-out.   

The details of the connection were presented earlier in Section 6.3.2.2 and in Figure 6.19.  

In this section, the temperature cases at 100
o
C and 200

o
C will be studied to 

calibrate the shear fracture model parameters. The specimens were simulated in 

ABAQUS/Explicit. As for the twin bolt connections described above, the true stress-

strain properties for the grade 50 plates were based on data in Chapter 4. For the A325 

bolts, the true stress-strain curve was based on data reported by Kodur et al (2012). 

 

6.4.1.5.2-Results 

By trial and error, the shear fracture model parameters at 100
o
C were chosen as 1 

and 9 for εs
+
 and εs

- 
respectively; and were chosen as 0.4 and 9 at 200

o
C. Figure 6.60 

shows the specimens after testing and the corresponding simulations, used these fracture 

parameters. The failure mode observed in the tests and predicted by the simulations was 

bearing tear-out. Although the correct failure mode was predicted by the simulations, the 

fracture patterns differ somewhat between test and simulation. Figure 6.61 shows load-

displacement plots measured in the tests and predicted by the simulations. There is 

reasonable agreement between the test curves and the simulations. Only a small part of 

the descending portion of the load-displacement curves are reported for the tests, making 

a more complete comparison between test and simulation difficult. 

 



 

(a) Plate failure mode from Yu (2006)

(c) Plate failure mode from Yu (2006)

Figure 6.60: Comparison of plate failure mode

temperatures from tests by Yu (2006) and from simulation

 

 

(a) 100
o
C                           

 Figure 6.61: Load-displacement curve

temperatures
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mode from Yu (2006)-100

o
C     (b) Plate failure mode from simulation

         
(c) Plate failure mode from Yu (2006)-200

o
C   (d) Plate failure mode from simulation

Comparison of plate failure modes in single bolt connections at 

from tests by Yu (2006) and from simulation 

C                                    (b) 200
o
C 

displacement curves for singe bolt connections 

temperatures from tests by Yu (2006) and from simulations 

 
C     (b) Plate failure mode from simulation-100

o
C 

 
C   (d) Plate failure mode from simulation-200

o
C 

in single bolt connections at elevated 

 

 at elevated 

  



 

6.4.1.5.3 Summary 

Based on the single bolt connection simulation at elevated temperatures, it is 

observed that at 200
o
C the derived parameters 

to those for room temperature

the derived parameters are quite different from th

would be desirable at 100°C and 200

 

 

6.4.2 Summary Shear Fract

Table 6.13 summarizes the 

various experiments described in this chapter. Recall that the parameter 

be 4.0 in all simulations. The parameters 

a trial and error basis, to obtain reasonable agreement between the simulation results and 

observed and measured test results.

parameters εs
+
 and εs

-
 are relatively

trend between temperature and 

inconsistencies in the derived parameters at 100

these shear fracture model parameter

 

Table 6.13: Derived parameters of shear fracture model at room and elevated 

temperatures 
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Based on the single bolt connection simulation at elevated temperatures, it is 

C the derived parameters for shear fracture model are quite similar 

room temperature, which are 0.4 and 9 for εs
+
 and εs

-  
respectively. 

the derived parameters are quite different from those at room temperature. More test data 

C and 200°C, to further evaluate these parameters.

Shear Fracture Parameters Derived from Various Tests Data

Table 6.13 summarizes the shear fracture model parameters derived

various experiments described in this chapter. Recall that the parameter f was assumed to 

be 4.0 in all simulations. The parameters  εs
+
 and εs

- 
 were varied in each simulation, on 

a trial and error basis, to obtain reasonable agreement between the simulation results and 

observed and measured test results. Based on Table 6.13, it is observed that the 

are relatively larger at higher temperatures but there is no 

between temperature and these parameters. There are also some apparent 

inconsistencies in the derived parameters at 100°C and at 550°C.   Sensitivity 

parameters will be performed in section 6.5. 

Derived parameters of shear fracture model at room and elevated 

Based on the single bolt connection simulation at elevated temperatures, it is 

shear fracture model are quite similar 

respectively. At 100
o
C, 

More test data 

C, to further evaluate these parameters. 

from Various Tests Data 

parameters derived from the 

was assumed to 

were varied in each simulation, on 

a trial and error basis, to obtain reasonable agreement between the simulation results and 

t is observed that the 

larger at higher temperatures but there is no clear 

There are also some apparent 

C.   Sensitivity studies on 

 

Derived parameters of shear fracture model at room and elevated 
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6.5 STUDY OF SHEAR FRACTURE MODEL PARAMETERS FOR 

STRUCTURAL STEEL 

6.5.1 Observations of Shear Fracture Model for Structural Steel at Room and 

Elevated Temperatures 

Based on the derived parameters of shear fracture model in Table 6.13, it is shown 

that the parameters can be divided into three groups. The first group is for temperatures 

of 20
o
C and 200

o
C, for which the derived parameters are 0.4 and 9 for εs

+
 and εs

-
 

respectively. The second group is for the cases at 300
o
C, 400

o
C and 450

o
C, for which the 

derived parameters are 0.2 and 4 for εs
+
 and εs

-
 respectively. The third group consists of 

temperature cases at 500
o
C, 600

o
C, 650

o
C and 700

o
C and the derived parameters of shear 

fracture model are 1 and 9 for εs
+
 and εs

-
 respectively. The derived parameters at 600

o
C is 

not exactly same as but close to that at other temperature cases in third group. There are 

two exceptions in the derived parameters which are highlighted by gray shade in Table 

6.13. For the temperature at 100
o
C, the derived parameters are quite different from that at 

20
o
C and 200

o
C, thus further validation of the parameters at 100

o
C is still required. The 

other exception is the case at 550
o
C. The parameters at 550

o
C are quite small compared 

with those at 500
o
C and 600

o
C. 

 

6.5.2 Mesh Sensitivity Study 

In this section, the mesh size effects on shear fracture simulation are studied. The 

example is taken from the single bolts connection at room temperature from Richard et al 

(1980) which was previously described in Section 6.3.2.1. The dimensions of model are 

illustrated in Figure 6.13. The simulations presented previously will be repeated, but the 

mesh size will be changed to obtain different numbers of elements. The aim is to study 

how the element number and minimum mesh size influence the prediction of load 



 

capacity and fracture initiation displacement (Figure 6.6

elements in the study is from 146 

0.0075 inch to 0.5 inch.  

 

Figure 6.62: Mesh study in single bolt connection in 

 

Figure 6.63 plots the force versus displacement curves 

elements and different minimum mesh size. From the curves, it is observed that the 

maximum force from different mesh conditions are quite close to each other while there 

is some difference in the prediction of 
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capacity and fracture initiation displacement (Figure 6.62). The range of number of 

elements in the study is from 146 to 18,000 and the range of minimum mesh size is from 

 

Mesh study in single bolt connection in test by Richard et al (1980)

the force versus displacement curves for different 

d different minimum mesh size. From the curves, it is observed that the 

maximum force from different mesh conditions are quite close to each other while there 

is some difference in the prediction of the fracture initiation displacement. 

). The range of number of 

to 18,000 and the range of minimum mesh size is from 

et al (1980) 

different numbers of 

d different minimum mesh size. From the curves, it is observed that the 

maximum force from different mesh conditions are quite close to each other while there 



 

Figure 6.63: Study of mesh effects on fracture simulation of single bolt connection from 

Richard et al (1980)

Figure 6.64(a) plots 

There is little sensitivity to mesh size, and 

maximum force remains constant 

displacement at fracture (Figure 6.64(b))

fracture is within the range 

exceed 3000, the predicted displacement at fracture remains constant at 0.38 inches. 

 

(a) Maximum force                          (b) 

Figure 6.64: Study of element number effects on 

fracture initiation 

(1980) 
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dy of mesh effects on fracture simulation of single bolt connection from 

(1980) 

 the maximum force obtained from the different meshes. 

There is little sensitivity to mesh size, and when the element numbers exceed

maximum force remains constant at approximately 36 kips. For the mesh effects on 

(Figure 6.64(b)), it is seen that the predicted displacement at 

the range from 0.3 inch to 0.38 inches. When the element numbe

predicted displacement at fracture remains constant at 0.38 inches. 

      
aximum force                          (b) Fracture displacement

Study of element number effects on the predicted loading capacity and 

ure initiation displacement of single bolt connection from Richard 

dy of mesh effects on fracture simulation of single bolt connection from 

the different meshes. 

s exceed 3000, the 

effects on the 

that the predicted displacement at 

. When the element numbers 

predicted displacement at fracture remains constant at 0.38 inches.  

 
racture displacement 

loading capacity and 

of single bolt connection from Richard et al 



 

 

A study was also conducted on the 

the predicted maximum force and predicted displacement at fracture imitation. Results 

are shown in Figure 6.65. From F

predicted from different mesh size

kips.  From the Figure 6.6

significant effect on the predict

mesh size less than approximately 0.15 inches, the predicted fracture initiation 

displacement remains constant at 0.38 inches

 

(a) Maximum force                   (b) 

 

Figure 6.65: Study of minimum mesh size effects on

and fracture initiation 

et al (1980) 

6.5.3 Sensitivity Study of Fracture Parameters

In this section, the sensi

The example used for the study is 

(2006), which is shown in Figure 6.6
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A study was also conducted on the effects of changing the minimum mesh size 

the predicted maximum force and predicted displacement at fracture imitation. Results 

in Figure 6.65. From Figure 6.65(a), it is seen that the maximum load 

predicted from different mesh sizes are quite close to each other at approximately 36 

igure 6.65(b), it is seen that the minimum mesh size 

on the predicted displacement at fracture initiation. For a minimum 

mesh size less than approximately 0.15 inches, the predicted fracture initiation 

displacement remains constant at 0.38 inches.  

 
aximum force                   (b) Fracture displacement

Study of minimum mesh size effects on the prediction of loading capacity 

initiation displacement of single bolt connection from Richard

6.5.3 Sensitivity Study of Fracture Parameters 

, the sensitivity of the shear fracture model parameters is studied. 

The example used for the study is the twin bolt connection at 300
o
C reported by Yu 

which is shown in Figure 6.66.  In this sensitivity study, the model parameters

minimum mesh size on 

the predicted maximum force and predicted displacement at fracture imitation. Results 

that the maximum load 

at approximately 36 

minimum mesh size has a more 

initiation. For a minimum 

mesh size less than approximately 0.15 inches, the predicted fracture initiation 

 
cement 

prediction of loading capacity 

displacement of single bolt connection from Richard 

parameters is studied. 

reported by Yu 

model parameters 



 

εs
+
 and εs

- 
were varied to examine the effects of 

and deformation capacity. 

 

Figure 6.66: Twin bolt connection 

model parameters.

In order to study the parameter

changed by 0.1 increment for different cases. Table 6.14

is the derived parameters which generate

experiment. εs
+
 was within the 

the increment of change of 0.1 

Case b and Case c, εs
+ 

is increased by 0.1 and 0.2 respectively. 

 

Group 1 

Parameters ɛ

case a 0.2

case b 0.3

case c 0.4

 

Table 6.14: Study of sensitivity of parameter ε

 

By comparing the results generated by 

that the maximum force predicted by original pa
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to examine the effects of these changes on the predict

 

Twin bolt connection from Yu (2006) for sensitivity study of shear fracture 

parameters. 

In order to study the parameters of εs
+ 

effects on the prediction results, ε

changed by 0.1 increment for different cases. Table 6.14 lists three different cases

is the derived parameters which generated the simulation results that best matched the 

in the range of 0.1 to 1 based on the previous studies.

the increment of change of 0.1 was selected to study the sensitivity of this parameter. For 

is increased by 0.1 and 0.2 respectively.  

ɛs+ ɛs- f 

0.2 4 4 

0.3 4 4 

0.4 4 4 

Study of sensitivity of parameter εs
+
 in shear fracture model 

By comparing the results generated by Cases a, b, and c in Figure 6.6

that the maximum force predicted by original parameters (Case a) is around 120 kips

predicted of load 

for sensitivity study of shear fracture 

effects on the prediction results, εs
+ 

was 

different cases. Case a 

results that best matched the 

ies. Therefore, 

parameter. For 

in Figure 6.67, it is found 

ase a) is around 120 kips. 



 

The maximum force estimated 

approximately 4-percent difference compared to Case a.

initiation displacement is also increased. For

is around 0.3 inches.  For Case b, ε

at fracture initiation is 0.32 inch

displacement at fracture initiation is 

displacement increases by about 7

the base Case a. Thus, the predicted fracture displacement is more sensitive to the value 

of εs
+
 than the predicted maximum force. Nonetheless, the changes in predicted 

maximum force and fracture displacement are relatively small, for relatively large (100 to 

200-percent) changes in ε

parameters of the shear fracture model at different temperatures.

Figure 6.67: Comparison of predict

values of εs
+
 parameter in 

(2006)  

As a next step in the sensitivity s

other parameters constant. From the previous simulations, 

10 (Table 6.13). Therefore, 
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he maximum force estimated for Case b and Case c are each 125 kips, representing an 

percent difference compared to Case a. By increasing εs
+

initiation displacement is also increased. For Case a, the fracture initiation displacement 

ase b, εs
+ 

is increased by 0.1, and the predicted 

at fracture initiation is 0.32 inches. For Case c, εs
+ 

is increased by 0.2, and 

initiation is 0.34 inches. For Cases b and c, the predicted fracture 

displacement increases by about 7-percent and by 14-percent respectively, compared to 

the base Case a. Thus, the predicted fracture displacement is more sensitive to the value 

the predicted maximum force. Nonetheless, the changes in predicted 

maximum force and fracture displacement are relatively small, for relatively large (100 to 

εs
+
. This observation is instructive for generaliz

shear fracture model at different temperatures. 

 

Comparison of predicted load versus displacement curves with different

parameter in the twin bolt connection model of the test by Yu 

As a next step in the sensitivity study, the parameter εs
- 
was varied, while keeping 

other parameters constant. From the previous simulations, εs
- 
generally varied 

herefore, in this sensitivity study, the value of εs
-
 was varied in 

, representing an 

+
, the fracture 

ase a, the fracture initiation displacement 

predicted displacement 

and the predicted 

For Cases b and c, the predicted fracture 

percent respectively, compared to 

the base Case a. Thus, the predicted fracture displacement is more sensitive to the value 

the predicted maximum force. Nonetheless, the changes in predicted 

maximum force and fracture displacement are relatively small, for relatively large (100 to 

generalizing the 

with different 

of the test by Yu 

was varied, while keeping 

varied from 1 to 

was varied in 
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increments of 1.0. Table 6.15 lists fracture model parameters used in the sensitivity study.  

As before, Case a uses the parameters that provided the best match between the 

simulation results and the test results. For Case d and e, εs
- 

is decreased by 1 and 2 

respectively.  

 

Group 2 

Parameters ɛs+ ɛs- f 

case a 0.2 4 4 

case d 0.2 3 4 

case e 0.2 2 4 

Table 6.15: Study of sensitivity of parameter εs
-
 in shear fracture model 

 

By comparing the results generated by Case a, d, and e in Figure 6.68, it is found 

that the maximum force predicted by the original parameters (Case a) is approximately 

120 kips. The maximum force for Case d is 116 kips and for Case d is 110 kips. By 

decreasing εs
-
, the fracture initiation displacement is also decreased correspondingly. For 

Case a, the fracture initiation displacement is approximately 0.3 inches.  For Case d, εs
- 
is 

decreased by 1, and the displacement at fracture initiation is 0.25 inches. For cCase e, εs
- 

is decreased by 2, and the displacement at fracture initiation is 0.23 inches. Thus, by 

changing the value of εs
-
 from 4 to 2, the maximum force reduces about 8-percent, the 

fracture initiation displacement changes about 23-percent. As was the case with εs
+
, 

varying the value of εs
-
 has a larger effect on the predicted fracture displacement than on 

the predicted maximum force. Overall, however, relatively large changes in the parameter 

εs
-
 result in relatively modest changes in the predicted load-displacement behavior of the 

connection.  



 

Figure 6.68: Comparison of predict

values of εs
-
parameter in 

(2006)  

 

As final comparisons, the shear bolt connections tested by Yu (2006) at 

and tested by Hu (2011) at room temperature; and tensile coupon tested 

(2004) and Lee et al (2012) were simulated in ABAQUS using the ductile fracture model 

described in Chapter 5, the shear fracture model described in this chapter. For this 

simulation using the ductile fracture model, the parameter 

recommendations made in Chapter 5. For the simulation using the shear fracture model, 

the parameters listed in Table 6.13 for 300°

Figure 6.69 and Figure 6.70 shows the load

connection test, compared with the simulations. In th

predicted a much large deformation capacity than measured in the test. On the other hand, 

the shear fracture model predicted the measured load

closely. Figure 6.71 and Figure 6.72 shows the load

stress-strain curve from  tensile coupon test
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Comparison of predicted load versus displacement curves with different

parameter in the twin bolt connection model of the test by Yu 

As final comparisons, the shear bolt connections tested by Yu (2006) at 

and tested by Hu (2011) at room temperature; and tensile coupon tested 

(2004) and Lee et al (2012) were simulated in ABAQUS using the ductile fracture model 

described in Chapter 5, the shear fracture model described in this chapter. For this 

simulation using the ductile fracture model, the parameter α and β were b

recommendations made in Chapter 5. For the simulation using the shear fracture model, 

rs listed in Table 6.13 for 300°C and for room temperature were used. 

Figure 6.69 and Figure 6.70 shows the load-displacement curve from the stee

connection test, compared with the simulations. In this case, the ductile fracture model 

predicted a much large deformation capacity than measured in the test. On the other hand, 

the shear fracture model predicted the measured load-displacement response 

closely. Figure 6.71 and Figure 6.72 shows the load-displacement curve and engineering 

strain curve from  tensile coupon tests for a notched specimen and an 

 

with different 

of the test by Yu 

As final comparisons, the shear bolt connections tested by Yu (2006) at 300°C 

and tested by Hu (2011) at room temperature; and tensile coupon tested by Kanvinde 

(2004) and Lee et al (2012) were simulated in ABAQUS using the ductile fracture model 

described in Chapter 5, the shear fracture model described in this chapter. For this 

and β were based on the 

recommendations made in Chapter 5. For the simulation using the shear fracture model, 

C and for room temperature were used.  

displacement curve from the steel 

case, the ductile fracture model 

predicted a much large deformation capacity than measured in the test. On the other hand, 

displacement response quite 

displacement curve and engineering 

an un-notched 



 

specimen, compared with the simulations. In these case

predicted the measured load-

shear fracture model predicted a smaller deformation capacity than  measured in tests

although the two different fracture model predictions were reasonably cl

It is speculated that the shear fracture model predicts structural response with 

better accuracy for  lower values of stress triaxiality; whereas the ductile fracture model 

appears to provide better fracture predictions for cases with higher levels 

triaxiality. This relationship is illustrated in Figure 6.3. Fractures at bolted connections 

are often controlled by bolt shear fracture, bearing tear

fracture. Shear plays a large role in all of these fractures, sugg

triaxiality than tension dominated fractures (as in tension coupons, for example), and 

further suggesting the shear fracture model may 

fracture.     

Figure 6.69: Load versus displacement curve

with simulations using different fracture models
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specimen, compared with the simulations. In these cases, the ductile fractu

-displacement response quite closely. On the other hand, the 

shear fracture model predicted a smaller deformation capacity than  measured in tests

although the two different fracture model predictions were reasonably close. 

t is speculated that the shear fracture model predicts structural response with 

lower values of stress triaxiality; whereas the ductile fracture model 

appears to provide better fracture predictions for cases with higher levels 

This relationship is illustrated in Figure 6.3. Fractures at bolted connections 

are often controlled by bolt shear fracture, bearing tear-out fracture, or block shear 

fracture. Shear plays a large role in all of these fractures, suggesting lower levels of 

triaxiality than tension dominated fractures (as in tension coupons, for example), and 

further suggesting the shear fracture model may provide more accurate predictions of 

oad versus displacement curve for the 300°C test by Yu (2006) compared 

with simulations using different fracture models 

, the ductile fracture model 

displacement response quite closely. On the other hand, the 

shear fracture model predicted a smaller deformation capacity than  measured in tests, 

   

t is speculated that the shear fracture model predicts structural response with 

lower values of stress triaxiality; whereas the ductile fracture model 

appears to provide better fracture predictions for cases with higher levels of stress 

This relationship is illustrated in Figure 6.3. Fractures at bolted connections 

out fracture, or block shear 

esting lower levels of 

triaxiality than tension dominated fractures (as in tension coupons, for example), and 

provide more accurate predictions of 

 

C test by Yu (2006) compared 
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Figure 6.70: Load versus displacement curve for the 20°C test by Hu (2010) compared 

with simulations using different fracture models 

 

Figure 6.71: Load versus displacement curve for notched bar tests with 0.125 inch radius 

compared with simulations using different fracture models 
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Figure 6.72: Engineering stress versus engineering strain curve for MB coupon test by 

Lee et al (2012) compared with simulations using different fracture models 

 

6.5.4 Recommended Shear Fracture Model Parameters at Room and Elevated 

Temperatures 

Based on the studies reported in this chapter, recommended parameters for the 

shear fracture model for structural steel are generalized in Table 6.16. For lower 

temperatures (T< 300
o
C) and higher temperatures (T>500

o
C), the parameters εs

+
 and εs

-
 

are relatively larger than that in the middle range of temperatures. However, anomalies 

are at the temperature cases at 100
o
C and 550

o
C. Therefore, more tests and simulations 

are needed at 100
o
C and 550

o
C, as well as all other temperatures, to further calibrate 

these parameters. It is also important to note that the same recommended parameters were 

used for various grades of steel and for high strength bolts. Based on these limited 

studies, the shear fracture model parameters worked well over this wide range of steel 
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types and strengths. However, additional test data over a wide range of materials would 

be desirable for further model parameter calibrations. 

  

Table 6.16: Recommended Parameters of Shear Fracture Model 

 

6.6 SUMMARY 

In this chapter, by performing a significant number of simulations on various tests 

on structural steel connections at elevated temperatures reported in the literature, the 

parameters of shear fracture model for structural steel were developed and for 

temperatures ranging from 20°C to 700°C. Based on these studies, recommendations 

were provided for the shear fracture model parameters for various temperatures. These 

recommendation based on a limited set of experimental data. Further work is needed to 

examine the shear fracture model parameters over a wider range of experimental data for 

further evaluation of appropriate model parameters, and to quantify variability and 

uncertainty in these parameters.  
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CHAPTER 7: SUMMARY AND FUTURE WORK 

7.1 SUMMARY OF COMPLETED WORK 

This dissertation has presented research on the simulation of the fracture behavior 

of steel connections at elevated temperatures by finite element analysis. The primary 

motivation for this work is to develop tools to predict the behavior of steel connections in 

buildings subjected to severe fires.  There were three different sets of numerical analysis 

work  completed in this dissertation. 

The first set of numerical analysis work was aimed at developing true stress-strain 

curves for structural steel at room and elevated temperatures, extending to very large 

fracture level strains. This work focused on ASTM A992 steel. Numerical analyses were 

conducted A992 steel coupons tested under axial tensile loading at elevated temperatures 

up to 1000
o
C. For behavior prior to necking, true stress-strain curves were developed 

from the measured engineering stress-strain curve using existing well established 

conversions between engineering and true stress-strain.  These standard conversions are 

not applicable after necking. Consequently, the post-necking true stress-strain curves 

were estimated by simulation of the test coupons. A trial and error process was used so 

the simulated tension coupon engineering stress-strain curves reasonably matched the test 

results.   Based on this work, recommendations were provided for the complete true-

stress curve for A992 steel, from zero strain up through fracture level post-necking 

strains. Recommendations were developed for temperatures ranging from 20°C up to 

1000°C. 

The second set of numerical analyses was aimed at calibration of material 

parameters for the ductile fracture criterion for ASTM A992 steel. Experimental data 

reported in the literature for notched bar tests at room temperature and standard steel 

tension coupon tests at elevated temperatures were used as reference to determine the 



 326 

ductile fracture parameters. Numerical analyses were performed using the 

ABAQUS/Standard solver to calibrate stress and strain state at experimentally observed 

fracture initiation points.  Then the material parameters of ductile fracture model were 

determined from the stress and strain state from ABAQUS simulation. Verification of 

these ductile fracture model parameters was then performed using the ABAQUS/Explicit 

solver with fracture simulation included. The simulations of the tension coupons, up 

through fracture, was then compared with the coupon response measured in the tests.  

The third set of numerical analyses was aimed at calibration of shear fracture 

model parameters for structural steel. A series of numerical analyses were first conducted 

using the ABAQUS/Standard solver to simulate a variety of bolted steel connections at 

room and elevated temperatures. The shear fracture model parameters were estimated 

using the state of stress and strain predicted by the simulation at the experimentally 

observed point of fracture initiation. These parameters were than verified by simulating 

the bolted connection tests using the ABAQUS/Explicit solver with fracture simulation 

included in the model. The simulated connection behavior, from the start of loading up 

through complete fracture of one or more connection components was compared with 

experimental observations. The sensitivity of model predictions to variations in shear 

fracture model parameters was also studied. This work completed with recommendations 

for shear fracture model parameters for structural steel and for high strength bolts for 

temperatures ranging from 20°C to 700°C.  

 

7.2 OBSERVATIONS AND CONCLUSIONS 

Key observations and conclusions from this research are as follows: 

For the true stress-strain curve of structural steel at room and elevated 

temperatures, the plastic region before the onset of necking can be modeled using a 
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simple power law function. After the onset of necking, the true stress-strain curves can be 

developed through a trial and error process by comparing simulated against measured 

engineering stress-strain curves. It is found that a simple bilinear curve can represent the 

true stress-strain response after the onset of necking with reasonable accuracy. The first 

portion of this bilinear true stress-strain curve after the onset of necking is made up of a 

line with a positive slope, where the slope is a function of temperature. The second 

portion is made up of a line with zero slope. The slope of the initial portion of the bilinear 

post-necking relationship decreases with increasing of temperature. The end of this initial 

sloped portion is taken to occur at a true strain equal to the value of engineering strain at 

fracture.  

The derived true stress-strain curves are needed for the simulation of the fracture 

of structural steel at room and at elevated temperatures. The first fracture model studied 

in this dissertation is the ductile fracture model. Based on information in the literature 

and from observations in this study, it appears that the ductile fracture is most accurate 

for the fracture simulation of steel with relatively high stress triaxiality, such as occurs in 

notched bars or in standard tension coupons after necking.  

The calibrated ductile fracture model was able to reproduce the experimentally 

observed behavior of tension coupons, all the way up through complete fracture. 

However, this same calibrated ductile fracture model was significantly less accurate in 

predicting the experimentally observed behavior of bolted steel connections. The model 

significantly overestimated the measured deformation capacity of the connections. This 

implies that the model overestimated the equivalent plastic strain at fracture for the states 

of stress developed in the regions of the bolted connections that experienced fracture. For 

this reason, work was undertaken to evaluate the capabilities of the shear fracture model. 
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Results of this research showed that the calibrated shear fracture model was 

capable of predicting the observed behavior of a wide range of bolted connection tests 

with reasonable accuracy. Interestingly, at any given temperature, the same model 

parameters were able to reasonably predict the fracture of a variety of steel grades as well 

as high strength bolts. This suggests that the fracture model parameters may not be highly 

sensitive to changes in steel strength.  

Based on information in the literature and observations from this research, neither 

the ductile fracture model nor the shear fracture model is applicable across a full range of 

stress triaxiality values. The ductile fracture model appears to be most appropriate for 

predicting fracture under high levels of stress triaxiality, whereas the shear fracture model 

appears most appropriate for states of stress characterized by lower levels of stress 

triaxiality.  

The fracture simulations in this research were conducted using the 

ABAQUS/Explicit solver. Initiation of fracture was predicted using the ductile and shear 

fracture models, and fracture propagation was modeled using element erosion. These 

were all conducted as dynamic analyses. These analyses required careful consideration of 

the manner and rate at which load is applied, choice of time step, mesh size, and other 

numerical solution issues. These issues are described with this dissertation and may be 

helpful to future researchers attempting fracture simulations. 

The attempts at fracture simulations in this dissertation are based on limited 

experimental data and should be considered preliminary in nature. Far more work is 

needed to further develop these capabilities. Nonetheless, the numerous comparisons 

between simulations and experiments provided in this dissertation offer the hope that 

fracture behavior of steel connections and members at elevated temperatures can 

ultimately be simulated with confidence. Until recently, fracture behavior of steel 
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components under elevated temperature could only be evaluated by conducting 

experiments. The ability to predict fracture using simulation will provide a powerful tool 

for advancing understanding of the response of steel building systems to severe fires, and 

ultimately to improving structural-fire safety in steel buildings. 

  

 

7.3 LIMITATIONS AND SUGGESTED FUTURE WORK 

Work reported in this dissertation has demonstrated the feasibility of simulating 

fracture behavior of complex steel connections at elevated temperatures. In addition, 

preliminary recommendations were provided for temperature dependent fracture model 

parameters. However, the modeling approaches and model parameters developed in this 

work have significant limitations. Model calibration and validation was performed for a 

limited set of experimental data. Further, effects of load/deformation duration (i.e. creep) 

and load/deformation rate effects on fracture behavior were not considered in this work.  

In addition, variability and uncertainty in fracture model parameters was not considered.  

Consequently, significant additional research is needed to further advance capabilities for 

computational fracture prediction of steel building components at elevated temperatures. 

This dissertation concludes with some suggestions for further research.    

Elevated temperature tests are needed on steel samples specifically designed to 

provide a wide range of stress triaxiality. This includes, for example, notched bar tests, 

where the notch radius can be used to control stress triaxiality. In general, however, low 

levels of stress triaxiality cannot be achieved in notched bars. Thus, additional tests are 

also needed on specimens specially configured for low triaxiality. Such configurations 

are reported in the literature. Tests are needed over a wide range of temperatures, a wide 

range of stress triaxiality, and wide range of steels commonly used in building 
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construction. Similar tests are needed on specimens made from bolts and from deposited 

weld metal and heat affected zones. In addition, tests are needed to characterize the 

influence of rate effects on fracture behavior. In general, steel properties become quite 

sensitive to load rate and duration at elevated temperature, and this may also be the case 

for fracture initiation and propagation.  

Additional work is also needed to better understand the interrelationship between 

heating rate and loading rate. All of the tests used to calibrate fracture models in this 

dissertation were conducted at a constant temperature. That is, the specimens were first 

heated to the target temperature with no load. Then, while the specimen was held at a 

constant temperature, load or displacement was applied to the specimen and increased 

until fracture. In actual fires, both the temperature and load change with time. Thus, the 

test conditions are different than the actual conditions in the fire. However, the 

importance of this difference in not well understood, especially for predicting fracture. 

Work is also needed on a sufficiently large number of samples of steel to quantify 

variability and uncertainty in fracture model predictions. Additional work is also needed 

to explore other fracture models, beyond the ductile fracture and shear fracture models 

investigated in this dissertation.  

Therefore, from this research it is observed that modeling and predicting the 

behavior of steel connections during a fire event is a complicated but important problem. 

Connections are critical elements that affect the safety of an entire structural system 

during and after a fire. Therefore, a thorough understanding of connection behavior 

during fire events is essential for developing appropriate analysis and design approaches 

for steel structures. Further research is required to address those unsolved problems for 

fracture simulations of steel connections. 
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