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Abstract 

 

Experimental Investigation of Overall Effectiveness and Coolant Jet 

Interactions on a Fully Cooled C3X Turbine Vane 

 

John W. McClintic, M.S.E. 

The University of Texas at Austin, 2013 

 

Supervisor:  David Bogard 

 

This study focused on experimentally measuring the performance of a fully 

cooled, scaled up C3X turbine vane. Experimental measurements focused on 

investigating row-to-row interactions of coolant jets and the contributions of external film 

cooling and internal impingement cooling to overall cooling effectiveness. Overall 

effectiveness was experimentally measured using a thermally scaled, matched Biot 

number vane model featuring a realistic internal impingement scheme and had 

normalized surface temperatures that were representative of those found on engine 

components. A geometrically identical vane was also constructed out of low conductivity 

polystyrene foam to measure the normalized adiabatic wall temperature, or adiabatic 

effectiveness of the film cooling configuration. The vanes featured a full coverage film-

cooling scheme with a five-row showerhead and 13 total rows of holes containing 149 

total coolant holes. This study was the first study to make highly detailed measurements 

of overall effectiveness on a fully-cooled vane model and expands on previous studies of 
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adiabatic and overall effectiveness on the showerhead and single rows of holes on a 

matched Biot vane by considering a fully cooled configuration to determine if the results 

from these previous studies also hold for a fully cooled configuration. Additionally, 

velocity and thermal fields were measured just upstream of two different suction side 

rows of holes in order to study the effect of introducing upstream coolant injection. The 

effects of mainstream turbulence and span-wise location were examined and at the 

downstream row of holes, the contributions of different rows of holes to the approach 

flow were compared. This study was the first to measure mean and fluctuating velocity 

data on the suction side of a turbine vane with upstream coolant injection. Understanding 

the effects of how upstream injection affects the performance of downstream rows of 

holes is critical to understanding the film cooling performance on a fully cooled turbine 

airfoil.  
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Chapter 1: Introduction 

1.1 GAS TURBINE COOLING 

1.1.1 Improving Gas Turbine Efficiency 

Gas turbine engines are widely used in both propulsion systems and energy 

generation and have been the subject of much research and optimization for decades. 

Increasing energy demand and fuel costs accentuate the need for more efficient power 

generation and propulsion gas turbine engines. The US alone spent $39 billion on natural 

gas consumed in power generation [1] and $36 billion on jet fuel in 2010 [2]. Therefore, 

even an incremental improvement in gas turbine efficiency can save millions of dollars in 

fuel costs. With the increased use of natural gas in power generation and the heavy 

reliance of the aviation industry on gas turbine engines, improving gas turbine efficiency 

will provide benefits for years to come.  

The thermodynamic processes of a gas turbine engine can be approximated as a 

Brayton cycle. An ideal Brayton cycle, diagrammed in Figure 1.1, consists of isentropic 

compression and expansion and isobaric heat addition and rejection. In the open Brayton 

cycle shown in Figure 1.1, fresh air is pulled through a compressor and into the 

combustor where fuel is injected and burned at high temperatures. The hot gas is then 

expanded in a turbine. In propulsion systems, the air in the turbine is expanded enough to 

drive the compressor and is then forced through a nozzle to propel the aircraft forward. In 

power generation, the air is expanded to about the compressor inlet pressure to provide 

the maximum power to the shaft. The thermal efficiency of an ideal Brayton cycle is 

given in the following expression [3]: 
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(     )  (     )

(     )
 (1.1) 

If a constant specific heat is assumed, Equation 1.1 becomes: 

    
  (     )    (     )

  (     )
 (1.2) 

which simplifies to: 

      
     

     
 (1.3) 

Given that the engine inlet and outlet temperatures (T1 and T4 respectively) are 

typically determined by the environment, it becomes clear that the efficiency is primarily 

driven by the combustion temperature, T3. Therefore, much of the efforts to improve gas 

turbine engine performance have been focused on building engines that can operate at 

higher and higher combustion temperatures.

 

Figure 1.1: Diagram of an ideal Brayton cycle [4] 

1.1.2 Active Cooling Systems 

For the past sixty years, gas turbine engine temperatures have steadily increased 

due to the introduction of improved material properties and more advanced cooling 

technologies, as shown in Figure 1.2. As can be seen in Figure 1.2, the turbine inlet 
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temperature in advanced jet engines has long exceeded the allowable metal temperature 

due to active cooling. It is not uncommon for modern jet engines to exceed turbine inlet 

temperatures of 2000 K, which is almost double the allowable material temperature of the 

combustion temperature and the first turbine stages [5]. To prevent engine part failure, 

colder air is pulled from upstream of the combustor and is used to protect hot region 

engine components. Figure 1.3 diagrams a coolant feed system to the first turbine stages 

of an engine. Coolant air is commonly bled off the later compressor stages and the 

compressor diffuser and fed through internal passages to the turbine airfoils and walls. In 

advanced jet engines, 20-30% of the total flow is diverted to cool the hot gas path 

components [6]. By using this coolant more effectively, engine designers can reduce the 

coolant flow rate, achieve higher combustion temperatures, or increase engine part 

durability. 

 
Figure 1.2: Turbine inlet temperatures have increased for the past sixty years [7] 
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Figure 1.3: Coolant supply to a gas turbine [8] 

Early stage turbine airfoil cooling usually consists of both internal convective 

cooling and external film cooling. Coolant is fed into the base of the turbine blades and 

vanes and is used to cool the vane internally. The internal cooling scheme for turbine 

airfoils is designed to achieve maximum convective heat transfer coefficients between the 

cool air and the internal airfoil walls by means of serpentine passages, rib turbulators to 

induce turbulent flow, and perforated plates that cause coolant jets to impinge on the 

inner wall of the airfoil. An example of such an internal cooling scheme is shown in 

Figure 1.4. The first few turbine stages will also usually employ an external film cooling 

scheme where the coolant will be injected into the mainstream flow through film cooling 

holes machined into the wall of the airfoil. The goal of film cooling is to form a thin 

barrier or “film” of coolant over the surface of the airfoil to protect the surface from the 

hot mainstream gasses. Of particular importance is the leading edge of the turbine blade, 

which experiences the highest heat load and therefore, often features internal 

impingement cooling and is covered by a densely packed arrangement of cooling holes 

called the ‘showerhead.’ Additional rows of holes are placed downstream on the suction 
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and pressure sides of the airfoil. Typically, the pressure side features more film cooling 

rows of holes than the suction side because the aerodynamic losses due to coolant 

injection are greater on the suction side than on the pressure side. The remaining coolant 

is ejected out the blade tip or the trailing edge because doing so can reduce aerodynamic 

losses in the wake. 

 
Figure 1.4: A turbine blade featuring internal convective and external film cooling 

[7] 

 

1.2 EXPERIMENTALLY MEASURING COOLING PERFORMANCE 

The design of gas turbine cooling systems is a complicated process that involves 

predicting and understanding complicated fluid and heat transfer phenomena. The flow 

exiting the combustor is highly turbulent – typical turbulence levels in aircraft engines 

are around Tu = 20% [6]. The internal cooling passages in the vane which often feature 

turbulators, pin fins, and/or impingement cooling tend to have complex internal flows 

that make the internal heat transfer challenging to predict. Introducing film cooling 
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greatly increases the complexity of the fluid-thermal system. The performance of the film 

cooling is highly dependent on how the coolant jets interact with the mainstream gas. 

This interaction determines whether the jet separates from the vane surface or attaches to 

the surface and effectively protects the airfoil. The highly turbulent flow also increases jet 

diffusion in both the lateral and surface normal directions. Due to the complex nature of 

film cooling, both analytical and computational methods for predicting cooling 

performance rely on experimental validation to generate accurate predictions. Accurate 

predictions of film cooling performance as design tools are of paramount importance to 

the continuing improvement of gas turbine engine efficiency. 

The most important cooling parameter is the exterior temperature of the airfoil 

wall, Tw, because this is the life-limiting temperature of the blade or vane. This 

temperature is typically normalized as an overall cooling effectiveness using the 

following equation: 

  
     

       
 (1.4) 

where T∞ is the mainstream temperature and Tc,i is the coolant temperature at the 

inlet of the airfoil. The ultimate goal of any film or internal cooling study is to provide 

data that will at the very least suggest how certain observed effects will either increase or 

reduce the overall effectiveness of the cooling configuration. While it is important to 

determine the bottom line performance result that the overall effectiveness provides, to 

improve on any turbine airfoil cooling design, it is also important to understand the 

factors that contribute to this overall performance, such as the how well the coolant 

covers the airfoil surface, the heat transfer to the vane surface, and the conduction 

through and within the airfoil surface. 
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1.2.1 Adiabatic Effectiveness and Net Heat Flux Reduction 

The majority of film-cooling experiments do not measure overall effectiveness 

directly. A common approach, net heat flux reduction, is presented in this section. 

Experimental studies of gas turbine film cooling often isolate a single aspect of 

film cooling in order to gain insight into a certain phenomenon. Adiabatic effectiveness, 

which isolates the spreading and mixing of coolant over the airfoil surface from 

conjugate heat transfer effects, is one of the most commonly reported measurements of 

film cooling performance. It is defined as follows: 

  
      

          
 (1.5) 

where Taw is the adiabatic wall temperature and Tc,exit is the coolant temperature at the exit 

of the holes. Therefore, adiabatic effectiveness can range between zero and one, where  

= 0 corresponds to a region with no film coverage and  = 1 corresponds to a region 

where the coolant directly above the surface is the same as the hole exit temperature. 

Adiabatic effectiveness is often measured on a flat plate or an airfoil constructed of a 

material with low thermal conductivity: such as the polystyrene used to construct models 

in this study. To ensure that the adiabatic results are representative of engine 

performance, certain parameters need to be matched. The characteristic geometric 

features of the film cooling holes such as the non-dimensional hole length, L/d, and 

spacing, p/d, as well as the injection and compound angles should match those of the 

simulated engine condition. The density difference resulting from the coolant temperature 

being colder than the mainstream temperature is reported as a density ratio, which is DR 

= c/ ∞. Typical engine density ratios are around DR ≈ 2. The coolant flow rate is often 
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represented in terms of either a blowing ratio or a momentum flux ratio, which are given 

in Equations 1.6 and 1.7 respectively: 

  
    

    
 (1.6) 

  
    

 

    
 

 (1.7) 

The blowing ratio is proportional to the mass flow rate of coolant and is 

commonly reported in literature, but for the purposes of this study, all normalized flow 

rates will be reported as momentum flux ratios because it is more physically meaningful 

for jet-mainstream interactions. Coolant jets with high momentum relative to the 

mainstream flow will be more likely to penetrate the mainstream flow and detach from 

the wall while lower momentum jets will stay better attached, which leads to a higher 

adiabatic effectiveness. It is also important to match the Reynolds number (for studies 

performed on airfoils, the Reynolds number is based on the airfoil chord length) of the 

mainstream flow to that of the engine component. Turbulence characteristics such as the 

turbulence level, Tu, and the ratio of the mainstream turbulence length scale to the 

coolant hole diameter, f,∞/d should be matched to engine conditions as well to properly 

represent the turbulent mixing between the mainstream flow and the coolant jets. 

Heat transfer augmentation is another commonly reported measurement in film 

cooling studies that isolates the effect of introducing film cooling to the surface of an 

airfoil or flat plate. Upstream injection of coolant disturbs the development of the 

boundary layer, causes increased jet diffusion, and can increase the near wall turbulence 

levels, all of which can enhance heat transfer into the wall. Thus, it is possible that a 

poorly designed film cooling configuration could increase the heat load on the airfoil 
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surface. Heat transfer augmentation is a measure of the ratio of the heat transfer 

coefficient with film cooling, hf, to the heat transfer coefficient without film cooling, h0. 

The driving temperature for heat transfer to the airfoil exterior in the presence of film 

cooling is given by Goldstein [9] as the adiabatic wall temperature. The external heat 

transfer coefficient with coolant injection is given by the following expression:  

   
  

  

      
 (1.8) 

The heat transfer to the airfoil surface without the presence of film cooling is similarly 

defined, except the mainstream temperature serves as the driving temperature for heat 

transfer: 

   
  

  

     
 (1.9) 

The heat transfer augmentation is then calculated as the ratio of those two heat transfer 

coefficients, hf/ho. 

Adiabatic effectiveness is often combined with the heat transfer augmentation to 

calculate the net heat transfer reduction, qr, in an attempt to quantify the effects of 

introducing film cooling to an airfoil. Net heat flux reduction was defined by Sen et al 

[10] as: 

      
  

  

  
  

   
  (      )

  (     )
 (1.10) 

Combining Equations 1.4, 1.5, and 1.10 gives the net heat flux reduction in terms of the 

adiabatic and overall effectiveness and heat transfer augmentation: 

      
  

  
(  

 

 
) (1.11) 
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There are important limitations to this model. For example, the airfoil inlet 

temperature used to define the overall effectiveness and the coolant hole exit temperature 

used to define the adiabatic effectiveness are assumed to be equivalent in the formulation 

of Equation 1.11. In an airfoil featuring a realistic internal cooling scheme, these two 

temperatures would not be equivalent. This difference can be corrected for by introducing 

a coolant warming factor defined as: 

  
          

       
 (1.12) 

and substituting  for  in Equation 1.11; although this has not been done in most 

studies. Additionally, the formulation of Equation 1.11 assumes that Tw is the same in 

both Equation 1.8 and 1.9, which is not true due to the effects of film cooling and heat 

transfer augmentation. However, the most significant limitation of this method is that it 

requires the overall effectiveness, which is not known, as an input. Often, a constant 

value for  is assumed, because experimental data for  is unavailable. However, this 

assumption neglects the conjugate heat transfer effects due to the interaction of 

conduction through the wall with the external film cooling performance. Another concern 

for the net heat flux reduction analysis is the showerhead region where densely packed 

rows of holes make measuring the external heat flux to the airfoil very difficult. The 

shortcomings of the net heat flux reduction method demonstrate the need for a more 

complete method of evaluating the performance of turbine airfoil cooling. Furthermore, 

in light of the desire to use computational methods to predict cooling performance, an 

experimental measurement of overall effectiveness could provide much needed 

experimental data for validation of computational predictions. There are many 

computational studies of conjugate heat transfer whose results are in question because 
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they lack proper experimental validation. Many of these studies used adiabatic 

effectiveness or net heat flux reduction data to validate their results, but this method of 

validation cannot evaluate how well they predicted the conjugate heat transfer effects. 

Experimental overall effectiveness data is essential to the development of computational 

methods that can accurately predict gas turbine airfoil cooling performance. 

1.2.2 Overall Effectiveness and Matched Biot Number Experiments 

Unlike the majority of turbine film cooling studies, this study measures overall 

effectiveness directly using the matched Biot number method of Albert et al [11]. By 

choosing the correct heat transfer parameters, the vane can be thermally scaled so that the 

experimentally measured overall effectiveness is representative of the cooling of an 

engine part. While Albert’s analysis derived the appropriate scaling parameters using a 

one-dimensional analysis, a three-dimensional analysis, shown below, results in the same 

parameters. 

Consider a segment of the airfoil wall that is periodic in the span-wise, or z 

direction, every pitch, p. The airfoil wall has thickness, t, and thermal conductivity, k, and 

is subject to internal and external heat transfer coefficients, hi and hf respectively. At 

steady state, the governing equation for this wall segment is as follows: 

   

   
 

   

   
 

   

   
   (1.13) 

Boundary conditions at the inner and outer surfaces (y = 0 and t respectively) are defined 

by considering the heat flux through each surface: 

  
  

  
|
   

   ( |        ) (1.14) 



12 

 

  
  

  
|
   

   (     |   ) (1.15) 

The wall-normal coordinate and wall temperature are then normalized as 𝓎 = y/t and as: 

  
    

       
 (1.16) 

Note that at the exterior surface of the wall,  = , which is the overall effectiveness 

defined by Equation 1.4. The Biot number based on the external heat transfer coefficient 

is defined as: 

    
   

 
 (1.17) 

The three non-dimensional parameters: , 𝓎, Bi, the coolant warming factor, , (from 

Eqn. 1.12), and the adiabatic effectiveness, , (from Eqn. 1.5) can be substituted into 

Equations 1.14 and 1.15 to get the boundary conditions in terms of non-dimensional 

quantities: 

  

 𝓎
|
𝓎  

   
  

  
(   |𝓎  ) (1.18) 

  

 𝓎
|
𝓎  

   ( |𝓎     ) (1.19) 

Equations 1.18 and 1.19 therefore demonstrate that the important parameters to 

match in thermally scaling an experimental model are Bi, hf/hi, , and . By matching 

these parameters, overall effectiveness can be measured experimentally. As discussed in 

the previous section, the adiabatic effectiveness is expected to match engine conditions 

by matching film cooling geometry, momentum flux ratio, density ratio, Reynolds 

number, and turbulence characteristics. The Nusselt numbers on the internal and external 

surfaces of the vane can be matched by matching internal and external Reynolds numbers 
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around the airfoil and by providing a realistic internal cooling geometry. Note that at the 

low temperature conditions used in this study, the ratio of thermal conductivities between 

the internal and external coolant is not matched and therefore the ratio of heat transfer 

coefficients, hf/ho, was not matched exactly. However, the ratio was in the range expected 

of engine conditions and therefore internal adjustments to the Reynolds number were not 

made. For further detail on matching hf/ho, see Albert [12]. The coolant warming factor 

will also be matched by designing a realistic internal configuration and matching internal 

Reynolds numbers. Finally, the Biot number can be matched by designing a model of 

appropriate thermal conductivity. For a discussion about how these parameters were 

matched in this study please see Section 2.2. Experimental measurements on a matched 

Biot number model will provide results that show the effects of internal cooling and 

external film cooling effects. This data can then be used to provide a more complete 

understanding of the conjugate heat transfer effects on film-cooled airfoils and supplies 

baseline data for the evaluation of computational analyses. 

As discussed previously, experimentally measured overall effectiveness provides 

a highly useful data that can be used to better predict the performance of turbine cooling 

systems. It is, however, not without its disadvantages relative to measurements of 

adiabatic effectiveness and net heat flux reduction. Table 1.1 lists the benefits and 

shortcomings of evaluating turbine airfoil cooling performance using overall 

effectiveness. 
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Table 1.1: Advantages and Disadvantages of Overall Effectiveness 

Advantages Disadvantages 

 Represents the bottom-line result: 

the actual surface temperature 

 Shows “hot spots” or life-limiting 

temperatures 

 Allows for meaningful data to be 

taken in the showerhead region 

 Allows for validation of conjugate 

CFD data 

 Does not isolate the adiabatic wall 

temperature or driving temperature 

 Does not show how coolant 

augments heat transfer to the airfoil 

 Does not show the isolated effect of 

internal cooling 

 

A one-dimensional analysis, while not a precise approximation, can provide 

valuable insight to the dependence of the overall effectiveness on the important non-

dimensional parameters. Combining Equations 1.4, 1.18, and 1.19 using the one-

dimensional assumption results in the following equation: 

  
    

     
  

  
⁄

    
(1.20) 

Equation 1.20 shows how the different non-dimensional parameters affect the overall 

effectiveness of the cooling system. A more useful formulation of this equation that 

shows the contributions of adiabatic effectiveness, heat transfer augmentation, and the 

effectiveness of the internal cooling can be derived from this equation by defining the 

overall effectiveness that results from the internal cooling alone: 

   
       

       
 (1.21) 

The internal cooling effectiveness, o, is therefore the normalized wall temperature 

without film cooling. It can be expressed in terms of the important non-dimensional terms 

by setting  in Equation 1.20 equal to zero and using the heat transfer coefficient without 

film cooling, h0, as follows: 
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⁄

 
(1.22) 

Williams et al [13] combined Equations 1.20 and 1.22 to yield the following expression 

that could be used to predict overall effectiveness from internal cooling and adiabatic 

effectiveness: 

    (    )     (1.23) 

This equation assumes that h0 = hf, or that the heat transfer augmentation is negligible. 

While this can be true for certain configurations or locations on the airfoil, it is invalid in 

many circumstances. Therefore, a new equation for predicting that does not require this 

limiting assumption was derived from Equations 1.17, 1.20, and 1.22 and is given as 

follows: 

  
  (    )

     (
  

  
)  

  

  

    
(1.24) 

Equation 1.24 is clearly more complicated than Equation 1.23, and it requires the heat 

transfer augmentation as an input, but it provides a more accurate one-dimensional model 

for predicting overall effectiveness. Adiabatic effectiveness, internal cooling 

effectiveness, and heat transfer augmentation are all quantities that isolate a part of the 

film cooling physics and this model shows how the different phenomena contribute to the 

overall performance of the cooling scheme. 
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1.3 LITERATURE REVIEW 

1.3.1 Experimentally Measured Overall Effectiveness 

The matched Biot number technique used to measure the overall effectiveness 

was first employed by Albert et al [14], who performed matched Biot number 

experiments on a thermally scaled, simulated leading edge. As expected, the overall 

effectiveness was not a constant, uniform value as is assumed in the formulation of Eqn. 

1.11 for the net heat flux reduction. It was shown that there were regions of high local 

temperature or “hot spots” which represent a life-limiting temperature for the airfoil. 

Another study by Mouzon et al [15] performed similar overall effectiveness experiments 

on a simulated leading edge to compare the overall effectiveness results with the net heat 

flux reduction. It was found that the variations in the net heat flux reduction were much 

higher than those in the overall effectiveness results. This result was to be expected due 

to the effects of lateral conduction and internal cooling, which the NFHR analysis does 

not account for. However, laterally averaged NHFR was shown to be a good predictor of 

the laterally averaged overall effectiveness. These two studies confirmed that directly 

measuring overall effectiveness accounts for conjugate effects that are not accounted for 

by the net flux heat reduction method.  

More recent studies have measured overall effectiveness on a thermally scaled 

vane model. A study performed by Nathan et al [16] made overall and adiabatic 

effectiveness measurements on a vane model featuring a five row showerhead with two 

gill rows of holes on either side. This model featured a realistic, proprietary internal 

impingement cooling scheme, approved of by industry experts. The adiabatic 

effectiveness results showed coolant building up in the showerhead with higher blowing 
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ratio, as expected. The overall effectiveness results were used to locate hot spots in the 

showerhead which represent the life limiting temperature of the part. Williams et al [13] 

performed experiments on the same model and internal cooling configuration, but for a 

single row of suction side holes without any coolant injection from the showerhead. This 

study measured overall, adiabatic, and internal cooling effectiveness for this row of holes 

in order to better determine how the internal and external cooling schemes contributed to 

the overall cooling effectiveness. It was shown that as the momentum flux ratio 

increased, the adiabatic effectiveness decreased while the internal cooling and overall 

effectiveness increased, indicating that the internal cooling for this location on the vane 

was more important to the overall cooling than the film coverage on the exterior of the 

vane. The 1-D model presented in Eqn. 1.23 was used to predict overall effectiveness 

from the measured adiabatic and internal cooling effectiveness. This model did not 

consistently predict the overall effectiveness – it was accurate only for one momentum 

flux ratio. The model over predicted overall effectiveness for low momentum flux ratios 

and under predicted overall effectiveness for high momentum flux ratios.  

This present study expanded on the work of Nathan et al [16] and Williams et al 

[13] by considering a fully cooled configuration with a showerhead and downstream rows 

of holes. The fully cooled configuration introduced the effect of row-to-row coolant jet 

interactions and had more effective internal cooling performance due to the increased 

coolant mass flow rate required to feed all of the rows of holes. By looking at a fully 

cooled vane, this study was able to analyze the location of hot spots and the relative 

effects of internal and external film cooling in the context of a fully cooled vane with 

realistically split internal flow and row-to-row coolant jet interactions.  
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1.3.2 Full Coverage Film Cooling 

There have been many previous studies featuring a full coverage film cooling 

configuration. An important consideration when considering a full coverage 

configuration is how well a given number of rows performs relative to the superposition 

prediction from a single row of holes. Essentially, comparing the superposition prediction 

to the experimental result gives an indication of how the row-to-row interactions affect 

the spreading of the coolant. Many of the early studies of full coverage configurations 

were performed on a flat plate to isolate this effect from curvature effects. Han and 

Mehendale [17] made adiabatic effectiveness measurements on a flat plate for one and 

two rows of identical coolant holes. An analysis of their data performed by Bogard and 

Thole [6] showed that the performance of two rows of holes is better than twice the 

effectiveness from one row of holes, showing that for this case, the row-to-row coolant 

jet interactions provide added coverage that would not be expected from a single row of 

holes. Harrington et al [18] performed a more extensive experimental study on a flat plate 

with ten staggered rows of cooling holes. It was found that depending on blowing ratio 

and mainstream turbulence that four to eight rows of holes were required to reach an 

asymptotic adiabatic effectiveness level where adding further rows of holes provided no 

improvement. A superposition analysis based on the performance of a single row of holes 

found that an asymptotic condition was reached after nine rows of holes, indicating that 

for this case, the row-to-row interactions limit the maximum adiabatic effectiveness. 

While flat plate studies of full coverage performance provide a valuable understanding of 

how row-to-row interactions affect coolant coverage, more realistic results can be 

obtained by performing a similar analysis on an airfoil. Mhetras and Han [19] performed 
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a superposition study on a simulated turbine blade with four pressure side and two 

suction side rows of holes. They found good agreement (max = 0.03) between the 

superposition prediction and the full coverage configuration.  

The showerhead or the region of densely packed rows of coolant holes near the 

leading edge is very important to the overall performance of the film cooling 

configuration. Not only does the leading edge have the highest heat load of any region on 

the airfoil, but the coolant injected at the leading edge can affect the performance of 

downstream rows of holes. Polanka et al [20] measured adiabatic effectiveness for a 

pressure side row of holes downstream of a showerhead and performed a superposition 

analysis for that configuration. It was found that superposition prediction had a much 

higher adiabatic effectiveness than the measured value, likely due to the showerhead 

coolant increasing the dispersion of the pressure side jets. Another study by Ames [21] 

measured heat transfer coefficients on a vane model featuring a showerhead and two 

rows of film cooling holes on both the pressure and suction sides. It was shown that film 

cooling substantially increased heat transfer augmentation in laminar regions of the 

airfoil, including the stagnation region, pressure side, and the upstream regions on the 

suction side. However, where the boundary layer was turbulent downstream on the 

suction side, the heat transfer augmentation due to film cooling was minimal: hf/hi < 1.05.  

Another interesting aspect of the showerhead is that while in many cases, such as 

that of Nathan et al [16], the adiabatic effectiveness, or coolant coverage of the 

showerhead improves with blowing ratio over a large range of blowing ratios. Cutbirth 

and Bogard [22] took thermal and velocity field measurements in the showerhead and 

showed that while the coolant jet core remains at the same y location for M = 0.5-2.0, but 
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the coolant layer increased with increasing M. Thermal field measurements taken in that 

study showed the showerhead jets merging at higher blowing ratios. Another study by 

Mehendale and Han [23] found that the surface heat load on a simulated leading edge 

model was significantly reduced with film cooling.  

The results of these full coverage studies clearly points to a need to better 

understand the mechanisms that affect row-to-row coolant interactions and how 

showerhead blowing affects the performance of downstream rows of holes. In this study, 

a fully cooled configuration with a five row showerhead and eight additional downstream 

rows of holes provided data for a more realistic and complete fully cooled configuration. 

A superposition analysis similar to that of Polanka et al [20] was performed for a single 

row of holes on the pressure side of this vane to evaluate the effects of showerhead 

blowing on these rows of holes. Thermal and velocity measurements were also made for 

the approach flows to two different rows on the suction side with different upstream 

blowing conditions.  

1.3.3 Velocity and Thermal Field Measurements 

An important consideration to the development of flow around the vane is how 

upstream coolant injection affects the performance of the downstream rows of holes. 

Measuring profiles of the flow above the vane can provide important insight into how 

coolant jets interact with the mainstream flow and with one another. This is especially an 

important consideration for computational studies as the predicted performance of a film 

cooling configuration strongly depends on how well the model predicts jet diffusion and 

interaction. 
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A key factor in row-to-row coolant jet interaction is the stream-wise distance 

between rows of holes. Holes that are spaced far apart will have jets that diffuse 

significantly before interacting with jets from the next row of holes. Understanding the jet 

diffusion is therefore very important to understanding these interactions. Kohli and 

Bogard [24] performed a study on the fluctuating thermal fields in the near-hole region of 

35° inclined round holes with low mainstream turbulence (Tu = 0.6%) using a cold-wire 

probe. It was shown that the fluctuations in the non-dimensional jet temperature could be 

as high as ’ = 0.25. These fluctuations are highest near the hole in the jet core and at the 

boundary of the mainstream and the top of the jet, and decreased as the jet moved 

downstream. These results suggest that the mainstream gas strongly effects the diffusion 

of coolant away from the wall. Another study performed by Oke and Simon [25] 

performed thermal and velocity field measurements for different compound angle 

injections. They found asymmetrical counter-rotating vortices located on either side of 

the compound angle jet, which contribute to the lateral dispersion of the coolant. 

Computational studies have often failed to accurately predict jet diffusion. Harrington et 

al [18] is an example of one such study where thermal fields were measured for a single 

row of holes and compared to a computational study. The CFD made a reasonable 

prediction of jet separation, but the jet cores in the computational prediction were notably 

colder than the experimentally measured jets, indicating a failure by the CFD to 

appropriately account jet dispersion. 

An important factor in jet-mainstream interaction is the level of mainstream 

turbulence. The inlet flow to the turbine in both propulsion and power generation engines 

is highly turbulent and consists of large turbulence structures, many times the size of the 
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coolant holes. These structures will tend to have the effects of increasing coolant jet 

dispersion. Teng et al [26] performed thermal field measurements downstream of round 

and shaped holes with and without an unsteady upstream wake. The flow without the 

wake was at Tu = 0.7%, while inside the wake, the time-averaged turbulence level was 

10.4% with a maximum of 20%. It was shown that the increased turbulence from the 

wake increased jet dispersion at a location of x/d = 10. Cutbirth and Bogard [27] 

measured thermal and velocity fields and used flow visualization to study a row of holes 

on the pressure side of a turbine vane at high and low mainstream turbulence (Tu = 20 

and 0.5% respectively). It was shown that the higher turbulence not only increased the jet 

dispersion, but time resolved flow visualization showed that the large scale turbulence 

structures oscillated the coolant jets leaving the row of holes in the lateral direction.  

Other studies indicate that the increased diffusion of coolant jets due to 

mainstream turbulence is expected to decrease adiabatic effectiveness. Jumper et al [28] 

performed a study on a single row of holes on a flat plate inclined at 30° at varying 

mainstream turbulence levels. It was shown that increasing the mainstream turbulence 

reduced adiabatic effectiveness. Another study by Ames [29] measured adiabatic 

effectiveness on a vane model with a showerhead and one or two pressure and suction 

side rows of holes. High mainstream turbulence (Tu = 12%) was shown to notably reduce 

effectiveness levels from low mainstream turbulence (Tu = 1%), especially on the 

pressure side and in the showerhead. The exception to this trend was for high momentum 

flux ratios where coolant from detached coolant jets was dispersed towards the wall and 

caused increased adiabatic effectiveness. 
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Coolant injection affects the approach flow to downstream rows of holes which in 

turn affects how those downstream jets separate and disperse. There have been few 

studies on how upstream coolant injection affects jet dispersion downstream. Kadotani 

and Goldstein [30] measured adiabatic effectiveness and velocity fields downstream of an 

inclined row of holes on a flat plate where the boundary layer thickness of the approach 

flow was varied. It was found that for /d > 1, increasing the boundary layer thickness 

decreased the centerline effectiveness and increased the strength of the backflow region 

behind the holes. This effect occurred because the thicker boundary layer has less 

momentum than the freestream air and therefore allows the jets to penetrate farther into 

the mainstream and away from the wall. Similar experiments performed by Liess [31] 

found that for /d < 0.2, the effectiveness levels were unaffected by changing boundary 

layer thicknesses, but at greater displacement thicknesses, the adiabatic effectiveness was 

significantly affected. This effect indicates that the boundary layer needs to reach a 

certain thickness before it affects jet penetration.  

Cutbirth and Bogard [32] measured velocity and thermal fields upstream and 

downstream of a pressure side row of holes with and without showerhead coolant 

injection. Thermal field measurements of the approach flow showed that the showerhead 

coolant just upstream of the row of holes had laterally diffused and extended 3.5d above 

the surface of the vane. Velocity field measurements of the approach flow found that 

showerhead coolant injection resulted in increased turbulence levels of urms/U∞ > 0.08 up 

to y/d = 3.0 above the surface. Downstream thermal and velocity profiles showed that 

showerhead blowing significantly increases coolant jet diffusion.  
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The goal of the thermal and velocity field experiments was to expand on the work 

Cutbirth and Bogard [32] did on the pressure side of the vane, but instead to focus on the 

suction side of the vane with more blowing conditions. The effects of coolant injection 

from the showerhead and another suction side row of holes, as well as the effects of high 

mainstream turbulence, were measured at two different locations on the vane. 

1.4 OBJECTIVES 

The goal of this study was to better understand the phenomena that affect 

performance of a fully cooled conducting vane.  One important consideration was an 

analysis of how internal impingement cooling and external film cooling both contribute 

to the overall effectiveness of the cooling scheme. This goal was achieved by measuring 

overall, adiabatic, and internal cooling effectiveness on a fully cooled turbine vane 

model. A one-dimensional analysis was implemented to better understand how these 

components of conjugate heat transfer interact and where on the vane each is most 

important to the overall effectiveness. This analysis was previously performed for a 

single row of holes on the suction side and this study expanded this analysis over a larger 

portion of the airfoil.  

The second focus of this study was to analyze how coolant jets are affected by 

upstream coolant injection, or better understanding row-to-row coolant jet interactions. 

This goal was achieved by performing a superposition analysis on a single pressure side 

row of holes and by measuring the thermal and momentum approach flow to two 

different suction side rows of holes for different upstream blowing configurations. 

Previous studies have performed similar measurements on the pressure side, but this 

study introduced more blowing configurations and momentum flux ratios – most notably, 
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it considered the effects of coolant injection from both the showerhead and another 

upstream row of holes, and the effects of span-wise variations in the approach flow. 
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Chapter 2: Experimental Facility and Procedures 

This chapter will describe the experimental facilities used to conduct the 

experiments and the methods used in obtaining data. It will also discuss the methods used 

to process and analyze the data and estimate the experimental uncertainty. 

2.1 EXPERIMENTAL FACILITY 

2.1.1 Wind Tunnel and Flow Loops 

All experiments were conducted in a closed loop wind tunnel at the University of 

Texas at Austin, which was driven by a 50 hp variable speed motor. A diagram of the 

wind tunnel is shown in Figure 2.1. The wind tunnel test section, shown in Figure 2.2, 

featured a simulated three vane cascade with a 560 x 1020 mm inlet. The cascade had a 

removable test vane, which was used to make experimental measurements, while the 

other two vanes were simulated by adjusting the bypass flows and the outer walls of the 

test section to set the stagnation line location and match the pressure distribution of the 

simulated infinite cascade first used in Dees et al [33]. The stagnation location was 

carefully set using tufts to visualize the flow around the leading edges of all three vanes, 

as shown in Figure 2.3. The stagnation line was carefully positioned to be within ± 1mm 

of the design stagnation line. A recent measurement of the pressure distribution, as well 

as the one made by Dees in 2008 is compared to a CFD simulation of the infinite cascade 

from that same study in Figure 2.4, in which it is demonstrated that the pressure 

distribution has been maintained within the allowed range. 

A low speed, low temperature approach flow was designed to match certain 

parameters in order to be representative of engine conditions. The approach mean 
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velocity was set to U∞ = 5.8 m/s, resulting in an exit chord-length based Reynolds 

number of ReC = 700,000. Turbulence reducing honeycomb and screen sections produced 

a low test section inlet turbulence level of Tu = 0.5%. In order to simulate engine 

conditions, a passive turbulence generator, consisting of a row of vertical cylindrical rods 

could be installed upstream of the test section. The resulting turbulence level was Tu = 

20% with an integral length scale of f = 37 mm. These data were measured at 0.27C 

upstream of the vane leading edge to verify that the approach flow mean velocity and 

turbulence were uniform across the test section [34]. The mainstream temperature for 

effectiveness and thermal field experiments was set to T∞ = 305 ± 0.5 K, which was 

regulated using the mainstream heat exchanger far upstream of the test section. A 

consistent mainstream temperature was used to ensure a consistent IR camera calibration.  

For hot-wire experiments, a specific mainstream temperature was not used, but the 

mainstream temperature was held constant within ± 0.2 K for each experiment to ensure a 

constant hot-wire calibration. 

 
Figure 2.1: Diagram of wind tunnel used in experiments 
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Figure 2.2: Wind tunnel test section schematic 

 

 

 
Figure 2.3: Tufting tape used to set the stagnation line location 
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Figure 2.4: Comparison of the recent measurements of the vane pressure distribution to 

the experimental and computational results of Dees et al [33] 

 

A secondary flow loop, driven by a 7.5 hp constant speed blower supplied coolant 

to the test vane, as shown in Figure 2.5. The mainstream air was drawn into the 

secondary flow loop and was cooled in the heat exchanger by liquid N2, which was 

supplied by an external tank. For hot-wire experiments, which required coolant at the 

same temperature as the mainstream air, no liquid nitrogen was used. The test vane had 

two separate coolant passages, which were independently fed and regulated by gate 

valves. The secondary flow loop was also designed with an exit for the fore passage, but 

this was closed off for these experiments because this vane was designed to have all 

coolant leaving the vane from the film cooling holes. A coolant plenum was installed 

before the vane inlet to ensure a uniform inlet flow to the test vane. Orifice flow meters 

were used to measure the coolant flow rate to each passage and were calibrated using a 

laminar flow element.  
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Figure 2.5: Schematic of coolant flow loop 

 

Due to the low temperatures in the coolant line, frost buildup in the secondary 

coolant loop and in the vane was an important concern. Frost buildup in the coolant line 

could clog the valves and change the flow rate and even block the pressure taps in the 

orifice flow meters, which prevented the measurement of the coolant flow rates. When 

frost formed in the vane it would change the flow distribution and heat transfer 

characteristics of the internal cooling. Additionally, frost on the exterior of the vane could 

alter the surface emissivity, which would change the apparent surface temperature seen 

by the IR camera. Several steps were taken to combat the formation of frost. Prior to each 

experiment the mainstream and coolant loops were purged of moist ambient air by filling 

the tunnel with pure nitrogen gas. Ceramic desiccant packs were inserted into the primary 

flow loop to draw moisture out of the air. These desiccant packs would be recharged for 

each experiment. Typically the relative humidity level was held to 3-6% for each 

experiment, which was usually sufficient to prevent frost buildup. Regular checks were 

performed during the course of an experiment to ensure that there was no frost buildup. 

At the conclusion of every experiment, the tunnel motor and the blower were left on until 

the secondary flow loop temperatures were well above freezing to ensure that no residual 
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moisture remained inside the pipes to make the purging process for the next experiment 

easier. 

2.1.2 Test Airfoil Design 

All experiments were performed using the airfoil geometry was the C3X vane of 

Hylton et al [35], which was a scaled up model of a first stage vane in a helicopter 

engine. The vane used in this study had a true chord length of C = 531 mm, a height of H 

= 547 mm, and a thickness of t = 12.7 mm, which corresponded to roughly twelve times 

the size of the helicopter engine part, and is roughly eight times the size of a typical first 

stage aircraft engine vane. Two vane models of identical geometry and film cooling 

configurations were constructed: one from a low thermal conductivity polystyrene foam 

(k ≈ 0.048 W/m∙K) to measure adiabatic effectiveness, and the other from DuPont™ 

Corian®, (k ≈ 1.0 ± 0.1 W/m∙K) to match Bi of the engine part and measure overall 

effectiveness. All non-dimensional parameters from Equations 1.18 and1.19 had to be 

matched in construction of the matched Bi vane. These parameters include the Biot 

number, Bi, the ratio of external and internal heat transfer coefficients, hf/hi, adiabatic 

effectiveness, , and the coolant warming factor, . Bunker [36] reported a surface 

averaged heat transfer coefficient of hf = 5850 W/m
2
∙K for a film-cooled engine vane. 

Due to strong variations in hf over the surface of the airfoil, and over different cooling 

configurations, it was assumed that the local heat transfer coefficients would fall in the 

range 1,000 < hf < 10,000 W/m
2
∙K. The thickness of the airfoil wall of an engine part was 

assumed to be t = 2 mm [36] and the thermal conductivity for the Nickel-based super 

alloys was assumed to be k ≈ 20 W/m∙K [37]. These projected values resulted in a typical 

engine part Biot number range of 0.1 < Bi < 1.0. The C3X vane used in these 
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experiments had a range of external film cooled heat transfer coefficients of 40 < hf < 110 

W/m
2
∙K, which, when combined with the thickness of the vane and the conductivity of 

the Corian®, results in a range of Biot number numbers for the test vane of 0.5 < Bi < 

1.4. To match the heat transfer coefficient ratio, hf/hi, a proprietary impingement cooling 

scheme was installed inside the fore passage of both vanes. Consultation with industry 

experts confirmed that the impingement design gave an appropriate range of internal heat 

transfer coefficients. The interior of the aft passage was cooled by the internal cross flow 

and was held at a much lower coolant mass flow rate than the fore passage in order to 

keep the momentum flux ratios from becoming unrealistically high (typically, I < 1.0 for 

a single row of holes). Because the flow rates though the aft passage were low, the heat 

transfer coefficient ratio may not have been matched. However, the majority of the data 

collected in these experiments focused on the regions of the vane cooled by the fore 

passage and the aft passage would have been warmer regardless because the trailing edge 

of the vane model was not cooled. Therefore, the primary focus of this experiment will be 

on the data from the region of the vane cooled by the fore passage. To match the 

adiabatic effectiveness required that the approach flow conditions and the geometry of 

the vane and film cooling scheme, which was achieved by the design of the test section 

and consulting industry experts. The cooling warming factor, , is dependent on the 

external and internal heat transfer coefficients and was therefore matched to engine 

conditions by matching the rest of the parameters. 

The film cooling holes for the test vanes were machined into five removable 

hatches, which allowed for the testing of different film cooling configurations. It was 

therefore necessary to ensure that there was no leakage or change in the vane wall’s 
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thermal resistance at the hatch seams, which were located at s/C = -0.72, -0.42, -0.38, -

0.16, -0.14, 0.12, 0.15, 0.32, 0.41, and 0.65. For the low conductivity foam vane, all that 

was required was to seal the hatch with vacuum grease and weather stripping and to fill 

the hatch seam with a lightweight spackle. For the conducting vane, Thermon®, a non-

hardening, conducting sealant was used to seal the hatches. Its thermal conductivity was 

given as k = 170 ± 57 W/m∙K [38], which is much higher than that of Corian®. The 

Thermon® was applied in a layer approximately 2 mm thick, and therefore reduced the 

thermal resistance at the hatch seams by about 16%. However, when a vinyl spackle was 

used to fill the hatch seam, the hatch seams could not be distinguished in the IR images, 

thus the hatches had a minimal effect of the effectiveness results. The spackle around the 

hatch was sanded smooth so that it would not affect the flow around the test vane. 

The fully cooled configuration featured 13 rows containing 149 total cylindrical 

cooling holes. Figure 2.6 shows a cross section of the vane, showing the approximate 

location of the impingement plate and the individual rows of film cooling holes. The 

configuration had a five row showerhead centered on the stagnation line with gill rows of 

holes on either side. Downstream of the showerhead and gill rows, there were two rows 

of holes on the suction side and four on the pressure side. All rows of holes were fed by 

the fore passage except PS4 and PS5, which were fed by the aft passage.  Table 2.1 gives 

the geometric specifications for each row of holes. Note that two different hole diameters 

were used: 6.35 mm for the showerhead and suction side holes, and 4.78 mm for the 

pressure side holes. Where suction side only or full coverage results are presented in this 

report, the showerhead hole diameter will be used to normalize geometric parameters and 

where pressure side only data is presented, the pressure side hole diameter will be used. 
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The showerhead holes were all oriented in the radial direction, or pointing up the vane. 

First stage vanes will often have radial showerhead holes such that the bottom half are 

pointed up and the top half are pointed down so that the coolant does not build up on one 

end of the vane; however, this was not done for this vane. The gill rows of holes and the 

SS2 row of holes had compound angle injection so that the coolant spread out over the 

vane surface more effectively. All other rows of holes feature axial injection. 

 
Figure 2.6: Vane model cross-section of the fully cooled configuration 

 

Table 2.1: Geometry specifications for film cooling rows 

Row Name 
Position 

(s/C) 

Surface 

Angle (°) 

Compound 

Angle (°) 
d (mm) Pitch (p/d) 

PS5 -0.68 30 0 4.78 5.3 

PS4 -0.52 30 0 4.78 5.3 

PS3 -0.35 30 0 4.78 5.3 

PS2 -0.25 30 0 4.78 5.3 

PS1 -0.10 30 60 4.78 5.3 

SH-PS2 -0.048 25 90 6.35 6 

SH-PS1 -0.024 25 90 6.35 6 

SH-Stag 0.00 25 90 6.35 6 

SH-SS1 0.024 25 90 6.35 6 

SH-SS2 0.048 25 90 6.35 6 

SS1 0.084 35 68 6.35 4 

SS2 0.27 30 60 6.35 4 

SS3 0.51 30 0 6.35 4 

2.1.3 Coolant Flow Splits and Momentum Flux Ratios 
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Several different film cooling configurations were used for this set of 

experiments. Overall and adiabatic effectiveness were measured for the full coverage and 

PS2 only configurations. All thirteen rows holes were active for the full coverage 

configuration, with the exception of the internal only effectiveness tests for which all or 

part of the showerhead and certain rows of holes were blocked to prevent certain regions 

from having film coverage. For the PS2 only configuration, the pressure side of the 

showerhead (including the stagnation row, PS1, PS3, and PS4 were all blocked using clay 

– the PS5 row was left open so that the aft passage would be internally cooled for the 

overall effectiveness experiment. For the velocity and thermal field measurements, the 

suction side of the showerhead, the SS2 row, and the SS3 row and different combinations 

of the three were all blocked for different experiments. It was important to determine the 

coolant flow rate through each row of holes in order to best understand the cooling 

performance or to compare the different configurations. The overall mass flow rate 

through the vane was measured using the orifice flow meter, and the mass flow rate for 

each individual row of holes was calculated using the method of Gritsch et al [39]: 
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The calculation of the flow splits was an iterative process, where the overall flow 

rate was specified and the required coolant pressure was calculated. The flow split 

between rows was determined by the pressure distribution around the vane and the 

discharge coefficient for each row of holes.  

The discharge coefficients for the different types of holes were measured by 

Albert [12] on a different C3X test vane for radial and axial holes, both at the same 
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injection angle as the holes on this vane. Discharge coefficients for radial and axial holes 

measured by Albert are shown in Figure 2.7. Albert operated in the constant Cd range, 

using constant values of Cd = 0.69 for the radial holes and Cd = 0.62 for the axial holes. 

The vane used for this study had a different internal flow path and required coolant 

pressures that fell on the coolant-pressure dependent part of the curve: 1.0003 < Pt,c/Pinf,loc 

< 1.003. Unfortunately, there was a large uncertainty in the measured Cd values for low 

pressure ratios:  test-to-test repeatability ranged from ± 0.05 for the level portion of the 

curve (Pt,c/Pinf,loc > 1.003) up to ± 0.3 for the highest Cd values. This large uncertainty 

stemmed from the small pressure drop across the showerhead holes at the lowest flow 

rates. For the lowest flow rate tested in the current experiments, the required pressure 

drop across the stagnation row of holes was about 25 Pa. The flow splits, however, were 

not strongly affected by the uncertainty in the Cd because the ratio of the axial to the 

radial Cd remained roughly constant for all flow rates. The showerhead mass flow rate 

changed by 7% when the above constant values for Cd were used in Eqn. 2.1 instead of 

the values from Figure 2.7. An analysis of the sensitivity of the effectiveness results to 

the showerhead flow rate showed that the uncertainty in the effectiveness data introduced 

by the uncertainty in flow split was within the uncertainty of the effectiveness 

measurement. Therefore, the above constant Cd values were assumed for the holes in the 

current vane. 



37 

 

 
Figure 2.7: Discharge coefficients for radial and axial holes from Albert [12] 

 

Albert’s holes had the same diameter as the pressure side holes of the current 

vane. The larger holes on the suction side and showerhead of the current vane would be 

expected to have slightly larger discharge coefficients because L/d for those holes was 

smaller than for the coolant holes on Albert’s vane, which would reduce losses through 

those holes. Furthermore, the discharge coefficients can be affected by the internal and 

external flow conditions in and around the vane. Because Albert did not measure Cd for 

compound angle holes, the gill row of holes were assumed to have the same Cd as the 

showerhead rows of holes while the SS2 row of holes, which were further downstream on 

the suction side, were assumed to have the same Cd as the axial holes. These assumptions 

were made based on the external flow conditions at each row of holes – the gill rows 

were in the near-stagnation region, and the SS2 row of holes experienced external stream-

wise flow. 
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For the full coverage configuration and any other configuration in which the 

showerhead was active, the coolant flow rate is presented in terms of a showerhead 

averaged momentum flux ratio, I
*
SH, while for the PS2 only configuration, the flow rate is 

reported in terms of the momentum flux ratio of the PS2 row of holes, IPS2. These two 

momentum flux ratios are defined as follows: 

   
  

    
 

             
  (2.2a) 

     
    

 

          
  (2.2b) 

Note that the momentum flux ratio for the showerhead is normalized by the 

approach velocity and the coolant velocity is averaged over all five rows of the 

showerhead, while the momentum flux ratio for PS2 is normalized by the local 

mainstream velocity and the coolant velocity is that of the PS2 row of holes. The 

momentum flux ratios for each row of holes at each of the nominal momentum flux ratios 

for the full coverage configuration are given in Table 2.2. Note that the lowest three 

momentum flux ratios for the aft passage holes (PS4 and PS5) were intentionally set to 

the same value because lower mass flow rates were too small to measure accurately. It 

should also be noted that the SS2 and SS3 rows have a small range of momentum flux 

ratios compared to the other rows of holes fed by the fore passage due to the high local 

velocities around the suction side of the vane. Therefore, the difference between the 

coolant pressure and the local mainstream pressure, which drives the flow through the 

hole, on the suction side does not have as large a percent increase as does the pressure 

drop through the holes on the showerhead or pressure side.  
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Table 2.2: Momentum flux and blowing ratios through each row of holes at each nominal 

blowing condition for the full coverage configuration 

Row Name 
I

*
SH = 0.83 

M
*

SH = 1.0 

I
*

SH = 1.88 

M
*

SH = 1.5 

I
*

SH = 3.33 

M
*

SH = 2.0 

I
*

SH = 5.21 

M
*

SH = 2.5 

I
*

SH = 7.50 

M
*

SH = 3.0 

PS5, I 

M 

0.87 

0.86 

0.87 

0.86 

0.87 

0.86 

1.39 

1.03 

2.04 

1.20 

PS4, I 

M 

0.62 

1.02 

0.62 

1.02 

0.62 

1.02 

0.88 

1.29 

1.20 

1.56 

PS3, I 

M 

0.77 

0.96 

1.37 

1.28 

2.22 

1.63 

3.31 

1.99 

4.64 

2.36 

PS2, I 

M 

0.94 

1.06 

1.80 

1.47 

3.00 

1.90 

4.55 

2.34 

6.45 

2.78 

PS1, I 

M 

1.75 

1.45 

3.71 

2.11 

6.47 

2.79 

10.01 

3.47 

14.35 

4.15 

SH-PS2, I
* 

M
* 

0.88 

1.03 

1.92 

1.52 

3.37 

2.01 

5.25 

2.51 

7.54 

3.01 

SH-PS1, I
* 

M
* 

0.76 

0.96 

1.80 

1.47 

3.26 

1.98 

5.13 

2.48 

7.43 

2.99 

SH-Stag, 

I
* 

M
* 

0.69 

0.91 

1.73 

1.44 

3.19 

1.96 

5.06 

2.47 

7.36 

2.97 

SH-SS1, I
* 

M
* 

0.78 

0.97 

1.82 

1.48 

3.27 

1.98 

5.15 

2.49 

7.44 

2.99 

SH-SS2, I
* 

M
* 

1.06 

1.13 

2.10 

1.59 

3.56 

2.07 

5.43 

2.55 

7.73 

3.05 

SS1, I 

M 

0.85 

1.01 

1.44 

1.31 

2.26 

1.65 

3.33 

2.00 

4.63 

2.36 

SS2, I 

M 

0.39 

0.68 

0.43 

0.72 

0.49 

0.77 

0.56 

0.82 

0.65 

0.86 

SS3, I 

M 

0.40 

0.69 

0.45 

0.74 

0.53 

0.80 

0.63 

0.87 

0.75 

0.95 
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For the PS2 only configuration, six different momentum flux ratios were tested: 

IPS2 = 0.3, 0.4, 0.7, 1.0, 3.2, and 6.8 corresponding to blowing ratios of MPS2 = 0.6, 0.7, 

0.9, 1.1, 2.0, and 2.9 respectively. The highest three PS2 momentum flux ratios were 

intended to match momentum flux ratios for the PS2 row of holes in the full coverage 

experiments. Unfortunately, the flow splits were initially calculated incorrectly, so the 

momentum flux ratios are 0.07 – 0.18 (3-8%) different. A sensitivity analysis for overall 

and adiabatic effectiveness with respect to momentum flux ratio found that the expected 

change in effectiveness due to this difference in momentum flux ratio is within 

uncertainty. 

2.1.4 Data Acquisition System 

A National Instruments system, in conjunction with LabVIEW, was used to 

monitor temperature and pressure data in the wind tunnel. The DAQ system took samples 

at a rate of 10 kHz and averaged them over an interval of 2 s. This sample rate and 

interval were sufficient to ensure small precision uncertainties in the measured 

temperature and pressure: T ≈ 0.05 K and P ≈ 0.0001 in-H2O respectively. The 

temperature inputs to the data acquisition system were E-type surface and point 

thermocouples. Typical temperature measurements varied from 240 K to 305 K. The 

pressure measurements were made using four different pressure transducers with 

different ranges. These transducers were calibrated using a micromanometer and the 

calibration correlations were applied using LabVIEW. 
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2.2 SURFACE TEMPERATURE MEASUREMENTS 

2.2.1 IR Cameras and Calibrations 

Surface temperatures were measured using a pair of FLIR model P20 and P25 IR 

cameras to view the surface of the vane. Optical access to the tunnel was provided by 

circular salt crystal (NaCl) IR windows mounted in the wind tunnel viewing ports. The 

P20 camera was always used in conjunction with the same NaCl window while the P25 

camera was initially paired with a zinc selenide (ZnSe) window, but due to calibration 

sensitivity issues, was later used with a salt crystal window. The test vane was painted 

with a flat black paint to ensure a consistent surface emissivity and the mainstream tunnel 

temperature was set to 305 K for each test to ensure consistent radiation from the test 

section walls 

The IR cameras were calibrated for each experiment to account for the test vane’s 

surface emissivity and the IR window transmissivity. The calibrations were performed by 

placing E-type surface thermocouples on the vane in the camera’s field of view and then 

cooling down the vane to or beyond test temperatures and warming the vane back up to 

near ambient temperatures. The temperature of the surface at the thermocouple location 

reported by the IR camera was calibrated against those measured by the thermocouples. 

At least two thermocouples were used for each camera to ensure the calibration was 

consistent through the field of view. To ensure an accurate and sufficient calibration, the 

thermocouples had to be placed in a region with little spatial temperature variation and in 

one of the coldest regions of the field of view. For the matched Biot number vane used to 

measure overall effectiveness, this was accomplished by adhering surface thermocouples 

over the hatch bolt holes, which tended to be a region of low uniform temperature. The 
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calibration for the matched Biot number vane could then be performed during the 

effectiveness experiment so long as IR images were saved while the model was cooling 

down and warming up. Silver paint marks on the surface of the vane were used to locate 

the thermocouples in the IR images during post processing. The low conductivity foam 

vane did not have a region of consistently low uniform temperature for mounting surface 

thermocouples so an out of test calibration was performed using surface thermocouples 

adhered to thin copper tabs. The tabs were painted black to match the vane’s surface 

emissivity and care was taken to ensure the copper tab did not short out the thermocouple 

junction by placing a thin layer of epoxy between the thermocouple wire and the copper 

surface. The high thermal conductivity of the copper ensured that the plate temperature 

was sufficiently uniform. A separate calibration experiment was conducted in which the 

tabs were placed over, but not blocking, the film cooling holes. Figure 2.8 shows a raw 

IR image with the calibration tabs over the holes. 

 
Figure 2.8: Raw IR image with calibration tabs 
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The raw calibration IR images were processed using FLIR Thermacam 

Researcher Pro 2.7 and a Python script written by Dyson [40]. The approximate location 

of each thermocouple was input to the script which then performed a three pixel search 

for the location that had the best correlation to the thermocouple data. The script returned 

IR camera measurements that best corresponded to the thermocouple data. The sensitivity 

to the pixel location was checked for each calibration to ensure that the calibration was 

not strongly dependent on the precise pixel used for the calibration. The camera could 

view two or more thermocouples for most calibrations and the calibration curves for the 

different thermocouples were compared to ensure spatial consistency. There were cases 

where there was good reason to disregard data from a thermocouple when it did not agree 

with the other thermocouple(s) such as if the thermocouple had become slightly detached 

from the surface or was in a region of large thermal gradients. A second order polynomial 

curve fit was used to correlate the temperatures measured by the IR cameras to those 

measured by the thermocouples. 

IR calibrations varied from experiment to experiment throughout the course of 

this study. While past studies have used the standard calibration curves of Albert [12], the 

calibration for both cameras used in this study varied enough to cause concern over the 

accuracy of the standard. Figure 2.9 shows sample calibrations for the P20 and P25 

cameras from different experiments in this study. The P20 calibrations from 8/30/11 and 

2/15/12 differ by 5 K at the lowest temperatures seen in both calibrations. Recall that all 

P20 calibrations were measured through the same salt crystal (NaCl) window. The P25 

camera did not even give the appearance of conforming to any standard calibration. The 

difference between calibrations for the P25 camera through the salt crystal window was 
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up to 10 K at the lowest calibration temperatures. Recall that the P25 camera was first 

paired with a zinc selenide (ZnSe) window and later paired with a salt crystal window. 

The calibrations through the ZnSe window with the P25 camera were just as variable as 

those measured through the NaCl window from test to test. The P25 camera was 

eventually repaired and recalibrated, but only after the data from this study had been 

collected. 

 
Figure 2.9: Sample P20 and P25 calibration data, the P20 standard is from Albert [12] 
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Given the extreme variation of the calibration for the P25 calibration, a reliable 

standard calibration could not be generated. Therefore, the in test calibrations were used 

to process the IR data when possible (a discussion about the accuracy of the out of test 

copper tab calibrations follows in the next paragraph). For the P20 camera, it was initially 

unclear whether the standard calibration or in-test calibrations were more accurate. The 

best choice of calibration depended on the cause of the test-to-test calibration variation. If 

the variation was the result of bias errors that caused an apparent change in the 

calibration of the camera then the standard calibration was the best choice, but if the 

variation was caused by actual changes to the camera’s calibration then the in test 

calibrations represented the best choice for processing the IR data. The best means of 

determining the cause of the variation was to compare the repeat adiabatic effectiveness 

experiment using the P20 camera to view the pressure side of the vane near the 

showerhead using both the standard and in test calibrations to compare the repeat data (no 

such repeat was available for the P25 camera). The results of this comparison are shown 

on Figure 2.10. When the data from both experiments are processed with the standard 

calibration, the test-to-test repeatability is poor ( ≈ 0.04). The test-to-test repeatability 

is notably improved by using the in-test calibrations to process the data from both 

experiments ( ≈ 0.02), indicating that the calibration for the P20 camera was indeed 

slightly changing from test to test and that the in-test calibration was the best choice to 

process the IR camera data. 
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Figure 2.10: Laterally averaged adiabatic effectiveness from repeat experiments using the 

P20 camera processed with the standard and in test calibrations 

 

Given that the calibration of each camera appeared to vary over time, it was 

important to estimate the uncertainty due to using out of test calibrations using the copper 

calibration tabs. These out of test calibrations were run within one or two days of the 

effectiveness experiment for which they were used in order to ensure a reduced 

calibration drift. In a few cases, calibrations were performed within a couple days of each 

other, allowing for an analysis of the short-term calibration change in each camera. 

Figure 2.11 shows the typical difference between the in test and out of test calibration 

curves for both cameras. The variation of the P20 calibration over this short period of 
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time was ± 0.7 K, which was the same calibration repeatability seen on the two other sets 

of short term repeat P20 calibrations. The P25 had a greater short-term variation in 

calibration of ± 3 K, which was also seen in the other set of short term repeat P25 

calibrations. 

 
Figure 2.11: Typical calibration drift in both cameras over a short time period 

2.2.2 Camera Viewing Angles 

The full coverage configuration required viewing a large range of stream-wise 

positions on the vane. Due to the limited viewing rage of each port in the wind tunnel test 

section, five different viewing angles were used to collect the necessary data. Figure 2.12 
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shows the viewing angles used during the course of the full coverage experiments. All 

viewing angles except the PS4-5 view (shown in red) had the camera looking through the 

tunnel walls; while for the PS4-5 view, the camera looked at the vane from the top of the 

tunnel. As Figure 2.13 indicates, the cameras were aimed at the vane mid-span to avoid 

end wall effects. Because only two IR cameras were available, three separate experiments 

had to be performed to collect data from all five views. The P20 camera was used for the 

SH-PS and PS4-5 views and the P25 camera was used for the SH-SS, SS2, and SS3 

views.  

 
Figure 2.12: A top down view of the test vane and the IR camera viewing angles used to 

measure surface temperature. Red indicates the camera looked through the top of the test 

section 

 
Figure 2.13: Regions on the test vane imaged in this study 
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Care was taken to ensure that each view shared an overlap region with the 

adjacent view(s). During data processing, the overlap regions were compared to ensure 

good agreement between the different views. Due to the difficulty in calibrating the P25 

camera, the overlap region between the SH-PS and SH-SS views was intended to validate 

the data from the P25 camera by comparing it to the data taken by the P20. This approach 

had been successfully implemented by the previous work of Nathan et al [16]. However, 

due to the set-up of the cameras, there was very little overlap between the two views. 

During the course of running these experiments, the cameras were assumed to have 

acceptable agreement. A later experiment, however, showed that the calibration of the 

camera was affected when the angle at which the camera could see the vane surface 

became extreme. In this experiment, performed outside the wind tunnel, the camera was 

pointed at a flat aluminum plate which had a calibration tab thermocouple attached to it 

and was mounted to an angular traverse. Starting at a viewing angle of 0° to the surface 

normal, the plate was rotated in increments of 5-20° away from the camera up to an angle 

of 60°. For each angle, the plate was cooled down to about 270 K using liquid nitrogen 

and was then allowed to warm back up to ambient temperature while the IR camera was 

used to capture images every 5 K. The temperature data was used to produce a calibration 

curve for each viewing angle. The results of this experiment are shown in Figure 2.14. At 

an angle greater than 55° to the surface normal, the calibration shifted by about 2 K for 

all temperatures and continued to shift for higher viewing angles. Note that data for 

angles of 0° and 20° is not included as frost buildup on the flat plate likely affected those 

results. This result indicates that the IR calibration was likely in error anywhere on the 

vane where the viewing angle exceeded 50°, which occurred for both the SH-PS and SH-
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SS views for stream-wise positions in the range -1 < s/d < 5. As this test was run at 

temperatures higher than those seen in a typical effectiveness experiment, and the 

emissivity of the aluminum plate was different than that of the vane model, the results of 

this experiment were not used to adjust the data in the high angle region. The data in that 

range is therefore excluded from the results presented in this study.  

 
Figure 2.14: Effect of varying viewing angle on the calibration of the P20 camera looking 

at a flat aluminum plate 

 

2.2.3 Conversion to Spatial Coordinates 

A low emissivity, highly reflective silver paint was used to draw lines and tick 

marks on the vane that were visible to the IR camera and could be used to convert pixel 

coordinates into stream-wise and span-wise locations on the vane. Figure 2.15 shows a 

picture of the marked-up test vane. For the viewing angles for which the camera was 

looking through the tunnel wall, the camera was carefully leveled to ensure that the 

vertical direction in the images aligned with the span-wise direction on the vane. Two 
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horizontal lines bracketing the viewing region were drawn on the vane surface with tick 

marks every centimeter. For the PS4-5 view, where the camera looked through the top of 

the tunnel, the vertical direction in the images was not consistent with the stream wise 

direction on the vane. For that view, both horizontal and vertical reference lines had to be 

placed on the vane in order to process the data. A MatLab script was used during 

processing to apply the calibration and perform the conversion to spatial coordinates 

using the locations of the lines and tick marks. 

 
Figure 2.15: Pressure side of foam test vane with locating lines drawn in silver paint 

 

2.2.4 Effectiveness Data Processing 

The measured surface temperatures were reported in terms of laterally averaged 

data and contour plots. The laterally averaged data were averaged over an integer number 

of pitches. For the fully cooled configuration, surface temperatures were averaged over 

two showerhead pitches, or twelve hole diameters, because due to different pitches of the 

showerhead and gill rows of holes, the vane was periodic over 12d. The contour plots 
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used all available data from each view and the data from each view was combined into a 

single continuous contour plot using a MatLab program. During the course of these 

experiments, the Matlab scripts for processing data were consolidated into a single 

program that sped up the creation of contour plots and calculation of laterally averaged 

effectiveness. Additionally, new scripts were written to process data from camera views 

from the top of the tunnel and to combine contour data from adjacent camera views. A 

more complete description of these programs can be found in Appendix A.  

The test vane was allowed to reach steady state conditions for each momentum 

flux ratio in the experiment. During the experiment, the vane was typically considered to 

be at steady state if the coolant temperature did not vary by more than ± 0.5 K over a 

period of five minutes, and in most cases, the coolant temperature stayed within ± 0.2 K 

over that period. For the adiabatic vane, the steady condition was usually reached within 

ten to fifteen minutes. The conducting or matched Biot number vane would not reach 

steady state for twenty to thirty minutes due to the vane warming up or cooling down. IR 

images were saved periodically during the test – usually every 3-5 minutes so that post-

processing could confirm that the test vane had reached steady state by plotting the 

laterally averaged effectiveness over time. Figure 2.16 shows an example of a momentum 

flux ratio that reached steady state for the matched Biot number vane. At time zero, the 

vane is at a warmer condition and rapidly cools within the first five minutes as the 

coolant flow is adjusted. The vane slowly cools to steady state, which it reaches after 23 

min. For the vane to be considered at steady state, it must stay within ± 0.01 in laterally 

averaged effectiveness over a period of five minutes (this corresponds to the in-test 
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criterion of ± 0.5 K), although for most cases, including the one in Figure 2.15, the 

agreement between the different curves is better than that. 

 
Figure 2.16: The fully cooled matched Biot number vane for I

*
SH = 1.88 reaches 

steady state after the coolant flow condition was set at t = 0 

 

2.2.5 Measurements without Film Cooling 

Overall effectiveness without film cooling, o, was measured between rows of 

holes for the fully cooled configuration in order to isolate the effects of internal cooling. 

To remove film cooling from the region being viewed, all upstream rows of holes were 

blocked, including those in the showerhead. The flow split calculations were adjusted to 

account for the blocked rows of holes. It is possible that blocking these rows of holes 

reduced the effectiveness of the internal cooling because the overall mass flow rate was 

reduced, and care was taken to block the minimum number of upstream coolant holes. 
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Figure 2.17 shows a raw IR image of the suction side of the vane just downstream of the 

showerhead. The bottom seven holes in the image are taped off, which produces a region 

of near uniform low effectiveness downstream, where 0 can be measured. 

 
Figure 2.17: Raw IR image with holes blocked off to measure internal cooling 

effectiveness on the suction side downstream of the showerhead 

 

A similar blocking off of holes was performed for the adiabatic PS2 only 

configuration to correct for thermal conduction through the foam. The correction was 

made using the following equation: 

  
            

    
 (2.3) 

where measured is the uncorrected value of . Equation 2.3 was first derived from first 

principles using a 1D heat transfer analysis in Ethridge et al [41]. Because the holes were 

taped over, the conduction correction in the region on either side of the tape was used to 
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estimate the correction around the holes. A conduction correction was not applied to the 

fully cooled data because no method currently exists for approximating conduction 

effects in the showerhead due to the high density of holes. A CFD analysis was 

performed by Nathan et al [16] where a truly adiabatic showerhead was compared to a 

showerhead on a low conductivity vane to determine an approximate conduction 

correction for the showerhead. A 2-D mapping of o in the showerhead showed that o 

was as high as 0.2 near the holes and as low as 0.03 away from the holes. Note that these 

values would be higher for the fully cooled configuration due to greater internal cooling 

effectiveness from the higher coolant mass flow rates required. Because of the change to 

internal cooling and because the CFD could not accurately predict local  values, the 

simulated conduction correction data were not applied to the adiabatic effectiveness data 

in the showerhead. Downstream of the showerhead, o for the fully cooled configuration 

ranged from 0.08 to 0.12. It was determined that if no correction was available for the 

showerhead, then the rest of the data would remain uncorrected for the sake of 

consistency.  

2.3 VELOCITY FIELD MEASUREMENTS 

An A.A. Systems Ltd. AN-1003 Hot Wire/Hot Film Anemometry System was 

used to obtain momentum boundary layer measurements. A TSI-1218 probe, fitted with a 

wire of diameter d = 5 m was used with an overheat ratio of 1.5. The data acquisition 

system was used to measure velocity data at a sample rate of 10 kHz over a period of 20 

s. These measurements were made for the approach flow for the SS2 and SS3 row of 

holes. The measurements were taken just upstream of the holes: at s/C = 0.26 for the SS2 

row of holes, and at s/C = 0.49 for the SS3 row of holes. Figure 2.18 shows the location 
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of the measurement locations on a top-down view of the test vane. At each location, 

baseline measurements were made without upstream coolant injection at high and low 

mainstream turbulence levels of Tu = 20% and 0.5% respectively. The high Tu case had 

integral length scales of f = 37 mm measured at 0.27C upstream of the vane leading 

edge. These mainstream turbulence measurements were made by Pichon [34]. At the SS2 

location, measurements were made at two different span-wise locations (z/H = 0.49 and 

0.58), with high and low mainstream turbulence, and at momentum flux ratios of I
*

SH = 

1.0, 4.0, and 9.0. At the SS3 location, measurements were made at high mainstream 

turbulence at a span-wise location that put the probe within the core of the SS2 jet (when 

SS2 was active). Data was collected for three upstream configurations: injection from the 

showerhead alone, SS2 alone, and the showerhead and SS2 together for showerhead 

momentum flux ratios of I
*

SH = 4.0 and 9.0. The SS2 row of holes was run at 

corresponding momentum flux ratios of ISS2 = 0.59 and 0.77 respectively. 

 
Figure 2.18: Momentum boundary layer measurement locations 

 

2.3.1 Calibration of Hot-wire Probe 

The hot-wire probe had to be calibrated prior to each experiment because the 

calibration of the probe varied with the temperature of the mainstream air and the precise 

setup of the anemometry system. A Pitot-static probe placed far outside the boundary 
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layer in the same location the hot-wire probe would later be calibrated in, was used to 

establish a reference velocity against which the hot-wire probe could be calibrated. 

Figure 2.19 shows the Pitot-static probe in the wind tunnel at the calibration position. The 

Pitot-static probe was used to correlate the mainstream velocity measured at the entrance 

of the test section to the velocity at the calibration location. To find the correlation, the 

mainstream velocity of the tunnel was varied over the expected range of test velocities 

and the ratio UPitot-static/U∞ was calculated at each point. As expected, a constant velocity 

ratio was found and could be used as a multiplier to determine the velocity at the 

calibration location from the measured mainstream velocity.  

 
Figure 2.19: The Pitot-static probe used to set the reference velocity at the SS2 location 

 

Once the velocity multiplier was determined, the Pitot-static probe was removed 

and the hot-wire probe was installed at the same location. The calibration location was 

established by defining two lines by points drawn on the wind tunnel walls, as shown in 

Figure 2.20. Probe was positioned at the calibration position by visually placing it at the 

intersection of the two lines. It was estimated that the probe could be repeatedly 

positioned to within a 0.7 mm of the calibration position in any direction with this 

locating method. This accuracy was established by moving the probe in small increments 
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and observing the minimum distance over which probe movement could be visually 

observed. Because the velocity of the mainstream at this location was not very sensitive 

to changes in the wall-normal location, the uncertainty from the probe location was 

negligible. The hot-wire probe was then calibrated by varying the tunnel mainstream 

velocity over the range of expected velocities and the voltage output of the hot-wire 

probe was correlated to the expected velocity predicted using the velocity multiplier 

determined in the Pitot-static experiment. 

 
Figure 2.20: Photograph of the locating points for the calibration position 

 

Because the calibration was dependent on mainstream temperature, the air in the 

wind tunnel had to be kept at an isothermal condition. No target temperature was 

specified, although the mainstream temperature was typically set within a range of 298 K 

< T∞ < 306 K. During the course of the experiment, the mainstream temperature did not 

vary from the set temperature by more than ± 0.2 K. The isothermal condition was 

achieved by running the tunnel for 30-60 minutes before starting the calibration to give 

the air time to warm up. For experiments involving upstream coolant injection, the 

blower was turned on after the calibration was complete and was allowed to run for about 

an hour until the coolant reached a steady temperature. Note that the air in the coolant 
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loop was not cooled down to a density ratio of DR = 1.2 as it was for the effectiveness 

experiments. The coolant exiting the hole was actually considerably warmer than the 

mainstream temperature – sometimes by up to 10 K, but a thermocouple probe was used 

to show that the variation in the mainstream temperature around the hot-wire probe was 

less than ± 0.5 K, or within the uncertainty of the thermocouple probe. The coolant 

temperature did not vary by more than ± 0.5 K during the course of the experiment. 

2.3.2 Determining Boundary Layer Thickness 

The probe was mounted on a linear traverse with a resolution of 2.5 m and a 

range of 25.4 mm that translated the probe in the wall normal to the vane wall. To 

measure each profile, the probe was carefully traversed very close to the wall, using a 

small telescope to view the gap between the probe and the vane wall. Great care was 

taken not to allow the probe to touch the wall, as that would either break the probe or 

change its calibration. The probe was then traversed away from the wall in increments as 

small as 25 m near the wall and as large as 2.5 mm far from the wall. It was important 

to accurately determine how close the probe got to the wall. At the SS2 position, the 

probe was positioned close enough to the wall to use a second-order polynomial curve fit 

to the near-wall velocity data in order to estimate the distance to the wall. The data points 

would be shifted so that the extrapolation of the curve fit would be forced to pass through 

the origin, as demonstrated in Figure 2.21. Typically, the probe was placed between 0.06 

and 0.08 mm from the wall at the SS2 position. At the SS3 location, the probe did not get 

close enough to the wall for a curve fit approximation to be used, so a separate 

experiment was done where a probe without a wire was positioned as normal at the SS3 

location, then driven into the wall to determine how close it was. It was found that at the 
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SS3 position, the probe was placed about 0.26 mm from the wall. The lack of data closer 

to the wall at the SS3 position was less of a problem because the boundary layer was 

much thicker at this position.   

 
Figure 2.21: A second order polynomial curve fit was used to determine the location of 

the velocity profile relative to the vane wall 

 

At the SS2 location, the high curvature of the vane caused the mainstream 

velocity outside the boundary layer to decrease linearly moving away from the wall. 

Therefore, there was a peak velocity at the edge of the boundary layer rather than the 

constant mainstream velocity profile that occurs over a flat plate, which required that the 

boundary layer thickness be defined by a different method than the location where the 

mean velocity reached 99% of the mainstream velocity. The boundary layer thickness 

was instead defined as the point where the local mean velocity was 99% of the velocity 

that would be predicted at that point for an inviscid fluid. The predicted inviscid velocity 

was determined by using a linear extrapolation of a linear fit to the mainstream velocity 

profile, as shown in Figure 2.22. An inviscid computational simulation performed by 

Dyson [40] confirmed that this line propagated all the way to the wall. The edge velocity, 
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Uedge, for the SS2 locations, which was used to normalize the velocity profiles, was 

defined to be the maximum velocity. Conversely, at the SS3 position, the mainstream 

velocity was constant within uncertainty. Therefore, the edge velocity was defined as the 

average mainstream velocity and the boundary layer thickness was defined to be the point 

where the mea local velocity was 99% of Uedge.   

 
Figure 2.22: Example of linear extrapolation of mainstream velocity through the 

boundary layer 

 

2.3.3 Turbulence Integral Length Scales 

The velocity time history data was used to calculate turbulence integral length 

scales. Due to the large amount of space required to store all the velocity data, this was 

only done for certain points in each profile for which the entirety of the velocity data was 

saved – that is the 200,000 points sampled at 10 kHz for 20 s which could be used to 

calculate integral length scales. An auto-correlation function, shown in the following 

expression, was implemented by means of a MatLab script: 
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〈 ( ) 〉
 (2.4) 

The autocorrelation function was plotted against time and integrated to calculate 

the integral time scale and multiplied by the mean velocity to calculate the integral length 

scale as follows: 

       ∫  ( )  
           

 

 (2.5) 

Calculating a physically meaningful time scale was difficult due to the odd shape of some 

of the auto-correlation functions. Many of the curves like the one shown in Figure 2.23 

hovered just above zero for a relatively long period of time. This behavior served to 

unrealistically inflate the calculated integral time scales. A cut-off line was therefore 

imposed at the point where the auto correlation function dropped below 0.02 to remove 

the unwanted integration regions, as shown on Figure 2.23. Note that cutoff values of 

0.01 and 0.05 were also tried. It was found that the 0.01 cutoff did not remove all 

unwanted data while the 0.05 cutoff often removed useful data. For a well behaved curve, 

i.e. one that crosses the time axis is a more reasonable manner, the effect of applying the 

cutoff line decreased the integral time scales by less than 5%. Roughly 95% of the 

autocorrelation curves were “well behaved” in this manner. For the remaining poorly 

behaved curves, such as the one shown in Figure 2.23, implementing the 0.02 cutoff 

decreased the calculated integral time scales by up to 35%. Furthermore, it was important 

to ensure that the sampling frequency of 10 kHz was sufficient to accurately resolve the 

smallest time scales. The smallest time scale measured in this study was T = 0.24 ms. The 

autocorrelation curve for that time scale crossed the cutoff point at t = 1.8 ms, so that 19 

points were used for the numerical integration, which is sufficient for an accurate 
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calculation. The sampling frequency was therefore sufficient to calculate the integral time 

scales.  

 
Figure 2.23: Integration of an example auto-correlation curve to calculate integral time 

scale 

 

2.4 THERMAL FIELD MEASUREMENTS 

A Type E micro-thermocouple probe of diameter 0.025 mm was constructed to 

make thermal field measurements above the surface of the vane. The micro-thermocouple 

wire was soldered to 36 gauge E-type thermocouple extension wire. The soldered wire 

was then adhered to a wooden probe support using super glue. The wooden probe support 

was attached to a metal probe arm. A picture of the assembled probe is shown in Figure 

2.24. 
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Figure 2.24: Photograph of the micro-thermocouple probe used to measure thermal fields 

 

The thermal fields were measured above the matched Biot number vane in order 

to capture thermal boundary layer effects. Approach thermal fields were measured at a 

stream-wise position of s/C = 0.48, immediately upstream of the location of the SS3 row 

of holes, and almost the same as that of the velocity boundary layer measurements. The 

stream-wise location for these measurements is indicated on Figure 2.25. Measurements 

were made for two upstream coolant injection configurations: showerhead only and 

showerhead and the SS2 row together at both high (Tu = 20%) and low (Tu = 0.5%) 

mainstream turbulence. All experiments were performed with a showerhead momentum 

flux ratio of I
*

SH = 4.0 and a density ratio of DR = 1.2. Measurements were made at two 

different span-wise positions, which corresponded to the SS2 jet centerline and the gap 

between the SS2 jets. To locate the jet centerline and gap, the probe was moved in the 

span-wise direction to measure the temperature at several span-wise locations. During 

this process, the probe was kept at 6 mm away from the wall, which previous 

measurements showed to be within the region affected by the upstream coolant jets from 

the SS2 row of holes. Figure 2.26 shows the result of this process with vertical lines 
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indicating the measurement locations of z/H = 0.597 and 0.618 for the jet gap and 

centerline respectively. Because the measurement location was far downstream of the 

SS2 row of holes (about 0.21 s/C), the SS2 jet had almost completely diffused so the 

span-wise dependence was not strong. This effect will be discussed more thoroughly in 

the discussion of the thermal field results. While it was desired that the two span-wise 

measurement locations be a half pitch apart to better capture the difference between the 

jet centerline and gap between jets, the two measurement locations were not quite a half 

pitch apart. However, the expected change in the thermal field results due to this error is 

well within uncertainty. 

 
Figure 2.25: Thermal field measurement location on the test vane 

 

 
Figure 2.26: Span-wise movement of the probe to find the SS2 jet gap and centerline 
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A more accurate calibration than the standard NIST calibration for E-type 

thermocouples was desired for the micro-thermocouple probe. The probe was therefore 

calibrated in a thermal bath over a range of temperatures from 249 K to 298 K. A linear 

fit was used to correlate the reported NIST value to the bath or actual temperature. This 

calibration improved the accuracy of the micro-thermocouple reading from ± 1 K to ± 0.1 

K. Due to the fluctuation in the local temperature, five to seven samples of 40,000 

measurements each were made at each y location in order to reduce precision uncertainty. 

The probe was mounted on a linear traverse with a precision of 0.001 mm. Unlike 

the hot wire probe, the micro-thermocouple probe could not be damaged by slightly 

touching the wall. To find the wall, the probe was brought very close to the wall using 

visual inspection, then moved towards the vane in 0.01 mm increments until the probe 

temperature stopped decreasing. Figure 2.27 demonstrates how the wall location was 

determined in data processing. Near the wall there was a steep thermal gradient due to the 

thermal boundary layer but at the wall, there was a sudden reduction of this thermal 

gradient. The slight decrease in temperature with deceasing y after the probe touched the 

wall comes from the probe being pressed more firmly into the wall. Any deflection of the 

probe due to it touching the wall was on the order of 0.02 mm while the length of the 

thermocouple wire that would be subject to deflection was approximately 2 mm. 

Therefore, any error due to pressing the probe into the wall was deemed negligible.  
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Figure 2.27: Determining the location of the wall during thermal field data processing 

 

The mean temperatures measured by the micro-thermocouple probe were 

normalized in a similar manner to the overall effectiveness, using the following 

expression: 

  
         

       
 (2.6) 

Because the measurements were made on the matched Biot number vane,  at the 

wall is expected to be close to measured in the full coverage experiments. They would 

be equivalent, but the holes just downstream of the measurement location were blocked 

in order to capture an approach flow unaffected by the SS3 row of holes. Blocking the 

holes increases the surface temperature around the holes because the effects of through-

hole convection are eliminated. 
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2.5 UNCERTAINTY ANALYSIS 

It was important to quantify the uncertainty for all data collected in these studies. 

The uncertainty was regularly evaluated as part of the experimental procedure. For each 

experiment, and in-test repeatability check was performed and accompanying test-to-test 

repeatability was determined for representative experiments. A thorough uncertainty 

analysis is presented here. 

2.5.1 Uncertainty of Momentum Flux Ratio 

It is important to quantify the uncertainty of the momentum flux ratio because it is 

reported for every experiment in this study that required coolant injection and is a point 

of comparison for comparing data from different experiments. In order to estimate the 

uncertainty of the momentum flux ratio, it is necessary to rewrite Equation 2.2 in terms of 

its measurable components. To calculate the momentum flux ratio from these measurable 

components required the use of certain assumptions. Density was calculated according to 

the ideal gas law as follows: 

  
 

  
 (2.7) 

Additionally, a Pitot-static probe was used to measure the mainstream velocity, which 

was computed using the following expression: 

   √
     

 
 (2.8) 

The coolant velocity was then found as follows: 

   
 ̇ 

    
 (2.9) 
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where the mass flow rate of the coolant is calculated using an orifice flow meter installed 

upstream of the test vane (see Fig. 2.5). The mass flow rate was measured separately for 

the fore and aft coolant passages and is calculated using the following equation: 

 ̇      

  

√    
√

    

  
 (2.10) 

By combining Equations 2.2, and 2.7-10, the momentum flux ratio can be calculated in 

terms of its measurable components:  
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(2.11) 

Note that Equation 2.11 is the equation for the total momentum flux ratio through the fore 

passage, from which the showerhead averaged momentum flux ratio can be found using 

flow split calculations. Also, the coolant pressure was assumed to the equivalent to 

atmospheric pressure in the formulation of this equation because the maximum pressure 

ratio was Pc/P∞ ≈ 1.007 from the calculation of flow rates. It should also be noted that 

this equation takes into account the two different sizes of holes. The subscript ‘SS’ 

indicates the d = 6.35 mm holes on the suction side and showerhead of the test vane and 

the subscript ‘PS’ indicates the d = 4.78 mm holes on the pressure side of the test vane.  

The sequential perturbation method of Moffat was used to determine the 

uncertainty in total momentum flux ratio using the uncertainties of each of the measured 

components. A sample uncertainty calculation with the component and elemental 

uncertainties is shown in Table 2.3. Note that the calculated momentum flux ratio 
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presented in the table is the total uncertainty that corresponds to the showerhead averaged 

momentum flux ratio, I
*
SH = 3.33. 

Table 2.3: Calculation of Uncertainty for I
*

SH = 3.33 

Measured Parameter 
Nominal 

Value 

Measurement 

Uncertainty 

Elemental 

Uncertainty 

Mainstream Dynamic Pressure, Pdyn 

(Pa) 19.5 0.5 0.1114 

Coolant Line Leak Flow Rate, mleak 

(g/s) 0.0 0.47 0.0767 

Orifice Pressure Drop, ΔPo (Pa) 178.0 1.8 0.0437 

Suction Side Hole Diamater, dSS (mm) 6.35 0.013 0.0284 

Orifice Discharge Coefficient, Cd,o 0.68 0.002 0.0262 

Pressure Side Hole Diamater, dPS 

(mm) 4.78 0.013 0.0105 

Orifice Contraction Diameter, do 

(mm) 53.34 0.013 0.0095 

Orifice Inlet Coolant Temperature, To 

(K) 251 0.5 0.0088 

Vane Inlet Coolant Temperature, Tc 

(K) 255 0.5 0.0087 

Coolant Pipe Diamater, dp (mm) 62.1 0.013 0.0044 

Atmospheric Pressure, Patm (Pa) 101300 500 0.0008 

Orifice Inlet Gage Pressure, Po (Pa) 3911 7.5 0.0003 

Calculated I
*

total 4.45 

 

  

Total I
*
 Uncertainty, I

*
 0.15 

 

  

Percent Uncertainty, I
*
/I

*
 3.3%     

 

The measured parameters are sorted by their elemental uncertainties from largest 

to smallest. As expected, the overall uncertainty is most strongly affected by the 

uncertainty in the pressure measurements for the mainstream dynamic pressure, Pdyn, and 

the pressure drop across the orifice plate Po. The pressure measurement uncertainties 

are composed of both precision uncertainty and a bias element from the drift in the 

transducer output. After conclusion of the experiments, a small leak was discovered in 

the coolant flow lines. This leak was experimentally determined to be smaller than the 
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uncertainty in the calculated mass flow rate. Thus, it was assumed to be negligible in the 

momentum flux ratio calculations, but it is included in the uncertainty calculations. Also 

of note are the bias uncertainties in the hole and orifice diameters that are derived from 

the limitations of the caliper used to measure them. The uncertainty in the orifice 

discharge coefficient was determined by Davidson [42] and is a bias uncertainty. 

The flow split calculations introduced additional uncertainty to the reported 

showerhead averaged momentum flux ratios. As discussed previously in Section 2.1.3, 

two methods of computing Cd were considered for this configuration: using constant Cd 

values, or using the curve measured by Albert [12] to determine the Cd values based on 

the coolant flow rates. It was determined that the latter method had too high a degree of 

uncertainty so the former constant Cd method was used. The uncertainty added by the 

method of determining Cd was determined by comparing the flow split for the two 

different methods. This effect was greatest for the lowest momentum flux ratios due to 

the high sensitivity of Cd to flow rate at low flow rates. Table 2.4 shows the uncertainty 

due to the flow split calculation for each flow rate. The uncertainties in I
*

SH range from ± 

0.17-0.27 across all five coolant flow rates. While the uncertainty in the showerhead 

momentum flux ratio is a high percentage of the nominal value for the lowest flow rates, 

it was not significant enough to severely affect the measured values of effectiveness as 

demonstrated in the next section. 

Table 2.4: Summary of Momentum Flux Ratio Uncertainties 

Reported 

I
*

SH I
*

total I
*

SH I
*

SH/I
*

SH 

0.83 0.09 0.17 21% 

1.88 0.12 0.16 8.5% 

3.33 0.15 0.18 5.4% 

5.21 0.20 0.21 4.0% 

7.50 0.26 0.27 3.6% 
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2.5.2 Uncertainty of Adiabatic and Overall Effectiveness 

The uncertainties of the adiabatic and overall effectiveness were both determined 

similarly using the following equation in conjunction with the definition for either 

adiabatic (Eqn. 1.5) or overall effectiveness (Eqn. 1.4): 
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 (2.12) 

The largest contribution to uncertainty comes from the measured wall 

temperature, Tw, which came from uncertainty in the IR camera calibration. A typical 

calibration had a scatter of ± 0.95 K for each camera, which is a precision uncertainty. As 

discussed previously, calibrations performed outside the effectiveness experiments had an 

additional bias uncertainty of ± 0.7 K for the P20 camera and ± 3.0 K for the P25 camera 

due to calibration drift in the cameras over time. The total uncertainty values for each 

camera are therefore ±1.2 K for the P20 camera and ± 3.1K for the P25 camera. The 

uncertainties for T∞ and Tc were both ± 0.5 K, due to the bias uncertainty in the NIST 

calibration for an E-type thermocouple. The dependence of the effectiveness on the 

momentum flux ratio was calculated using the strongest dependence of  and  on I
*

SH 

found in the adiabatic and overall effectiveness measurements. The adiabatic 

effectiveness had a sensitivity to momentum flux ratio of ∂/∂I
*

SH = 0.04, while the 

overall effectiveness was less sensitive with ∂/∂I
*

SH = 0.02. The estimated uncertainty in 

effectiveness was ± 0.025 for the P20 camera and ± 0.063 for the P25 camera for both 

adiabatic and overall effectiveness. The uncertainties for effectiveness values measured 

with both cameras were dominated by the uncertainty in the surface temperature 

measurement, Tw. Because of the high uncertainty in the P25 measurements, the 
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conclusions that can be made with the effectiveness data measured with this camera are 

considerably more limited. Recall that the P25 camera was used to measure the suction 

side of the vane for the full coverage configuration 

To better quantify the precision uncertainty of the measured effectiveness, repeat 

measurements were taken. Recall that Figure 2.10 showed that the test-to-test 

repeatability of the P20 camera was  ≈  ≈ ± 0.02 when the in-test calibration was 

applied. This test-to-test repeatability falls within the expected uncertainty of the P20 

camera,  = 0.025. Because no test-to-test repeat data were taken with the P25 

camera, the only repeatability check for data from this camera was the repeat points taken 

during each experiment for I
*

SH = 3.15. Figure 2.27 shows a typical repeatability 

comparison for the P20 camera and a worst-case comparison for the P25 camera. The 

P20 camera had a repeatability of < ± 0.01, which is less than the scatter from the 

calibration curves – T ≈ 0.95, which corresponds to ≈ 0.019. The P25 camera had a 

notably higher precision uncertainty of  = ± 0.02, which matches with the precision 

uncertainty from the scatter in the calibration curves. The in-test repeatability is much 

less than the total-reported uncertainty for measurements made with the P25 camera 

because it is unaffected by the test-to-test calibration shift observed for the P25. 
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Figure 2.28: Repeatability of the (a) P20 camera and the (b) P25 camera for I*SH = 3.33 

for the overall effectiveness experiment viewing the pressure and suction sides of the 

showerhead 

 

2.5.3 Uncertainty of Vane Location 

The uncertainty in the x/d and s/d locations used to plot the effectiveness data was 

estimated by comparing the location of features on the vane to their correlated locations 

on data plots. During data processing, the correlation was adjusted to ensure that s/d or 

x/d = 0 was located correctly. The stream-wise locations of other rows of holes or hatch 

seams were typically off by less that s/d = ± 0.3. This bias affected data from all 
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momentum flux ratios for a given configuration identically and is only relevant when 

comparing data from different camera views or experiments, such as comparing  to . 

2.5.4 Uncertainty of Velocity Field Measurements 

Hot-wire measurements were collected at a sample rate of 10 kHz and averaged 

over a period of 20 s. The precision uncertainty was determined by taking repeated 

measurements at a single location. This was done several times over the course of this 

study. The calculated precision uncertainties were U = 1% and urms = 4% of the 

measured value. The bias uncertainty for a hot-wire measurement can be affected by 

conduction effects, but because the probe was calibrated in situ in this study, these effects 

were accounted for [43]. As mentioned previously, the variation in mainstream 

temperature was less than ± 0.2 K and is expected to have a negligible effect on the 

voltage reported by the probe. Therefore, any bias uncertainty comes from the calibration 

of the probe. The standard deviation of the curve fit used in the calibration was small – 

U = 0.2 m/s, which was only 3% of the lowest measured velocity. Furthermore, any bias 

error was divided out when the velocity measurement were normalized by the edge 

velocity.  

The uncertainty of the length scale measurements depended on the uncertainty in 

the integral time scales, calculated by integrating the autocorrelation function, and the 

uncertainty in the mean velocity measurements. The integral time scales had a precision 

uncertainty of T = ± 0.03 ms or ± 3.2% that was determined by taking repeated velocity 

measurements at a single position and a bias uncertainty of T = ± 0.02 ms that primarily 

stemmed from introducing the 0.02 cut-off line, which was determined by calculating the 

sensitivity of the calculated integral length scales to the chosen cut-off value. The overall 
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uncertainty in the length scale was between f = ± 3.0 and 6.0% with larger percent 

uncertainties corresponding to smaller integral length scales.  

The uncertainty of the reported boundary layer thickness was primarily dependent 

on the uncertainty in determining how close the probe was traversed relative to the vane 

model surface and the uncertainty in determining Uedge. Determining the location of the 

wall introduced a significant bias into the probe location due to the difficulty of getting 

the probe very close to the surface without touching it. For the SS2 or upstream position, 

the probe was moved sufficiently close to the vane model surface that a second order 

polynomial extrapolation could be applied to the near wall mean velocity measurements 

to estimate the position of the probe relative to the wall (as shown in Fig. 2.19). The 

uncertainty in this location stemmed from the choice of points used for the curve fit and 

from the type of extrapolation used to find the wall (i.e. linear, second order, third order, 

etc.). The second order curve fit was selected because it gave a more realistic 

approximation of the behavior of the profile near the wall than the linear fit did, and 

because it was better behaved when extrapolated than higher order fits. The set of near-

wall data points which gave the highest coefficient of determination for the second order 

fit was selected to calculate the distance from the wall. The uncertainty in this estimation 

was ± 0.025 mm. For the SS3 position, the probe was not traversed close enough to the 

wall to predict the distance to the wall by extrapolating near-wall data. Instead, after the 

experiments, the probe was positioned close to the vane surface using the same method 

used in the experiments. The probe was then moved into light contact with the vane 

surface. Taking into account the distance of the wire above the wall with the probe 

touching the wall, the difference in those two positions was then used as the estimate for 
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the distance to the wall. The uncertainty in this measurement was estimated to be ± 0.052 

mm due to repeatability of moving the probe to the same location every time. The 

uncertainty in the vane wall position is a bias that affects all reported position data. Note 

that the precision uncertainty in the position of the probe was negligible due to the fine 

scale precision of the traverse (± 1.3 m). Locating the edge of the boundary layer also 

contributed to the uncertainty of the boundary layer thickness. This uncertainty stemmed 

from the calculation of Uedge. This uncertainty was a precision uncertainty due to the 

selection of mainstream data points used to calculate Uedge. This uncertainty due to 

determining the edge of the boundary layer at the SS2 position was typically less than ± 

5%, with the exception of the I*SH = 9.0 for the high turbulence case which had a unusual 

profile that resulted in an uncertainty of ± 24%. The uncertainty in determining the SS3 

location boundary layer edge was less than ± 1%, which was lower than the uncertainty at 

the SS2 location due to the uniform velocity profile outside the boundary layer at the SS3 

location. The total uncertainty for the boundary layer thickness varied from 2-7% for the 

SS2 location (with the exception of the profile mentioned above) and from 1-4% for the 

SS3 location.  

2.5.5 Uncertainty of Thermal Field Measurements 

The uncertainty in the normalized thermal field temperature measurements, , 

was calculated in a similar manner to the uncertainty of the effectiveness data, which is 

shown in Figure 2.12. Because only one momentum flux ratio was used for these 

measurements, the sensitivity of the thermal field measurements to momentum flux ratio, 

/I
*

SH, could not be calculated and was therefore not used to estimate uncertainty. The 

thermal field temperature measurements had a bias uncertainty from the calibration of the 
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microthermocouple probe of T = ± 0.1 K. The precision uncertainty of the 

microthermocouple probe measurement, calculated from statistical analysis of the 

measurements, varied from T = ± 0.05 K far from the wall to T = ± 0.35 K near the 

wall. The total uncertainty in  was estimated to be ± 0.01 from the propagation of 

uncertainty equation when the uncertainties in the coolant and mainstream temperatures 

were also considered. The largest contribution to the total uncertainty was from the 

measured probe temperature, although the uncertainties in the coolant and mainstream 

temperatures also contributed notably to the overall uncertainty. 

The uncertainty in determining the thermocouple probe location was much less 

than that of the velocity fields because the wall could be located by slowly moving the 

microthermocouple probe into contact with the vane surface. The bias uncertainty in the 

probe location due to locating the vane wall was y = ± 0.01 mm. Again, the precision 

uncertainty in location was negligible as the precision of the traverse was y = ± 0.001 

mm.  
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Chapter 3: Fully Cooled Configuration 

The fully cooled configuration featured an extensive, realistic cooling scheme, 

featuring a five row showerhead and eight additional cooling holes as well as a 

proprietary internal impingement cooling system. Surface temperature measurements 

were made for momentum flux ratios of I
*
SH = 0.83, 1.88, 3.33, 5.21, and 7.50 which 

correspond to blowing ratios of M
*

SH = 1.0, 1.5, 2.0, 2.5, and 3.0 respectively. This 

configuration is an extension of the work done by Nathan et al [16] and Williams et al 

[13], who looked at just the showerhead and a single suction side row of holes 

respectively. Expanding to a full coverage configuration allows for an analysis of key 

results from the previous two studies – namely the effect of increasing momentum flux 

ratio on cooling effectiveness, the location of regions of high local temperature, and the 

relative contributions of adiabatic and internal cooling effectiveness to the overall 

effectiveness – over a large part of the vane surface. The contribution of internal cooling 

is also increased for the full coverage configuration because the higher coolant mass flow 

rate required to fully cool the vane increases the impingement cooling effectiveness. 

Furthermore, the full coverage configuration presents the opportunity to better analyze 

the effect of row-to-row coolant jet interactions that are present in actual engine 

components. 

3.1 ADIABATIC EFFECTIVENESS  

Adiabatic effectiveness measurements were made for the fully cooled 

configuration to better understand how the coolant spreads out over the surface of the 

vane model. These data show a footprint of the jet locations on the surface of the vane 

and allow for a rudimentary understanding of how jets from different rows interact with 
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each other. Figure 3.1 shows contour data for the adiabatic effectiveness over a range of -

40 < s/d < 63. It should be noted that well after this data was measured, it was determined 

that the cameras had too steep a viewing angle for the region -1 < s/d < 5 for the 

calibration to be accurate, and therefore, this data is masked in Figure 3.1 and the other 

figures in this section.  

A key point of analysis for this configuration is the behavior of the showerhead 

coolant with increasing blowing ratio. As Nathan et al [16] demonstrated for the 

showerhead only configuration, coolant jets merge in the showerhead at high momentum 

flux ratios, leading to a coolant build-up in the showerhead region with increasing I
*

SH. 

As can be seen in Table 2.1, the gill rows of holes have a pitch that is 2/3 the pitch of the 

showerhead rows, which results in a periodic merging of the coolant downstream of the 

gill rows. For I
*

SH = 5.21 and 7.50, the showerhead and gill row coolant coalesces into 

large merged jets with a periodicity of twelve showerhead hole diameters. The 

downstream regions impacted by these merged jets have higher adiabatic effectiveness. 

For example, for I
*

SH = 7.50, the gap between the SS2 jets at s/d ≈ 25 is colder at z/H = 

0.55 than the gap at z/H = 0.49 because the merged jet impacts the former and not the 

latter. Furthermore, as momentum flux ratio increases, the coolant from the showerhead 

has a larger radial component of velocity, causing it to shoot up the vane in the span-wise 

direction, which can lead to less coolant coverage on the lower span-wise parts of the 

vane downstream of the showerhead. This trend is most evident on the pressure side of 

the vane for z/H < 0.46, downstream of s/d = -10, where the adiabatic effectiveness 

decreases as I
*

SH increases from 3.33 to 7.50. The radial and compound angle jets also 

have the effect of turning the downstream axial jets in the span-wise direction. This effect 
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is most obvious for the SS3 row of holes at s/d = 42 which slant upwards in the span-wise 

direction due to the impact of the upstream coolant introducing a radial component to 

their velocity. As a point of comparison, the SS3 jets in Williams et al [13], which did not 

have a showerhead, did not have a span-wise component. 

Another notable trend is the reduction of adiabatic effectiveness when a coolant 

jet impacts a downstream hole. This trend can be seen in the interaction between the 

showerhead holes and the gill row of holes. For I
*

SH = 1.88, the suction side gill row (at 

s/d = 7) has a hole at z/H = 0.48 that is impacted by a jet from the upstream showerhead 

row and its trail is shortened as a result. The hole directly above it (at z/H = 0.53), on the 

other hand, is not impacted by an upstream jet and consequently has a much longer trail. 

This same effect can be seen for the pressure side gill row (at s/d = -8). The upstream jet 

likely causes the downstream jet to disperse or separate more rapidly than it would 

otherwise. A possible cause for this behavior is that the jets block the mainstream flow, 

which would have otherwise helped to keep the downstream jet attached. Also, vortices 

generated by the upstream holes may induce separation or cause increased diffusion of 

the downstream jets. These effects, when combined with the span-wise turning of the 

axial jets bring to light an interesting design consideration. Due to the span-wise turning 

of the PS2 jets (holes at s/d = -22), these jets appear to impact the PS3 row of holes (s/d = 

-29), possibly encouraging the PS3 jets to disperse more rapidly than they would without 

the presence of the upstream row of holes. Placing the two rows of holes in-line with 

each other could improve film-cooling performance due to the bending of the PS2 jets so 

that they passed between the PS3 holes. 
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Figure 3.1: Contours of adiabatic effectiveness for the fully cooled configuration 

 

Additional adiabatic effectiveness results were taken further downstream on the 

pressure side, up to s/d = -70, which includes the PS4 and PS5 rows of holes that were 

fed by the aft passage. Contour plots of these data are shown in Figure 3.2. Note that the 

adiabatic wall temperature for these data was normalized by the aft coolant temperature 

which was about 11-13 K warmer than the fore passage coolant because the mass flow 

rate of coolant through the aft passage was about 8% of the mass flow rate through the 

fore passage. Heat transfer to the coolant piping between the coolant heat exchanger and 

the vane plenum (see Figure 2.5) therefore increased the temperature of the aft passage 

coolant more than the fore passage coolant. The adiabatic effectiveness at the 

downstream location stayed relatively constant with increasing momentum flus ratio due 
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to small variations in I for the PS4 and PS5 rows of holes (see Table 2.2). The highest 

effectiveness levels occurred at I*SH = 3.33 likely due to more upstream coolant being 

available – as seen on Figure 3.1, much of the pressure side coolant has shot up the vane, 

which explains the span-wise gradient in adiabatic effectiveness for I*SH = 7.50. The jets 

for the PS5 row of holes separated at all momentum flux ratios. This is expected due to 

the low curvature of the vane in this region and the high momentum flux ratio for this 

row of holes (IPS5 > 0.87). 

 
Figure 3.2: Contours of downstream on the pressure side of the fully cooled 

configuration 

 

The laterally averaged data for the adiabatic fully cooled configuration is shown 

in Figure 3.3. The data was averaged when possible over a showerhead period of 0.14H 

from z/H = 0.46 to 0.60. For s/d > 21,  was averaged over two pitches. Note that the 

large spikes in the data that exist at the hole locations are the result of including the 

cooling holes when computing the lateral average. As expected from the results of 

Nathan et al [16], adiabatic effectiveness increases with momentum flux ratio in the 

showerhead and immediately downstream of the showerhead. There is a notable jump in 

laterally averaged adiabatic effectiveness on the pressure side of the showerhead (-13 < 
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s/d < -1) and downstream of the suction side row of holes (5 < s/d < 20) between I*SH = 

3.33 and 5.21 due to the formation of the large merged jets at that momentum flux ratio. 

These merged jets cover a wide span-wise region of the vane and more effectively fill in 

part of the region that was not well covered at lower momentum flux ratios. 

 
Figure 3.3: Laterally averaged adiabatic effectiveness for the fully cooled configuration 

 

The laterally averaged adiabatic effectiveness data from this study and form 

Nathan et al [3.1] are compared in Figure 3.4. The two configurations compare 

reasonably well within the showerhead itself (-10 < s/d < 8) and downstream of the 

showerhead on the pressure side (s/d < -10), which is expected given that the showerhead 

holes were identical for both configurations. The slightly lower momentum flux ratios 

tested in Nathan et al [3.1] likely explain the slightly lower adiabatic effectiveness for the 

showerhead only configuration on the pressure side of the showerhead. On the suction 

side downstream of the showerhead (s/d > 8), the showerhead only configuration 

performed notably better than the full coverage configuration. This occurred because the 

merged jets that form downstream of the showerhead are larger and remain intact further 

downstream for the showerhead only configuration. This likely occurred due to changes 
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to the way the coolant distributes internally. For the fully cooled configuration, the 

coolant passing through the impingement plate was able to distribute relatively evenly in 

the annulus due to the distribution of cooling holes around the edge of the fore passage. 

The showerhead only configuration, on the other hand, forced all the coolant to exit 

through the showerhead and gill row of holes, which would have resulted in an internal 

cross flow form downstream of the SS1 gill row of holes feeding that row. The cross flow 

could have resulted in a larger amount of coolant exiting the SS1 row of holes for the 

showerhead only configuration than for the fully cooled configuration, which could have 

contributed to the larger merged jet. Because the SS1 gill row had a larger mass flow rate 

than the PS1 gill row (about 50% larger), the SS1 row was more affected by the internal 

flow. 

 
Figure 3.4: Comparing laterally averaged adiabatic effectiveness for the fully cooled 

configurations to the showerhead only results of Nathan et al [16] 

 

Figure 3.5 compares the laterally averaged adiabatic effectiveness from this study 

to the data of Williams et al [13]; note that the momentum flux ratios reported are for the 

SS3 row of holes. As expected, the adiabatic effectiveness for the fully cooled 
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configuration is much higher than that for the SS3 only configuration due to the presence 

of upstream coolant injection. The trend with increasing momentum flux ratio, however, 

has changed. For the SS3 only configuration, adiabatic effectiveness falls off with 

increasing momentum flux ratio, while it is relatively insensitive to momentum flux ratio 

for the full coverage configuration. Furthermore, the spread in laterally averaged 

adiabatic effectiveness between the different momentum flux ratios is reduced for the full 

coverage configuration. These results indicate that the upstream coolant has a very strong 

effect on the coolant coverage at this location that increases with momentum flux ratio.  

 
Figure 3.5: Comparing laterally averaged  for the full coverage configuration to the SS3 

only configuration of Williams et al [13] 

 

3.2 INTERNAL COOLING EFFECTIVENESS 

The internal cooling effectiveness isolates the effects of internal cooling and 

represents the non-dimensional surface temperature of the vane without film cooling. To 

measure the internal cooling effectiveness, upstream film cooling holes were blocked off 

for the region of interest. Therefore, this data is only available for the regions in between 

rows of holes. An assumption was made that the impingement jets would not be strongly 
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affected by the blocking of holes, so it was important to verify that the region over which 

internal cooling effectiveness was measured was laterally uniform. Figure 3.6 shows 

contours of internal cooling effectiveness between the SS2 and SS3 rows of holes. For 

each momentum flux ratio shown, the internal cooling effectiveness is nearly constant 

laterally – a similar laterally uniform distribution was seen for the other locations where 

o was measured. 

 
Figure 3.6: Contours ofo between rows SS2 and SS3 for the fully cooled configuration 

 

The laterally averaged internal cooling effectiveness is shown in Figure 3.7. As 

expected, the internal cooling effectiveness increases with momentum flux ratio. This 

increase, however, is not consistent for all locations. On the pressure side, the 

effectiveness of the internal cooling scheme appears to be nearing an asymptotic 

condition at the highest momentum flux ratios, implying that the pressure side 

impingement cooling is approaching a maximum cooling effectiveness. On the suction 
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side downstream of the SS1 and SS2 rows of holes, there is a notable jump in internal 

cooling effectiveness between I
*

SH = 0.83 and 1.88 and another jump between I
*

SH = 3.33 

and 5.21. This unusual behavior was observed in two different experiments on two 

different days and is therefore not expected to be an experimental error. This result is not 

explainable by considering the increase in hi due to higher coolant mass flow rate, which 

is expected to increase according to a power law with an exponent of about 0.5. 

Downstream of the SS3 row of holes, the increase with momentum flux ratio is roughly 

constant.  

 
Figure 3.7: Laterally averaged o for the fully cooled configuration 

 

Internal cooling effectiveness was measured by Dees [44] for a matched Biot 

number C3X vane featuring internal cross-flow with and without rib turbulators rather 

than impingement film cooling. These data are compared to the internal cooling 

effectiveness from this study in Figure 3.8. Note that the data is compared in terms of 

coolant mass flow rate to the vane and the impingement mass flow rates from this study 

of  ̇ = 0.024, 0.036, and 0.049 kg/s correspond to momentum flux ratios of I
*
SH = 0.83, 

3.33, and 7.50 respectively. As expected, the impingement cooling outperforms the cross-
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flow over both the smooth wall and the rib turbulators, except for 0.35 < s/C < 0.45where 

the two internal cooling schemes have comparable performance. Note that s/C = 0.4 

marks the location where the boundary layer transitions and the external heat transfer 

coefficient increases sharply with increasing stream-wise location, accounting for the 

drop-off after s/C = 4 for the cross flow data. The data from this study was not affected 

by this transition location, likely because the showerhead holes upstream were taped 

over, and the roughness of the tape may have caused the boundary layer to transition 

earlier on the vane. This may explain the reduction in internal cooling effectiveness in the 

impingement data over 0.25 < s/C < 0.3. 

 
Figure 3.8: Comparing internal cooling effectiveness from this study to the results of 

Dees et al [44], which featured cross-flow with and without rib turbulators, mass flow 

rate in kg/s 

 

3.3 OVERALL EFFECTIVENESS 

The overall effectiveness is the non-dimensional surface temperature of the film-

cooled vane and represents the “bottom line” performance metric for the cooling 

configuration. These data account for the conjugate effects from external film cooling, 
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internal impingement cooling, and conduction in the vane wall. An analysis of overall 

effectiveness results allows for the location of “hot spots,” or regions of high local 

temperature that represent the life-limiting temperature for the vane. Contour plots of 

overall effectiveness are shown on Figure 3.9. Again, due to camera viewing limitations, 

the data for -1 < s/d < 5 will not be considered in this analysis. Also, the region cooled by 

the aft passage, which does not feature an impingement cooling scheme, begins at s/d = -

31 on the pressure side and at s/d = 55 on the suction side, which explains the lower 

overall effectiveness downstream of those locations. Also note that in assembly of the 

vane, a low conductivity spackle was mistakenly applied to the pressure side hatch seam 

at s/d = -13 and is responsible for the apparent hot spot in that region. It should finally be 

noted that there was an issue with the camera transition at s/d = 42. The sharp increase in 

overall effectiveness just downstream of that camera transition likely occurred due to the 

sharp angle at which the SS2 camera view from Figure 2.12 viewed the vane. However, 

because this sharp increase did not occur in the adiabatic results, it is possible that this 

sharp transition is due to a calibration error in the P25 IR camera. As discussed in the 

previous section, the suction side effectiveness data had an uncertainty of ± 0.063, which 

could explain the disparity between the two camera views. Note that this jump is also 

evident in laterally averaged data in later figures. 

As expected from previous experiments, the gradients of overall effectiveness are 

much smaller than those for the adiabatic effectiveness due to lateral conduction in the 

wall. Also, the overall effectiveness is higher than the adiabatic effectiveness due to the 

internal cooling. Note that the overall effectiveness does not necessarily have to be higher 

than the adiabatic effectiveness because they are normalized by a different coolant 
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temperature, and near the hole exit, the coolant gas can be colder than the wall 

temperature. As expected from the showerhead only configuration of Nathan et al [16], 

the overall effectiveness in the showerhead increases with momentum flux ratio. 

Interestingly, even though the leading edge experiences the highest heat load, the 

showerhead tends to have the highest effectiveness anywhere on the vane, especially at 

the highest momentum flux ratios. This effect is due to the high density of cooling holes 

and the high heat transfer coefficients within the holes themselves. The suction side can 

be divided into three regions. For 10 < s/d < 20, the overall effectiveness stays relatively 

constant for I
*

SH < 3.33, but increases by about 0.1 from I
*

SH = 3.33 to 7.50. This occurs 

due to a jump in both adiabatic and internal cooling effectiveness in this region between 

I
*

SH = 3.33 and 5.21. For 23 < s/d < 43, the overall effectiveness stays constant with 

increasing momentum flux ratio, likely due to a decrease in adiabatic  effectiveness 

corresponding with an increase in internal cooling effectiveness. For 43 < s/d < 55, (the 

region cooled by the aft passage begins at s/d = 55) overall effectiveness increases 

steadily with momentum flux ratio. At this location, adiabatic effectiveness is roughly 

constant, so the increase is due to the constantly increasing internal cooling effectiveness. 

On the pressure side downstream of the showerhead, the overall effectiveness remains 

surprisingly steady with increasing momentum flux ratio. This trend is not predictable 

from internal cooling effectiveness, which increases with I
*

SH, nor from adiabatic 

effectiveness, which does not have a consistent trend across the pressure side. It is likely 

that heat transfer augmentation increases with blowing ratio on the pressure side, 

counteracting the effects of increasing internal cooling effectiveness. It is also interesting 

to note that while jet streaks are visible in the overall effectiveness contours on the 
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suction side, no such streaks can be seen on the pressure side. This effect can be partially 

attributed to the suction side jets adhering to the vane surface better than the pressure side 

jets. It also suggests, as will be shown later, that the adiabatic effectiveness has a 

relatively greater contribution to the overall effectiveness on the suction side than on the 

pressure side. 

 
Figure 3.9: Contours of overall effectiveness for the fully cooled configuration 

 

As with the adiabatic effectiveness data, overall effectiveness was measured 

further downstream on the pressure side in the region cooled by the aft passage. Contour 
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plots of overall effectiveness in that region are shown on Figure 3.10. Like the rest of the 

pressure side, the overall effectiveness does not vary significantly with blowing ratio. 

Overall effectiveness is higher for I
*

SH = 7.50 primarily due to through-hole convection in 

the PS4 row where most of the improvement occurs. It is also possible that the increase is 

due in part to the uncertainty in measuring the flow rate to the aft passage. Recall that the 

aft passage was not cooled by internal impingement cooling and therefore, the overall 

effectiveness levels are lower. 

 
Figure 3.10 Contours of  downstream on the pressure side for the fully cooled 

configuration 

 

An important consideration when evaluating overall effectiveness is the location 

of hot spots, or regions of low local effectiveness. These regions represent regions of life-

limiting temperature that should be designed against.  Lateral minimum overall 

effectiveness for the fully cooled configuration is shown on Figure 3.11. As was noted 

previously, the hot spot at s/d = -13 is due to a low conductivity spackle that was used to 

fill the hatch seam at that location. Without that spackle, the lateral minimum 

effectiveness would likely be considerably higher at that location. Note also that the 

fluctuating lateral minimum values on the suction side are due to the reduced camera 
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resolution of the P25 camera which was used to view the suction side of the vane. 

Ignoring the drop-offs at the far downstream locations due to the transition to the aft 

passage cooling, the region of lowest overall effectiveness is found near s/d = 32. This 

hotspot occurs in the gaps between the jets from the SS2 row of holes. As might be 

expected from the contour plots, there is no significant improvement in the minimum or 

life-limiting temperature with increasing momentum flux ratio in this region. In the 

showerhead and downstream on the suction side (-10 < s/d < 22), there is a notable 

dependence of the minimum effectiveness on momentum flux ratio for I
*

SH > 3.33, while 

at lower momentum flux ratios, the effect on the minimum effectiveness is weaker or 

negligible.  

 
Figure 3.11: Lateral minimum overall effectiveness for the fully cooled configuration 

 

It is of interest to understand the contributions of adiabatic and internal cooling 

effectiveness to the overall effectiveness at different regions around the airfoil. Laterally 

averaged overall effectiveness for the fully cooled configuration is compared to the 

laterally average adiabatic and internal cooling effectiveness in Figure 3.12. As 

mentioned previously in the discussion of the overall effectiveness contours, the overall 
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effectiveness is not strongly affected by momentum flux ratio, even though the internal 

cooling effectiveness is increasing. Figure 3.10 shows that the internal cooling 

effectiveness is much more important to the overall effectiveness than the adiabatic 

effectiveness on the pressure side. Furthermore, the adiabatic effectiveness is rather 

substantial at this location. This result strongly suggests that the heat transfer 

augmentation has a significant effect on the pressure side of the vane to reduce the 

overall effectiveness from what it would be otherwise. This effect is more completely 

discussed in the next section. On the other hand, the adiabatic effectiveness is more 

important to the overall effectiveness relative to the internal cooling effectiveness on the 

suction side than it is on the pressure side. This is especially true for the lower 

momentum flux ratios for 26 < s/d < 42. The increased importance of adiabatic 

effectiveness on the suction side explains in part why coolant jet streaks are visible in 

contours of suction side overall effectiveness. 

 
Figure 3.12: Laterally averaged overall, adiabatic, and internal cooling effectiveness for 

the fully cooled configuration 
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Figure 3.13 compares the laterally averaged overall effectiveness around the 

showerhead for the sully cooled configuration to the laterally averaged overall 

effectiveness results of Nathan et al [16], which featured coolant injection from the 

showerhead alone. As expected, the greater coolant mass flow rate required to supply 

coolant to the fully cooled configuration resulted in higher overall effectiveness for the 

fully cooled configuration due to improved internal impingement cooling performance at 

all momentum flux ratios. 

 
Figure 3.13: Comparing laterally averaged overall effectiveness for the fully cooled 

configurations to the showerhead only results of Nathan et al [16] 

 

3.4 PREDICTING OVERALL EFFECTIVENESS 

An attempt was made to use the one-dimensional model of Williams et al [13], 

given in Eqn. 1.23, to predict the overall effectiveness from the measured internal cooling 

and adiabatic effectiveness (the derivation of this model is explained in Chapter 1). 

     (    )     (1.23) 

The results of this analysis are compared to the measured overall effectiveness on Figure 

3.14. Coolant temperatures were measured at the exit of representative cooling holes on 



97 

 

the vane to get a value for for the regions downstream of the showerhead (SH = 0.91) 

and the far downstream suction side (SS = 0.86) and pressure side (PS = 0.79). The 

model over predicts the overall effectiveness at all locations on the vane for all 

momentum flux ratios. The lone exception was the relatively good prediction for I
*

SH = 

0.8 for 8 < s/d < 21, where the predicted overall effectiveness was reasonably close to the 

measured value. Otherwise, the prediction exceeded the measurement by 10-20%.  

 
Figure 3.14: Comparing the predicted and measured overall effectiveness for the fully 

cooled configuration 

 

There are a number of explanations as to why the model failed to give good 

predictions. The first and most likely explanation is that the derivation of the model 

assumes that heat transfer augmentation, hf/ho, is unity, which has been shown to be false 

on the pressure side. Increasing the heat transfer into the vane wall would reduce overall 

effectiveness; therefore, by accounting for heat transfer augmentation, the predicted value 

of overall effectiveness would be expected to decrease and be closer in value to the 

measured overall effectiveness. An adjustment to the model was made, where hf ≠ ho, and 

is given in Eqn. 1.24: 
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Unfortunately, this model requires knowing the heat transfer augmentation, which was 

not measured for this study. Therefore, an alternate approach was used where the 

equation was rearranged as follows to predict the heat transfer augmentation from the 

measured overall, adiabatic, and internal cooling effectiveness: 
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)     

    
 

(3.1) 

Note that Eqn. 3.1 predicts the heat transfer augmentation required for the predicted 

overall effectiveness from Eqn. 1.24 (p) to equal the experimentally measured overall 

effectiveness (meas). The predicted heat transfer augmentation is shown on Figure 3.15. 

As expected, the more the first model over predicted the overall effectiveness, the higher 

the heat transfer augmentation is predicted to be. This model suggests that the heat 

transfer augmentation would need to be between 1.0 and 2.0. This is a reasonable 

prediction for the pressure side of the vane and the region downstream of the SS1 row of 

holes and is similar to measurements made by Ames [21] for the same C3X airfoil 

geometry. On the other hand, the results of Ames predict that heat transfer augmentation 

should be close to one in the regions downstream of SS2 and SS3 where the boundary 

layer is expected to be fully turbulent because upstream coolant injection should not 

strongly affect the heat transfer coefficient in this turbulent region. However, the 

predicted heat transfer augmentation is still very high for s/d > 25. Note that the spike in 

predicted augmentation for 45 < s/d < 60 occurs because the aft passage divide is located 

at s/d = 55 and therefore the model breaks down at that location. 
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Figure 3.15: Predicted heat transfer augmentation using the one-dimensional model 

 

The failure of the corrected model given by Eqn. 3.1 to predict reasonable heat 

transfer augmentation values suggests that there are further inaccuracies in the model or 

experimental data. The high uncertainty in effectiveness measurements on the suction 

side due to the calibration uncertainty for the P25 IR camera used to image that region 

could have contributed to the failure of the model. Another potential source of error is the 

setup of the internal cooling effectiveness experiments. By blocking off upstream cooling 

holes, it was assumed that the internal impingement cooling would be minimally 

affected; however, it is possible that the impingement cooling was reduced for some 

regions and could have artificially reduced the measured o. Additionally, to minimize 

the number of holes that needed to be blocked off when measuring the o data, 

downstream rows of holes were left unblocked, which increased the measured value of o 

near that row of holes due to through-hole convection. While most of the data that was 

clearly affected by through-hole convection from a downstream row of holes was 

removed, it is possible that this effect augments the predicted hf/ho for the regions 

immediately upstream of the PS3 and SS3 rows of holes. It should finally be noted that 
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the model in question is a one-dimensional approximation to a three-dimensional system; 

therefore, it is expected that despite the accuracy of the measured value, this model is not 

expected to perfectly account for all possible cooling effects.  
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Chapter 4: Single Pressure Side Row of Holes 

Overall and adiabatic effectiveness were measured for a single pressure side row 

of holes, corresponding to the PS2 row of holes for the fully cooled configuration. The 

momentum flux ratios tested for this row of holes were IPS2 = 0.3, 0.4, 0.7, 1.0, 3.2, and 

6.8, which correspond to blowing ratios of MPS2 = 0.6, 0.7, 0.9, 1.1, 2.0, and 2.9 

respectively. The highest three momentum flux ratios were intended to match the 

momentum flux ratio of the PS2 row of holes on the fully cooled configuration for 

momentum flux ratios of I
*

SH = 0.83, 3.33, and 7.50, which were IPS2 = 0.9, 3.0, and 6.5 

respectively (see Table 2.2). The difference between the momentum flux ratios for the 

PS2 only and full coverage configurations are not expected to notably affect the 

measured effectiveness values. 

4.1 OVERALL AND ADIABATIC EFFECTIVENESS 

Isolating a single row of holes from the fully cooled configuration allows for a 

better understanding of how that row of holes performs without the effects of upstream 

coolant jets and downstream through-hole convection for the matched Biot number 

model. This was done for the SS3 row of holes in Williams et al [13] who showed that 

for increasing momentum flux ratio, adiabatic effectiveness decreased due to jet 

detachment from the vane surface while overall effectiveness was much less sensitive to 

increasing momentum flux ratio, but reached a maximum above ISS3 = 1.69. A more 

meaningful comparison can be made to the data of Ames [29] who measured adiabatic 

effectiveness downstream of a pressure side row of holes on a C3X airfoil, the same as 

was used in this study. The holes had a pitch of p/d = 3 and were oriented at an injection 

angle of 30°. The data used for comparison to this study was measured at a mainstream 
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turbulence level of Tu = 12%. Figure 4.1 compares the results from Ames [29] to the 

results of this current study. Note that the Ames results have been corrected to account 

for the difference between hole pitch of the two studies as follows: 

     
(   )    

(   )             
      (4.1) 

Downstream of x/d = 10, the agreement between the data is good, with a maximum 

difference of  ≈ 0.01. The disparity between the current study and the data from Ames 

is likely the result of different stream-wise location – the row of holes in Ames was 

located further upstream on the vane in an area of higher curvature and appears to have 

separated and reattached around x/d = 8.  

 
Figure 4.1: Comparing laterally averaged adiabatic results to those measured in Ames 

[29] 

Laterally averaged overall and adiabatic effectiveness for the current study is 

shown on Figure 4.2. Note that the cooling hole diameter used to compute x/d is the 

diameter of the PS2 row of holes, d = 4.78 mm, which is different than the diameter of 
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the showerhead holes which was used to compute s/d for the fully cooled configuration. 

As expected, the overall effectiveness is both higher and less sensitive to momentum flux 

ratio than the adiabatic effectiveness due to internal cooling. As seen in the suction side 

results of Williams et al [13], the adiabatic effectiveness decreases with increasing 

momentum flux ratio. The region where adiabatic effectiveness was most sensitive to 

momentum flux ratio was found between x/d = 0 and 10. Far downstream, the coolant has 

dispersed and the adiabatic effectiveness is the same for all momentum flux ratios. For 

IPS2 = 3.2 and 6.8, the adiabatic effectiveness increases from x/d = 3 to 15, likely due to 

detached jets re attaching to the surface of the vane. The overall effectiveness, on the 

other hand does not change much at small momentum flux ratios – an effect that was seen 

on the suction side – before increasing more significantly at the highest momentum flux 

ratios near the hole. A peak overall effectiveness seen for the suction side row of holes 

was not found for these pressure side holes, likely due to internal cooling effects. After 

x/d = 5, the overall effectiveness had essentially ceased to be dependent on momentum 

flux ratio. This behavior suggests that the increasing internal cooling was balanced out by 

the decreasing adiabatic effectiveness. The increase in overall effectiveness near the holes 

due to momentum flux ratio was likely due to through-hole convection effects.   
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Figure 4.2: Laterally averaged  and for a single for of pressure side holes 

 

The observations made on the laterally averaged effectiveness plots are confirmed 

by contours of adiabatic and overall effectiveness. Figure 4.3 shows contours of adiabatic 

effectiveness for this single row of pressure side holes. Because of the curvature of the 

pressure side, coolant jets are less likely to remain attached to the airfoil surface. This 

effect can be seen in that the coolant jets decrease in effectiveness with increasing 

momentum flux ratio, even from IPS2 = 0.3 to IPS2 = 0.4, which suggests that the coolant 

jets have already started separating at IPS2 = 0.3, especially given the low jet centerline 

adiabatic effectiveness at this momentum flux ratio (  ≈ 0.45 at x/d = 3). At higher 

momentum flux ratios, the jets are clearly detaching and reattaching further downstream, 

as evidenced by the bottlenecking of the coolant streaks for IPS2 > 0.7. Note that the cold 

spots in between the jets at x/d = 10 are from the PS3 row of holes, which were plugged 

with modeling clay for these experiments. Figure 4.4 shows the contours of overall 

effectiveness for this configuration. As with the laterally averaged data, most of the 

increases to overall effectiveness are seen around the holes, which suggests that through-

hole convection dominates in that region. Also, the region downstream of x/d = 18 is 
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warmest at the highest momentum flux ratio because the wrong flow rate was used in the 

aft passage for this momentum flux ratio. 

 
Figure 4.3: Contours of adiabatic effectiveness for the PS2 only configuration 
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Figure 4.4: Contours of overall effectiveness for the PS2 only configuration 

 

4.2 SUPERPOSITION ANALYSIS 

Focusing on this row of holes allows for the use of a superposition analysis on the 

adiabatic effectiveness when combined with the results from the fully cooled 

configuration and the showerhead only configuration of Nathan et al [16]. This study is 

performed in the light of a similar study by Colban et al [45], which found that 

showerhead blowing reduced the separation of a pressure side row of holes which 

improved film coverage, and that of Mhetras and Han [19], which found that 

superposition worked well for a full coverage configuration without a showerhead. 

Polanka et al [20] performed a superposition analysis for a pressure side row of holes 

downstream of a showerhead and found that the superposition value was much higher 

than the measured value, likely due to increased dispersion of the pressure side jets due to 

showerhead injection. The superposition analysis was done with conduction-corrected 

adiabatic effectiveness data using the following expression: 
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 ̅   ̅    ̅   (   ̅  ) (4.2) 

The result of combining these data is shown in Figure 4.5. Due to the high sensitivity of 

adiabatic effectiveness to momentum flux ratio for the PS2 only configuration relative to 

the SH only configuration, the superposition analysis predicts that adiabatic effectiveness 

will decline with increasing momentum flux ratio for the fully cooled configuration. The 

superposition analysis was only performed up to x/d = 8 due to the presence of the PS3 

row of holes for the fully cooled configuration. Note that the showerhead averaged 

momentum flux ratios for the showerhead only configuration did not exactly match the 

momentum flux ratios of the full coverage configuration in this study. These mismatched 

momentum flux ratios were not expected to severely affect the superposition prediction. 

 
Figure 4.5: Result of performing superposition analysis for the PS2 row of holes 

The superposition analysis works best near the holes and for I
*

SH = 0.76, as shown 

in Figure 4.6. The relatively good agreement near the holes justifies the slight differences 

in the momentum flux ratios for the PS2 holes for the different configurations (recall that 

IPS2 was slightly different in the PS2 only and full coverage configuration and that I
*

SH 
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was slightly different in the SH only and full coverage configurations). Further 

downstream of the holes, the superposition analysis under-predicts the performance. The 

lack of good agreement at higher momentum flux ratios could be a result of increased 

turbulence in the approach boundary layer created by showerhead coolant injection, 

which Cutbirth and Bogard [32] found to greatly increase jet dispersion. A separated jet 

at higher momentum flux ratios would therefore diffuse in part towards the wall for the 

fully cooled configuration, an effect that would not be seen in either the PS2 or SH only 

configurations and would therefore not be accounted for by superposition. This effect 

could explain why superposition under-predicts the full coverage result. Recall that 

Polanka et al [20] found that the superposition prediction was too high and suggested that 

jet dispersion away from the wall was the cause of the errant prediction. It should be 

noted that the Polanka et al coolant holes had a compound angle of 45° and the coolant 

jets in that study were better attached than the jets in this study. Therefore, it is 

reasonable to suggest that showerhead injection in Polanka et al caused the well-attached 

jets to disperse away from the wall while showerhead injection in this study caused 

detached jets to disperse towards the wall. 
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Figure 4.6: Comparison of superposition analysis to the full coverage results  
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Chapter 5: Velocity Field Measurements 

Mean and fluctuating velocity fields were measured for the approach flows to the 

SS2 and SS3 rows of holes at varying upstream coolant injection and at high and low 

mainstream turbulence levels (Tu = 20% and 0.5% respectively). As shown on Figure 

2.16, these measurements were made just upstream of suction side coolant holes at 

stream-wise locations s/C = 0.26 and 0.49, which, when normalized by the showerhead 

hole diameter correspond to s/d = 23 and 41. The purpose of these measurements is to 

gain insight into how the approach flows on the suction side are affected by upstream 

coolant injection. Given that the approach flow will influence how a row of holes will 

perform; these measurements allow for an increased understanding of how the different 

suction side rows of holes of the fully cooled configuration interact with each other. 

5.1 BASELINE NO BLOWING CONDITION 

Mean and fluctuating velocity boundary layer profiles were measured at each 

location without film cooling. The s/C = 0.26 position was located in a region of high 

curvature, had a local freestream velocity of U∞ = 24.4 m/s, and a local freestream 

turbulence intensity of Tu∞ = 4.3% at high mainstream turbulence and Tu∞ = 0.4% at low 

mainstream turbulence. The s/C = 0.49 position was located in a region of low curvature, 

had a local freestream velocity of U∞ = 21.7 m/s, and had a local freestream turbulence 

intensity of Tu∞ = 4.5% at high mainstream turbulence and Tu∞ = 0.5% at low 

mainstream turbulence. 

Similar measurements were made by Dees et al [46] on the same C3X vane 

geometry without film cooling at s/C = 0.19 and 0.38 at both high and low mainstream 

turbulence. The mean velocity profile for s/C = 0.26 at high mainstream turbulence is 
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compared to the measurements made by Dees et al in Figure 5.1. Note that the wall-

normal position is normalized by the showerhead hole diameter even though no film 

cooling holes were active to allow for consistency with configurations featuring film 

cooling. As expected, the mean velocity profile at the SS2 location falls in between the 

Dees et al profiles, which were upstream and downstream of the SS2 location. This result 

shows consistency between the two different studies, which were performed three years 

apart with different hot-wire probes. 

 
Figure 5.1: Comparison of mean velocity profile at SS2 location to profiles from Dees et 

al [46] for high mainstream turbulence 

 

Comparing the measured boundary layers to standard boundary layer profiles 

provides insight into the nature of the boundary layers, namely, whether they are laminar, 

turbulent, or transitional. The laminar boundary layer can be predicted using the 

Pohlhausen method, which accounts for the presence of a stream-wise pressure gradient, 

which is expected for these locations due to curvature of the vane [47]. The turbulent 

boundary layer is approximated by the 1/7 power law. Note that while the Pohlhausen 

profile is inappropriate for comparison to the high mainstream turbulence case because it 

assumes negligible mainstream vorticity, the profiles for high and low mainstream 
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turbulence were similar in nature at both locations. Figure 5.2 compares the mean 

velocity profiles at both locations to the Pohlhausen and 1/7 power law curves. From the 

figure, the SS2 boundary layer was transitional at both high and low mainstream 

turbulence because it falls between the Pohlhausen and 1/7 power law predictions, while 

the SS3 boundary layers were turbulent as they fell on the 1/7 power law curve. This 

result is expected given the pressure distribution around the vane in Figure 2.4, which 

suggests the boundary layer is transitional at s/C = 0.26 and turbulent at s/C = 0.49. 

 
Figure 5.2: Comparing the mean velocity profiles at each location to standard boundary 

layer profiles at high (Tu = 20%) and low (Tu = 0.5%) mainstream turbulence 
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Fluctuating rms profiles were also measured at both locations for high and low 

mainstream turbulence and are shown in Figure 5.3. As expected, the urms levels are 

higher for the turbulent boundary layer at the SS3 location that for the transitional SS2 

location. Furthermore, the increased mainstream turbulence increases the urms levels in 

the boundary layers for both locations. Interestingly, urms is much more strongly affected 

by the introduction of high mainstream turbulence at the SS2 location than the SS3 

location. At the SS2 location, the urms profile does not extend past the boundary layer for 

the low Tu case. Therefore, the large increase in urms for the high Tu case at the SS2 

location is driven primarily by the highly turbulent mainstream flow. On the other hand, 

at the SS3 location, the increase to urms due to increased mainstream turbulence is 

confined to within the boundary layer, and therefore the increase to urms is not as large as 

at the SS2 location. Furthermore, the increase in boundary layer thickness due to the 

increase in Tu at the SS3 location does not affect the location of the peak urms value. 

 
Figure 5.3: Profiles of urms for the no blowing condition at both locations for high and 

low mainstream turbulence 
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Turbulence integral length scales of the approach flow provide information about 

the size of the turbulent eddies and indicate how the approach flow interacts with the 

downstream coolant jets. Cutbirth and Bogard [27] showed that approach flow turbulence 

with integral length scales larger than the cooling hole diameter caused the coolant jets to 

laterally oscillate rather than simply increase jet diffusion. Figure 5.4 shows the 

calculated turbulence integral length scales for the no blowing condition at high and low 

mainstream turbulence. Note that the x-axis is plotted on a log scale due to the large size 

of the integral length scales for low mainstream turbulence away from the wall. These 

large integral length scales were a result of residual large scale fluctuations in the tunnel 

on the order of the dimensions of the test section that had not been filtered out by 

upstream screens in the tunnel. For the SS3 position, length scales in the boundary layer 

(y/d < 0.55) for the low turbulence case were much smaller than the coolant hole diameter 

and result from turbulence generated in the boundary layer. For high mainstream 

turbulence, the integral length scales are larger than the coolant hole diameters due to 

entrainment of the large scale structures from the mainstream flow. These structures 

decrease in size as the wall is approached. 
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Figure 5.4: Turbulence integral length scales with no upstream blowing at high and low 

mainstream turbulence 
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5.2 SS2 VELOCITY FIELDS WITH SHOWERHEAD COOLANT INJECTION 

Mean and rms velocity profiles at the SS2 location were measured with 

showerhead blowing upstream at momentum flux ratios of I
*

SH = 1.0, 4.0, and 9.0, at 

span-wise positions of z/H = 0.49 and 0.58, and at mainstream turbulence levels of Tu = 

0.5% and 20%. From the contours of adiabatic effectiveness for the fully cooled vane, 

shown on Figure 3.1, it is apparent that there is a periodic variation of the approach flow 

to the SS2 holes; therefore, it was necessary to measure velocity profiles at multiple span-

wise positions. The positions were chosen to measure velocity data both in and outside of 

the merged showerhead jets. 

The effect of upstream coolant injection on the mean velocity profile at the SS2 

location resulted in a thicker boundary layer. Figure 5.5 shows the mean velocity profile 

at z/H = 0.58 and Tu = 0.5% at three different momentum flux ratios compared to the no 

blowing case. While the boundary layer thickness increases from 0.12d to 0.27d when 

showerhead blowing is introduced, the boundary layer thickness is still much smaller 

than the coolant hole diameter, meaning that it would not be expected to significantly 

affect how well the coolant jet remains attached. Furthermore, increasing blowing ratio 

does not have a strong effect. Liess [31] showed that for small boundary layer thickness, 

adiabatic effectiveness was not affected by changing approach boundary layer thickness. 

Due to the small thickness of the boundary layer relative to the coolant jet diameter, it 

seems safe to assume that any changes to adiabatic effectiveness due to the thickening of 

the mean velocity profile will be minimal. 
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Figure 5.5: Mean velocity profiles with showerhead blowing, SS2 location, z/H = 0.58, 

Tu = 0.5% 

 

It can also be shown that changes in mainstream turbulence and span-wise 

position do not have a strong effect on the mean velocity profile at this location. Figure 

5.6 compares the mean velocity profiles for I*SH = 4.0 at different span-wise positions 

and mainstream turbulence levels. While there are slight changes to the boundary layer 

thickness when these variables are changed, the expected effect on film cooling 

performance is small due to the relative thinness of the boundary layer relative to the 

coolant hole diameter.  
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Figure 5.6: Mean velocity profiles at the SS2 location with I

*
SH = 4.0 with varied Tu and 

z/H 

 

While showerhead coolant injection did not strongly affect the mean velocity of 

the approach flow and affect film cooling performance in that manner, it was found that 

the rms velocity was dramatically increased by showerhead blowing well outside of the 

boundary layer.   Figure 5.7 shows the urms profiles for all conditions tested – low 

mainstream turbulence results are plotted on top and high mainstream turbulence results 

are shown on the bottom. Every condition with blowing from the showerhead had higher 

rms velocities than its respective no blowing condition, with the exception of the high 

mainstream turbulence profiles very near the wall. Furthermore, the increase in the rms 

velocity extended much farther than the wall than the boundary layer – out to y/d = 3.0 or 

greater. Because the approach flow with upstream blowing has considerably higher rms 

velocities than the approach flow without blowing, upstream blowing is expected to 

greatly increase jet diffusion of the SS2 holes. A similar result was seen in Cutbirth and 

Bogard [32] for pressure side holes with an active showerhead.  
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Figure 5.7: SS2 location profiles of urms showing the effect of span-wise shifts 

 

The effects of increasing momentum flux ratio and the span-wise shift are 

somewhat less clear and appear to depend on the level of mainstream turbulence. Please 

note that the following analysis focuses on the profiles far from the wall, which are more 

likely to influence the diffusion of the SS2 jets. At low mainstream turbulence, z/H = 

0.58, urms increases with increasing momentum flux ratio as might be expected; however, 

at z/H = 0.49, urms decreases with increasing momentum flux ratio. Interestingly, the rms 
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velocities for z/H = 0.49 and I
*

SH = 9.0 are lower than all the other rms velocities for 

cases with showerhead blowing. The explanation for this strange behavior is tied to the 

location of the probe relative to the merged showerhead jets, shown in the adiabatic 

effectiveness plots in Figure 3.1. Note that due to an oversight in the experimental 

planning, the momentum flux ratios for the velocity field data were not matched to the 

momentum flux ratios for the fully cooled configuration and therefore, no plot of 

adiabatic effectiveness exists that gives a reliable indication of where the merged jets are 

located for I
*

SH = 4.0 and 9.0. Because the location of the probe relative to the merged jet 

is unknown, and because measurements were only made at two span-wise locations, a 

limited amount of analysis is available through this data. It can be concluded that the 

magnitude urms varies in the span-wise direction between z/H = 0.49 and 0.58 at least as 

much as is shown in Figure 5.7. It is hypothesized that locations within the merged 

showerhead jets correspond to higher urms values, while locations outside the merged 

showerhead jets correspond to lower urms values. This assumption suggests that for z/H = 

0.58 and I
*

SH = 4.0 and for z/H = 0.49 and I
*

SH = 9.0, the probe was outside of the merged 

jet while the probe was in the merged jet for the other two profiles. Note that the location 

of the merged jet is dependent on momentum flux ratio. Furthermore, the shape of the 

urms profile for z/H = 0.49 and I
*

SH = 4.0 suggests that the merged jet core at that 

momentum flux ratio is still intact at this stream-wise location and is centered at y/d = 

1.3. The shape of the urms profile for z/H = 0.58 and I
*

SH = 9.0 suggests that at the higher 

momentum flux ratio, the jet is no longer intact. At high mainstream turbulence, the rms 

velocities increase with momentum flux ratio as expected, likely due to the increased 

diffusion of the showerhead jets from the increased level of mainstream turbulence. 
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There is also considerably less span-wise variation in the rms velocity profiles than for 

the low mainstream turbulence condition.  

Given the span-wise dependence of the rms velocities due to the periodic merging 

of the showerhead jets, it is expected that there would be some jet-to-jet variation of the 

adiabatic effectiveness of the SS2 jets in the fully cooled configuration. However, for the 

most part, the SS2 jets in Figure 3.1 appear to behave identically. One exception is the 

SS2 jet trail for I
*

SH = 5.0 proceeding from the hole that would have been pictured at z/H 

= 0.41 had the camera view been wider. This cooling hole appears to have been directly 

impacted by the upstream merged showerhead jet and therefore has a shorter jet trail than 

the holes above it. Given that no other imaged jets exhibit this behavior, it appears that 

for the merged jet to significantly impact a SS2 jet, it must be both strong enough and hit 

the hole directly. 

As expected, increased mainstream turbulence increases the rms velocities at both 

span-wise positions, as shown in Figure 5.8. This effect is even seen close to the wall, 

suggesting a high degree of mainstream entrainment. This result is consistent with that of 

Cutbirth and Bogard [5.3], who found a similar effect on the pressure side. 
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Figure 5.8: SS2 location profiles of urms showing the effect of mainstream turbulence 

 

Integral length scales were measured at the SS2 location with blowing from the 

showerhead. Figure 5.9 shows the integral length scale measurements for I
*

SH = 4.0 at 

high and low mainstream turbulence and at both span-wise positions compared to the 

high Tu, no blowing case (recall that the low Tu, no blowing case had length scales on the 

order of the size of the test section). As expected, introducing high mainstream 

turbulence greatly increase the size of the length scales due to the introduction of large 

scale mainstream turbulence. Span-wise position however, did not have a strong effect on 
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the size of the integral length scales. Far from the wall (y/d > 0.4), the integral length 

scales for the no blowing case are much greater than those for the cases with blowing. 

This effect occurred because the turbulence generated by the coolant jets has a smaller 

scale than the turbulence in the mainstream. The low turbulence case shows the 

turbulence generated by the coolant jets is similar in scale to the diameter of the coolant 

holes, while the no blowing case shows that the mainstream turbulence has a much larger 

scale. The high turbulence case with blowing was the case for which the full coverage 

effectiveness measurements were made and has integral length scales that are three to 

four times larger than the SS2 coolant hole diameters, which suggests that the turbulence 

experienced by the SS2 row of holes is sufficiently large to cause the jets to laterally 

oscillate. 

 
Figure 5.9: Integral length scale measurements for I

*
SH = 4.0 at the SS2 location 
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5.3 SS3 VELOCITY FIELDS WITH SHOWERHEAD AND SS2 COOLANT INJECTION 

Mean and rms velocity profiles at the SS3 location were measured with 

showerhead and SS2 blowing upstream at momentum flux ratios of I
*
SH = 4.0 and 9.0 and 

ISS2 = 0.59 and 0.77 respectively, at a span-wise position of z/H = 0.49, and at a 

mainstream turbulence level of 20%. The probe was carefully placed in the core of the 

SS2 jet for these experiments, which was confirmed by span-wise temperature 

measurements with a micro-thermocouple probe in a manner similar to that described in 

Section 2.4. Three different upstream blowing configurations were used: the showerhead 

alone, the SS2 row of holes alone, and the showerhead and SS2 row of holes blowing 

together. The goal of testing the different blowing configurations was to understand the 

contributions of the showerhead and SS2 rows of holes to the development of the SS3 

approach flow. 

The showerhead had almost no effect on the mean approach flow boundary layer 

at the SS3 location. Figure 5.10 shows how the three different blowing conditions affect 

the mean and rms velocity profiles at the SS3 position for I
*

SH = 4.0 and ISS2 = 0.59. The 

mean velocity at this location is unaffected by coolant injection from the showerhead, but 

injection from the SS2 row of holes causes the approach flow boundary layer to thicken 

considerably. The boundary layer thickness grows from /d = 0.95 without blowing to 

/d = 1.5 with the SS2 row of holes alone and to /d = 1.9 with injection from the 

showerhead and SS2 row of holes. The further thickening of the boundary layer when the 

showerhead coolant is added to that from the SS2 row of holes when the showerhead 

blowing alone does not thicken the boundary layer  is likely the result of the showerhead 

coolant causing increased diffusion of the SS2 row of holes, an effect not seen when only 
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the showerhead is active. Because the mean velocity defect resulting from the SS2 jets is 

larger than the coolant hole diameter, it is expected that the lower momentum boundary 

layer will enhance SS3 jet penetration into the mainstream and reduce adiabatic 

effectiveness downstream of the SS3 row of holes. This effect was demonstrated by 

Kadotani and Goldstein [30], who found that for /d > 1, thickening the boundary layer 

results in decreased adiabatic effectiveness due to enhanced jet separation. This result 

also suggests that the upward angling of the SS3 jets in the plots of adiabatic 

effectiveness for the fully cooled configuration, shown in Figure 3.1, is caused by the 

SS2 jets and not by the showerhead coolant. 

Like the mean velocities, the rms velocities at the SS3 location were dominated 

by coolant injection from the SS2 row of holes. As shown in Figure 5.10, the 

configurations with injection from the SS2 row of holes tend to have much larger urms 

velocities away from the wall (y/d > 0.4) than those for which the SS2 row of holes is 

inactive. Unlike the mean velocity profile, however, the showerhead coolant does have an 

effect on the rms velocity profile away from the wall, from y/d = 0.6 to 3.5. Showerhead 

injection may therefore have a slight effect on the SS3 coolant jets by increasing the 

turbulence above them, although it is less likely to affect the SS3 coolant jets than the 

SS2 coolant. As with the mean velocity profile, the showerhead coolant affects how the 

SS2 coolant affects the SS3 approach flow. Because showerhead injection disperses the 

SS2 jets, the SS2 only configuration has a larger and better defined peak at y/d between 

0.4 and 1.0, while the showerhead and SS2 combined configuration has larger rms 

velocities further away from the wall due to the combined effects of SS2 dispersion and 

residual showerhead coolant. It should also be noted that the increase in rms velocity 
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extends outside of the boundary layer (0.9 < d < 1.9 depending on upstream blowing 

configuration) – between 2.5d and 3.5d away from the wall. As with the SS2 approach 

flow, this extensive increase in urms will cause increased dispersion of the SS3 coolant 

jets, and from the above results, the increased dispersion will be primarily caused by the 

SS2 jets. 

 
Figure 5.10: Mean and rms velocity profiles for the SS3 location approach flow with 

different upstream coolant injection configurations, I*SH = 4.0, ISS2 = 0.59, Tu = 20% 
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The effect of increasing momentum flux ratio on the mean and rms velocity 

profiles was small relative to the effect of changing blowing configurations. Figure 5.11 

shows how the mean and rms velocity profiles changed with increasing momentum flux 

ratio when the showerhead and SS2 were active. As expected, the rms velocity increased 

for higher momentum flux ratios. While the boundary layer defined by the mean velocity 

profile was slightly thicker for I
*

SH = 9.0, the velocity defect for I
*

SH = 4.0 was slightly 

greater for y/d between 0.2 and 1.2. This is most likely the result of the increased 

dispersion of the SS2 jet due to increased showerhead blowing. The effect of changing 

momentum flux ratio, however, is small compared to the effect of simply introducing 

upstream blowing. This result is expected due to the small variation in the SS3 jet trails 

due to changing momentum flux ratio, as can be seen on Figure 3.1. 
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Figure 5.11: Mean and rms velocity profiles for the SS3 approach flow with blowing 

from the showerhead and SS2 row of holes, Tu = 20% 

 

Turbulence integral length scales were also calculated for the SS3 approach flows. 

Figure 5.12 compares the integral length scales for the three different blowing 

configurations and the no blowing condition for I
*

SH = 4.0 and ISS2 = 0.59. Like the length 

scales for the SS2 approach flow at high mainstream turbulence, the length scales for the 

SS3 approach flow are larger than the coolant hole diameter; therefore, the large scale 
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turbulence is expected to oscillate the SS3 jets.  Interestingly, the peak length scales for 

the SS2 only configuration are further from the wall than the peak length scales for the 

other configurations. This could be a result of the peak rms velocities for the SS2 position 

being further from the wall than the peak rms velocities for the other conditions. 

However, the peak rms velocity for the SS2 only configuration was located at y/d = 0.5, 

while the corresponding peak in f was located further from the wall at y/d = 1.2. This is 

not an unexpected result, as the highest rms velocities would be expected to be found in 

the jet core, while the largest length scales are found on the top edge of the boundary 

layer where mainstream entrainment is most prevalent. 

 
Figure 5.12: Integral length scales for the SS3 location approach flow with different 

upstream coolant injection configurations, I*SH = 4.0, ISS2 = 0.59, Tu = 20% 

  



130 

 

Chapter 6: Thermal Field Measurements 

Thermal field measurements were made for the approach flow to the SS3 row of 

holes, at s/C = 0.49 using a matched Biot number model. Two different upstream blowing 

conditions were measured – blowing form the showerhead alone and blowing from the 

showerhead and SS2 row of holes. The probe was located both on the centerline of the 

SS2 coolant jets and in the gap between the jets and experiments were run with both high 

and low mainstream turbulence (Tu = 20% and 0.5% respectively). All experiments were 

run with a showerhead momentum flux ratio of I
*
SH = 4.0 and DR = 1.2. The purpose of 

these measurements was to determine how far above the vane the coolant from the 

showerhead and SS2 row of holes diffused at this position and how mainstream 

turbulence affected this diffusion.  

Because film cooling effectiveness is driven by the temperature difference 

between the film layer and the vane surface, it is useful to measure how far above the 

surface the film layer extends and how cold it is. Because these measurements were made 

on a matched Biot number vane that had a colder wall temperature than the surrounding 

gas, a thermal boundary layer is expected to develop close to the wall. Dees et al [46] 

measured thermal boundary layers on an internally cooled vane without film cooling at 

multiple locations on the suction side, including upstream and downstream of the 

measurement location for this study. Figure 6.1compares the thermal fields measured in 

this study with low mainstream turbulence in the centerline of a SS2 coolant jet to the 

nearest stream-wise blowing profiles measured in Dees et al. The centerline of the jet was 

located by traversing the probe in the span-wise direction to locate the minimum coolant 

temperature (see Figure 2.26). Clearly, the coolant extends far beyond the thermal 
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boundary layer effects, which are restricted to the region y/d < 1.0. While the velocity 

fields were relatively unaffected by coolant injection from the showerhead alone, the 

showerhead coolant still provides a thick layer of cooler air over the vane at this location. 

Furthermore, while the mean velocity defect only extended to y/d = 2.0 for the 

showerhead and SS2 blowing configuration and the increase in the rms velocity extended 

to y/d = 3.5, the thermal fields are much thicker, extending out to y/d = 5.0 before they 

reach mainstream temperature. By comparing the thermal fields for the two different 

blowing conditions, it is apparent that the SS2 coolant only extends to y/d = 2.0 for the 

low turbulence case before the two profiles join up. 

 
Figure 6.1: Thermal field measurements in the jet centerline, Tu = 0.5%, s/d = 41, I

*
SH = 

4.0 compared to the no blowing data of Dees et al [46] 

 

As was seen in the velocity field data, introducing high mainstream turbulence 

serves to increase jet dispersion. This effect is shown in Figure 6.2, which plots the high 

and low turbulence thermal fields for the jet centerline for both blowing configurations. 

Close to the wall (y/d < 1.5), the coolant is colder for the low turbulence case, while far 

from the wall (y/d > 2.8) the coolant is colder for the high turbulence case. This coolant 
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temperature difference exists as a result of increased diffusion at higher mainstream 

turbulence levels that pulls the coolant away from the wall. Due to this dispersion, the 

coolant also extends further away from the wall for the high turbulence case. Note that 

these differences are small –  ≈ 0.02. 

 
Figure 6.2: Jet centerline thermal fields at high and low mainstream turbulence, I

*
SH = 4.0 

 

The mainstream turbulence level also affects how the jets diffuse laterally. Figure 

6.3 compares thermal fields measured in the SS2 jet centerline to those measured in the 

gap between jets. There was a slight difference between the thermal fields in the 

centerline and gap at low turbulence that is negligible at high turbulence due to lateral 

dispersion of the coolant jets in high mainstream turbulence. As can be seen on the 

contour plots of adiabatic effectiveness for the fully cooled configuration in Figure 3.1, 

there is not a strong span-wise gradient at s/d = 41; therefore, these small changes in 

span-wise shifted thermal fields are expected.  
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Figure 6.3: Thermal fields in the jet centerline and gap for different mainstream 

turbulence levels, I
*

SH = 4.0 
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Chapter 7: Conclusions 

The goal of this work was to better understand the phenomena that affect overall 

cooling effectiveness on a fully cooled turbine vane, with a focus on how external film 

cooling and internal impingement cooling contribute to the overall effectiveness, and how 

row-to-row coolant jet interactions affect coolant coverage of the vane.  

7.1 EFFECTIVENESS MEASUREMENTS 

Overall and internal cooling effectiveness were measured using a matched Biot 

number technique on a thermally scaled vane model and were accompanied by adiabatic 

effectiveness on a geometrically identical low conductivity polystyrene vane. These 

effectiveness data allowed for a detailed, high resolution view of the adiabatic and overall 

effectiveness over a large region of the vane surface. These detailed measurements allow 

for a useful analysis of cooling effects on an airfoil surface that would not be visible in a 

typical engine test and also provide useful validation data for computational studies. An 

evaluation of the relative contributions of the adiabatic and internal cooling effectiveness 

to the overall effectiveness was performed. It was shown that the internal cooling had a 

significant contribution to overall effectiveness, which was expected from the design of 

the internal impingement cooling configuration. A one-dimensional model using the 

adiabatic and internal cooling effectiveness measurements to predict the overall 

effectiveness was found to consistently over-predict the overall effectiveness. Given that 

the model did not take the heat transfer coefficient augmentation, or the increase of the 

airfoil’s external heat transfer coefficient due to the introduction of coolant injection, into 

account, a more complex model was formulated to predict the heat transfer coefficient 

augmentation and found reasonable values in the near-showerhead region, but predicted 
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unreasonably high values further downstream. The primary drawback of the corrected 

model was almost certainly the highly three-dimensional nature of the system, which the 

model could not account for. It was clear, however, that heat transfer augmentation did 

significantly affect the overall effectiveness, especially on the pressure side, where the 

overall effectiveness remained constant with increasing momentum flux ratio despite 

increasing internal effectiveness and relatively constant adiabatic effectiveness.  

Testing of the full coverage configuration also revealed regions of high local 

temperature, or hotspots in the overall effectiveness data. Despite experiencing the 

highest heat load, the leading edge region was often the coldest region on the vane due to 

the densely packed coolant holes that allowed for the build-up of a coolant layer and 

allowed for through-hole convection to keep that region very cold. The regions of lowest 

overall effectiveness were found downstream on the suction side between the coolant jets 

from the showerhead and SS2 row of holes. These hotspots were relatively insensitive to 

momentum flux ratio at the lowest flow rates, but at momentum flux ratios high enough 

for there to be a large degree of showerhead coolant over-flow; these hot spots became 

notably cooler.  

Adiabatic effectiveness results allowed for an analysis of row-to-row coolant jet 

interactions. Based on observations of showerhead and gill rows of holes, coolant holes 

directly impacted by an upstream coolant jet had jets that appeared to separate or disperse 

away from the wall more rapidly than they would have in the absence of the upstream jet. 

A superposition prediction would predict that the presence of the upstream jet would 

cause higher adiabatic effectiveness levels downstream of the hole impacted by an 

upstream jet. This result emphasizes the need to better understand coolant jet interactions 
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above the surface of the vane. Furthermore, the compound or radially injected coolant 

had a relatively larger radial component of velocity at higher momentum flux ratios, 

creating a stronger span-wise gradient in the adiabatic effectiveness at higher coolant 

flow rates that reduced the adiabatic effectiveness at lower span-wise positions. This 

span-wise gradient was strongest on the pressure side.  

Adiabatic measurements on a single pressure side row of holes allowed for a 

superposition analysis to predict the adiabatic effectiveness of the fully cooled 

configuration. The pressure side row of holes featured axial, cylindrical holes with an 

injection angle of 30° and was located at s/C = -0.25. The superposition prediction 

combined measured adiabatic effectiveness data for injection from only this row of holes 

and from a showerhead with five rows of holes and two gill rows. The superposition 

prediction was compared to measured adiabatic effectiveness for the fully cooled 

configuration and was found to be good near the holes, but under-predicted the adiabatic 

effectiveness further downstream and at higher momentum flux ratios. A likely 

contribution to this inaccuracy that the superposition analysis did not account for was 

increased turbulence in the approach flow due to showerhead injection that would have 

increased the jet diffusion of the pressure side row of holes. The diffusion would have 

driven the partially detached jets of higher momentum flux ratios towards the wall and 

improved the adiabatic effectiveness. 

7.2 VELOCITY AND THERMAL FIELDS 

Velocity and thermal fields were measured for the approach flows to two rows of 

holes (SS2 in the upstream high curvature region and SS3 in the downstream low 

curvature region) on the suction side of the fully cooled vane. The effects of mainstream 
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turbulence, location relative to a coolant jet, momentum flux ratio, and upstream blowing 

configuration were considered. The primary goal of these measurements was to better 

understand the row-to-row coolant jet interactions for the fully cooled configuration. 

Upstream coolant injection was also shown to substantially thicken the approach 

flow boundary layer. While the increase in the boundary layer thickness at the upstream 

SS2 location was too small relative to the SS2 coolant hole diameter to have any effect on 

film cooling effectiveness, the downstream SS3 approach flow boundary layer was 

thicker than the SS3 coolant hole diameter and likely contributed to increased jet 

penetration into the mainstream gas, and therefore decreased cooling effectiveness.  

It was shown that the introduction of upstream coolant increases the fluctuating 

rms velocities of the approach flow considerably over the rms velocities of the baseline 

no blowing condition. This effect was seen for the approach flow to both the SS2 and 

SS3 rows of holes. Within the boundary layer itself, urms with upstream coolant injection 

was anywhere between 1.3-18 times as large as urms without upstream coolant injection. 

Furthermore, the increase in urms extended well outside the boundary layers as defined by 

the mean velocity profile. It was also found that high mainstream turbulence served to 

further increase the rms velocities, with an increase in urms due to higher mainstream 

turbulence ranging between 30-100%. Higher levels of turbulence in the approach flow 

are expected to increase jet diffusion and therefore decrease downstream adiabatic 

effectiveness. The large variance in how upstream coolant injection and mainstream 

turbulence was due to other contributing factors such as stream-wise and span-wise 

location and the nature of the upstream coolant injection. At the SS2 location, the 

approach flow was sensitive to span-wise location due to the presence of periodic merged 
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jets from the showerhead. The data suggests that higher urms values were found within the 

merged jet while the opposite was true in the gaps between jets. At the SS3 location, 

there was a very high sensitivity to the upstream blowing configuration. 

Velocity and thermal fields of the SS3 approach flow were measured for different 

combinations of coolant injection from the showerhead and SS2 row of holes. It was 

shown that the SS2 row of holes dominated the changes to the mean and rms velocity 

profiles at the SS3 location because the SS2 jets were stronger and closer to the wall than 

the showerhead coolant. It was observed, however, that the showerhead coolant diffused 

the SS2 jets and served to reduce the rms velocity of those jets near the wall and increase 

the rms velocity far from the wall. The showerhead coolant therefore, had an indirect 

effect on the SS3 approach flow.  Additionally, thermal fields showed the coolant at the 

SS3 location extended far beyond the extent of the mean velocity defect or the rms 

velocity increase caused by upstream injection. Interestingly, the showerhead coolant was 

still present near the wall even though it did not strongly affect the mean and rms velocity 

profiles close to the wall.  

Thermal fields also showed the enhanced diffusion of the SS2 and showerhead 

coolant at higher mainstream turbulence levels. At low mainstream turbulence, the air 

near the wall was colder than at high mainstream turbulence, which had the effect of 

diffusing the cold air away from the wall and therefore had colder air away from the wall 

than the low turbulence case did. Furthermore, the difference between the thermal fields 

in the jet centerline and the gap between coolant jets was less pronounced at high 

mainstream turbulence due to lateral diffusion of the coolant. 
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Turbulence integral length scales were measured for both the SS2 and SS3 

approach flows. The turbulence generated by the coolant jets was at a smaller scale than 

the turbulence for the high mainstream turbulence case. Therefore, the integral length 

scales in the approach flow were smaller with upstream blowing than the no blowing, 

high turbulence case. For cases with upstream coolant injection, the integral length scales 

were larger for high mainstream turbulence than for low mainstream turbulence due to 

penetration of the mainstream turbulence structures. Furthermore, for flows with high 

mainstream turbulence, the integral length scales were much larger than the coolant hole 

diameters, which, according to Cutbirth and Bogard [27], will oscillate the coolant jets 

rather than simply increasing diffusion.   

7.3 RECOMMENDATIONS FOR FUTURE WORK 

A major focus of this work was the relative contributions of the internal cooling 

and adiabatic effectiveness to the overall effectiveness. While there have been many 

studies of adiabatic effectiveness, there have been relatively few studies that have 

presented internal cooling effectiveness in the manner detailed in this study due to the 

newness of the matched Biot number technique. Further study into how internal cooling 

varies around the vane with a realistic internal cooling scheme would be highly 

insightful. This data would be highly enhanced by detailed measurements of the internal 

surface temperature in the vane. Also, given the drawbacks to measuring the internal 

cooling effectiveness on a vane where all the coolant exits through the holes, it would be 

simpler and more accurate to make these measurements on a vane with radial through-

flow of coolant.  
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The adaptation of the one-dimensional model to account for heat transfer 

coefficient augmentation and the successive attempt at predicting heat transfer coefficient 

augmentation emphasize the important role that heat transfer coefficient augmentation 

plays in terms of contributing to the overall performance of a film cooling configuration. 

Heat transfer coefficient augmentation measurements for the fully cooled configuration 

would allow for a quantitative test of the model and could confirm the hypothesis that the 

pressure side overall effectiveness was strongly affected by the heat transfer coefficient 

augmentation.  

Given the interesting row-to-row coolant jet interactions between the showerhead 

and the gill rows of holes, thermal fields showing the cross-sections of those jets would 

be highly insightful. These measurements would give a better understanding of how the 

jets interact with each other, and would provide useful data for evaluating the 

performance of computational predictions. 
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Appendix: Documentation for New Data Processing Programs 

The MatLab data processing scripts used to calculate laterally averaged 

effectiveness and generate contour plots for data measured on scaled up vane models 

were consolidated and simplified during the course of this study. The result of this 

process was three new scripts for data processing: one script to process data for a 

standard camera view through the side walls of the tunnel, one script to process data for a 

camera view from the top of the wind tunnel that experiences vertical distortion, and a 

final script to combine data from multiple camera views into a single contour plot. This 

section provides instructions on the uses and capabilities of these scripts. 

 

A.1. Processing Camera Views through the Tunnel Walls 

A MatLab script called “dataprocess.m” combines the functions of previous 

scripts to read in IR image data and a user input file to calculate laterally averaged and 

lateral minimum effectiveness data and produce contour plots. To use this script, make 

sure that all temperature data files from the IR camera saved as “IR_Root_xxx.mat”, the 

input file “dataprocess_input.xlsx”, and the text file “dees-dyson_color_20.txt” are in the 

run directory of “dataprocess.m”. The user will need to determine the temperature 

calibration and spatial correlations as usual before using this script. In the input Excel 

file, the user will need to supply the necessary input data in each sheet as follows: 

 In “Data Points” enter the tabulated data point numbers, blowing, momentum 

flux, and density ratios, and coolant and mainstream temperatures for all images 

of interest. In the column labeled “Contour” enter ‘1’ to generate a contour for 

that image and ‘0’ to suppress contour generations 

 In “Correlations” enter the IR calibration and spatial correlations. 

 In “Box Range” enter the pixel values that define a box in Thermacam that 

includes the range of the images for which you want to process data – the box can 
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be larger than this area but not smaller. Also give the number of pitches the box 

contains, p/d, and the z/d value corresponding to the bottom of the box range. 

 In “Processing Area” enter the range for which you want to produce contour plots, 

compute laterally averaged data, and calculate a conduction correction (if 

applicable). 

 In “CondCorr” indicate whether or not a conduction correction will be used and 

whether it will be calculated from in-test images or a previously determined 

conduction correction. Space is provided to indicate which images will be used to 

compute the conduction correction 

 In “Previous CC” enter the laterally averaged conduction correction that 

corresponds to an s/d array if a previous conduction correction will be used. 

Once the input file has been updated, the user will need to open “dataprocess.m” and 

update the string “dirstr” at the top of the page to determine where the contour plots will 

be saved. To run the script, enter “dataprocess(view)” into the MatLab command 

window, where ‘view’ is a string that will be used to name the output files. 

The script will output contour plots to the desired location in .wmf format, and the 

laterally averaged and lateral minimum data to “lavg.xls” and “lmin.xls” respectively in 

the run directory. Corresponding s/d values to the laterally averaged data will also be 

saved to the run directory in “sd_lavg.xls”. The script will also output backing data to the 

contour plots (“sd_plotdata.xls”, “zd_plotdata.xls”, and “eta_plotdata.xls”) and the 

calculated effectiveness at each pixel (“eta_view.xls”) with corresponding pixel locations 

(“sd_view.xls” and “zd_view.xls”). Note that the ‘view’ in each of the pixel location files 

is the string input by the user when executing the program. This naming convention 

becomes convenient when creating combined contour plots. 

This code has been thoroughly tested and proven to produce the same results as 

the previous processing scripts. 
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A.2. Processing Camera Views through the Top of the Tunnel 

A MatLab script called “vertprocess.m” processes data in a similar manner as 

“dataprocess.m”, described in the previous section, for camera views that have an 

inconsistent, vertical reference and produces laterally averaged effectiveness data and 

contour plots. Like “dataprocess.m”, this script requires that the IR image MatLab files 

and the color text file be saved in the MatLab run directory. A different Excel input file 

called “vertprocess_input.xlsx” is required to run this script. This input file has several 

different Excel sheets which need to be updated as follows (otherwise follow directions 

for the other input file): 

 In “Temp Cal” enter the IR calibration. 

 In “Vertical References” enter points defining two lines on either side of the 

MatLab image that correspond to vertical lines on the vane model. 

 In “sd points” enter the x-pixel, y-pixel, and corresponding s (cm) locations. Also 

input the reference diameter of the coolant holes. 

 In “top line” and “bottom line” enter the locating points that define the top and 

bottom locating lines as well as the locations of the lines on the vane (cm). 

Once the input file has been updated, the user will need to open “vertprocess.m” and 

update the string “dirstr” at the top of the page to determine where the contour plots will 

be saved. To run the script, enter “vertprocess(view)” into the MatLab command 

window, where ‘view’ is a string that will be used to name the output files. The script 

will output the same files as “dataprocess.m”. 
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A.3. Producing Combined Contour Plots 

A MatLab script called “viewcombine.m” combines data from multiple camera 

views to form a single contour plot. It combines data by trimming off unwanted data and 

combining separate effectiveness matrices into a single matrix. The data is then spatially 

interpolated to fit to a uniformly spaced grid over which it is plotted. The inputs to this 

script are the “eta_view.xls”, “sd_view.xls”, and “zd_view.xls” files which are generated 

by the two previously discussed data processing scripts and contain the effectiveness and 

the stream-wise and span-wise coordinates respectively at each pixel location. These files 

must be assembled in the MatLab run directory. This script also requires the user input 

file, “viewcombine_input.xlsx” and the text file “dees-dyson_color_20.txt”. In the input 

Excel file, the user will need to supply the necessary input data in each sheet as follows: 

 In “Data Points” enter the blowing, momentum flux, and density ratio for each 

point under the heading: “Blowing Condition”. Under the “Data Points” heading, 

enter the string names corresponding to each view in the second row (these strings 

must be exactly the same as those used in “dataprocess” or “vertprocess” in order 

for the program to load the input files). For each blowing condition, enter the 

image number associated with that blowing condition for each view. 

 In “View Ranges” enter the s/d and z/d bounds for each camera view. At the 

boundary between two views there should be neither too much overlap nor a large 

gap between the two view ranges. 

 In “Contour Setup” enter the s/d and z/d ranges for the combined contour plot as 

well as the grid resolution. 

Once the input file has been updated, the user will need to open “viewcombine.m” and 

update the string “dirstr” at the top of the page to determine where the contour plots will 

be saved. To run the script, enter “viewcombine” into the MatLab command window. 

The outputs for this program are contour plots which are saved in the location designated 
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by the user. Additionally, the program outputs the contour backing data in the MatLab 

directory. 
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