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This study performed detailed measurements on and around scaled up conducting 

and adiabatic airfoils with and without film cooling.  The conducting vane was a matched 

Bi airfoil, which accurately scaled the convective heat transfer and conduction through 

the solid, in order to produce non-dimensional surface temperatures and thermal 

boundary layers that were representative of an actual engine.  Measurements made on all 

vane models included surface temperature measurements and thermal profiles above the 

walls.  Separate measurements on non-film cooled and film cooled conducting models 

allowed for the individual contributions of the internal convective cooling and external 

film cooling to the overall cooling scheme to be quantified.  Surface temperature and 

thermal field measurements above the wall were also performed on a film cooled 

adiabatic model.  For the conducting model with internal cooling only, strong streamwise 

temperature variations were seen.  The surface temperature variations were highly 

dependent on the local external and internal heat transfer coefficients.  Spanwise 

temperature variations also existed, but were modest in comparison to streamwise 
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variations.  Comparing the thermal fields above the film cooled adiabatic and conducting 

walls allowed for the assumption that the conducting wall would not significantly affect 

the thermal field in the film cooling jet to be tested.  Near the edge of the film cooling jet 

the developing thermal boundary layer had a clear effect on the overlying gas 

temperature, suggesting that the common assumption that the adiabatic wall temperature 

is the appropriate driving temperature for heat transfer to a film cooled wall was invalid.  

On the jet centerline thermal boundary layer effects were less influential, due to the 

development of a new, thin boundary layer.  This suggested that the adiabatic wall 

temperature as driving temperature for heat transfer was a reasonable assumption on the 

jet centerline for most cases tested.  As film cooling momentum flux ratio increase, 

thermal boundary layer effects became more influential on the jet centerline.  

Additionally, the high resolution surface temperature measurements and thermal field 

measurements above the wall presented in the current study represent a significant 

improvement in the data available for validation of computational simulations of 

conducting turbine airfoils.   
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Chapter 1 - Introduction 

1.1 GAS TURBINE COOLING 

Gas turbine engines have an impact on nearly all areas of modern society.  Gas 

turbine technology is used for aircraft propulsion, powering military vehicles including 

naval vessels, tanks and aircraft, as well as land based power generation.  Since its 

invention, significant research has gone into improving the power output and efficiency 

of gas turbines, allowing them to become the popular power platform they are today. 

The thermodynamic process that takes place in a gas turbine engine can be 

idealized by the Brayton cycle.  This process consists of compression and combustion, 

followed by expansion of the hot gases in the turbine section.  The power extracted from 

expanding the hot gases is used to drive the compressor and either provide thrust for 

propulsion or generate power.  Figure 1.1 shows a schematic of the basic components 

present in a gas turbine engine.  Air is first compressed before energy is added in the 

form of burning a fuel in the combustor section.  Finally, work is extracted in the turbine 

stage and used for either generation of electrical power or propulsion.  An analysis of the 

ideal Brayton cycle, found in Peng (2008), gives the cycle efficiency as: 
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Equation 1.1 assumes isentropic compression and expansion and neglects friction losses.  

If constant specific heat is assumed, Equation 1.1 can be expressed as follows: 
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Further simplification provides the following result: 
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which shows that the thermal efficiency depends on the temperatures entering (T3) and 

exiting (T4) the turbine stage.  The focus of the gas turbine industry has been to improve 

engine performance primarily through increasing T3, or the turbine inlet temperature.  

However, increases in the turbine inlet temperature are limited by the structural and 

material durability of the turbine components.  Due to the highly competitive nature of 

gas turbine design and the need to increase the power provided by modern gas turbine 

engines, complicated component cooling schemes have been developed in order to 

protect and prolong the life of turbine components that are located in close proximity to 

the combustor, where the highest temperatures exist. 

Modern gas turbine airfoil components are cooled through a combination of 

internal convection cooling as well as external film cooling.  A schematic of a gas turbine 

vane cooled by internal convection and film cooling is shown in Figure 1.2.  Internal 

cooling is accomplished through bypassing cool air from the compressor around the 

combustor and routing the bypassed air as coolant through a series of channels in the 

interior of the component.  The internal cooling circuit may consist of simple through 

channels for turbine vanes, which do not rotate.  In rotating components, such as blades, 

serpentine passages are used.  In a serpentine cooling passage, coolant enters the blade 

through the hub, makes one or more 180 degree turns before being ejected as film 

coolant.  Additionally, enhanced internal heat transfer coefficients can be obtained 

through the use of impingement cooling on the internal surface of the component or by 

adding internal surface features such as rib turbulators or pin fins.  Film cooling is added 

when the engine performance dictates that additional cooling beyond internal convection 

cooling is needed.  On a film cooled component, some or all of the internal coolant is 
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ejected onto the component surface through discreet film cooling holes.  The ejected 

coolant serves as a barrier layer or “film” intended to shield the cooled component from 

the very hot mainstream gases.  This can be seen schematically in Figure 1.3.  Film 

cooling performance depends largely on the film cooling hole geometry.  For structural 

reasons, discreet film cooling holes must be used, even though the best film cooling 

performance is achieved through a two dimensional slot with ejection parallel to the 

component surface.  Film cooling performance that approaches the performance of the 

ideal slot can be achieved through shaping the discrete film cooling holes or through the 

use of a two dimensional trench in which discrete holes are embedded. 

1.2 BACKGROUND THEORY AND RELEVANT PARAMETERS 

 

The design of the cooling system for a gas turbine airfoil is a complicated process.   

Detailed metal surface temperature data are essential in order to reliably predict areas 

where the cooling design is inadequate and local burning, thermomechanical fatigue, and 

material creep will occur; eventually causing turbine failure and costly repairs.  

Traditional design practices separate the internal and external cooling schemes and the 

conduction within the solid material into separate problems.  Internal cooling 

performance can be characterized using the internal convective heat transfer coefficient, 

hi, as defined as follows:   
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In general, high internal convective heat transfer coefficients are desired, and much 

research has been focused on methods of maximizing the internal heat transfer coefficient 
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while minimizing the corresponding increase in coolant pressure drop across the internal 

cooling circuit.  

 For external surfaces, the heat transfer coefficient for a non-film cooled vane is 

shown in the following equation:   
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Typically, gas turbine cooling designers have little control over the external heat transfer 

coefficient, since it is highly dependent on the aerodynamics of and flowfield around the 

airfoil.   

For external surfaces with film cooling, the cooling performance is typically 

quantified in terms of the adiabatic effectiveness and external convective heat transfer 

coefficient.  The adiabatic effectiveness is the nondimensional wall temperature for the 

case of a non-conducting wall, and is used to evaluate how well the coolant covers the 

airfoil surface.  Adiabatic effectiveness, , is defined as follows:   
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The adiabatic effectiveness varies between zero and unity, and represents to what 

degree the coolant has mixed with the surrounding mainstream gas.  When the adiabatic 

effectiveness is zero the wall temperature is equivalent to the mainstream gas temperature 

and there is no effect due to the coolant gas.  At an adiabatic effectiveness of one, the 

surface temperature is equal to the coolant temperature and the maximum cooling effect 
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is achieved.  Any adiabatic effectiveness value between zero and one essentially means 

that some mixture of coolant and gas is overriding the surface.   

Additionally, the adiabatic wall temperature has generally been assumed to be the 

driving temperature for convective heat transfer into a film cooled airfoil from the 

mainstream.  Using the adiabatic wall temperature, rather than the freestream 

temperature, was first proposed by Goldstein (1971) in order to define a heat transfer 

coefficient that would be independent of coolant temperature.  The film cooling heat 

transfer coefficient, hf, is defined in the following equation:   
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Three main parameters that affect the film cooling parameters described above are 

the blowing ratio, M, momentum flux ratio, I, and the density ratio, DR.  The blowing 

ratio is a measure of the amount of coolant being ejected onto the surface.  The blowing 

ratio describes the ratio of the mass flux of coolant to the mass flux of the mainstream 

and is shown in the following equation:   
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The momentum flux ratio describes the ratio momentum flux of the coolant to the 

momentum flux of the mainstream flow and is defined as follows: 
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  The density ratio describes the density of the coolant gas relative to the 

freestream and is defined as follows: 

 

 





 cDR          (1.10) 

 

The figure of merit most important to gas turbine designers is the component 

metal temperature exposed to the hot gas path, Tm,o.  The component temperature 

determines the part life and maintenance schedules for the engine.  If this temperature is 

normalized using the temperature of the hot gas path and the coolant temperature, the 

overall effectiveness () is defined as shown: 
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As was the case with the adiabatic effectiveness, the overall effectiveness varies 

between zero and unity, with a value of unity signifying the maximum possible cooling 

effect.  Unlike the adiabatic effectiveness, the overall effectiveness of a cooled turbine 

component depends on many factors, including internal and external heat transfer 

coefficients as well as the film cooling performance.  Non-film cooled vanes will have 

non-zero values of overall effectiveness due to the effect of internal convective cooling. 

While the component metal temperature is the figure of interest to gas turbine 

designers, this is an extremely difficult parameter to measure directly due to the extreme 

environment present in gas turbine engines.  For this reason, engines are typically 
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designed using experimentally measured internal and external heat transfer coefficients 

and adiabatic effectiveness values.  The measured experimental parameters are used as 

boundary conditions and are fed into FEM solvers that are used, often alongside 

proprietary design data, to predict the actual component temperature.  Metal temperatures 

calculated in this way rely on accurate boundary conditions.  Unfortunately, boundary 

conditions generated using conventional decoupled analysis methods are of questionable 

accuracy for a variety of reasons.   

One way in which the boundary condition accuracy can be brought into question 

is through the common assumption that Taw is the appropriate driving temperature for 

external heat transfer, which will be discussed in more detail later.  Additionally, 

neglecting the effects of conjugate heat transfer on the thermal boundary layer history 

also has the potential to cause significant inaccuracies in measured heat transfer 

coefficients.  Heat transfer coefficients are typically measured through the application of 

either a constant heat flux or constant temperature boundary condition.  Neither of these 

boundary conditions matches the boundary condition present on a real airfoil, where the 

external surface temperature is a product of conjugate heat transfer between the internal 

and external flow field, as well as conduction through the vane material.  Matching the 

external boundary condition is critical in measuring heat transfer coefficients.  For 

example, review of any undergraduate heat transfer text will show that there is a 36% 

difference in measured heat transfer coefficients for a flat plate, zero pressure gradient, 

laminar boundary layer when comparing constant surface temperature and constant heat 

flux boundary conditions.  The difference is decreased to 4% for turbulent boundary 

layers, but since significant portions of gas turbine airfoils can be expected to have 
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laminar boundary layers, it is easy to see where significant errors in measured heat 

transfer coefficients determined using some prescribed boundary condition might exist. 

With the recent increase in computing resources and a growing concern for the 

conjugate effects on gas turbine heat transfer, there has been increased interest in 

conducting CFD simulations that couple the internal and external flow fields, as well as 

conduction in the solid.  The great benefit of these simulations is that the metal 

temperature can be calculated directly without the need to specify any boundary 

conditions on the solid surface.  Accurate conjugate heat transfer data for a real, film 

cooled turbine airfoil will allow for better physical understanding of the mechanisms 

involved in gas turbine heat transfer.  For example, the accuracy of the adiabatic wall 

temperature as the driving temperature assumption can be evaluated under different 

circumstances.  Unfortunately, simulations that solve the conjugate heat transfer (CHT) 

problem are of questionable accuracy due to the lack of experimental data with which to 

validate the results.  For this reason, experimental conjugate heat transfer data is essential 

in understanding the mechanisms that affect the heat transfer on a highly cooled turbine 

component.  Experimental data for fully cooled, conducting turbine components is 

difficult to obtain.  Direct measurement of external surface temperatures for real engine 

components is difficult due to cost, extreme environment, and limited access to internal 

engine components.   

Measuring overall effectiveness values in a scaled up wind tunnel environment 

can be done through use of the matched Biot number (Bi) model.  The matched Bi 

method requires matching Bi of the model and engine airfoils as well as the ratio of the 

internal and external convective heat transfer coefficients.  Using the simplified, 1-D 

control volume shown in Figure 1.3, the relationship between non-dimensional surface 
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temperature and the various heat transfer parameters can be derived.  The heat flux into 

the blade can be expressed by combining Equations 1.4 and 1.7 along with Fourier’s law 

for heat conduction, and is shown in the following equation:   
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This equation can be rearranged to form the overall effectiveness, which is shown 

in the following equation: 
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A complete derivation of Equation 1.13 is available in Johnson (2008).  If no film 

cooling is present, Equation 1.12 can be further reduced, as shown as follows: 
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Equations 1.13 and 1.14 show that in order to correctly implement the matched Bi 

method, an experimental model must be designed that matches the engine Bi as well as 

the ratio of internal and external heat transfer coefficients.  Generally, the external flow 

heat transfer coefficient is prescribed by the airfoil geometry and flow field so it is 
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imperative to design an internal cooling configuration that provides adequate internal 

heat transfer in order to match the external to internal heat transfer coefficient ratio.  Due 

to much lower external heat transfer values in large scale models, matching Bi generally 

requires selection of a solid material with considerably lower thermal conductivity than 

an engine component. 

Efforts have been made to quantify the overall performance of a film cooling 

scheme using traditional parameters measured in the decoupled analysis.  In order to 

accomplish this, both the adiabatic effectiveness and film cooling heat transfer coefficient 

must be taken into account.  While high adiabatic effectiveness values are desired, the 

addition of film cooling typically increases the convective heat transfer coefficient into 

the surface.  These competing effects were combined into the net heat flux reduction, 

defined by Sen et al. (1996) and shown in the following equation: 
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As shown in the equation, the net heat flux reduction requires knowledge of 

measured film cooled and non-film cooled heat transfer coefficients as well as both the 

adiabatic and overall effectiveness measurements.  In this equation,  is regarded as an 

estimate of the non-dimensional estimate of the metal temperature for the actual turbine 

airfoil and a value of  must be assumed.  The typical assumption is that  = 0.6.  The net 

heat flux reduction is a positive value when film cooling reduces the heat flux to a 

component and negative when the heat flux is increased due to the presence of film 

cooling.  While the net heat flux reduction will predict a reduction or increase in heat flux 

due to film cooling, it will not predict any changes in surface temperature due to film 

cooling.   
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1.3 LITERATURE REVIEW 

1.3.1 Conventional heat transfer analysis 

As was discussed in Chapter 1, gas turbine heat transfer research has typically 

decoupled the internal and external flow fields, and the associated heat transfer, through 

the use of an adiabatic wall condition.  With the problem decoupled in this way, 

researchers could choose to study very specific aspects of either the internal or external 

convective cooling.  A review of the gas turbine heat transfer literature will yield 

thousands of references focusing on internal or external cooling and the many parameters 

that affect each situation.  A thorough review of this literature would be quite lengthy, 

and is beyond the scope of the current work.  There have been several high quality review 

papers that can be referenced to gain a general knowledge of the literature regarding both 

internal and external gas turbine cooling.  The work of Dunn (2001) provides an 

overview of the current state of the art for decoupled internal and external gas turbine 

heat transfer research.  Experimental measurements as well as current predictive 

capabilities are discussed.  The author states that a major hole in the dataset, and data that 

is needed for improvement of computational predictions, is data for a fully cooled, 

rotating, conducting airfoil at engine conditions.  This dataset would completely represent 

all of the complexities present in the engine environment.  Review papers by Han and 

Chen (2006) and Ligrani et al. (2003) provide an overview of current internal cooling 

research.  These papers focus mainly on various efforts aimed at enhancing the internal 

heat transfer coefficient, such as rib roughened internal walls, and their associated 

pressure drop increases.  The effects of channel aspect ratio, 180° coolant channel turns, 

and rotation on internal heat transfer coefficients are also discussed.  In terms of the 

external flow field, Bogard and Thole (2006) provide a thorough review of the 
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parameters affecting film cooling performance and the film cooled external heat transfer 

coefficient.  Ideally, the gas turbine heat transfer literature provides an expansive 

database which can be used by turbine designers to predict the component metal 

temperature, and resulting part life, for a given cooling configuration at some specific 

operating condition.  Typically, the predicted metal temperature is arrived at by feeding 

internal and external boundary conditions into an FEM solver and iterating until a final 

value is converged upon.  Of course, the resulting metal temperature can only be as 

accurate as the specified boundary conditions, which are subject to many assumptions. 

1.3.2 Adiabatic Wall Temperature Assumption 

A key assumption in conventional gas turbine heat transfer analysis is the use of 

the adiabatic wall temperature as the appropriate driving temperature for heat transfer on 

a film cooled wall.  The use of Taw as the driving temperature for heat transfer, as seen in 

Equation 1.7, was first proposed by Goldstein (1971).  The reason for this particular 

convention is that any dependency of heat transfer coefficient on coolant temperature 

would be eliminated.  While Goldstein (1971) states that the film cooling heat transfer 

coefficient should be independent of the coolant temperature, no proof is given.  A key 

point to make is that with this convention the heat transfer coefficient, hf, is defined by 

Equation 1.7.  A second heat transfer coefficient could be defined by using the 

mainstream temperature in place of Taw, however this heat transfer coefficient would vary 

strongly with coolant temperature.  Intuitively, a strong case can be made for use of the 

adiabatic wall temperature in heat transfer coefficient definition because it should 

represent the overriding gas temperature of the film cooled wall.  For example, on areas 

of the wall where little film cooling exists, such as the midline between two film cooling 

holes, the adiabatic wall temperature is equal to or very close to the mainstream 
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temperature since there is virtually no coolant gas over that location.  Directly behind a 

film cooling hole, the adiabatic wall temperature will be some value between the coolant 

exit temperature and mainstream temperature, dependent on the amount of mixing 

between the coolant jet and the mainstream gas.   

Although arguments for the use of Taw as the driving temperature for heat transfer 

can be made, virtually no critical evaluation of this assumption can be found in the open 

literature.  Choe et al. (1974) analytically evaluated the heat flux into a film cooled wall 

using a superposition analysis.  For the hypothetical conducting constant temperature 

wall examined in Choe et al. (1974), the adiabatic wall temperature predicted using 

Equation 1.7 and the predicted heat flux on the conducting wall would not be the same as 

the adiabatic wall temperature measured directly from an adiabatic surface.   

Harrison and Bogard (2008a) and Harrison and Bogard (2008b) used Fluent to 

evaluate the use of the adiabatic wall temperature in predicting the wall heat flux and 

wall surface temperature for a conducting wall.  This was done through comparing a fully 

conjugate prediction of metal temperature and heat flux as well as a prediction of heat 

flux and surface temperature through a simulation of conventional analysis techniques 

using an adiabatic wall.  The geometry studied was a film cooled flat plate.  The authors 

made a specific point of noting that use of the adiabatic wall temperature to predict heat 

flux or surface temperature for a conducting component ignores any effects of conjugate 

heat transfer that may be present.  On a conducting wall, a developing thermal boundary 

layer will be present, and the relative thickness of this boundary layer to the coolant jet 

thickness has the potential to significantly affect the validity of the adiabatic wall as 

driving temperature assumption.   
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Figure 1.4, taken from Harrison and Bogard (2008a), presents three hypothetical 

temperature profiles on a film cooled wall that illustrate when the adiabatic wall 

temperature would or would not be the appropriate driving temperature for heat transfer.  

For a thermal boundary layer that is relatively thin, the overriding gas temperature would 

be relatively close to the core jet temperature for an attached jet, and Taw would be a 

reasonable approximation of the driving temperature for heat transfer.  For the case of a 

thick thermal boundary layer, the driving temperature could be any value between the 

adiabatic wall temperature and mainstream temperature, and probably not well 

represented by Taw.  In the case of the “thick” thermal boundary layer shown in Figure 

1.5, the appropriate driving temperature would be the mainstream temperature.  However, 

for cases where the film cooling jet is detached, the appropriate driving temperature may 

not be as clear.  This is an important concept, because conjugate effects such as this are 

not taken into account anywhere in traditional gas turbine heat transfer analysis.  The 

results of both studies by Harrison and Bogard (2008a and 2008b) showed that where 

conventional analysis did not predict the surface heat flux temperature accurately, the 

overriding gas temperatures were not well represented by the adiabatic wall temperature.  

These differences were solely attributed to conjugate heat transfer effects that are ignored 

by conventional analysis techniques. 

Figure 1.5, taken from Harrison and Bogard (2008b), shows an example where 

the heat flux was not predicted accurately by conventional analysis methods.  For this 

figure the blowing ratio was M = 1, which created a detached jet.  On the jet centerline, 

the predicted heat flux was over predicted using the conventional analysis methods.  In 

fact, the direction of heat flux was different when using the conjugate calculation or the 

conventional heat transfer analysis.  Away from the jet centerline, near the midline 
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between film cooling holes, the agreement between the conventional and conjugate 

techniques was better.  However, this result was expected since between film cooling 

holes the adiabatic wall temperature is very close to the mainstream flow temperature due 

to the lack of film coolant. 

1.3.3 Boundary Layer Measurements 

1.3.3.1 Velocity Boundary Layer Measurements 

The developing velocity boundary layer around gas turbine airfoils is affected by 

strong surface curvature, highly accelerated flow, and elevated freestream turbulence 

effects.  The work of Radomsky and Thole (2002) included measurements of the 

boundary layer profiles in a low speed, scaled up stator vane cascade at low (0.5%) and 

high (19.5%) freestream turbulence.  Although the vane geometry was different, the 

facility used in the work of Radomsky and Thole was a simulated three vane, two passage 

cascade, which is very similar to the facility used in the current study.  Pressure side 

mean velocity measurements indicated that for the low freestream turbulence condition, 

the boundary layer remained laminar in nature over the entire vane pressure side.  This 

was attributed to the constant flow acceleration on the pressure side, which has the effect 

of delaying or preventing boundary layer transition.  At high freestream turbulence, 

pressure side boundary layers were shown to be transitional in nature, but not fully 

turbulent.  Profiles of urms supported the authors conclusions that pressure side boundary 

layers remained laminar or transitional everywhere.   

The case was somewhat more complicated on the vane suction side.  Initially, the 

mean velocity profiles were laminar on the vane suction side at the low freestream 

turbulence case.  After a finite distance from stagnation, the mean velocity profiles 
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indicated that the flow had transitioned to turbulent.  Again, these results were supported 

with corresponding profiles of fluctuating velocity.  On the suction side, elevated 

freestream turbulence had the effect of causing earlier boundary layer transition.  Thicker 

velocity boundary layers were observed for high freestream turbulence relative to the low 

turbulence case on both the pressure and suction sides of the vane.   

The work of Bario and Beral (1998) also focused on a scaled up, low speed 

turbine vane with varying freestream turbulence intensity.  Freestream turbulence levels 

of 0.6% and 5% were studied.  As was seen in the Radomsky and Thole (2002), elevated 

freestream turbulence was shown to move the transition region upstream on the suction 

surface of the stator vane, and cause transitional boundary layers near the trailing edge of 

the pressure surface.  The measurements of Mee et al. (1992) were conducted on a 

transonic turbine blade cascade.  The effects of freestream turbulence were not studied.  

As with the work of Radomsky and Thole (2002) and Bario and Beral (1998), regions of 

laminar, transitional, and fully turbulent flow were measured on the vane surface.  In 

general, the developing velocity boundary layers on gas turbine vanes are well 

understood.  Velocity boundary layer measurements presented in the current study are not 

expected to provide new insight concerning the velocity boundary layer development, but 

will be useful in interpreting other measurements that will be presented.   

1.3.3.2 Thermal Boundary Layer Measurements 

Although several researchers have studied the effects of flow around gas turbine 

airfoils on developing momentum boundary layers, no corresponding thermal boundary 

layer studies currently exist in the open literature.  Pressure gradient effects were 

discussed by Launder and Lockwood (1969), who used an integral analysis to predict that 

for a flow with a constant favorable pressure gradient, the thermal boundary layer would 
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be thicker than the associated velocity boundary layer.  The region of the thermal 

boundary layer that developed outside of the velocity boundary layer was termed the 

“thermal superlayer” by Launder and Lockwood, and was proposed as a reason that 

depressed Stanton numbers exist in accelerated flows relative to flows with no 

acceleration.  While the work of Launder and Lockwood (1969) predicted that a 

favorable pressure gradient would cause a thermal superlayer, the precise effect of the 

pressure gradient is not clear.  The thermal boundary condition used in the study was 

designed to produce a constant enthalpy thickness boundary layer, so it is difficult to 

separate effects of the boundary condition and pressure gradient on the thermal boundary 

layer.  Additionally, the thermal boundary condition was clearly very different than the 

thermal boundary condition that would exist on a turbine vane. 

The effect of favorable pressure gradient on the thermal boundary layer was 

supported by Sucec and Lu (1990), who showed that a modestly accelerated flow, with K 

= 10
-7

, would produce a thermal boundary layer that was twice the velocity boundary 

layer thickness. The work of Sucec and Lu found good agreement with experimental 

Stanton numbers in favorable pressure gradients by modeling the “thermal superlayer” 

predicted by Launder and Lockwood in their integral analysis prediction of Stanton 

numbers.  While both of these studies predicted that favorable pressure gradient on 

developing thermal boundary layers would cause thicker thermal boundary layers relative 

to the associated velocity boundary layer, surface curvature and freestream turbulence 

effects were not studied.  There are no available open literature studies that measure the 

combined effects of pressure gradient, surface curvature, and freestream turbulence 

intensity on developing thermal boundary layers. 
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Several researchers have performed thermal field measurements of film cooled 

adiabatic walls.  Thole et al. (1992) measured the thermal field above a film cooled flat 

plate at various momentum flux ratios over the range of 0 < x/d < 10.  Cylindrical film 

cooling holes with a streamwise injection angle of 35 degrees were used.  The mean 

temperature field measurements showed that the jet profiles agreed well when the 

momentum flux ratio was matched, even though a wide range of density ratios were used.  

Film cooling jets with momentum flux ratio less than 0.4 were shown to stay attached to 

the surface.  Jet detachment occurred when I > 0.8.  For 0.4 < I < 0.8, the film cooling 

jets were initially detached from the surface before reattaching downstream.    

Coulthard et al. (2007) performed thermal profile measurements on the same 

geometry as Thole et al. (1992) over a wide range of blowing ratios with and without 

pulsing of the film cooling jets.  For steady film cooling, the thermal profiles showed an 

attached jet for M = 0.25 and M = 0.5.  The jet detached for the M = 1.0 and M = 1.5 

cases.  The density ratio used in Coulthard et al. (2007) was DR = 0.98.  The attached jets 

corresponded to momentum flux ratios of I = 0.06 and I = 0.26, which was consistent 

with the results of Thole et al. (1992).  The detached jets had momentum flux ratios of I = 

1.02 and I = 2.3.  The level of jet detachment, determined by the distance of the coldest 

temperature in the jet core from the wall, increased with downstream distance.   

Cutbirth and Bogard (2002) measured the thermal field downstream of a row of 

cylindrical film cooling holes with compound injection angle on a simulated vane with 

and without showerhead film cooling.  The thermal field downstream of a row of 

cylindrical film cooling holes with streamwise injection angle was measured by Waye 

(2005) and Teng et al. (2001).  All of the thermal field measurements are useful in 

understanding the physics of film cooling, however their usefulness in evaluating the 
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adiabatic wall temperature assumption is extremely limited due to their lack of 

accompanying measurements above a conducting wall.  Direct measurement of the 

thermal field above both adiabatic and conducting film cooled walls is essential in order 

to experimentally validate the adiabatic wall temperature assumption.  A primary goal of 

the current work is to provide parallel measurements on both adiabatic and conducting 

walls.  Additionally, there are currently no measurements of the thermal field above film 

cooled walls with high curvature.  The thermal field measurements provide valuable 

insight into the effects of surface curvature on film cooling, which have been shown to be 

significant. 

1.3.4 Conjugate Heat Transfer Studies 

1.3.4.1 Internally Cooled Airfoils 

Experimental work addressing conjugate heat transfer is very limited.  The only 

experimental study of an internally cooled, conducting gas turbine vane is the work of 

Hylton et al. (1983).  In this study, a scaled up cascade of metal vanes was cooled via ten 

radial cooling channels.  Two airfoils with different aerodynamic characteristics were 

studied under a variety of flow conditions, aimed at producing an experimental database 

with which to develop and validate 2-D boundary layer codes capable of predicting the 

airfoil heat transfer coefficient on internally cooled, and eventually film cooled, airfoils.  

External surface temperatures were measured at the airfoil midpsan using surface 

thermocouples.  Average internal heat transfer coefficients were estimated using round 

channel correlations for the coolant flow rate, coolant temperature, and specific channel 

diameter, corrected for the thermal development length.  The calculated internal heat 

transfer coefficient and measured external surface temperature distribution at the midspan 
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were used to solve the steady state heat conduction equation for the metal internal 

temperature distribution at the midspan.  The heat flux, and external heat transfer 

coefficient, at the midspan were calculated using a finite element method.  The usefulness 

of this study as a computational benchmark is fairly limited due to its relatively simplistic 

internal cooling geometry as well as a lack of measurements.  As mentioned above, 

experimental measurements are limited to external surface temperatures at the airfoil 

midspan and coolant inlet and exit temperatures.  This study also did not attempt to match 

engine Biot numbers, which is critical in producing non-dimensional temperatures that 

are representative of engine components. 

In terms of computational studies, there are several papers that have used the data 

of Hylton et al. (1983) as a benchmarking tool for evaluating various CFD codes and 

turbulence models.  York and Leylek (2003) used Fluent to evaluate the standard k- and 

a realizable k- turbulence model.  Better agreement with the experimental data was 

obtained when the realizable k- was used.  Facchini et al. (2004) used STAR-CD to 

predict the Hylton et al. (1983) data and also found that the realizable k- model 

outperformed the standard model.  Luo and Razinsky (2007) used the commercial CFD 

package STAR-CD and predicted the data of Hylton et al. (1983) using the V2F model in 

addition to k- turbulence models.  Improved agreement with the experimental data was 

obtained by using the V2F model relative to realizable and standard k-models.   

Accurate predictions of surface temperatures on realistically cooled airfoils are of 

great interest due to the extreme difficulty of obtaining experimental measurements from 

the engine environment.  All of the CFD studies mentioned in the previous paragraph 

achieved reasonable agreement between predicted and measured surface temperatures 

over certain regions of the vane; however, regions where significant differences between 
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predicted and measured data existed in all three studies.  On the suction side, where 

boundary layer transition has a major effect on external heat transfer coefficient and 

airfoil surface temperature, the agreement between the predicted and measured data was 

the worst.  This demonstrated a general lack of the ability for the computational codes 

used to deal with boundary layer transition.  In addition to the difficulties in predicting 

the suction side transition, another possible issue with CFD studies is their ability to 

accurately predict the internal cooling for more complicated internal cooling designs.  A 

key issue with the data of Hylton et al. (1983) is the simplicity of the internal cooling 

configuration.  Predicted spanwise temperature distributions were presented in all three 

computational studies, and significant spanwise temperature variations were seen.  Due to 

the limited nature of the Hylton et al. (1983) data, no corresponding experimental 

spanwise temperature measurements exist.   

Various other computational studies of internally cooled gas turbine components 

have been performed, but have no corresponding experimental data with which to 

evaluate the results.  These studies include the work of Okita and Yamawaki (2002) and 

Han et al. (2000).  Takahashi et al. (2000) and Takahashi et al. (2005) predicted the 

external surface temperatures for an internally cooled blade with smooth internal 

channels and ribbed internal channels respectively, but had only qualitative thermal index 

paint measurements for comparison. 

1.3.4.2 Internal Cooling with Film Cooling 

While still somewhat limited, there are more studies addressing conjugate heat 

transfer on film cooled gas turbine airfoils than studies addressing components with 

internal cooling only.  The work of Turner et al. (1985) expanded on the geometry of 

Hylton et al. (1983) to include showerhead film cooling.  The work of Hylton et al. 
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(1988) further expanded on the previous research to include suction side and pressure 

side film cooling, as well as showerhead film cooling.  These studies have the same 

limitations as the original Hylton (1983) data; however, due to the lack of any other 

experimental datasets they became popular for CFD code validation.   

A number of conjugate heat transfer studies with film cooling have been 

performed at Aachen University.  The studies were primarily analytical and 

computational in nature.  Bohn et al. (2003) discusses that conventional analysis 

techniques can suffer from uncertainty and inaccuracies that would not be present in a 

fully conjugate analysis.  The study compares predictions of the secondary flow field 

above film cooled adiabatic and conducting walls.  Cylindrical holes as well as two 

shaped film hole geometries were investigated.  For all three hole geometries, the effect 

of conduction was shown to lessen the secondary flow velocities in comparison to the 

adiabatic wall case.  No experimental data was available for code validation.  Kusterer et 

al. (2004) and Kusterer et al. (2006) predicted the surface temperature for a blade 

geometry at engine conditions with internal cooling and film cooling.  Only qualitative 

comparisons were made to thermal index paint measurements, with significant errors 

present.  The authors point out that the CHT predictions are useful in quickly identifying 

cooling deficiencies, or “hot spots” on the component surface.   

Studies by Laskowski et al. (2007), and Laskowski et al. (2008) computationally 

predicted the data of Hylton et al. (1983 and 1988).  In general, the agreement between 

the predicted and measured external surface temperatures was relatively good except for 

the leading edge region of the vane suction side.  In this region, predicted surface 

temperatures and external heat transfer coefficients were significantly higher than 

measured values, due to the code assuming a turbulent boundary for the entire vane 
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surface.  Ledezma et al (2008) used the data of Hylton et al. (1983) and Hylton et al. 

(1988) to assess to the ability of different turbulence models with both wall function and 

wall integration meshes to perform conjugate heat transfer simulations.  The results 

indicated that the agreement was better for all turbulence models when a wall integration 

mesh was used.  Additionally, Ledezma et al. (2008) implemented a one equation 

transition model with a Shear Stress Transport (SST) turbulence model and found better 

agreement on the leading edge suction side of the vane.  This result supports the common 

perception that poor prediction of transition is the primary cause for the bad agreement 

between predicted and measured data on the vane suction side, where boundary layer 

transition is known to take place.  Due to the limited amount of data available in Hylton 

et al. (1983, 1988) a thorough evaluation of the CFD could not be performed.   

A computational study by Heidmann et al. (2003) performed a simulation of a 

realistically cooled conducting turbine vane.  Temperature profiles were predicted for 

both a high conductivity and low conductivity solid at the same operating conditions, 

which effectively varies the Biot number.  As expected, the material conductivity was 

shown to have significant effects on the surface temperature distribution.  This 

emphasizes the importance of matching Bi to an engine if realistic non-dimensional 

surface temperatures are to be desired.  A computational study addressing the effects of 

Bi on a film cooled flat plate was performed by Shih et al. (2009) and Na et al. (2009).  

Again, both of these studies predicted that Bi has a large effect on the temperature 

gradients present in the solid.  No comparison was made to experimental data for any of 

the studies mentioned in the previous paragraph.   

The matched Biot number (Bi) model was developed by Sweeney and Rhodes 

(2000) in order to simulate the overall cooling performance of Lamilloy, which uses 
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effusion cooling and a double wall with extensive internal cooling.  Sweeney and Rhodes 

used a flat plate that was constructed of lower thermal conductivity material selected to 

match Bi to engine conditions.  Matching Bi ensured that the ratio of convective heat 

transfer at the solid surfaces to conduction through the solid matched what existed in the 

engine.  In order to match Bi in the flat plate model to an engine condition, the model was 

conducted out of material that had thermal conductivity that was approximately three 

times less than engine material.  This was due to the fact that in a large scale facility the 

heat transfer coefficients had been reduced by a factor of about three relative to the 

engine. 

The matched Biot model was implemented in a series of studies at the University 

of Texas aimed at studying a scaled up blade leading edge with internal impingement 

cooling.  Albert et al. (2004) used a leading edge model constructed out of fused alumina 

in order to match engine Bi.  There were three rows of shaped film cooling holes around 

the blade leading edge.  An adiabatic model with the same geometry was also tested.  The 

main difference seen when comparing the conducting and adiabatic models was a general 

“smoothing out” of temperature gradients for the case of the conducting model, due to the 

lateral conduction in the solid model.  Spatial variations in overall effectiveness were still 

present, but were much less severe than the variations seen in the adiabatic effectiveness 

measurements.   

An additional study in the same facility, by Mouzon et. al. (2005) calculated the 

net heat flux reduction (NHFR) on an adiabatic leading edge and overall effectiveness on 

a matched Bi leading edge and compared them directly.  The net heat flux reduction is a 

measure of the reduction (or augmentation) in heat flux into a component due to the 

presence of film cooling.  The results of this study showed that the trends between 
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laterally averaged Δqr and laterally averaged  distribution were similar.  However, local 

variations in Δqr were greater than local variations in , due to conduction effects in the 

matched Bi model.  

 1.4 OBJECTIVES OF THE CURRENT STUDY 

As noted previously, a key limitation in the use of CFD codes in gas turbine 

cooling design is the lack of sufficient experimental data with which to validate the 

computational results.  An important goal of the current work was to provide an 

experimental data set for a conducting turbine airfoil that surpasses the current 

experimental benchmark.  A conducting airfoil that produced overall effectiveness levels 

that were representative of an engine component and had an internal cooling circuit 

representative of common cooling schemes was designed.  Matching the non-dimensional 

surface temperature to an engine component required matching the Biot number of the 

test vane to the actual engine component.  The current work represents the first matched 

Biot number experiment on a scaled up simulated vane.  Engine test rigs, which 

automatically match the Biot number, have been tested extensively; however, these 

measurements lack the detail that can be achieved in a large scale facility.  The current 

study presents detailed measurements on the surface of and in the flow field around 

scaled-up, simulated conducting and adiabatic turbine vanes.   The non-dimensional 

surface temperature was measured on the adiabatic and conducting airfoils with and 

without film cooling for a variety of internal coolant flow rates and film cooling blowing 

ratios.  The corresponding velocity and temperature fields above the vane were also 

measured.  The off-the-wall gas velocity and temperature measurements, coupled with 

the surface temperature measurements, represent a significant improvement on the data 
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that is presently the standard benchmark for CFD code validation.  Previous experimental 

data has focused entirely on surface temperature measurements. 

An additional goal of the study was to evaluate conventional gas turbine heat 

transfer analysis methods.  Of particular interest was the adiabatic wall temperature as 

driving temperature for heat transfer assumption.  This assumption implies that the 

thermal field above a film cooled wall is generally unaffected by the conducting wall that 

is present in real components.  A unique aspect of the current study was the fact that 

experiments at the same test conditions were carried out on conducting and adiabatic 

airfoils.  By comparing the thermal boundary layer measurements above the adiabatic and 

conducting walls, the effect of the conducting wall on the overriding gas temperature was 

evaluated over a range of film cooling rates and distances from film cooling injection.  

This represents the first experimental evaluation of the adiabatic wall temperature as 

driving temperature assumption.  
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Figure 1.1: Schematic of gas turbine engine 

 

Figure 1.2: Schematic of turbine blade cooled with internal convection and film cooling 

(from Han 2004) 

1

2 3

4



28 

 

 

 

Figure 1.3: Schematic of fully cooled gas turbine component (from Albert 2004) 

  

Figure 1.4: Hypothetical thermal boundary layer profiles demonstrating the validity of 

Taw as driving temperature for heat transfer (from Harrison and Bogard 2008a) 
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Figure 1.5: Surface heat flux calculated using conventional analysis (q” predicted) and 

conjugate analysis (q” actual) (from Harrison and Bogard 2008a), M = 1, x/d = 5 
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Chapter 2 – Facility and Experimental Procedures 

2.1 FACILITY 

2.1.1 Primary Flow Loop  

All tests for this study were conducted in a closed loop wind tunnel at the 

University of Texas at Austin.  A schematic of the wind tunnel facility is shown in Figure 

2.1.  The wind tunnel was driven by a 50 hp variable speed, adjustable pitch fan.  The 

velocity of the mainstream flow could be adjusted by either adjusting the fan speed or the 

blade pitch.  Immediately downstream of the fan and motor was a desiccant rack.  The 

desiccant rack held six packs of desiccant, which were used for drying the air inside the 

wind tunnel in an effort to eliminate frost accumulation during experiments using coolant 

temperatures below the freezing point of water and carbon dioxide.  After the desiccant 

rack, the mainstream flow passed through a copper fin and tube heat exchanger.  A 

mixture of cold and hot domestic water was passed through the heat exchanger to achieve 

a constant freestream temperature over the course of an experiment.  Downstream of the 

heat exchanger and before the test section entrance, a series of screens and meshes and a 

4:1 contraction served to suppress turbulence levels and reduce the effects of boundary 

layers on the mainstream flow.  Inlet turbulence levels were about 0.5% at the entrance of 

the test section.  Downstream of the test section, the flow was expanded before re-

entering the fan section, in order to recover some of the pressure in the flow. 

2.1.2 Test Section 

Prior to this study, the test section attached to the wind tunnel main flow loop was 

a three vane, two passage cascade as described in Polanka (1999).  This test section was 

designed and constructed by Polanka (1999) and used the Pratt and Whitney Advanced 
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Commercial Inlet Guide Vane geometry.  For the current study, it was necessary to 

change the vane geometry to the NASA C3X vane of Hylton (1983).  Due to the 

differences in airfoil shape and vane turning angle, a new test section was designed and 

built in order to accommodate the new vane geometry.  The same basic design as the test 

section of Polanka (1999) was used and the pitch between vanes was matched to the 

Polanka test section.  Matching the pitch between vanes that existed in the previous 

cascade allowed the new test section to be installed onto the existing wind tunnel without 

any modifications to the wind tunnel sections immediately upstream or downstream of 

the test section.  Additionally, if any future research needs to be conducted on the old 

vane geometry, the test sections are interchangeable on the existing wind tunnel facility.    

The new test section was a corner section that consisted of three vanes and two passages, 

and is shown in Figure 2.2.  The inlet to the new test section was a 109.2 cm wide and 

54.9 cm tall rectangular section.  The pitch between vanes was 45.7 cm and the vane 

turning angle was 72°.  Table 2.1 1ists the relevant test section parameters.   

The center vane in the test section was the test vane.  The vane located in the 

inside corner of the test section consisted of a simulated suction surface and a bypass 

flow on the vane pressure surface.  The outer vane was a simulated vane leading edge, 

with the pressure side blended into an adjustable outer wall.  Another bypass flow existed 

on the outer simulated vane suction side.  The bypass flows and adjustable outer wall 

were adjusted so that the flow around the center test vane matched the flow field around 

the vane in an infinite cascade.  Adjustments of the bypass flows were primarily used to 

ensure that the stagnation line was located at the correct position on all three vanes.  The 

velocity distribution around the test vane suction side was adjusted primarily by adjusting 

the position of the moveable outer wall.   
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Table 2.1: Test section parameters 

Parameter Value 

Chord Length (C) 56.2 cm 

Vane Span 54.9 cm 

Vane Pitch 45.7 cm 

Turning Angle 72° 

Inlet Velocity (U∞) 5.8 m/s 

Inlet Reynolds Number 0.75x 10
6
 

  

As with the test section of Polanka, the entire test section was constructed out of 

clear acrylic, which allowed for visual access of test surfaces.  Viewing ports, which 

allowed for NaCl crystal windows to be installed, were located strategically around the 

test section to allow the entire test vane surface to be examined with an IR camera.  The 

salt crystal windows were necessary because the acrylic walls of the test section are 

opaque to IR radiation. 

In order to make measurements on both adiabatic and conducting vane models, 

the new test section was designed so that the conducting and adiabatic vanes could be 

easily swapped in and out of the test section.  In order to achieve this, a vane “cartridge” 

system was designed.  A vane cartridge consisted of a test vane encapsulated by two 

rectangular acrylic end pieces, as shown in Figure 2.3.  Rectangular holes were cut into 

the top of the test section so that the cartridge could be lowered into the appropriate 

position in the center of the vane cascade.  An acrylic flange was bolted to the bottom of 

the test section to support the vane cartridges and allow them to sit flush with the test 

section floor.  The vanes were sealed and secured into the test section through the use of 

rubber gaskets, vacuum grease, and a series of bolts. 
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A removable, passive turbulence generator consisting of vertical rods was 

installed.  The turbulence generator consisted of twelve 35 mm rods spaced 85 mm apart.  

The rods were located 50 cm upstream of the vane leading edge.  When the turbulence 

generator was installed, a freestream turbulence intensity of 20% was achieved.  

Turbulence intensity measurements will be discussed later. 

2.1.3 Test Airfoils 

This section will discuss the design and construction of the test vanes used in the 

current study.  In total, there were five different vanes used in the current study.  The five 

vanes consisted of a matched Bi vane with no film cooling, a matched Bi vane with no 

film cooling and ribbed internal walls, matched Bi vane with suction side film cooling, an 

adiabatic vane with a heat flux foil attached, and a film cooled adiabatic vane.  All of the 

vanes had identical external and internal geometries, except for cases where film cooling 

holes or rib turbulators were added. 

2.1.3.1 Matched Bi airfoil 

As mentioned in the previous section, the test airfoil used in this study was the 

C3X vane of Hylton (1983).  The Hylton vane was scaled up 3.88 times in order to match 

the vane pitch of the Polanka cascade.  Since the C3X vane of Hylton had already been 

scaled up 3 times, the scaled up test vane in this study was roughly twelve times the size 

of an engine component.  Matching the vane pitch of the Polanka cascade was critical in 

order to facilitate mating the new test section with the current wind tunnel facility.  The 

scaled up vane had a chord of 56.2 cm and a span height of 54.7 cm. 

A critical aspect of the current study was the development of a matched Bi model 

airfoil that would produce realistic normalized surface temperatures and include an 
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internal cooling configuration that had components typical of engine internal cooling 

schemes.  The first step in the design of the airfoil was to select a material with a thermal 

conductivity that would match Bi for the scaled up wind tunnel model to Bi of the engine 

component.  A target Bi range of 0.3 < Bi < 0.6, based on data provided by partners at GE 

Global Research for the CFM-56 engine, was established.  Based on this range of values, 

and the expected external heat transfer coefficient and wall thickness for the scaled up 

vane, a target model solid thermal conductivity of k = 4.5 W/m*K was calculated.  A 

castable epoxy resin, Polycast PC-287, was selected that had published thermal 

conductivity of k = 4.3 W/m*K.  After the test airfoil had been designed and constructed, 

this thermal conductivity was found to actually be k = 1.03 W/m*K through direct 

measurement.  After some investigation it was determined that the manufacturer had 

simply predicted the original thermal conductivity via a theoretical calculation, which 

was determined to be inaccurate through the direct measurement.  Although this clearly 

has an impact on the Bi for the vane model, the model Bi was still considered to be 

relatively representative of engine Bi. 

As was discussed in Chapter One, another component of designing a matched Bi 

airfoil was designing an internal cooling circuit that provided adequate cooling in order to 

match the ratio of internal to external heat transfer coefficient.  An additional constraint 

for the current study was that the internal cooling circuit should include components of 

typical engine cooling schemes.  With the help of partners at GE Global Research, a 

realistic internal convective cooling configuration was designed using GE design tools, 

based loosely on widely used internal blade cooling schemes.  A cooling system based on 

blades was used so that the new model airfoil would incorporate characteristics of both 

vanes and blades.  As shown in Figure 2.4, a U-bend channel provided internal cooling in 
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the leading edge and upstream portions of the pressure and suction side regions of the test 

airfoil.  A radial channel cooled the middle third of the airfoil body.  The trailing edge 

region of the airfoil was uncooled.  The test airfoil walls had thickness t = 1.27 cm, which 

matched the scaled thickness of typical internally cooled engine components.  Blades 

often employ the use of serpentine cooling channels because coolant that is not exhausted 

through film cooling holes must be routed back through the inner diameter endwall for 

re-use due to the rotation of the blade.  Typically, vane leading edges are cooled by using 

impingement cooling.  Impingement cooling was left out of the cooling design in order to 

simplify the internal cooling circuit and facilitate CFD simulation.  Additionally, it was 

recognized that if only convective cooling was used in the internal circuit then the ratio of 

internal to external heat transfer coefficients could be varied simply by varying the 

Reynolds number of the coolant flow.  A series of CFD simulations were run at GE 

Global Research Center in order to evaluate the performance of the coolant circuit over a 

range of internal coolant flow rates in order to determine if the designed coolant circuit 

was capable of providing adequate levels of internal cooling.  Once it was determined 

that the internal cooling circuit was adequate, the matched Bi vane was constructed. 

In order to construct the matched Bi vane, an aluminum mold was fabricated in 

which to cast the epoxy resin.  The mold produced 5.08 cm tall sections of the airfoil 

geometry without the wall separating the upstream and downstream portions of the U-

bend.  Figure 2.5 is a photo of the mold used to create the matched Bi vane sections.  Ten 

sections of the epoxy resin were cast and joined together using the same castable epoxy 

in order to build the model vane up to a height of 50.8 cm.  The vane was further built up 

to the final span height of 54.7 cm by attaching two Plexiglas end sections.  Figure 2.6 

shows a photograph of the vane cross section without the U-bend wall included.  The U-
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bend wall was cast in a separate mold and glued into pace after the vane sections were 

joined together.  In order to finalize the vane geometry, the U-bend ceiling was capped 

with a foam insert.  The insert was foam in order to isolate the cooled test airfoil from the 

wind tunnel ceiling.  In an engine vanes are attached to endwalls that are also cooled.  

Since simulating a cooled endwall was not a part of the current study, the vane was 

isolated as much as possible from uncooled wind tunnel test section.  The casting process 

for the vane sections is included in the appendix.   

2.1.3.2 Matched Bi airfoil with rib turbulators 

Rib turbulators are often added to the internal coolant channels of internally 

cooled vane components in order to increase the internal heat transfer coefficient, which 

causes a corresponding decrease in the overall metal temperature of the component.  As 

can be seen in Han and Chen (2006), a wide range of variables have influence on 

performance of rib turbulators.  In an actual component cooling scheme, rib geometries 

are optimized in order to maximize the heat transfer augmentation and minimize the 

corresponding increase in the pumping power required to overcome the increase in 

pressure losses due to the ribs.  For the purposes of this study, two criteria were used in 

the rib geometry design process.  The first criterion was that the rib design provided 

nominally a two times increase in heat transfer coefficient.  Secondly, the rib needed to 

be simple enough to be easily handled computationally, since providing data for CFD 

benchmarking studies was a goal of the work.  The pressure drop increase due to the rib 

was not a variable in the rib design.  The rib geometry installed on the test vane had a 

rectangular cross section and was aligned 90° to the coolant flow.  The rib height, width, 

and pitch were e = 5 mm, w = 3 mm, and p = 50.8 mm; respectively.  These values 



37 

 

produced a geometry with p/e = 10.1 and e/Dh = 0.0055, which are representative of 

typical engine rib turbulator designs. 

In order to fabricate a matched Bi vane model with rib turblators installed, 10 

vane sections were molded as described in section 3.1.3.1.  The ribs, which were simply 

rectangles molded to the internal curvature of the vane walls and the rib dimensions 

described above, were glued to the center of the vane sections on the suction side 

downstream U-bend and radial channel walls.  Ribs were installed on the suction side 

only because additional cooling was not necessary on the pressure side due to 

significantly colder non-ribbed pressure side temperatures relative to the suction side.  

Since the pitch of the ribs was 5.08 cm, and the height of each vane section was 5.08 cm, 

atttaching a rib to the center of each vane section provided the correct spacing between 

ribs.  Once ribs had been installed in each vane section, the sections were joined together 

and the vane construction was completed as described in section 3.1.3.1.  A solid model 

of the matched Bi vane is shown in Figure 2.7. 

2.1.3.3 Matched Bi airfoil with film cooling 

A film cooled matched Bi airfoil was constructed by machining a row of 

cylindrical film cooling rows into the suction side wall of the matched Bi vane described 

in section 3.1.3.1.  The film cooling configuration was designed by Albert (2010) to be 

representative of a baseline film cooling configuration.  An array of 24 cylindrical holes 

with a streamwise injection angle of 30° was used.  The holes had a 4.2 mm diameter and 

a pitch to diameter ratio of p/d = 3.  The row of holes was located at s/C = 0.23.   
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2.1.3.4 Adiabatic airfoils 

Two adiabatic airfoils were constructed in order to evaluate the external heat 

transfer coefficient and adiabatic effectiveness on the vane.  In order to minimize 

backside conduction losses, the adiabatic airfoils were constructed from a polyurethane 

foam that had thermal conductivity k = 0.043 W/m*K.  The first adiabatic vane was 

machined from 10.16 cm tall blocks of the adiabatic foam which were glued together to 

form the entire vane.  Pressure taps were mounted around the midspan of the vane in 

order to measure the vane external pressure distribution.  This vane was also used during 

heat transfer coefficient measurements.  In order to measure the external heat transfer 

coefficient, a thin heat flux foil was attached to the vane surface, which will be described 

in detail later.   

The second adiabatic vane was designed and constructed by Jason Albert, another 

graduate student in the laboratory (Albert 2010).  This vane was designed and constructed 

with a modular hatch system in order to easily incorporate different film cooling 

configurations at different locations on the vane.  The hatched adiabatic vane is shown 

schematically in Figure 2.8.  This vane was used for adiabatic effectiveness 

measurements, and had a film cooling row identical to that described in section 3.1.3.3 at 

s/C = 0.23.  The configuration used in this study had coolant holes on the suction side and 

showerhead, but the showerhead film cooling holes were taped over for all experiments 

in the current study.   

2.1.4 Secondary Flow Loop 

Coolant was supplied to the test airfoil through a secondary flow loop that was 

driven by a 7.5 hp blower.  A schematic of the coolant flow loop is shown in Figure 2.9.  

The secondary flow loop siphoned air from the wind tunnel mainstream just upstream of 
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the wind tunnel fan and routed the diverted gas through a fin and tube heat exchanger.  

Cryogenic liquid nitrogen was used to cool the heat exchanger before being mixed with 

the coolant gas.  Upon exiting the heat exchanger, the coolant gas was divided into two 

flow streams.  One branch fed the U-bend coolant channel and the other branch fed the 

radial coolant channel.  In each branch of the coolant flow loop, an orifice flow meter and 

a flow control valve was installed in order to measure and control the coolant flow rate 

going to each coolant channel.  Just prior to entering the test airfoil, the coolant flow 

entered a 30.5 cm flow development section.  The flow development section had an 

identical geometry to the test airfoil.  A series of two screens was installed in the flow 

development section in an effort to provide a nearly uniform vane inlet coolant velocity 

in the U-bend and radial cooling channels.  Downstream of the test vane, the coolant flow 

was routed back into the wind tunnel downstream of the test section.  In the U-bend 

coolant return leg, a gate valve and orifice meter were installed.  The mass flow that had 

exited the film cooling holes was determined by taking the difference in coolant mass 

flow between the orifice flow at the inlet and exit of the test vane. 

2.2 SURFACE TEMPERATURE MEASUREMENTS 

Measurement of the heat transfer coefficient, overall effectiveness with or without 

film cooling, and adiabatic effectiveness all required measurement of the surface 

temperature of either the matched Bi vane or the adiabatic vane.  All three test types 

relied on surface temperatures measured by IR thermography as well as a National 

Instruments data acquisition (DAQ) system.  This section will describe the DAQ, IR 

camera and camera calibration, and then provide detailed setup, testing, and data 

reduction procedures for each individual test type.  



40 

 

2.2.1 Data Acquisition System 

A National Instruments data acquisition system and LabVIEW were used to 

continuously monitor up to 96 channels of data.  E-type thermocouples were monitored 

via 64 of the data streams while the remaining 32 channels could be used to monitor any 

combination of E-type thermocouples, pressure transducers, or generic voltage inputs.  

Four pressure transducers were available for differential pressure measurements and are 

described in Table 2.2.  For each recorded data point, the DAQ system sampled the data 

at a rate of 10kHz and recorded the average for a 4 second sample time.  For more 

information on the DAQ system, the reader is referred to Robertson (2003), which 

provides a detailed description of the LabVIEW programs and data reduction methods 

involved in the continuous data monitoring process.  

Table 2.2: Pressure transducer specifications 

Designation Model Range (in. H20) 

A Omega PX 164-005D5V 0 - 5 

B Omega PX 142-001D5V 0 – 27 

C Omega PX 138-0.3D5V -8.3 – 8.3 

D Omega PX 2650-0.5D5V 0 – 0.5 

 

2.2.2 IR Camera and Calibration 

Vane surface temperature measurements were performed using FLIR P20 and P25 

cameras.  The vane surface was viewed by the IR cameras through NaCl windows 

positioned strategically around the test section.  The IR cameras saved images in a 

proprietary JPEG file format which contained a measured temperature corresponding to 
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each pixel in the image.  FLIR software was used to extract the surface temperature data 

into a matLAB file that contained an array of surface temperatures and pixel locations.  A 

sample IR camera image, taken during an overall effectiveness experiment, is shown in 

Figure 2.10.  Since the camera viewed the vane surface through a salt window, the 

temperatures indicated by the color scale in Figure 2.10 are only approximate due to the 

imperfect infrared transmission of the salt window.  For this reason it was necessary to 

calibrate each IR camera during every test.  Camera calibration was accomplished by 

attaching E-type thin ribbon thermocouples in the field of view of each camera, and 

recording their measurements for each instance that an IR image was recorded.  The 

measured surface temperature from the IR camera at the thermocouple location was 

plotted against the thermocouple measurement over a range of temperatures, which 

produced a calibration curve for a particular camera.  After performing this procedure for 

both cameras over a series of many tests it was obvious that each camera had a different 

calibration that was consistent from test to test.  Figure 2.11 shows sample calibration 

data for each camera.  Although the specific calibration for each camera was shown to be 

consistent from test to test, the calibration procedure was still performed during every 

experiment in order to continuously verify the camera calibrations.   

2.2.3 Heat Transfer Tests 

2.2.2.1 Heat Transfer Test Preparation 

Heat transfer tests were performed on the adiabatic vane model with no film 

cooling holes.  The first step in preparing the vane for heat transfer coefficient 

measurement was to apply a uniform heat flux foil to the external surface of the vane.  

The uniform heat flux foil was constructed from a 50.8 cm x 100 cm piece of stainless 
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steel shim stock that was 25 m thick.  Double sided tape was applied to one side of the 

stainless steel shim stock, except for a 2.5 cm section at the end of each short edge.  Bus 

bars were built by sandwiching the stainless steel sheet between two 0.75 mm thick bus 

bars that were 1.25 cm wide and 30.5 cm long.  The bus bars and stainless steel sheet 

were bolted together using countersunk machine screws and nuts.  A schematic of the 

constructed heat flux foil is shown in Figure 2.12.  Once the heat flux foil was 

constructed, it was taped to the adiabatic test vane so that entire streamwise length of the 

vane was covered by the heat flux foil.  Taping started at the suction side trailing edge, 

and the heat flux foil was wrapped around the vane until the pressure side trailing edge 

had been reached.  The heat flux foil was designed so that the bus bars, which were not 

smooth, would be attached near the trailing edge.  This was done so that the flow step 

caused by the bus bars, which was minimized as much as possible, would not disturb the 

upstream flow field and heat transfer coefficient.  Special care was taken to ensure that 

the attached heat flux foil was perfectly smooth and followed the external vane profile 

exactly.  This was done by visually inspecting the attached heat flux foil.  Once the heat 

flux foil was successfully attached, the vane was inserted into the wind tunnel test 

section.  Finally, two eight gauge copper bus bars were attached to the heat flux foil bus 

bars and routed out of the top of the test section to a DC power supply. 

The next step in preparing the vane for a heat transfer test was to attach two thin 

ribbon E-type thermocouples to the surface of the vane within the field of view of each 

IR camera.  These thermocouples were used in determining the IR camera calibration, 

which was described in the previous section.  These thermocouples were attached using 

thin scotch tape and were moved around the vane surface depending on the region of the 

vane that was being imaged by the IR camera. 
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NaCl windows were installed into the appropriate ports, depending on the area of 

the vane that was intended to be imaged.  The cameras were carefully aimed and focused.  

Focusing the cameras was done manually, typically by placing a warm object on the vane 

and adjusting the camera focus until the image was as sharp as possible.  If the cameras 

were imaged two regions of the vane that were adjacent to each other, the cameras were 

aimed so that a region in each cameras field of view overlapped with the other camera.  

This was useful as a camera calibration check, since the calibrated temperature data in the 

region of overlap should have been the same.  Once the cameras had been adjusted, they 

were both shrouded so that ambient IR radiation or reflections did not contaminate the IR 

images. 

The final step in preparing for a heat transfer coefficient test was to set up the 

DAQ system.  LabVIEW was set to monitor the surface thermocouples, two 

thermocouples that were measuring the freestream temperature, and the internal surface 

thermocouples.  The mainstream flow velocity was monitored with a pitot-static probe 

just upstream of the test section.  

2.2.2.2 Heat Transfer Test Procedure 

After test preparation was complete, the wind tunnel was started.  After the 

mainstream flow had been established at 5.8 m/s, current was supplied to the constant 

heat flux foil.  A DC power supply was used to provide current to the heat flux foil.  A 

shunt resistor of known resistance was connected in series with the heat flux foil.  The 

voltage drop across the shunt resistor with a multimeter, and the total current was 

calculated by using Ohm’s law, shown in Equation 2.1.     

shunt

shunt

V

R
I           (2.1) 
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The voltage drop across the heat flux foil was measured simultaneously with 

another multimeter.  Since the voltage drop across and current through the shunt resistor 

were known, the heat flux could be calculated.  The total power generated through ohm 

heating was calculated as shown in Equation 2.2.   

foilIVQP           (2.2) 

Next, the heat flux was calculated by dividing the total power by the area of the 

heat flux foil, as shown in Equation 2.3.   

foil

total
total

A

P
q "          (2.3) 

The total applied heat flux was generally set to be about q” = 1,000 W/m
2
.   

Just after starting the power supply, there was a transient response seen in the 

internal and external surface thermocouples as the vane substrate was heated due to 

conduction through the solid.  After about 15 minutes, the external and internal surface 

temperature measurements were observed to be nearly constant, and data acquisition 

commenced.  The method for taking a data point consisted of simultaneously saving an 

IR image on both IR cameras and saving an array of data from the DAQ system.  

Immediately after recording the IR images and DAQ system data the voltage drop across 

the shunt resistor and heat flux foil were recorded manually in a notebook.  This process 

was repeated for each different test condition. 

After all the desired data had been obtained, data was obtained for use in camera 

calibration.  A range of surface temperatures were obtained by varying the applied heat 

flux above and below the nominal q” = 1,000 W/m
2
 value.  Typically ten to twenty 

calibration data points were obtained, ensuring that the calibration bracketed the range of 

temperatures seen by the IR cameras. 



45 

 

The final step in any test was taking a series of images in order to correlate 

camera pixels to real vane coordinates.  This was accomplished by placing a tape with 

silver strips spaced 1 cm apart onto the surface of the vane in the field of view of an IR 

camera.  Due to their high reflectivity, the silver strips were easily picked up by the IR 

camera. Each silver strip, which had a known location in terms of vane coordinates, could 

be correlated to specific pixels in the IR image.  Once a correlation for pixels and vane 

coordinates had been established, the pixels from each IR image could be converted to 

vane coordinates in terms of s, streamwise distance from stagnation, and z, the spanwise 

distance from the bottom floor of the wind tunnel.   

2.2.2.3 Heat Transfer Data Reduction 

The first step in reducing the heat transfer data was to apply the camera 

calibration and coordinate correlations to each IR image file.  This was done through the 

use of a matLAB file named “blockscan.m” written by a previous student and modified 

slightly for this study.  For more info on the matLAB script the reader is directed to 

Robertson (2004).   

A critical aspect of heat transfer coefficient measurement was applying a radiation 

and conduction correction to the applied heat flux.  Conservation of energy dictates that 

the total applied heat flux be balanced by some combination of radiation, conduction and 

convection heat transfer as shown in Equation 2.4. 

radiationconductionconvectiontotal qqqq """"        (2.4) 

Since the only component of interest was the convective heat flux when determining the 

external heat transfer coefficient, the heat fluxes lost due to conduction and radiation had 

to be subtracted from the total applied heat flux as shown in Equation 2.5. 

radiationconductiontotalconvective qqqq """"        (2.5) 
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The conduction correction was easily calculated using the temperature on the outside 

surface of the vane and the temperature on the inside surface of the vane by using 

Fourier’s law, which is shown in Equation 2.6 

 
dx

dt
kq "          (2.6) 

For this case, Fourier’s law can be rewritten as shown in Equation 2.7. 

 )(" iwconduction TT
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        (2.7) 

In this equation, k is the thermal conductivity of the foam, t is the thickness of the foam, 

Tw is the outside surface temperature, Ti is the inside surface temperature.  The internal 

surface temperature was measured near the vane stagnation line and at two downstream 

positions on the suction and pressure side of the vane.  The measured internal 

thermocouple temperatures were typically within 1 K of each other, so an average 

internal temperature was used for the purposes of estimating the conducting loss. The 

heat flux lost due to conduction was calculated and a applied at each streamwise pixel 

location.  Spanwise variations were found to be small, so a two dimensional heat 

conduction correction was not calculated.  The conduction correction was typically about 

5 – 8% of the applied heat flux. 

 Calculation of the radiation correction was performed through use of the Stephan-

Boltzman law, shown in Equation 2.8. 

 )(" 44

 TTq wradiation         (2.8) 

Equation 2.8 assumes that both the outer surface of the vane and the walls of the wind 

tunnel were diffuse gray surfaces.  Conveniently, the Plexiglas walls had approximately 

the same emissivity as the flat black paint.  The walls of the wind tunnel were assumed to 

have the same temperature as the mainstream flow.  As with the conduction correction, 
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spanwise variations in radiative heat flux were small compared to the streamwise 

variations, and were neglected.  Typical radiation correction values were 10 – 15% of the 

total applied heat flux.  The total heat flux loss due to radiation and conduction was 

generally between 15 – 25% of the applied heat flux. 

Once the radiation and conduction corrections had been performed, the 

convective heat transfer coefficient, he, could be calculated as shown in Equation 2.9. 




TT

q
h

w

convective"
         (2.9) 

A matLAB script was used to generate a two dimensional array of heat transfer 

coefficients and vane coordinates.  However, since the calculated heat transfer 

coefficients were found to be nearly constant in the spanwise direction, laterally averaged 

heat transfer coefficients were generally preferred.  The lateral variation of the heat 

transfer coefficient will be presented in a following chapter.  The laterally averaged data 

represented the average of all heat transfer coefficients in the z direction at each x pixel 

location.   

2.2.3 Overall Effectiveness Tests 

2.2.3.1 Overall Effectiveness Test Preparation 

The first step in overall effectiveness test preparation was to insert the appropriate 

matched Bi airfoil into the wind tunnel.  There were three matched Bi airfoils to choose 

from, as described in section 3.1.3.  Regardless of which airfoil was being used, the 

testing preparation was nearly identical.  Once the appropriate airfoil had been inserted 

into the wind tunnel, the remaining preparation was very similar to heat transfer test 

preparation.  The exact same procedure was used to attach E-type surface thermocouples 
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to the surface of the vane for camera calibration.  The cameras were aimed and focused in 

the same way as described in section 3.2.2.1. 

The DAQ setup for overall effectiveness tests was considerably more 

complicated.  In addition to monitoring the external surface thermocouples and 

mainstream thermocouples, considerably more internal thermocouples were monitored.  

There were 26 internal surface thermocouples in the matched Bi vanes, and all were 

monitored during any given test.  Additionally, during overall effectiveness tests the inlet 

and exit coolant flow rates and temperatures to each leg of the vane cooling circuit were 

monitored.  This required the use of all four available pressure transducers.  The pressure 

transducers were used to measure pressure drops across orifice meters in the U-bend and 

radial channel inlet lines as well as the pressure drop across an orifice meter in the U-

bend return line.   The mainstream flow was monitored in the same way as described in 

the heat transfer test setup.   

2.2.3.2 Overall Effectiveness Test Procedure 

Due to the use of liquid nitrogen in producing coolant temperatures below the 

freezing point of both water and carbon dioxide, the wind tunnel needed to be dried 

thoroughly.  A combination procedure of purging the wind tunnel with a 175 l dewar of 

liquid nitrogen and using a molecular sieve desiccant achieved less than 10% relative 

humidity (RH) in the wind tunnel.  The drying procedure took place immediately prior to 

collection of data.  The molecular sieve was first baked overnight, at a temperature of 

400° F in order to release any moisture due to previous use.  On test day, immediately 

after starting the wind tunnel, secondary flow loop, and DAQ system, the nitrogen purge 

was commenced.  The liquid nitrogen was warmed through a long coil of copper tube to 

ensure that it was in a gaseous state before entering the wind tunnel main flow loop.  The 
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relative humidity (RH) during the purge process was monitored via a handheld 

hygrometer.  The hygrometer had a sensor that was placed inside the tunnel and 

continuously monitored during a test.  Typically, the purging process reduced the RH of 

the wind tunnel to about 10%.  Just before the purging process was complete, which 

occurred when the N2 dewar was emptied, the dried desiccant was placed into the wind 

tunnel.  The desiccant typically lowered the relative humidity to about 7% and 

maintained this level throughout a test.  Once an acceptable level of RH had been 

reached, a cool down procedure started. 

Another dewar of liquid nitrogen was used to cool down the coolant flow loop 

and test airfoil and provide a continuous supply of coolant throughout a given test.  The 

first step in cooling down the coolant flow loop and airfoil was to flow liquid nitrogen 

into the secondary flow loop heat exchanger.  Experience with the system revealed that a 

slow, controlled cool down was the best method.  If the system were cooled down too 

quickly, undesired oscillations in the coolant temperature resulted.  These oscillations 

took much longer to control than would have been necessary had a slower cool down 

been used.  When the desired coolant temperature (usually 50K below mainstream temp) 

was nearly reached, very small adjustments to the nitrogen flow loop were made by 

adjusting the valve on the nitrogen dewar.  Making small adjustments was critical due to 

the slow response time of the coolant flow loop.  If the coolant flow rate was over 

adjusted, oscillations in the coolant flow temperature could result.  Data were collected 

during the cooldown process for camera calibration purposes.  This was accomplished by 

periodically saving IR images and labVIEW data simultaneously during the cooldown 

process.   
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When the coolant temperature had reached a steady value, the upstream coolant 

flow control valves were adjusted in order to provide the proper inlet flow to each leg of 

the coolant circuit.  For cases where no film cooling was present, the downstream U-bend 

control valve was left fully open.  Excel was used to calculate the pressure drop for the 

desired coolant flow Reynolds number at the measured coolant temperature.  The coolant 

flow rates were set by monitoring the pressure drops across the appropriate inlet orifice 

plates and adjusting the control valves until the pressure drop for the desired coolant flow 

rate was obtained.  Since the desired coolant channel Reynolds number and coolant 

temperature were known, the desired volumetric flow rate was known.  Equation 2.10 

shows the relationship between the coolant channel Reynolds number, based on hydraulic 

diameter and bulk averaged velocity, and the volumetric flow rate, Q.   

hd

A
Q

Re
           (2.10) 

In Equation 2.10, the area, A, and hydraulic diameter, dh, are relative to either the U-bend 

or radial coolant channels. 

Once the desired volumetric flow rate was calculated, the necessary pressure drop 

across the orifice flow meters was calculated using a standard equation for orifice flow 

meters from Goldstein (1996), shown below:   
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In Equation 2.11, the appropriate density is the density of the flow at the orifice, not at 

the entrance to the test vane.  Additionally, do and dpipe represent the diameters of the 

orifice and coolant flow pipe around the orifice, respectively.   

The discharge coefficient, Cd, was calculated using Equation 2.12, also from 

Goldstein (1996).  The Reynolds number referenced in Equation 2.12 is relative to 

upstream pipe diameter and average flow velocity through the pipe.    
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 For overall effectiveness tests without film cooling, these were the only steps 

necessary.  Additional complexity was added for cases with film cooling, since control of 

the film cooling blowing ratio was desired.  In order to determine the film cooling 

blowing ratio, the total mass ejected from the film cooling holes was determined by 

finding the difference between the flow rates through the upstream and downstream U-

bend orifice meters.  During experiments with film cooling, the upstream mass flow rate 

was held constant at a coolant channel Reynolds number of Re = 20,000.  The mass flow 

rate through the downstream U-bend orifice was calculated by rearranging Equation 2.11 

in order to solve for Q.  However, since in this case the flow rate was unknown, the 

discharge coefficient could not be solved for directly and iteration between Equations 212 

and 2.11 was required.  Once the iteration had produced a converged solution, the 

volumetric flow rates through both the upstream and downstream orifice plates was 

known and the total film cooling mass flow rate could be calculated as shown in Equation 

2.13.   

)( ,, downstreamorificeupstreamorificefilmfilm QQm         (2.13) 
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Once the film cooling mass flow rate was known, the blowing ratio was calculated based 

on Equation 1.5.  It is important to recognize that the density of the film and the density 

of the coolant entering the test vane may be different due to the coolant warming up 

along the coolant circuit and through the film holes.  The numerator of Equation 1.5 can 

be found by dividing Equation 2.13 by the total film cooling hole area. 

In order to accurately calculate the blowing ratio, an accurate film temperature 

must be measured.  This was accomplished by placing an E-type thermocouple slightly 

inside a film cooling hole, just before any mixing with the mainstream took place.  

Special care was taken to ensure that an accurate film temperature was measured.  The 

position of the thermocouple did not have much effect on the film temperature unless it 

was touching the film cooling hole wall, which gave an erroneously warm film 

temperature measurement.  

Setting both the coolant blowing ratio and inlet mass flow rate involved 

monitoring both the upstream and downstream orifice flow meter pressure drops while 

adjusting both the upstream and downstream flow control valves.  If a relatively high 

blowing ratio was desired, the downstream flow control valve was gradually closed off.  

This produced a higher pressure in the test vane, which caused more coolant to be ejected 

through the film cooling holes.  The flow control valves were adjusted iteratively until 

both the upstream flow rate and film cooling rate were at the desired values. 

Once a test condition had been reached and the desired flow rates and coolant 

temperatures were nominally steady, data were acquired.  Data acquisition was 

accomplished by simultaneously saving IR images on both cameras as well data from 

labVIEW.  In order to ensure that steady state conditions had been reached, data was 

collected at intervals of about 5 minutes, over a 20 minute period.  For a given test 
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condition every data point was examined and at least the 15 and 20 minute data points 

had to coincide before a steady state condition was assumed.  The data acquisition 

process was repeated for all desired data points. 

The final step in an overall effectiveness experiment was obtaining the pixel to 

vane coordinate correlations.  This was done in exactly the same manner as was 

described in section 3.2.2.2. 

2.2.3.3 Overall Effectiveness Data Reduction 

The first step in reducing the overall effectiveness data was to apply the 

temperature calibration and pixel to vane coordinate correlations.  This was done in 

exactly the same way described in the heat transfer coefficient measurement section. 

A conduction correction was not necessary for overall effectiveness 

measurements since conduction through the vane solid is an integral part of conjugate 

heat transfer.  Radiation heat transfer was ignored in the overall effectiveness data 

reduction because adequate simulation of the radiative heat transfer in an actual engine is 

extremely difficult.  Information regarding the magnitude of the radiation heat transfer in 

an engine is unavailable because it is regarded as sensitive information by the engine 

companies.  Once the calibrated temperature data was obtained, matLAB was used to 

calculate the overall effectiveness, shown in Equation 1.7, at each pixel location.  The 

program Deltagraph was used to produce contour plots of overall effectiveness.  Laterally 

averaged overall effectiveness values were also obtained by averaging the spanwise 

values of  at every streamwise pixel location.  Laterally averaged values allowed for 

comparison of the vane surface temperatures at different conditions on a single plot. 

Overall effectiveness measurements also included internal surface thermocouple 

measurements.  These measurements were normalized in the same way as the external 
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surface temperature measurements, which produced a normalized internal surface 

temperature value for the internal surface.  The internal overall effectiveness is shown in 

Equation 2.14. 
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2.2.4 Adiabatic Effectiveness Tests 

2.2.4.1 Adiabatic Effectiveness Test Preparation 

Adiabatic effectiveness tests were performed on the adiabatic test vane with film 

cooling holes included.  This vane was prepared in the same way as the overall 

effectiveness test vane, but due to the adiabatic nature of the test vane no internal 

thermocouples were present.  Other than the lack of internal surface temperature 

measurements, the reader can refer to section 3.2.3.1 for more details on the test setup. 

2.2.4.2 Adiabatic Effectiveness Test Procedure 

The wind tunnel drying process and testing process for adiabatic effectiveness 

tests were identical to the overall effectiveness test procedures, and the reader should 

consult section 3.2.3.2 for more details.  One subtle difference between overall and 

adiabatic effectiveness tests was that much less time was required to ensure that the vane 

had reached a steady state condition.  Rather than taking data over a course of 20 

minutes, as was the case with overall effectiveness data, adiabatic effectiveness data was 

typically steady after about 7 minutes. 
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2.2.4.3 Adiabatic Effectiveness Data Reduction 

After applying the temperature calibration and pixel to vane coordinate 

correlation, the measured surface temperatures were normalized to produce adiabatic 

effectiveness as shown in Equation 2.15.   
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An important aspect of adiabatic effectiveness measurements is accounting for the 

conduction loss.  Although the vane is nearly adiabatic, there was still some conduction 

loss due to the internal heat transfer coefficient.  In order to obtain an accurate measure of 

the necessary conduction correction, a separate experiment was performed.  During this 

experiment the film cooling holes were smoothly taped over and the vane surface 

temperature was measured with only internal coolant flow present.  If the vane were 

perfectly adiabatic, of course the internal coolant flow would have had no effect and the 

external surface temperature would have been equal to the freestream temperature.  

However, due to the non-zero thermal conductivity of the foam vane, the internal coolant 

flow cooled the external surface slightly.  The adiabatic effectiveness conduction 

correction, cc, was calculated by normalizing the non-film cooled surface as an adiabatic 

effectiveness, as shown in Equation 2.15.  Four different conduction corrections were 

measured.  Both high and low freestream turbulence cases as well as a tripped and 

untripped case at both freestream turbulence levels were measured.  For the tripped cases, 

a 1 mm trip wire was placed at the location of the film holes in order to simulate the 

effect of film injection on the boundary layer transition.  The measured conduction 

correction values for adiabatic effectiveness measurements are shown in Figure 2.13.  In 

Figure 2.15 x = 0 corresponds to the downstream edge of the film cooling holes.  A large 

difference was seen between the tripped and untripped cases due to the variation in 
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external heat transfer coefficient due to the presence of the trip.  Without a trip present, 

the measured conduction correction was larger.  This was due to a lower external heat 

transfer coefficient, which caused more heat to conduct through the vane material.  Both 

tripped cases had nearly the same measured conduction correction value, regardless of 

the mainstream turbulence effect.  Due to the effect of the film cooling holes on boundary 

layer transition, the conduction corrections with trip wires present were used to correct 

the measured adiabatic effectiveness data, as shown in Equation 2.16.  The original 

derivation of Equation 2.16 can be found in Etheridge et al. (2001). 

cc

ccmeasured
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        (2.16) 

The conduction correction was presumed to be constant in the spanwise direction.  

Once the conduction correction had been applied, laterally averaged and contour plots of 

effectiveness were generated in the same way as described in section 3.2.3.3.  

2.3 BOUNDARY LAYER MEASUREMENTS 

Velocity and thermal boundary layer measurements were taken at the midspan of 

the airfoil at one of seven different streamwise positions.  There were four measurement 

locations on the suction side and three measurement locations on the pressure side.  A 

summary of the measurement locations is provided in Table 2.3.  A schematic showing 

the measurement locations on the vane surface is shown in Figure 2.14.  
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Table 2.3: Boundary layer measurement locations 

Position s (cm) s/C 

SS1 10 0.178 

SS2 20 0.356 

SS3 30 0.534 

SS4 40 0.712 

PS1 -10 -0.178 

PS2 -20 -0.356 

PS3 -30 -0.534 

2.3.1 Velocity Boundary Layer Measurements 

2.3.1.1 Hot Wire Anemometer 

Boundary layer measurements were performed using an A.A. Lab Systems Ltd. 

AN-1003 Hot Wire/Hot Film Anemometry system.  The setup and preparation of the 

system was performed according to the user’s manual, and an overheat ratio of 1.5 was 

used for all tests.  Before any calibration of the hot wire system was performed, the wind 

tunnel was started and allowed to run for approximately one hour.  This long period of 

time was necessary in order for the wind tunnel mainstream to reach a steady freestream 

temperature.  Maintaining a steady freestream temperature was critical for hot-wire 

measurements, because the calibration of a hot wire system is temperature sensitive due 

to the measurement’s reliance on heat transfer.  The freestream temperature was 

monitored throughout a test and maintained to a constant value within 0.1 K.  Prior to 

boundary layer measurement, the hot-wire system was calibrated to a range of known 

velocities measured with a pitot-static probe.  Matlab was used to obtain the coefficients 

to the equation shown below.  This equation correlates the measured hotwire voltage (e) 

to the fluid velocity (U) as follows:  

cbeaeU  24         (2.17) 
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The hot-wire anemometer output voltage was monitored through one of the 

generic voltage inputs of the DAQ system described in section 3.2.1.  A typical hot-wire 

calibration curve is shown in Figure 2.15. 

2.3.1.2 Velocity Boundary Layer Test Setup and Procedure 

All velocity boundary layer tests were performed on the adiabatic test vane with 

no film cooling holes.  The surface of the airfoil was lightly sanded and painted to ensure 

the surface was smooth and boundary layer disturbance existed.  Once the vane had been 

installed into the wind tunnel, the hot wire anemometer was inserted into the wind tunnel 

near one of the measurement locations listed in Table 2.2. 

The wind tunnel was started and allowed to reach a steady state as described in 

section 3.3.1.1.  After the anemometer was calibrated, the tip of the probe was moved to 

within 1 mm of the vane surface and bolted to a linear traverse.  The linear traverse 

system allowed for very precise movement of the probe in a direction normal to the vane 

surface.  Once the probe had been securely bolted in place, the probe was very carefully 

moved towards the vane surface.  A telescope was used to observe the tip of the probe 

was just touching the vane wall.  The reading on the linear traverse was recorded as the 

wall position, or y = 0.  Since the sensor was not located directly on the tip of the probe, a 

slight adjustment was made to the wall position during data processing.  The sensor was 

visually estimated to be about 0.1 mm from the wall. 

Once the wall position had been identified, data was recorded using labVIEW.  In 

addition to the hot wire voltage output, the freestream temperature and velocity were 

recorded.  After each data point was recorded, the linear traverse was moved a finite 

distance away from wall.  This process was repeated until the entire boundary layer had 
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been measured.  This process was repeated for a range of test conditions at all seven of 

the positions listed in table 7.2 over the course of several experiments. 

2.3.1.3 Velocity Boundary Layer Data Reduction 

The raw data recorded during velocity boundary layer measurement consisted of 

the local average velocity in the boundary layer, U, as well as the local fluctuating 

velocity, urms.  The data were averaged based on 20 second sample time and a 10 kHz 

sample rate.  The sample time and sample rate were chosen based on the analysis of 

Waye (2005) in order to provide uncertainties in urms that were less than 2%.  All of the 

velocity data for a given velocity profile were normalized to the local edge velocity, Ue, 

and the distance from the wall was normalized to the local 99% boundary layer thickness, 

.  Determining the velocity boundary layer thickness and local edge velocity was not a 

trivial manner, particularly on the suction side of the airfoil.   

Due to the pressure distribution across the vane passages, the velocity across the 

passages was not constant.  Lower velocities were seen close to the pressure surface of 

the vane with increasing velocities approaching the suction surface of the airfoil.  Due to 

the variation in velocity outside of the boundary layer, there was not a clear edge velocity 

with which to normalize the velocity profile and define a 99% boundary layer thickness.  

The approach used for this research was to measure velocities at several points that were 

clearly outside of the boundary layer at each position.  A linear curve fit was used to 

extrapolate the velocity distribution outside of the boundary layer to the wall, in order to 

determine what the velocity would be without the viscous effects due to the wall.  The 

velocity boundary layer thickness was then defined to be the position where the measured 

velocity was 99% of the extrapolated, predicted velocity.  A plot showing a sample 

velocity profile on the suction side of the vane is shown in Figure 2.16.  For the suction 
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side, the velocity distribution outside of the boundary layer increased with decreasing 

distance to the wall until the viscous effects cause the velocity profile to decrease and 

meet the no-slip condition at the wall.  This caused velocity profiles that had a peak 

velocity.  Using this peak velocity as edge velocity in the boundary layer thickness 

definition was also an option, however, no significant difference in boundary layer 

thickness was found when using either method.   

The approach in defining the edge velocity and boundary layer thickness on the 

pressure side was very similar; however, there was no peak in velocity since the inviscid 

profile was already decreasing at it approached the wall.  Once the appropriate edge 

velocities and boundary layer thicknesses were defined, the boundary layer data was 

plotted in terms of U/Ue or urms/Ue vs. y/. 

2.3.2 Thermal Boundary Layer Measurements 

2.3.2.1 Microthermocouple Probe 

A microthermocouple probe was constructed in order to measure the thermal 

boundary above the surface of internally cooled and/or film cooled vanes.  A picture of 

the microthermocouple probe is shown in Figure 2.17.  The probe was constructed from a 

butt welded E-type thermocouple with 50 m lead wires.  The small lead wires were 

super glued to a wooden probe support so that the thermocouple sensor protruded about 2 

mm ahead of the tip of the wooden probe support.  The wooden probe head was attached 

at nearly a right angle to a stainless steel probe arm.  The 50 m lead wires were soldered 

to 36 gauge E-type extension wires and routed to the DAQ system. 
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2.3.2.2 Thermal Boundary Layer Test Setup and Procedure 

Thermal boundary layer measurements were performed on the internally cooled 

and film cooled matched Bi models as well as the film cooled adiabatic model at all seven 

measurement locations described in Table 2.2.   Setup for velocity thermal boundary 

layer tests was identical to the setup for adiabatic or overall effectiveness measurements, 

depending on what model was being used in the thermal boundary layer tests.  IR 

cameras were not used during thermal boundary layer measurements, so there was no 

need to install NaCl windows.  The wind tunnel drying and cool down process used when 

measuring thermal boundary layers was identical to what was performed for adiabatic 

and overall effectiveness measurements.   

Once the desired test condition had been reached, the tip of the 

microthermocouple probe was manually moved to within 1 mm of the vane surface at the 

desired measurement location.  At this point, the microthermocouple probe was bolted to 

a traverse system that translated in directions perpendicular (y) and parallel (z) to the vane 

wall.  The ability to traverse in the z direction was added in order to resolve the centerline 

of film cooling jets.  The probe was adjusted in the z direction behind a film cooling hole 

until the minimum temperature was measured.  For an attached jet the probe was near the 

wall when the minimum temperature was measured.  For jets that were detached from the 

wall, the probe was traversed off the wall in the core of the jet.  The z position where the  

minimum jet temperature was found was assumed to be the jet centerline.  At this time, 

the probe was carefully moved into the vane wall until the probe was just touching the 

vane wall.  For cases where film cooling was not present, the probe was lined up with the 

midspan of the vane, rather than the centerline of a film cooling hole.  For the position 
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where the probe was just touching the wall, the sensor area of the probe was visually 

estimated to be about .15 mm off of the wall. 

After the probe was moved as close as possible to the wall, a data point was 

recorded.  The linear traverse system was then used to move the probe a small increment 

away from the wall.  This was repeated until the freestream temperature was reached, for 

a variety of test conditions.  At each position, the local mean temperature was recorded 

by sampling the probe output at 10 kHz and averaging over four seconds.  This sampling 

procedure was chosen to provide mean freestream temperature measurements that did not 

vary more than 0.05 K at the high freestream turbulence condition. 

2.3.2.3 Thermal Boundary Layer Data Reduction 

The mean temperatures recorded by the thermocouple probe were normalized in 

two different ways, depending on the presence or absence of film cooling.  For cases with 

no film cooling, the temperature profiles were normalized to the wall temperature and the 

freestream temperature as shown in Equation 2.18. 






TT

TT

w

probew
        (2.18) 

Equation 2.18 defines the non-dimensional wall temperature such that 0 at the wall 

and 1 in the freestream.  This convention was chosen so that the normalized 

temperature profiles could be compared directly to the normalized velocity profiles, 

which also had values of 0 and 1 at the wall and far from the wall, respectively.  

Additionally, Equation 2.18 facilitated the definition of the 99% thermal boundary layer 

thickness,   The boundary layer thickness was defined as the point where 0.99.  

There was no ambiguity in defining the thermal boundary layer thickness, since the 
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pressure gradient across the channel did not cause the freestream temperature to vary 

outside of the thermal boundary layer.   

For thermal profiles that were measured with film cooling present, the probe 

temperature was normalized as shown in Equation 2.19.  The film cooling hole diameter, 

d, was chosen to normalize the wall distance, y. 

f

probe

TT

TT









         (2.19) 

For the case of an adiabatic wall, the normalized temperature at the wall (w) will be 

equivalent to the adiabatic effectiveness ().  Far away from the wall, outside of the 

influence of the coolant jet, the normalized temperature will be zero.  For a conducting 

wall, w is close to but not equal to the overall effectiveness, .  The difference between 

w and is related to the difference between the coolant inlet temperature and the film 

temperature.  If the film temperature in Equation 2.19 was replaced with the vane coolant 

inlet temperature, the normalized temperature at the wall would be equivalent to the 

overall effectiveness.  No temperature profiles were normalized in this way, due to the 

desire to compare conducting wall thermal profiles to adiabatic wall thermal profiles.   

2.4 FACILITY VERIFICATION 

Prior to collecting any data on the new wind tunnel facility a series of 

measurements were performed in order to adjust the external and internal flow fields to 

meet desired specifications.   

2.4.1 Vane Pressure Distribution and Flow Field 

A critical aspect of setting up the new test section for data acquisition was to 

establish the correct flow field around the center test airfoil.  This process required setting 

the stagnation lines to impact the center test vanes and adjacent simulated vanes to 
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correct location.  An addition to setting the stagnation lines, the vane pressure distribution 

was also matched to a CFD prediction for periodic flow around the same vane.  The 

stagnation lines and pressure distribution were matched to data from a CFD simulation 

performed at GE Global Research Center.  The CFD simulation was performed for an 

inlet velocity of 5.8 m/s, which was selected to match the C3X design point Reynolds 

number found in Hylton (1983). 

Setting the vane flow field was an iterative process due to the interaction between 

the vane stagnation line location and vane pressure distribution.  The first step in the 

iterative process was to move the stagnation lines to the appropriate locations on each of 

the three airfoil surfaces.  The location of the stagnation line relative to the vane 

geometric leading edge was identified in the CFD pressure distribution and transposed to 

each of the three vane surfaces.  The location of the stagnation line was visualized by 

placing a piece of tufting tape around the desired stagnation location, as shown in Figure 

2.28.  When the flow was stagnant, all of the tufts on the tape hung vertically.  When the 

wind tunnel was turned on, the tufts on each side of the stagnation line were turned in the 

flow direction.  The tuft located at the stagnation line was undisturbed.   

The vane stagnation location was primarily a function of the two wind tunnel 

bleeds, which had adjustable throats.  Setting the stagnation line locations involved 

monitoring the tufting tape placed on all three vane surfaces while adjusting both bleed 

flows.  Once an initial setting of the stagnation line locations had been performed, the 

vane pressure distribution was set. 

The vane pressure distribution was matched to the pressure distribution for a 

periodic flow field by monitoring a series of pressure taps that were installed in one of the 

foam test vanes.  Figure 2.19 is a schematic of the vane pressure tap locations.  In order 
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to adjust the vane pressure distribution, the pressure reading from each tap was monitored 

continuously while adjusting the outer vane wall position until the pressure distribution 

matched the periodic flow prediction.  Adjustment of the moveable wall caused slight 

movement in the stagnation lines, so small adjustments were made to the bypass flows, 

which in turn caused slight changes to the pressure distribution.  After several iterations 

of the process described above, the stagnation lines and vane pressure distribution 

matched the periodic flow prediction.  The final measured and predicted vane pressure 

distribution is shown as Cp in Figure 2.20.   

The pressure distribution around the airfoil dictates the vane velocity distribution, 

which is shown in Figure 2.21, normalized to the vane approach velocity of 5.8 m/s.  

Figure 2.21 shows that immediately downstream of the stagnation line on both the 

pressure side and suction side the flow experiences a strong acceleration.  On the pressure 

side the flow accelerated for the entire pressure side length.  On the suction the flow 

reached a maximum velocity around s/C = 0.3, followed by a region where the flow 

experienced a mild deceleration.  Near the suction side trailing edge the flow velocity and 

pressure gradient had reached a near constant value.   

Pressure gradients can have a large effect on boundary layer development.  

Strongly accelerated flows tend to resist transition to turbulence.  Conversely, 

decelerating flow tends to promote boundary layer transition.  The acceleration 

parameter, K, is a non-dimensional pressure gradient that is useful in determining 

pressure gradient effects on the boundary layer.  The K distribution for the test vane is 

shown in Figure 2.22.  A critical value of acceleration parameter, shown in Figure 2.22 

by the red line, is K = 3.0x10
-6

.  Values of K that are greater than the critical value, which 

lie above the red line in Figure 2.22, are accelerated so strongly that boundary layer 
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transition cannot occur (White 1974).  It is important to note that the almost all of the 

vane pressure side had acceleration parameter values beyond the critical value of K, 

making it very difficult or impossible for a turbulent boundary layer to exist.  Only the 

leading edge region of the suction side had similarly high acceleration parameter values.  

Most of the suction surface of the airfoil had K values below the critical value.  

2.4.2 Test Section Inlet Flow Uniformity 

Another aspect of verifying the new test section was ensuring that the flow 

entering the test section was uniform.  Additionally, for periodic flow, the passage flows 

between vanes should also be uniform.  A series of measurements were made by Yoran 

Pichon (an undergraduate research assistant) in order to verify the uniformity of the inlet 

flow and passage flow.  Figure 2.23 shows the cascade inlet flow for Tu = 0.5% at a span 

height of z/H = 0.5.  Two different locations upstream of the vane leading edges were 

measured.  At the X/C = 0.43 location the peak to peak velocity was uniform to within 

5%.  For the X/C = 0.15 position, the influence of the vanes is much more apparent.  Due 

to the influence of the vanes, accelerated flow was seen in front of the vane passages.  

Regions of slower flow were seen directly in front of the vanes.  Uniformity in the 

passages flows was well within 1% when comparing the peak velocities or the minimum 

velocities in the troughs.  The spanwise uniformity was also measured at the X/C = 0.15 

and z/H = 0.3 and is shown in Figure 2.24.  The spanwise uniformity was uniform to 

within 1% across the test section span. 

The turbulence intensity profiles were also measured with the turbulence 

generator installed and uninstalled and are presented in Figure 2.25.  Turbulence intensity 

measurements were made at a location of X/C = 0.26.  Turbulence intensities without the 

turbulence generator installed was measured to be about 0.5% across the entire span of 
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the test section.  Turbulence intensities across the test section with the turbulence 

generator installed were found to have an average value of about Tu = 20%.  There were 

variations in local turbulence intensity for the high Tu case of up to 15%, although 

variations were expected due to the presence of the vanes.  Figure 2.26 presents the 

integral length scale, f, across the cascade inlet.  Considerable variation was seen in the 

integral length scale at both turbulence intensities.  For the Tu = 0.5% case an average 

integral length scale of f = 32 cm with a standard deviation of 28% were reported.  For 

the Tu = 20% case the average measured integral length scale was f = 3.7 cm with a 

standard deviation of about 25%. 

2.4.3 Test Vane Coolant Inlet Flow Uniformity 

Since a significant goal of the current study was to provide an experimental 

database with which to benchmark CFD codes, a nominally uniform inlet flow velocity 

was desired in the both coolant channels.  A uniform inlet flow was desired due its 

simplicity as a boundary condition when performing a CFD study of the test geometry.  

Producing a uniform coolant inlet flow was a challenging process.  Initial efforts involved 

placing perforated plates with varying solidity ratios in the flow development section 

below the test section and measuring the resulting velocity profile by traversing a pitot 

static probe across coolant flow inlet to the test section.  The test vane was not installed 

during these measurements, so the coolant flow exhausted to the test section.  The flow 

uniformity resulting from the installation of various perforated plates was poor.  The 

perforated plates were all handmade, and poor uniformity of the perforations was 

suspected to be a major factor in the non-uniformity of the result flow.  For this reason, 

prefabricated screen material was installed into the test vane, which also resulted in poor 

coolant flow uniformity.  Inspection of the resulting velocity profiles and installed screen 
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material revealed a correlation between the flatness of the installed screen and non-

uniformity of the velocity profile.  Finally, a set of two screens installed in such a way 

that they were flat and perpendicular to the coolant flow provided acceptable results, 

which are shown in Figure 2.27.  The final inlet velocity profiles for the U-bend channel 

were uniform to within 5% of the average inlet velocity.  However, due to the highly 

skewed profile in the radial channel, achieving the same level of uniformity was difficult.  

The final inlet velocity profile for the radial channel had a core flow in the widest part of 

the channel that was uniform to within 10%.   Velocities in the trailing edge region of the 

channel were much lower than the average velocity.   

2.4.4 Uniformity of Film Coolant Flow 

The calculation of film cooling blowing ratio and momentum flux ratio was an 

averaged calculation across all of the film cooling holes from which film coolant was 

ejected.  A critical aspect of the calculation of the film cooling rate being accurate is that 

the film cooling flowing through each of the 24 active film cooling holes was nominally 

the same.  In order to verify that the film cooling was uniform across the span of the 

vane, the middle 14 film cooling holes were imaged simultaneously by the IR camera.  

Figure 2.28 shows the middle 14 film cooling holes at a moderate blowing ratio.  Visual 

inspection of the surface temperature in Figure 2.28 indicated that the uniformity between 

these film cooling holes was good. 

2.5 MEASUREMENT UNCERTAINTY AND REPEATABILITY 

Precision uncertainties in the reported experimental measurements were examined 

through either a statistical analysis of test to test measurement repeatability or by using 

the error propagation method of Moffat (1988).  Bias uncertainties in temperature 
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measurements were made negligible by calibrating all thermocouples to a reference 

thermocouple.  Other potential sources of bias error varied depending on the type of 

measurement being conducted.  The uncertainty analyses for all measurements are 

presented in the following sections. 

 2.5.1 Uncertainty in Heat Transfer coefficient 

The uncertainty in the heat transfer coefficients was evaluated through a statistical 

analysis of the repeatability of measurements between tests.  The repeatability in heat 

transfer coefficient measurements was calculated from six different repeats of heat 

transfer coefficient measurements on specific regions of the vane.  Test to test repeats 

were obtained by overlapping the IR camera viewing area for one test with an area that 

had been measured in a previous test.  Figure 2.29 shows the suction side heat transfer 

coefficient distribution, with areas measured during different tests plotted separately and 

overlap regions highlighted.  In addition to the overlap regions shown in Figure 2.29, 

three additional test to test repeatability points were obtained on the pressure side.  A 

statistical analysis of the six test to test repeats produced an 95% confidence uncertainty 

in measured heat transfer coefficient of he = ± 2.8 W/m
2
*K, or about 2% to 10% 

depending on the position on the vane. 

The radiation and conduction corrections were sources of bias error in the heat 

transfer coefficient measurements.  The combined uncertainty of the radiation and 

conduction corrections was less than 2% of the measured heat transfer coefficient values.  

2.5.2 Uncertainty in Overall and Adiabatic Effectiveness Measurements 

Uncertainty in overall and adiabatic effectiveness measurements was also 

evaluated through a statistical analysis of the test to test repeatability of the data.  The 
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repeatability data used in the statistical analysis were repeats of pressure side overall 

effectiveness measurements for the ribbed matched Bi model.  The overall effectiveness 

distribution for -0.25 < s/C < -0.35 were measured on four different days.  Figure 2.30 

shows the test to test repeatability for the Reubend = Reradial = 20,000 case.  The statistical 

analysis produced a 95% confidence interval uncertainty in overall effectiveness and 

adiabatic effectiveness of  =  = ±0.02.  The uncertainty in overall and adiabatic 

effectiveness were expected to be the same because the major contributors to the overall 

uncertainty, which were expected to be uncertainty in surface temperature measurement 

and coolant mass flow rate measurement, were assumed to be the same for both cases.  

This assumption was made because identical instrumentation was used to make both the 

adiabatic and overall effectiveness measurements for nominally the same test conditions. 

The conduction correction was a potential source of bias error in measured 

adiabatic effectiveness values.  The precision uncertainty in the measured conduction 

correction was determined to be about CC = ±0.02.  The uncertainty in the conduction 

correction propagated to a bias uncertainty in the adiabatic effectiveness measurements of 

less than 0.01 at  = 0.6.  

2.5.3 Uncertainty in Coolant Flow Rate and Blowing Ratio 

The error propagation method of Moffat (1988) was used to estimate the precision 

uncertainty in the reported coolant flow Reynolds numbers and film cooling blowing 

ratio.  The expected sources of uncertainty were coolant temperature measurement and 

coolant flow orifice plate pressure drop measurement.  The precision uncertainty in the 

pressure measurement was evaluated by finding the standard deviation used to create the 

calibration curve for each pressure transducer, which resulted in p = ± 0.01 inches of 

H20.   The uncertainty for all four pressure transducers was found to be nearly identical, 
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which suggests that the major source of uncertainty in the pressure transducer calibration 

was actually the micro-monometer used to calibrate each pressure transducer and not the 

precision of the actual pressure transducers.  During an experiment, the pressure 

transducers were only monitored to the hundredth decimal place, which implies a 

precision error of p = ± 0.005 inches of H20 based on the measurement resolution.  The 

error propagation analysis estimated precision uncertainties in coolant flow Reynolds 

number of ±2 – 6% and an uncertainty in blowing ratio of ± M = 0.1.  The calculated 

uncertainty in blowing ratio takes into account the fact that the measured blowing ratio 

was obtained by measuring the difference between the flow rates at the inlet and exit of 

the vane. 

2.5.4 Uncertainty in Velocity Boundary Layer Measurements  

Boundary layer measurements were sampled at a rate of 10 kHz over a 20 second 

time period.  Uncertainties in velocity measurements were highly dependent on the local 

turbulence level.  The sampling procedure used produced mean and fluctuating velocities 

that were repeatable to within 2% at the highest levels of turbulence, which occurred 

inside the boundary near the wall or at high levels of freestream turbulence.  

Uncertainties were considerably lower far away from the wall at the low freestream 

turbulence case.  The repeatability of velocity boundary layers was also evaluated by 

repeating velocity boundary layer measurements.  Figure 2.31 shows an example of the 

test to test repeatability in hot-wire velocity boundary layer measurement at the low 

freestream turbulence condition, which shows variations of 2% or less over the entire 

velocity profile.   

While Figure 2.31 shows that the precision uncertainty in the mean velocity 

outside of the boundary layer was well within 2% of the measured edge velocity, it shows 
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that the variation in edge velocities between separate tests was larger.  This was likely 

due to a bias error resulting from slight differences in the wind tunnel freestream velocity 

between tests.  The approach velocity to the vane was maintained at 5.8 m/s within a 

tolerance of ± 0.05 m/s.  An additional source of bias errors was a bias in the pitot-static 

probe measurement of the freestream velocity.  The potential bias uncertainty in the 

freestream velocity measurement was estimated by Waye (2005) as ±0.17 m/s.  

2.5.5 Uncertainty in Thermal Boundary Layer Measurements  

Thermal profile measurements were sampled at a rate of 10 kHz over a 4 second 

time period.  This produced mean temperature values that were repeatable to ±0.1 K, 

which translates to an uncertainty in normalized temperature of  = ± 0.01, calculated 

using the error propagation analysis of Moffat (1988).  As was the case with the velocity 

boundary layer measurements, uncertainties in mean temperature profiles were highest at 

the high turbulence condition and within the boundary layer close to the wall.  Thermal 

boundary layer measurements were also repeated on different days in order to evaluate 

the test to test repeatability of the measurement.  The test to test repeatability of thermal 

boundary layers measured on non-film cooled walls was well predicted by the error 

propagation analysis described above.  An example of the test to test repeatability in the 

non-film cooled thermal boundary layer measurements is shown in Figure 2.32. 

For film cooled walls the test to test repeatability was worse than the predicted 

uncertainty of  = ± 0.01, particularly near the wall. A statistical analysis of eight 

repeated thermal profiles above a film cooled conducting wall determined a 95% 

confidence uncertainty in normalized temperature of  = ± 0.058 at the wall.  A 

statistical analysis of six repeated profiles above a film cooled adiabatic wall produced an 

uncertainty in normalized temperature of  = ± 0.05 at the wall.  Far away from the 
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wall, profiles were repeatable to much greater accuracy than what was seen at the wall.  

Figure 2.33 shows an example of the repeatability of thermal profile measurements with 

film cooling.  The possibility that the additional error in thermal profile resulted from the 

combination of an uncertainty in identifying the wall location (y = 0) and a strong 

temperature gradient at the wall was considered.  The uncertainty in the wall location was 

visually estimated to be y = ± 0.05 mm.  Multiplying the uncertainty in wall location 

with the steepest observed wall temperature gradient only produced a possible 

uncertainty of  = ± 0.02, suggesting that the uncertainty in wall measurement alone 

could not account for the total uncertainty in the thermal profiles above a film cooled 

wall.   

Another potential source of uncertainty that is not accounted for in the analysis 

would be slightly different levels of jet detachment due to uncertainty in blowing ratio, 

which could affect the temperature field at the wall.  In order to examine the effect of 

slight changes in blowing ratio on the thermal profile measurements, thermal profiles 

were measured for blowing ratios of M = 0.9, 1.0, and 1.1.  The effect of varying the film 

cooling blowing ratio on thermal profile measurements is shown in Figure 2.34.  As can 

be seen in the Figure, changes in blowing ratio of M = ±0.1 caused very significant 

changes in the thermal profile above the film cooled wall.  It is possible that smaller, 

unintentional variations in blowing ratio were the cause of the increased uncertainty in 

thermal profile measurements with film cooling. 
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Figure 2.1: Schematic of wind tunnel facility 

 

Figure 2.2 Schematic of new test section 
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Figure 2.3: Schematic of test vane cartridge 

 

Figure 2.4: Schematic of test vane cooling configuration 
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Figure 2.5: Photo of matched Bi vane mold 

 

Figure 2.6: Photo of matched Bi vane with no U-bend wall  
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Figure 2.7: Solid model of matched Bi vane with internal rib turbulators 

   

Figure 2.8: Schematic of film cooled adiabatic test vane 
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Figure 2.9: Schematic of secondary flow loop 

 

Figure 2.10: Sample IR camera image 
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Figure 2.11: IR camera calibration data 

 

Figure 2.12: Heat flux foil schematic 
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Figure 2.13: Measured adiabatic effectiveness conduction correction 

 

Figure 2.14: Schematic of boundary layer measurement locations 
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Figure 2.15: Sample hot-wire anemometer calibration curve 

 

Figure 2.16: Sample figure showing determination of Ue and 
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Figure 2.17: Photo of microthermocouple probe 

 

Figure 2.18: Photo of tufting tape used for stagnation line location 
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Figure 2.19: Schematic of vane pressure tap locations 

 

Figure 2.20: Final vane pressure distribution 
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Figure 2.21: Vane velocity distribution 

 

Figure 2.22: Vane acceleration parameter distribution 
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Figure 2.23: Vane cascade inlet flow, Tu = 0.5%, z/H = 0.5 

 

Figure 2.24: Cascade spanwise uniformity, Tu = 0.5% 
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Figure 2.25: Cascade inlet turbulence intensity, X/C = 0.26 

 

Figure 2.26: Integral length scale, X/C = 0.26 
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Figure 2.27: Coolant inlet velocity profiles 

 

Figure 2.28: Evaluation of film coolant flow uniformity 
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Figure 2.29: Example of test to test repeatability in he measuremnt 

 

Figure 2.30: Example of test to test repeatability in  measurement 

0

20

40

60

80

100

0.0 0.2 0.4 0.6 0.8 1.0

h
e

(W
/m

2 *
K

)

s/C

test 1

test 2

test 3

test 4

test 5Camera overlap areas

0.00

0.10

0.20

0.30

0.40

0.50

0.60

-0.50 -0.40 -0.30 -0.20 -0.10 0.00



s/C

10-Sep

14-Sep

16-Sep

18-Sep



89 

 

 

Figure 2.31: Example of test to test repeatability in velocity boundary layer measurement 

 

Figure 2.32: Example of test to test repeatability in thermal boundary layer measurement 

without film cooling 
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Figure 2.33: Example of test to test repeatability in thermal boundary layer measurement 

with film cooling 

 

Figure 2.34: Effect of blowing ratio variation on thermal profile 
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Chapter 3 – Surface Measurements with no Film Cooling 

This chapter will focus on surface temperature measurements on both adiabatic 

and conducting vane models.  Heat transfer coefficients were measured on the surface of 

the adiabatic vane and will be presented first.  In general, the heat transfer coefficient 

measurements presented in this chapter do not provide new insight into gas turbine heat 

transfer.  The heat transfer coefficient distributions on gas turbine vanes have been 

measured previously and are generally well understood.  The gas turbine measurements 

presented in the following chapter mainly serve to help interpret other measurements that 

will be presented in this dissertation.  Overall effectiveness results were measured for the 

conducting vane model with internal convective cooling only and will be presented 

following the heat transfer coefficient measurements.  The overall effectiveness 

measurements presented in this chapter are representative of the overall effectiveness 

values that are expected for an internally cooled engine component and are the first such 

measurements reported in detail in the open literature.  These measurements provide 

valuable insight concerning the conjugate heat transfer that takes place on real gas turbine 

engine components.   

3.1 EXTERNAL HEAT TRANSFER COEFFICIENT 

External heat transfer coefficients were measured using a constant heat flux 

boundary condition.  A constant heat flux was applied via a heat flux foil that was 

attached over the entire vane surface as described in Chapter 2.  The low conductivity 

polyurethane foam model was used for all heat transfer coefficient measurements.  Heat 

transfer coefficients were measured over the entire streamwise length of the vane and 

averaged over the middle 20% of the vane span.  Although the heat transfer coefficients 

were nominally uniform in the spanwise direction, a spanwise average was performed in 
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order to provide a more accurate value since the heat transfer coefficient at the vane 

midspan was expected to be constant in the spanwise direction.  Lateral heat transfer 

coefficient variations are shown at several locations on the vane surface in Figure 3.1.  As 

can be seen in Figure 3.1, lateral variations in he were small.  The maximum variations 

were about 5% from the laterally averaged heat transfer coefficient.  Freestream 

turbulence intensities of Tu = 0.5% and Tu = 20% were tested.  In additionally, a 1 mm 

thick trip wire was placed in strategic locations on both the pressure and suction sides of 

the vane in order to gain more insight into the nature of the boundary layer around the 

vane.  The pressure side trip was placed at s/C = -0.09 and the suction side trip was 

placed at s/C = 0.19.  It is commonly presumed that film injection can cause boundary 

layer transition, so these locations were chosen as reasonable locations of the first row of 

pressure side and suction side holes in order to simulate the effect of film cooling 

injection on the downstream heat transfer coefficient.    

Figure 3.2 shows the laterally averaged heat transfer coefficients around the vane 

midspan for both freestream turbulence intensities.  For both turbulence intensities, the 

overall shape of the heat transfer coefficient distribution was very similar.  On the suction 

side, a sharp decrease in heat transfer coefficient was seen immediately before s/C = 0.4, 

with a sharp increase immediately following.  The drastic increase in heat transfer 

coefficient just downstream of s/C = 0.4 was due to boundary layer transition.  The 

reason for the fairly sharp decrease in he just upstream of s/C = 0.4 was not as clear.  One 

possible explanation for the decrease in heat transfer coefficient was a thickening of the 

boundary layer due to the reduced favorable pressure gradient.  It is possible that the very 

strong favorable pressure gradient caused the boundary layer to stay very thin.  When the 

pressure gradient decreased, the boundary layer was allowed to grow thicker, thus 
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decreasing the heat transfer coefficient.  This hypothesis was supported by a prediction of 

the boundary layer momentum thickness, , using the method of Thwaites (1949) as 

found in White (1971), which takes into account the effect of the strong streamwise 

pressure gradient on laminar boundary layers.  The predicted boundary layer momentum 

thickness is shown in Figure 3.3.  As shown in the figure, the boundary layer actually 

gets thinner in the leading edge suction side region due to the favorable pressure gradient.  

A rapid increase in momentum thickness was predicted for s/C > 0.2, which coincides 

with the region where the heat transfer coefficient decreased rapidly.  This is consistent 

with the hypothesis that the main reason for the decrease in heat transfer coefficient for 

0.2 < s/C < 0.4 was a rapid thickening of the boundary layer.   

In general, for both turbulence intensities the heat transfer coefficients were lower 

on the pressure side of the airfoil.  This was likely due to a combination of several 

factors.  The suction side boundary layer for s/C > 0.4, which was likely laminar as 

discussed earlier, was produced a higher heat transfer coefficient than what seen on the 

pressure side.  Over this region on the suction side of the airfoil the edge velocity was 

considerably higher than what was seen on the pressure side, which was probably the 

reason that the suction side heat transfer coefficients were higher than the pressure side 

heat transfer coefficients.  As will be discussed in greater detail later, the constant 

acceleration on the pressure side likely kept the pressure side boundary layer from 

becoming turbulent.  Downstream of boundary layer transition, suction side heat transfer 

coefficient values were higher than what was seen anywhere on the pressure side, which 

is expected when comparing a turbulent boundary layer to a laminar boundary layer.   

On the stagnation region and vane pressure side the 20% turbulence intensity 

caused a 40 – 50% increase in heat transfer coefficients.  Elevated freestream turbulence 
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had the effect of shifting the transition location slightly forward on the vane surface.  

Downstream of boundary layer transition, no effect of freestream turbulence on heat 

transfer coefficient was measured.  The fact that elevated freestream turbulence had 

virtually no effect on the heat transfer coefficient downstream of the boundary layer 

transition to turbulence was likely a combination of two factors.  One likely cause is that 

the flow acceleration on the suction side caused reduced freestream turbulence levels at 

the edge of the boundary layer, lessening the effect of Tu on he.  At the SS2, SS3, and 

SS4 positions the turbulence intensity at the edge of the boundary had been reduced to 

values of about Tu = 5%.  At SS1 the turbulence intensity at the edge of the boundary 

layer was about 9%.  Additionally, the very high turbulence levels expected in the 

turbulent boundary layer may have been drowning out the contribution of the freestream 

turbulence.   A study by Rasomsky and Thole (2000) performed heat transfer coefficient 

measurements in a similar low speed cascade facility and very similar turbulence 

intensities.  The same 40 – 50% augmentation in stagnation and pressure side heat 

transfer coefficient were measured due to the Tu = 19.5% turbulence intensity compared 

to the Tu = 0.5% case.  Ames (1997) measured heat transfer coefficients on the same 

vane geometry at nearly the same Re, but only for freestream turbulence intensity up to 

12%.  The current results are compared to the results of Ames (1997) and shown in 

Figure 3.4. In order to make the comparison, the heat transfer coefficients were 

normalized as a Stanton number as follows:   

 

exitpUC

h
St


          (3.1) 

An augmentation in stagnation heat transfer coefficient of about 25% was measured for 

Tu = 12%.  At low freestream turbulence intensity agreement between the results of 
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Ames (1997) and the current study were very good on the vane pressure side.  On the 

suction, St values from Ames (1997) were somewhat lower than the current study and 

had a delayed transition to turbulence.  However, the trend of St for the current data and 

the data of Ames (1997) was very similar.  In the stagnation region of the suction side a 

double peak in heat transfer coefficient was seen for both studies.  A peak in heat transfer 

coefficient on the vane stagnation line was not unexpected; however, the precise reason 

for the second peak in heat transfer coefficient was unclear.  It is possible that this was 

caused by the very strong flow acceleration that existed on the suction side just 

downstream of the stagnation line, which can be seen in Figures 2.23 and 2.24.   

Both studies showed that freestream turbulence had the effect of moving the 

transition point forward on the vane suction side.  Consistent with the current study, the 

measurements of Ames (1997) showed that the heat transfer coefficient downstream of 

transition was insensitive to turbulence intensity.  The augmentation due to turbulence for 

the Ames data was somewhat less than the augmentation due to turbulence seen in the 

current study.  This was not surprising due to the fact that much higher values of 

freestream turbulence were used in the current study.  Ames and Moffat (1990) 

developed a correlation that can predict the enhancement in stagnation region heat 

transfer due to freestream turbulence.  The correlation, which is a function of the leading 

edge diameter, Reynolds number, turbulence intensity, and length scale, is given as 

follows. 
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The test vane had a leading edge diameter of D = 9.07 cm.  The energy length scale, Lu, 

is typically about twice the integral length scale, f, and was estimated to be 7.4 cm.  The 

correlation given in Equation 3.2 predicts an augmentation in heat transfer coefficient of 

about 65% relative to the low freestream turbulence case, which is larger than the 

measured augmentation of 45% due to elevated freestream turbulence. 

Figure 3.5 shows the heat transfer coefficients displayed in Figure 3.2 as well as 

the heat transfer coefficient distributions with 1mm tall trip wires placed on the surface as 

described above and in Chapter 3.  On the pressure side of the airfoil, the trip had little 

effect for both of the turbulence intensity levels.  After an initial increase in heat transfer 

coefficient immediately downstream of the pressure side trip, heat transfer coefficient 

levels returned to the untripped values.  Initially, this was thought to indicate that a 

turbulent boundary layer existed on the pressure side of the vane.  However, highly 

accelerated flows, with values of K > 3.0x10
-6

, have been shown to prevent transition to 

turbulence.    Inspection of the pressure distribution, as seen in Figure 3.23, shows that 

the acceleration on the vane pressure side is above the level that prevents transition to 

turbulence.  Due to the very high acceleration on the pressure side, the trip was 

ineffective and the flow remained laminar despite the presence of the boundary layer trip.  

On the suction side of the vane, the trip caused a drastic increase in heat transfer 

coefficient levels.  Downstream of s/C = 0.5, where the smooth wall cases experience an 

increase in heat transfer coefficient, the tripped and untripped heat transfer coefficients 

were equal for all conditions.  This supported the theory that natural boundary layer 

transition occurred between 0.4 < s/C < 0.5. 

The Biot number, Bi, was calculated based on the measured external heat transfer 

coefficients and is shown in Figure 3.6.  Biot number for the Tu = 0.5% case range 
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between 0.3 < Bi < 1.2.  On the entire pressure side of the airfoil and on the suction side 

for s/C < 0.45, the Bi was within the targeted design range provided by collaborators at 

GE.  Only after boundary layer transition did Bi differ significantly from the target range.  

Since a significant portion of the airfoil had Bi values that were within the target range of 

0.3 < Bi < 0.6, and the variations in heat transfer were representative of variations that are 

present on an engine component the range of Bi numbers achieved was determined to be 

satisfactory.   For the Tu = 20% case the range was 0.5 < Bi < 1.1.  Higher values of Bi at 

high freestream turbulence were expected due to the effect of the freestream turbulence in 

increasing the external heat transfer coefficient.   

3.2 OVERALL EFFECTIVENESS MEASUREMENTS 

The following section details the internal cooling performance of the internal 

cooling circuit on the matched Bi vane model.  Generally, the internal cooling 

performance is quantified in terms of the external surface temperature, normalized as the 

overall effectiveness.  The midspan overall effectiveness distribution on the external and 

internal surfaces is presented first, over a range of internal coolant flow rates.  Following 

the midspan effectiveness data, contours of external surface temperature and some 

spanwise internal temperature measurements are presented.  Finally, the effect of internal 

rib turbulators on the midspan external surface temperature is presented for a range of 

coolant flow rates.  The data presented in this section is useful in understanding the 

convective cooling due to the internal coolant gas.  Quantifying the effect of the internal 

cooling alone will also allow for better interpretation of the performance of the film 

cooled conducting vane, which will be presented in a later chapter.  
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3.2.1 MIDSPAN OVERALL EFFECTIVENESS DISTRIBUTION 

The laterally averaged temperature distribution (overall effectiveness) over the 

middle 20% of the vane was measured over the range of -0.65 < s/C < 1.2 at three 

different coolant mass flow rates and freestream turbulence intensity of Tu = 0.5%.  Over 

this region of the vane spanwise variations were very small, so a lateral average was used 

to reduce the uncertainty in reported overall effectiveness measurements.  However, 

comparison of the laterally averaged data and the data at the vane midspan revealed that 

the two sets of data were nearly identical for the Reubend = Reradial = 20,000.  Figure 3.7 

shows the comparison between the laterally averaged and centerline data.    

The three different coolant flow rates tested were Reubend = Reradial = 10,000, 

Reubend = Reradial = 20,000 and Reubend = 40,000/Reradial = 20,000.  Initially, it was desired 

to test a case where Reubend = 40,000/Reradial = 40,000, but the internal cooling circuit was 

unable to achieve Reradial = 40,000.  However, running the two cooling channels at 

different flow rates had the advantage of being able to test the sensitivity of the external 

temperature distribution to the local internal heat transfer coefficient.  The midspan 

laterally averaged overall effectiveness values for all three coolant mass flow rates are 

shown in Figure 3.8.  Also shown on Figure 3.8 are blue rectangles, which represent the 

location of the internal walls separating the coolant flow channels inside the vane. 

As expected, increasing the coolant mass flow rate caused an increase in overall 

effectiveness, i.e. a lower average external surface temperature.  This was primarily due 

to an increased internal heat transfer coefficient with increasing coolant Reynolds 

number.  Over the region -0.4 < s/C < 0.6, which corresponded to the region of the airfoil 

cooled via the U-bend channel, doubling the coolant mass flow rate caused an increase in 

overall effectiveness of about 40%.  The effect of changing the coolant flow Reynolds 



99 

 

number on the external temperature distribution was examined through a one dimensional 

heat transfer analysis.  Since the external surface temperature and external heat transfer 

coefficient were known, Equation 1.14 was used to calculate the internal heat transfer 

coefficient for the Reubend = Reradial = 10,000 case.  The following equation, from Mills 

(1999), was then used to predict what the internal heat transfer coefficient would be for 

the Reubend = Reradial = 20,000 case:  

 

4.08.0 PrRe023.0Nu         (3.3) 

 

Equation 3.3 is valid for thermally fully developed, turbulent internal flow.  Since 

the current flow is not thermally fully developed, the dimensional values of heat transfer 

coefficient calculated from Equation 3.3 are not expected to be accurate.  However, 

Equation 3.3 should give an accurate prediction of the relative increase in internal heat 

transfer that should be expected from doubling the coolant Reynolds number.  Equation 

3.3 shows that, if all other test conditions are the same, the ratio of internal heat transfer 

coefficients should be equal to the ratio of the Reynolds numbers to the 0.8 power.  This 

relationship predicts that the internal heat transfer coefficient for the Reubend = Reradial = 

20,000 would be nominally 1.74 times the internal heat transfer coefficient for the Reubend 

= Reradial = 10,000 case.  Once the predicted value of internal heat transfer coefficient was 

predicted for Reubend = Reradial = 20,000, Equation 1.14 was used to predict the overall 

effectiveness distribution from the measured he and predicted hi values.  A comparison of 

the measured and predicted values of overall effectiveness for Reubend = Reradial = 20,000 

are shown in Figure 3.9.  As can be seen in the figure, the predicted and measured values 

of overall effectiveness agreed very well.  This confirms that the increase in internal Nu is 
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consistent with the correlation of Equation 3.3.  It also confirms that the scaling of  

based on Bi and he/hi is accurate. 

For all coolant flow rates, the pressure side of the airfoil had generally higher 

overall effectiveness values relative to the suction side, which corresponded to colder 

surface temperatures.  This was primarily due to the lower external heat transfer 

coefficients on the pressure side relative to the suction side, shown in Figure 3.2.  This 

can be more clearly seen in Figure 3.10, which plots the overall effectiveness distribution 

for the Reubend = Reradial = 20,000 case and the external heat transfer coefficient.  

Generally, the higher heat transfer coefficients seen on the suction side of the airfoil 

caused a warmer external surface.  As can be seen in Figure 3.10, and predicted by 

Equation 1.14, an inverse relationship between external heat transfer coefficient and 

overall effectiveness was seen.  When the external heat transfer coefficient was relatively 

high, or increasing, the overall effectiveness value was low or decreasing at the same 

location.  Essentially, higher external heat transfer coefficients caused a warmer surface 

temperature, or a lower effectiveness value, which was expected.  An example of this 

behavior can be seen around s/C = 0.4, where the heat transfer coefficient increased 

rapidly due to boundary layer transition.  Around this region of the airfoil, a rapid 

decrease in effectiveness was measured for all three coolant flow rates, as seen in Figure 

3.8, corresponding to the increase in heat transfer coefficient due to boundary layer 

transition.  While there is a strong correlation between the overall effectiveness and the 

external heat transfer coefficient, the correlation is not perfect.  This is evidenced by the 

fact that while the overall effectiveness value are nearly equivalent at s/C = 0.5 and s/C = 

0, the corresponding values of he are much different.  Additionally, on the pressure side 

near s/C = -0.6 and on the suction side at s/C = 1.0, the overall effectiveness decreased 
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due to heating from the uncooled trailing edge of the vane.  Over this same region the 

external heat transfer was nominally constant, demonstrating that other factors besides 

the external heat transfer coefficient can have strong influences on the external surface 

temperature. 

Figure 3.8 also illustrates how dependent the external surface temperatures were 

on the local internal heat transfer coefficient values.  This can be seen by comparing the 

overall effectiveness distributions for the Reubend = Reradial = 20,000 and Reubend = 

40,000/Reradial = 20,000 cases.  Over the range of -0.4 < s/C < 0.6, for cases when the U-

bend had Re = 40,000 and Re = 20,000, higher effectiveness values were seen compared 

to the Reubend = Reradial = 20,000 case.  In the radial channel, which corresponded to s/C < 

-0.4 and s/C > 0.6, the internal mass flow rates and internal heat transfer coefficients the 

eventually became the same, but there was some propagation of increased overall 

effectiveness values into the region cooled primarily by the radial channel, which can be 

seen over -0.6 < s/C < -0.4 and 0.65 > s/C > 0.9.  The higher heat transfer coefficient in 

the Ubend channel for Reubend = 40,000/Reradial = 20,000 produced colder surface 

temperatures relative to the Reubend = 20,000/Reradial = 20,000 in these regions due to 

streamwise conduction effects.   

The effect of a boundary layer trip on the laterally averaged surface temperature 

distribution was also examined for the Reubend = Reradial = 20,000 case and is shown in 

Figure 3.11.  A 1 mm tripwire was installed at s/C = 0.19, identically to the suction side 

boundary layer trip used in the heat transfer coefficient measurements.  Immediately 

downstream of the boundary layer trip, a decrease in overall effectiveness was measured 

due to the trip causing a turbulent boundary layer.  The overall effectiveness values for 

the tripped case remained below the overall effectiveness values for the non-tripped case 
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until about s/C = 0.5, where the tripped and untripped cases had the same overall 

effectiveness values.  This further supports that natural boundary layer transition occurred 

at this location on the vane. 

Internal surface temperatures were also measured via an array of E-type 

thermocouples installed around the internal surface of the airfoil U-bend channel at the 

vane midspan.  The internal surface temperatures were normalized in the same way as the 

external surface temperatures, and are presented in terms of internal overall effectiveness 

(int) in Figure 3.12.  The effect of coolant mass flow rate on the internal surface 

temperature was very similar to the effect of coolant flow rate on the external surface 

temperature.  Lower internal wall temperatures, or higher effectiveness values, were seen 

for higher coolant Re values.  The streamwise temperature variation on the internal 

surface was not as great as seen on the external surface.  This was presumably due to a 

decreased influence of the external heat transfer coefficient on the internal surface 

temperature. 

Plotting the normalized internal and external effectiveness values provided insight 

into the state of the external boundary layer as well as the wall heat flux.  The difference 

between the external and internal effectiveness values was essentially the temperature 

increase across the wall and was proportional to the wall heat flux.  A true heat flux 

cannot be calculated unless the conduction is one dimensional, which was not expected to 

be the case due to the presence of internal wall features and the strong external surface 

temperature variation.  Figure 3.13 plots the internal and external overall effectiveness 

values for the Reubend = Reradial = 20,000 case, at Tu = 0.5%.  Over the region of the airfoil 

where the external boundary layer was laminar, s/C < 0.4, the difference between the 

internal and external effectiveness values was about =  0.1.  Downstream of the 
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location where boundary layer transition takes place (s/C > 0.5), the difference between 

the internal and external effectiveness values was about = 0.18 – 0.2.  This increase in 

temperature difference across the wall implies a higher heat flux through the wall.  A 

higher wall heat flux was consistent with the higher external heat transfer coefficient that 

resulted from the turbulent external boundary layer. Also shown in Figure 3.13 is a 

prediction of the internal surface temperature calculated using one dimensional heat 

transfer.  First, Newton’s law of cooling was used to solve for the heat flux to the vane 

using the measured external heat transfer coefficient and external surface temperatures.  

Once the heat flux was found, the internal overall effectiveness was calculated using 

Fourier’s law.  Figure 3.13 shows good agreement between measured and predicted 

internal surface temperatures, indicating that the heat transfer at the vane midspan was 

nominally one dimensional   

Figures 3.14 and 3.15 show the same data, internal and external effectiveness 

values, for the Reubend = Reradial = 10,000 and Reubend = 40,000/Reradial = 20,000 cases, 

respectively.  Figure 3.14 shows that decreasing the internal coolant flow rate decreases 

the difference between the internal and external effectiveness values everywhere on the 

vane when compared to the Reubend = Reradial = 20,000 case.  This smaller temperature 

difference across the wall implies lower wall heat flux, which was expected due to the 

lower level of internal cooling.  Conversely, Figure 3.15 shows the opposite.  Increasing 

the internal coolant rate caused a greater wall temperature difference, which implied a 

higher wall heat flux.  Both the Reubend = Reradial = 20,000 case as well as the Reubend = 

40,000/Reradial = 20,000 case exhibited the same behavior due to boundary layer 

transition, where the wall temperature difference was increased due to the increase in 

external heat transfer coefficient downstream of the transition location.  
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3.2.2 Spanwise overall effectiveness measurements 

Where the previous section dealt with the streamwise variation of the external and 

internal surface temperature at the vane midspan, this section will detail measurements 

made in the spanwise direction as well as a contour plot of the entire vane surface for the 

Reubend = Reradial = 20,000 case.  Figure 3.16 is a contour plot of the entire vane external 

surface at the Reubend = Reradial = 20,000 case.  The black rectangles superimposed on the 

plot represent the locations of the internal coolant channel walls.  This contour of external 

effectiveness shows that spanwise variations were modest compared to streamwise 

variation.  For the U-bend inlet and the radial channel, the surface temperature warmed 

with increasing spanwise distance from the vane inlet.  This was expected, since the 

internal coolant temperature should warm with increasing distance from the vane inlet.  

The contour plot clearly shows that overall effectiveness values were much higher on the 

pressure side compared to the suction side, which was expected from the midspan results.  

An interesting detail of the contour plot is the warm region shown over the range of 0.1 < 

s/C < 0.17 and 0.65 < z/H < 0.9.  Since the external heat transfer coefficient was 

presumed to be nominally uniform in the spanwise direction, this decrease in external 

surface temperature was likely due to an increase in internal heat transfer coefficient over 

this region.  One possible explanation for this cooler region on the external surface was 

an increased internal heat transfer coefficient due to the internal flow accelerating around 

the U-bend wall, which ends at approximately z/H = 0.7.  Mochizuki et al. (1998) 

measured increases of up to 50% in internal heat transfer coefficient just upstream of a U-

bend.  Just downstream of the U-bend wall on the suction side of the airfoil a region of 

warmer external surface temperature (lower effectiveness) was seen over 0.5 < z/H < 

0.75.  This increase in surface temperature should correspond to a decrease in internal 
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heat transfer coefficient.  This decrease in internal heat transfer coefficient may be 

explained by flow separation around the downstream side of the U-bend wall.  Mochizuki 

et al. (1998) used flow visualization to show flow separation on the downstream side of a 

similar U-bend turn.  The same authors reported heat transfer coefficient values that were 

lower along the inner wall of the U-bend relative to the other walls in the passage, which 

supports the suggestion that flow separation can cause lower internal heat transfer 

coefficient values relative to walls where the flow is attached. 

Centered at s/C = 0.4 there was a thin strip where overall effectiveness reached a 

peak level. This position coincides with suction side U-bend wall, but it also coincides 

with the sudden increase in heat transfer coefficient due to transition seen in Figure 3.2.  

Since the U-bend wall ends at z/H = 0.7, and the strip of higher overall effectiveness 

extends for the entire vane span, it appears the peak overall effectiveness occurring at s/C 

= 0.4 is due to the minimum in heat transfer coefficient at this point.  The vertical nature 

of the contour levels surrounding this strip of minimum temperature also supports the 

assertion that the external heat transfer coefficient was nominally constant in the 

spanwise direction over most of the vane span.  Near both endwalls Figure 3.15 shows 

reduced overall effectiveness levels, representing higher temperatures.  Near both 

endwalls the test airfoil is mated to the test section via acrylic endpieces, which have 

lower conductivity than the epoxy resin used to construct the vane.  Additionally, the 

endwalls of the vane test section were uncooled, so conduction effects would be expected 

to heat the vane body near the endwalls. 

Spanwise thermocouple arrays were installed on the internal surface of the model 

at s/C = 0.27 and s/C = -0.24.  Figure 3.16 shows the internal and external effectiveness 

measurements for the s/C = 0.27, Reubend = Reradial = 20,000.  As was seen in the contour 
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plots, the external overall effectiveness decreased with increasing z/H, until about z/H = 

0.65.  A similar trend is seen in the internal surface temperature measurements.  For z/H 

> 0.65, the overall effectiveness on both the internal and external surfaces increased, 

presumably due to the influence of the U-bend.  The temperature difference across the 

solid wall, or the temperature difference between the external and internal overall 

effectiveness values, was fairly constant across the span of the airfoil, suggesting a 

nominally uniform heat flux in the spanwise direction.  Figure 3.18 shows the internal 

and external effectiveness measurements for s/C = -0.24 and Reubend = Reradial = 20,000.  

The spanwise temperature variation on both internal and external surfaces was fairly 

constant across the airfoil span.  For both Figures 3.17 and 3.18, overall effectiveness 

approaches zero at the endwall and tip of the vane.  This was expected since the wind 

tunnel floor and ceiling were not cooled and were therefore very close to the freestream 

temperature. 

3.2.3 Effect of internal rib turbulators 

A conducting vane with rib turbulators installed on the vane suction side was 

constructed.  A schematic of the test vane with ribs installed is shown in Figure 2.8.   

The external laterally averaged overall effectiveness at the vane midspan was 

measured for the ribbed model at the same three coolant mass flow rates used to evaluate 

the smooth wall model.  Figures 3.19, 3.20, and 3.21 present the laterally averaged 

effectiveness measurements on the vane suction side for the ribbed model for the Reubend 

= Reradial = 10,000, Reubend = Reradial = 20,000, and Reubend = 40,000/Reradial = 20,000 

cases, respectively.  All of these measurements were made at Tu = 0.5%.  Each figure 

also plots the smooth walled data at the appropriate internal coolant rate for comparison 

purposes.  Also included on the figures are rectangles representing the location of the 
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internal coolant channel walls as well as labels indicating where the rib turbulators were 

installed.  As is shown on Figures 3.19 – 3.21, rib turbulators were installed over the 

range of about 0.4 < s/C < 1.0.  This range represents the downstream side of the U-bend 

channel as well as the radial channel.  For all three coolant flow rates, the ribs caused an 

augmentation in external overall effectiveness for s/C > 0.5.  The primary function of 

internal rib turbulators was to increase the internal heat transfer coefficient, which was 

the primary reason colder surface temperatures were measured over most of the range 

where internal rib turbulators were installed.  The maximum increase in overall 

effectiveness was seen in the radial channel for all three coolant mass flow rates.  For the 

case of Reubend = Reradial = 10,000, the external overall effectiveness was increased by 

about 50% in the middle of the radial channel.  For the other two coolant mass flow rates, 

which both had flow rates in the radial channel of Reradial = 20,000, the augmentation in 

external overall effectiveness was about 35%. 

As was mentioned in the previous paragraph, internal rib turbulators were 

installed over the range of 0.4 < s/C < 1.0.  However, an augmentation in external 

laterally averaged overall effectiveness was only measured for s/C > 0.5.  This was an 

unexpected result, since the rib turbulators were expected to cause an increase in internal 

heat transfer coefficient and a corresponding decrease in external surface temperature 

over the entire range that they were present.  One potential reason for the ineffectiveness 

of the ribs over the region of 0.4 < s/C < 0.5 was the apparent flow separation of the 

internal coolant downstream of the U-bend wall, which was discussed earlier.  In order to 

test the hypothesis that separating internal flow was causing the internal rib turbulators to 

be partially ineffective at the vane midspan, measurements were made at a spanwise 

location of z/H = 0.25, which was towards the bottom of the wind tunnel.  This location 
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was chosen with the rational that the internal coolant flow would be reattached with the 

increased distance from the U-bend.  Figure 3.22 shows the laterally averaged overall 

effectiveness for 0.4 < s/C < 0.6 and spanwise positions of z/H = 0.5 and z/H = 0.25 for 

both the smooth and ribbed internal wall cases at the Reubend = Reradial = 20,000 coolant 

flow rate.  For the midspan location, y/H = 0.5, the internal ribs caused an augmentation 

in overall effectiveness only for s/C > 0.5.  For the z/H = 0.25 location, a nearly constant 

increase in overall effectiveness of about  = 0.06 was seen across the U-bend channel 

wall.  This supports the hypothesis that separating flow caused the internal ribs to be 

ineffective over part of the downstream U-bend channel wall at the vane midspan.  By the 

time the flow had reached z/H = 0.25, the coolant flow had reattached and the rib 

turbulators were effective in decreasing the external surface temperature for the entire 

region over which they were installed. 

In order to gain some insight concerning the internal heat transfer coefficient 

augmentation caused by the internal rib turbulators, a one dimensional heat transfer 

assumption was used to back calculate the overall effectiveness values that would be 

produced by the ribs for a given internal heat transfer coefficient augmentation.  In order 

to do this, Equation 1.14 was used to calculate the internal heat transfer coefficient for the 

smooth wall, using the measured overall effectiveness values and external heat transfer 

coefficients.  Then, the calculated heat transfer coefficient was increased by a factor of 

two, since the rib geometry was designed to provide nominally a two times increase in 

internal heat transfer coefficient.  With the newly calculated internal heat transfer 

coefficient, a predicted external overall effectiveness was calculated using the measured 

external heat transfer coefficient.  The predicted overall effectiveness is plotted in Figure 

3.23 along with the measured values for the smooth and ribbed walls over the range of 
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0.4 < s/C < 1.0.  For an internal heat transfer coefficient augmentation of 100%, the 

predicted overall effectiveness values and measured overall effectiveness values for the 

ribbed wall were very close over the range of 0.7 < s/C < 0.85, which represents the 

center of the radial cooling channel.  Near the edges of the radial cooling channel, the 

agreement was not as good, perhaps due to a breakdown in the one dimensional heat 

transfer assumption because of the coolant channel walls.  In the U-bend channel, the 

agreement between the predicted and measured effectiveness values for the ribbed wall 

was not particularly good anywhere.  Agreement was the worst very near the U-bend wall 

and improved closer to the radial channel wall.  The poor agreement between the 

predicted and measured values could be caused by the coolant flow separation on the 

internal wall.  

Laterally averaged overall effectiveness values on the pressure side of the vane at 

vane midspan were also measured for the ribbed model, although no internal rib 

turbulators were installed on the internal pressure side walls.  Figure 3.24 shows the 

measured overall effectiveness values for the vane pressure side for the ribbed and 

smooth internal wall models.  Generally, the differences between the measured overall 

effectiveness for the ribbed and smooth model were within the experimental uncertainty 

on the vane pressure side.  For the Reubend = Reradial = 20,000 case, an increase in external 

overall effectiveness of about 10% was seen near s/C = -0.5, which was slightly greater 

than the experimental uncertainty.  These results show that the suction side internal ribs 

had marginal effects on the pressure side overall effectiveness distribution.  For s/C < -

0.5, the ribs caused a decrease in the overall effectiveness.  This was likely due to the 

effect of the ribs on decreasing the internal flow velocity in this region of the radial 
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coolant channel.  The radial channel was already very narrow near the trailing edge of the 

vane and the addition of the ribs further narrowed the passage in this region. 

The effect of freestream turbulence on the external surface temperature was 

measured for the ribbed internal wall model and is presented in Figure 3.25.  Also plotted 

on Figure 3.25 is the smooth wall overall effectiveness distribution for the Tu = 0.5% 

case over the region of -0.7 < s/C < 0.5.  This data was included because measurements 

were not made for the ribbed wall over the range of 0.0 < s/C < 0.29 for Tu = 0.5%.  

However, the ribbed and smooth walls had the same overall effectiveness for -0.7 < s/C < 

0.0 and 0.29 < s/C < 0.5, so the smooth wall effectiveness values were presumably a 

good representation of the ribbed wall values over the entire leading edge region of the 

vane, which did not have internal ribs.  On the pressure side of the vane, the higher 

freestream turbulence was seen to cause a decrease in laterally averaged overall 

effectiveness of about 20%.  This is consistent with the increase in heat transfer 

coefficient on the pressure side due to elevated freestream turbulence, which is shown in 

Figure 3.2.  On the suction side over the range of 0.0 < s/C < 0.45, where the boundary 

layer was expected to be laminar for the Tu = 0.5% case, the high freestream turbulence 

caused a decrease in overall effectiveness.  The decrease in overall effectiveness on the 

suction was presumably due to a combination of enhanced external heat transfer 

coefficient as well as accelerated transition to turbulence due to the elevated freestream 

turbulence.  Downstream of boundary layer transition (s/C > 0.5), there was no difference 

in overall effectiveness between the low and high freestream turbulence levels.  This was 

likely due to the combination of the turbulent boundary layer being less sensitive to 

increased freestream turbulence and the freestream turbulence intensity decreasing to Tu 

= 5% over this range because of the acceleration around the suction side of the airfoil.  
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Figure 3.1: Typical lateral variations in heat transfer coefficient, Tu = 0.5% 

 

Figure 3.2: Laterally averaged heat transfer coefficient distribution, Tu = 0.5%, 20% 
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Figure 3.3: Predicted boundary layer momentum thickness,  

 

Figure 3.4: Effect of Tu on St 
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Figure 3.5: Laterally averaged midspan heat transfer coefficient distribution with and 

without boundary layer trips 

 

Figure 3.6: Conducting vane Biot number distribution, Tu = 0.5%, 20% 
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Figure 3.7: Comparison of laterally averaged data to centerline data, Reubend = Reradial = 

20,000, Tu = 0.5% 

 

Figure 3.8: Laterally averaged midspan overall effectiveness distribution for different 

coolant mass flow rates, Tu = 0.5% 
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Figure 3.9: Measured and predicted overall effectiveness, Reubend = Reradial = 20,000, Tu = 

0.5% 

 

Figure 3.10: Comparison of overall effectiveness and external heat transfer coefficient 

distribution, Tu = 0.5% 
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Figure 3.11: Laterally averaged midspan overall effectiveness, Tripped and untripped, 

Reubend = Reradial = 20,000, Tu = 0.5%  

 

Figure 3.12: Midspan internal overall effectiveness, Tu = 0.5% 
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Figure 3.13: External and Internal overall effectiveness, Reubend = Reradial = 20,000, Tu = 

0.5%, internal prediction based on measured he and  

 

Figure 3.14: External and Internal overall effectiveness, Reubend = Reradial = 10,000, Tu = 

0.5% 
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Figure 3.15: External and internal overall effectiveness values, Reubend = 40,000/Reradial = 

20,000, Tu = 0.5% 

 

Figure 3.16: Contour of overall effectiveness on vane surface, Reubend = Reradial = 20,000, 

Tu = 0.5% 
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Figure 3.17: Spanwise effectiveness, s/C = 0.27, Reubend = Reradial = 20,000, Tu = 0.5% 

 

Figure 3.18: Spanwise effectiveness, s/C = -0.24, Reubend = Reradial = 20,000, Tu = 0.5% 
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Figure 3.19: Suction side midspan laterally averaged overall effectiveness, Reubend = 

Reradial = 10,000, Tu = 0.5%, ribbed and smooth internal wall 

 

Figure 3.20: Suction side midspan laterally averaged overall effectiveness, Reubend = 

Reradial = 20,000, Tu = 0.5%, ribbed and smooth internal wall 
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Figure 3.21: Suction side midspan laterally averaged overall effectiveness, Reubend = 

20,000/Reradial = 40,000, Tu = 0.5%, ribbed and smooth internal wall 

 

Figure 3.22: Overall effectiveness measurements, Reubend = Reradial = 20,000, Tu = 0.5%, 

ribbed and smooth internal wall, two spanwise locations 
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Figure 3.23: Predicted overall effectiveness values for ribbed wall, Tu = 0.5% 

 

Figure 3.24: Pressure side midspan laterally averaged overall effectiveness 

measurements, Tu = 0.5%, ribbed and smooth internal wall 
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Figure 3.25: Laterally averaged overall effectiveness measurements, ribbed internal wall, 

effect of freestream turbulence 
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Chapter 4 – Boundary Layer Measurements with no Film Cooling 

Measurements of the gas temperature and velocity around the test vane with no 

film cooling were performed in order to gain insight into the surface temperature 

distributions and external heat transfer coefficients that were presented in Chapter 3.  

Coincident velocity and thermal boundary layer profiles were measured at seven 

locations around the test airfoil as described in Chapter 2.  Velocity boundary layer 

measurements will be reported first, followed by the corresponding thermal boundary 

layer measurements.  In general, the developing velocity boundary layer around gas 

turbine vanes is well understood.  In this respect, the velocity boundary layer 

measurements presented in the following chapter serve primarily to provide specific data 

for this airfoil geometry, which has not been rigorously documented in the open 

literature.  The corresponding thermal boundary layer measurements represent the first 

reported measurements that combine the effects of complex thermal boundary condition, 

strong surface curvature, strong streamwise acceleration, and high freestream turbulence 

on the developing thermal boundary layers.   

4.1 VELOCITY BOUNDARY LAYER PROFILES 

 Mean and fluctuating velocity profiles were measured at seven locations around 

the test airfoil, as shown in Table 2.3 and Figure 2.16.  Pressure and suction side velocity 

boundary layers were measured for low and high freestream turbulence cases.  Suction 

side velocity boundary layers were also measured with a trip wire located at s/C = 0.2 at 

both freestream turbulence conditions.  This section will present the measured velocity 

profiles, starting with the pressure side.  The suction side velocity profiles will follow the 

pressure side profiles. 
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4.1.1 Pressure Side Velocity Boundary Layer Profiles 

Figure 4.1 shows the mean velocity profiles at the three pressure side 

measurement locations and Tu = 0.5%.  The mean velocity and distance from the wall 

have been normalized to the edge velocity, Ue, and 99% boundary layer thickness, .  The 

edge velocity and boundary layer thickness were calculated as described in section 

2.3.1.3.  Predictions of laminar profiles using the Pohlhausen method for laminar profiles 

subject to pressure gradients as shown in White (1974) are also plotted for each of the 

three measurement locations.  A 1/7
th

 power law turbulent boundary layer velocity profile 

is also plotted. 

As can be seen in Figure 4.1, all three mean velocity profiles agreed well with the 

predicted laminar velocity profiles.  Additionally, the shape of the mean velocity profiles 

was very similar between all three measurement locations, suggesting that all three 

profiles were laminar.  Further insight into the state of the boundary layers can be seen in 

the profiles of fluctuating velocity.  Figure 4.2 shows the urms profiles on the pressure side 

of the vane at the low freestream turbulence intensity, normalized in the same way as the 

mean velocity profiles.  The fluctuating velocities were very low throughout the 

boundary layer for all three measurement locations, further indicating that the pressure 

boundary layers were laminar in nature over the region of the pressure side that was 

investigated in this study.  This result is not surprising when the acceleration parameter, 

shown in Figure 2.24 is taken into account.  As can be seen on Figure 2.24, the 

acceleration parameter was greater than the K = 3.0x10
-6

 threshold that will prevent 

transition to turbulence over nearly the entire pressure surface.  Velocity boundary layer 

measurements presented in Radomsky and Thole (2002) also indicated that the strong 
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pressure side acceleration parameter on that airfoil also prevented boundary layer 

transition. 

Figure 4.3 shows the pressure side mean velocity profiles for the Tu = 20% 

condition.  Predicted laminar and velocity profiles are also shown in Figure 4.3.  None of 

the profiles agreed with the predicted laminar profiles, which is not unexpected since the 

Pohlhausen profiles do not include the effects of freestream turbulence.  However, none 

of the mean velocity profiles at high freestream turbulence agreed with the 1/7
th

 power 

law turbulent profile, which suggested that the boundary layers were either laminar or 

transitional in nature.  In terms of fluctuating velocity, shown in Figure 4.4, high 

freestream turbulence levels were observed throughout the boundary layer.  For 

transitional or turbulent boundary layers, peaks in fluctuating velocity are seen near the 

wall.  For the PS1 position, a constant value of Tu = 20% was seen for y/ > 0.4.  For 

y/the turbulence levels decreased to a value near zero at the wall.  The fact that 

there was not a peak in urms at the PS1 positions suggests that the boundary layer was 

laminar at this position, although it is possible that any effect of transition on the urms 

profiles were masked by the high level of freestream turbulence at this position.  At the 

PS2 and PS3 positions, slight peaks in urms were measured at about y/ = 0.25, suggesting 

that the boundary layers were transitional at these two positions.  Far away from the wall, 

the fluctuating velocity profiles approached the local freestream turbulence intensity.  

The local freestream turbulence intensity decreased to Tu = 20%, 13%, and 9% at the 

PS1, PS2, and PS3 positions respectively.  The decrease in the freestream turbulence 

levels with increasing s/C was due to the flow acceleration on the vane pressure side.  

Decreasing values of urms with increasing s/C was consistent with results seen in 

Radomsky and Thole (2002). 
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 4.1.2 Suction Side Velocity Boundary Layer Profiles 

Figure 4.5 shows the mean velocity profiles on the vane suction side at the Tu = 

0.5% with no trip present.  The predicted laminar velocity profiles for the SS1 and SS2 

positions are also plotted.  A turbulent 1/7
th

 power law profile is also included in Figure 

4.5.  The measured profiles agreed very well with the predicted laminar mean velocity 

profiles at the SS1 and SS2 positions, suggesting a laminar profile existed at those 

locations.  The measured mean velocity profiles at the SS3 and SS4 positions closely 

matched the predicted turbulent velocity profile.  This suggests that natural boundary 

layer transition occurred somewhere between the SS2 and SS3 positions.  A transition 

location between 0.356 < s/C < 0.534 agrees with the trends seen in heat transfer 

coefficient and overall effectiveness distributions presented earlier that suggested natural 

transition took place around s/C = 0.4.  The corresponding urms/Ue profiles, presented in 

Figure 4.6, further the support that the boundary layer was laminar at the SS1 and SS2 

positions and turbulent at the SS3 and SS4 positions.  For the SS1 and SS2 positions, the 

fluctuating velocity was very low throughout the boundary layer.  At the SS3 and SS4 

positions a sharp peak in fluctuating velocity was measured very close to the wall, 

indicating a fully turbulent boundary layer at those locations.  Boundary layer transition 

on the suction side of gas turbine vanes is a well known phenomenon which has been 

measured in several previous studies, as detailed in Chapter 1.  The suction side transition 

measured in the current study was consistent with trends that have been previously 

reported in the literature, where transition typically occurs soon after the flow 

acceleration switches from favorable to adverse.  

The suction side mean velocity profiles at the Tu = 20% case are plotted in Figure 

4.7, along with predicted laminar profiles at the SS1 and SS2 positions and a 1/7
th

 power 
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law profile.  At the high freestream turbulence condition, none of the measured velocity 

profiles agreed with the predicted laminar profiles, while the profiles at the SS3 and SS4 

positions still agreed well with the 1/7
th

 power law turbulent profile.  Even though 

profiles of mean velocity at the SS1 and SS2 positions did not agree with the predicted 

laminar or transitional profiles, they were not necessarily transitional.  The high 

freestream turbulence will have the effect of increasing the levels of shear stress in a 

laminar profile, which is consistent with the shape of the mean velocity profiles at SS1 

and SS2.  Fluctuating velocity profiles for the high turbulence condition are shown in 

Figure 4.8.  For the SS1 position, the fluctuating velocity was a nearly constant 10% 

across the boundary layer.  This suggests the boundary layer was still laminar with 

freestream fluctuations imposed all the way to the wall.  For the SS2 position, a peak is 

seen in the fluctuating velocity at y/  0.2.  This relatively large distance from the wall 

suggests that the boundary layer at the SS2 position was transitional in nature.  Wang et 

al (1996) showed peaks in urms in transitional profiles that were as far from the wall as y/ 

= 0.5.  As the boundary layer became more turbulent, the peak in urms moved closer to the 

wall.  Small peaks in the fluctuating velocity much closer to the wall were observed for 

the SS3 and SS4 positions, indicating fully turbulent flow.   The elevated freestream 

turbulence moved the beginning of transition to turbulence forward on the vane surface, 

to somewhere between position SS1 and SS2; however, fully turbulent flow did not occur 

until somewhere between the SS2 and SS3 position.  Measurements by Radomsky and 

Thole (2002), the only other velocity boundary layer measurements on an airfoil 

subjected to 20% freestream turbulence intensity, verify the effects of elevated freestream 

turbulence on increasing fluctuating velocity levels in the laminar boundary layer and 

causing earlier boundary layer transition.  
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Mean and fluctuating velocity profiles were measured at both freestream 

turbulence levels with a boundary layer trip placed at s/C = 0.2.  Figures 4.9 and 4.10 

show the suction side mean and fluctuating velocity profiles, respectively, for the Tu = 

0.5% with and without the boundary layer trip.  The tripped mean velocity profiles at the 

SS2, SS3, and SS4 positions did not agree with laminar or the 1/7
th

 power law turbulent 

profiles, suggesting that the boundary layer was transitional in nature at these locations.  

The fact that the mean velocity profiles appeared to be turbulent at the SS3 and SS4 cases 

without a trip present but did not appear to be turbulent with the presence of a trip was 

unexpected.  On explanation for this phenomenon would be the existence of a separation 

bubble on the suction side of the vane.  Ames (1997) used a boundary layer code to 

predict that a separation region existed on the suction side of a C3X vane operating at 

very similar Reynolds number in the region between the SS2 and SS3 positions due to the 

unfavorable pressure gradient.  Separation bubbles cause inflectional velocity profiles.  

The instability of inflectional boundary layer profiles causes rapid transition to fully 

turbulent boundary layers.  It is possible that the presence of the trip caused a transitional 

profile upstream of the location of the separation region that was able to resist the 

unfavorable pressure gradient and eliminate the separation region, thus extending the 

transition region and delaying the transition to a fully turbulent boundary layer.   

The fluctuating velocity profiles, shown in Figure 4.10, show urms levels for the 

SS3 position that are similar to the corresponding non-tripped case in Figure 4.6.  The 

urms were slightly higher when a trip was present relative to the case when no trip was 

present.  Figures 4.11 and 4.12 show the mean and fluctuating velocity profiles for Tu = 

20% and a tripped boundary layer.  When elevated freestream turbulence is present, all 

three positions downstream of the boundary layer trip had mean velocity profiles that 
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agreed very well with the turbulent 1/7
th

 power law profile.  The streamwise fluctuating 

velocity profiles for the SS2 and SS3 positions had peaks that were at about y/ = 0.2, 

indicative that the boundary layers were not quite fully turbulent.  At the SS4 position, 

the peak in urms was very close to the wall, indicating that a fully turbulent boundary layer 

existed. 

4.1.3 Velocity Boundary Layer Thickness 

The 99% velocity boundary layer thickness, , for each position and each test 

condition is plotted in Figure 4.13.  The boundary layer thickness was normalized to the 

vane chord length in Figure 4.13.  On the pressure side of the vane, the boundary layer 

thickness decreased slightly downstream of the PS1 position.  This was likely due to the 

strongly accelerating flow on the pressure side of vane and was also predicted by the 

Thwaites method, as shown in Figure 3.3..  For the high freestream turbulence case, the 

pressure side boundary layer grew between the PS1 and PS2 positions.  However, 

between the PS2 and PS3 position the boundary layer thickness decreased.  One possible 

reason for this phenomenon is the competing effect of the turbulence intensity and flow 

acceleration on boundary layer thickness.  In the upstream portion of the pressure side, 

around the PS1 and PS2 positions, the freestream turbulence has a thickening effect on 

the boundary layer that overcomes the tendency of the pressure gradient to suppress 

boundary layer growth.  As Figure 2.23 shows, the favorable pressure gradient (K) 

decreased significantly with downstream distance.  The freestream turbulence intensity is 

also decreased with downstream distance, as seen in Figure 4.4.  Eventually, the tendency 

of the favorable pressure gradient to suppress the boundary layer growth overcomes the 

tendency of the freestream turbulence to promote boundary layer growth, causing the 

boundary layer thickness to shrink between the PS2 and PS3 positions. 
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On the suction side of the vane, the boundary layer thickness grows with 

increasing distance from stagnation line for all cases.  For the Tu = 0.5% case with no 

boundary layer trip, the boundary layer grew slightly between the SS1 and SS2 positions.  

The rate of boundary layer growth increased downstream of boundary layer transition, 

which is shown by the rapidly increasing boundary layer thickness at the SS3 and SS4 

positions.  A higher rate of boundary layer growth was seen between all measurement 

locations for the high freestream turbulence, no boundary layer trip case.  The addition of 

the boundary layer trip generally caused thicker velocity boundary layers downstream of 

the trip at both the high and low freestream turbulence levels with the exception of the 

low Tu condition at the SS4 position.  The tripped boundary layer was slightly thinner 

than the untripped boundary layer at SS4 and Tu = 0.5%, which may be a consequence of 

the separation region that was believed to exist for the Tu = 0.5%, untripped case. 

4.2 THERMAL BOUNDARY LAYER PROFILES 

Mean temperature profiles were measured at seven locations around the test 

airfoil, as shown in Table 2.3 and Figure 2.16.  Pressure and suction side thermal 

boundary layers were measured for low and high freestream turbulence cases.  Suction 

side thermal boundary layers were also measured with a trip wire located at s/C = 0.2 for 

Tu = 0.5%.  This section will present the measured thermal profiles, starting with the 

pressure side.  The suction side thermal profiles will follow the pressure side profiles.   

4.2.1 Pressure Side Thermal Boundary Layer Profiles 

The mean temperature profiles for each test condition have been plotted versus 

the wall distance normalized to the corresponding velocity boundary layer thickness at 

each position.  Thermal boundary layers were not normalized with the thermal boundary 
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layer thickness, , so that the relative thicknesses between the velocity and thermal 

boundary layers could be easily seen.  The mean temperature values were normalized as 

, as shown in Equation 3.18.  Mean temperature profiles for the pressure side at the low 

freestream turbulence intensity are presented in Figure 4.14 along with the velocity 

profiles for the same condition.  In general, the thermal profiles at each pressure side 

position appeared to be slightly thicker than the corresponding velocity boundary layer.  

This is not an unexpected result.  As found in Kays et al. (2005), the ratio of the thermal 

to velocity boundary layer thickness is a function of Pr as shown in the following 

equation: 

3/1Pr


 t          (4.1) 

For air, which has Pr = 0.7, a thermal boundary layer that is about 13% thicker than the 

corresponding velocity boundary layer is expected.  More discussion of the relative 

thickness of the thermal boundary layer to the velocity boundary layer will be given later 

in this chapter.  For the high turbulence case, shown in Figure 4.15, the thermal and 

velocity profiles had very similar profiles very close to the wall.  For y/ > 0.4 the mean 

temperature and velocity profiles began to deviate, with the mean temperature profiles 

thickening beyond what was seen in the velocity profiles.  The data presented in Figures 

4.14 and 4.15 demonstrate the different effects that pressure gradient and freestream 

turbulence can have on developing momentum and thermal boundary layers. On the vane 

pressure side, where the flow was constantly accelerated, all of the thermal boundary 

layers were measured to be slightly thicker than the corresponding velocity boundary 

layers.  This suggests that an accelerating pressure gradient does not retard the growth of 

the thermal boundary layer in the same way as the velocity boundary layer.  This effect 

was predicted by Launder and Lockwood (1969) and supported by Suhec and Lu (1990).  
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Launder and Lockwood used an integral analysis to show that accelerated flows could 

have thermal boundary layers that were up to 8 times thicker than the associated velocity 

boundary layer, depending on the strength of the favorable pressure gradient.  The region 

of the thermal boundary layer that existed outside of the velocity boundary layer was 

termed the “thermal superlayer.”  Suhec and Lu (1990) found good agreement with 

experimental Stanton numbers in favorable pressure gradients by modeling the “thermal 

superlayer” predicted by Launder and Lockwood in their integral analysis prediction of 

Stanton numbers, further strengthening the assertion that thicker thermal boundary layers 

exist in regions where the flow is highly accelerated. 

Additionally, high freestream turbulence intensity had the effect of thickening the 

thermal boundary layer beyond the existing velocity boundary layer.  More discussion on 

the effects of pressure gradient and freestream turbulence intensity on boundary growth 

will follow the presentation of the suction side thermal boundary layers. 

4.2.2 Suction Side Thermal Boundary Layer Profiles 

The thermal and velocity profiles at the SS1 and SS2 positions are presented in 

Figure 4.16, normalized in the same way as the pressure side profiles.  At the SS1 and 

SS2 positions, where the velocity profile was laminar, the mean temperature profiles 

were significantly thicker than the corresponding velocity profile.  At the SS1 position, a 

strong favorable pressure gradient existed, as seen in Figure 3.24.  The effect of the 

pressure gradient on the thermal boundary layer was consistent with pressure side 

measurements and the prediction of Launder and Lockwood (1969).  The pressure 

gradient did not retard the thermal boundary layer growth, causing a thicker thermal 

boundary layer as compared to the velocity boundary layer at the SS1 position.  Between 

the SS1 and SS2 position, the pressure gradient switched from favorable to unfavorable.  
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However, despite the unfavorable pressure gradient, the SS2 position still had a thicker 

thermal boundary layer than velocity boundary layer.  A thicker thermal boundary layer 

compared to velocity boundary layer persisted at the SS3 position, which is shown in 

Figure 4.17 along with the temperature and velocity profiles for the SS4 position.  At the 

SS4 position, where the velocity boundary layer was fully turbulent, and there was 

nominally a zero pressure gradient condition, the thermal and velocity boundary layer 

profiles had similar shapes and thicknesses.  At the SS3 position, where the boundary 

layer also appeared to be fully turbulent, the thermal boundary layer thickness was still 

significantly thicker than the velocity boundary layer thickness.  For turbulent boundary 

layers with zero pressure gradient, it is expected that the thermal and velocity boundary 

layers will be nominally the same due to turbulent mixing throughout the boundary layer.  

The persistence of thicker thermal boundary layers well beyond the region of accelerated 

flow and beyond where the flow becomes turbulent suggests that there may be a 

significant length required for the thermal and velocity boundary layer to recover from 

the effects of the strong favorable pressure gradient seen in the leading edge region of the 

suction side.  Figure 4.18 shows the mean temperature and velocity profiles for the Tu = 

0.5% case and a boundary layer trip present at s/C = 0.2.  For a tripped boundary layer 

the SS2 position still had a thicker thermal boundary layer compared to the velocity 

boundary layer.  However, at the SS3 and SS4 positions the thermal and velocity 

boundary layers were very similar to each other.  This suggests that the recovery length 

required for the effects of the pressure gradient to disappear is reduced for turbulent 

boundary layers. 

Figures 4.19 and 4.20 show the mean temperature and velocity profiles for the 

SS1, SS2 and SS3, SS4 positions at the Tu = 20% case.  For the high freestream 
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turbulence condition, an even greater difference between the thermal and velocity 

boundary layers was seen at the SS1 position.  This is consistent with the high freestream 

turbulence intensity augmenting the thermal boundary layer thickness beyond the effects 

of the favorable pressure gradient, which was also seen on the pressure side.  At the SS2, 

SS3 and SS4 positions, however, the difference between thermal and velocity boundary 

layer thickness was less than for Tu = 0.5%.  At the SS3 and SS4 positions, the mean 

temperature and velocity profiles had nearly identical shapes.  The elevated freestream 

turbulence appeared to cause even greater increases in thermal boundary layer thickness 

relative to velocity boundary layer thickness at the SS1 position, but reduced the same 

ratio for the rest of the suction side positions.  This may be due to the effect of the suction 

side flow acceleration decreasing the freestream turbulence levels.  At the SS2, SS3, and 

SS4 locations, the freestream turbulence intensity was reduced to about Tu = 5%, as seen 

in Figure 4.8.  This lower level of freestream turbulence intensity was not as effective in 

thickening the thermal boundary layer beyond the velocity boundary layer.  On the 

pressure side of the vane, freestream turbulence intensities were about 20%, 13%, and 9% 

at the SS1, SS2, and SS3 positions, respectively.  The levels of Tu at all three pressure 

side positions were significantly higher than the SS2, SS3 and SS4 positions.  

Additionally, the elevated freestream turbulence intensity may not have the same effect 

on laminar and turbulent velocity profiles.  High freestream turbulence intensity was 

shown to move the boundary layer transition location forward on the suction side of the 

vane.  The turbulent boundary layer likely reduces the recovery length needed to return 

the thermal and velocity boundary layer thickness ratio to a value that is unaffected by 

the upstream favorable pressure gradient.   
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4.2.3 Thermal Boundary Layer Thickness 

The 99% thermal boundary layer thicknesses, , were determined from the mean 

temperature profile measurements at each location and are shown in Figure 4.21 for 

varying Tu with and without a trip.  The thermal and velocity boundary layer thicknesses 

are also tabulated in Table 4.1. Everywhere except for the SS3 position, the elevated 

freestream turbulence increased the thickness of the thermal boundary layer relative to 

the low freestream turbulence case.  The reason is unclear, but at the SS3 position, the 

thermal boundary layer was slightly thicker for the low turbulence case relative to the 

high turbulence case.  As will be discussed in more detail later, the thermal boundary 

layer thickness was very sensitive to small changes in temperature near the edge of the 

boundary layer.  This may explain the thinner thermal boundary for the high turbulence 

relative to the low turbulence at the SS3 position.  For regions where laminar profiles 

existed, which were the pressure side of the vane and upstream of the first two suction 

side positions, thermal boundary layer growth occurred very slowly.  However, 

downstream of boundary layer transition on the vane suction side, the turbulent boundary 

layer caused more rapid growth in the thermal boundary layer for both Tu = 0.5% and Tu 

= 20% relative to the laminar cases.  Addition of the boundary layer trip significantly 

thickened the thermal boundary layer at the SS2 position relative to the case with no trip 

present.  At the SS3 and SS4 locations, which were turbulent before the addition of the 

boundary layer trip, the thermal boundary layer was actually thicker for the cases with no 

trip present as compared to the cases when a trip was installed.  The trip effect on the 

thermal boundary layer thickness was different than the trip effect on the velocity 

boundary layer thickness, although it is unclear why.  For the velocity boundary layer, the 
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trip caused a thicker velocity boundary layer at the SS3 position and a thinner boundary 

layer at the SS4 position.   

The thermal boundary layer thickness at Tu = 20% decreased between the first 

and second positions on both the pressure and suction sides of the airfoil.  Figures 4.22 

and 4.23 show the thermal boundary layers at Tu = 20% on the suction and pressure side 

plotted against the distance from the wall normalized to the vane chord length.  Plotting 

the temperature profiles in this way allows for the relative thicknesses of the thermal 

boundary layers to be seen and estimated directly from the plot.  The suction side thermal 

profiles at SS1 and SS2, shown in Figure 4.22, were very similar in shape and thickness.  

Near the edge of the boundary layer, a very small defect in the temperature gradient can 

be seen in the thermal boundary layer for SS1 relative to SS2, which was likely 

responsible for the increased 99% thermal boundary layer thickness.  Figure 4.23 shows 

that on the pressure side the thermal boundary layers for all three positions looked very 

similar at Tu = 20%; however, since the temperature gradient was very small near the 

edge of the thermal boundary layer, the 99% thermal boundary layer was very sensitive 

to small changes in temperature. 

Figure 4.24 shows a plot of the thermal to velocity boundary layer thickness ratio, 

.  This plot allows for the relative thicknesses of the thermal and velocity boundary 

layers to be seen directly.  The thermal boundary layer thickness was slightly larger than 

the velocity boundary layer thickness at each position on the pressure side and was 

consistent with the expected increase due to Prandtl number effects on a laminar 

boundary layer, predicted from Equation 4.1.  The high freestream turbulence caused 

boundary layers to thicken relative to the velocity boundary layers as compared to the 

low Tu case.  Thermal boundary layers that were 2 to 4 times thicker than the 
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corresponding velocity boundary layer for Tu = 20% were measured on the vane pressure 

side.  A decrease in the ratio of thermal to velocity boundary layer thickness between the 

PS1 and PS2 positions was measured.  This decreased was tied to the decrease in thermal 

boundary layer thickness between the PS1 and PS2 positions while the velocity boundary 

layer grew over the same region. 

At the SS1 position, where the pressure gradient was more severe than anywhere 

on the pressure side, the thermal boundary layer was over twice as thick as the velocity 

boundary layer for the Tu = 0.5% case.  This was well beyond what can be expected due 

to Prandtl number effects and may have been caused by the strong flow acceleration.  

This was consistent with the “thermal superlayer” concept of Launder and Lockwood 

(1969), where favorable pressure gradients were predicted to cause thermal boundary 

layers to be thicker than the accompanying velocity boundary layer.  The thermal to 

velocity boundary layer thickness ratio remained near two at the SS2 and SS3 positions 

despite the presence of an unfavorable pressure gradient and boundary layer transition.  

At the SS4 position, which was fully turbulent and had nominally zero pressure gradient, 

the thermal to velocity boundary layer thickness ratio was nominally unity, which is 

expected for a zero pressure gradient, turbulent boundary layer.  This suggested that there 

was a significant recovery length required to overcome the effects of the very strong 

favorable pressure gradient that existed on the leading edge stagnation region.  When the 

boundary layer was artificially tripped, values of boundary layer thickness ratio returned 

to unity at the SS3 position, which suggested that the tripped boundary layer required a 

smaller distance to recover from the pressure gradient effects.    

When high freestream turbulence was added, the thermal boundary layer at the 

SS1 position was five times as thick as the velocity boundary layer, which represents a 
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doubling of the boundary layer thickness ratio relative to the low freestream turbulence 

case.  A similar increase in the boundary layer thickness ratio due to high freestream 

turbulence was seen on the pressure side.  This indicated that the freestream turbulence 

had an additional thickening effect on the thermal boundary layer that did not affect the 

velocity boundary layer.  At the SS2 position, the boundary layer thickness ratio was only 

about 20% larger than for Tu = 0.5%.  At the SS3 and SS4 positions, the boundary layer 

thickness ratio was nominally unity.  The small effect of high freestream turbulence 

intensity at SS2, SS3, and SS4 relative to SS1 and the pressure side positions is suspected 

to be a result of the suction side flow acceleration decreasing the turbulence intensity at 

the downstream suction side positions.  

As was discussed earlier, the thermal boundary layer thickness calculation 

appeared to be very sensitive to very slight changes in temperature at the edge of the 

boundary layer, which was caused by the very small temperature gradient.  In order to 

eliminate the sensitivity caused by the very slight temperature gradient at the edge of the 

boundary layer, 95% thermal and velocity boundary layer thicknesses were used to 

determine the thermal to velocity boundary layer thickness ratio.  Figure 4.25 shows the 

boundary layer thickness ratio based on 95% boundary layer thicknesses.  In general, the 

trends shown in Figure 4.25 were the same as those seen in Figure 4.24, which used 99% 

boundary layer thicknesses to calculate the boundary layer thickness ratio.  As can be 

seen in the figure, using a 95% boundary layer thickness definition did not eliminate the 

decrease in boundary layer thickness ratio between the SS1 and SS2 positions or the PS1 

and PS2 positions at Tu = 20%.  The ratio of thermal to velocity boundary layer thickness 

was still more than 4 at the SS1 position at Tu = 20%.  This suggests that the trends in the 

thermal boundary layer thickness calculated using a 99% definition were real, and were 
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not due to a combination of the sensitivity of the thermal boundary layer thickness to 

temperature variation and uncertainty in the temperature measurement.  

Table 4.1: Boundary layer parameters without trip 

Low Tu (mm) C (mm) C  s/C 

SS1 0.8 1.37E-03 1.8 3.20E-03 2.34 0.18 

SS2 1.2 2.08E-03 2.0 3.56E-03 1.71 0.36 

SS3 4.6 8.19E-03 8.0 1.42E-02 1.74 0.53 

SS4 8.6 1.53E-02 9.0 1.60E-02 1.05 0.71 

PS1 2.1 3.79E-03 2.2 3.88E-03 1.02 -0.18 

PS2 2.1 3.70E-03 2.4 4.27E-03 1.15 -0.36 

PS3 1.8 3.17E-03 2.2 3.91E-03 1.24 -0.53 

High Tu (mm) C (mm) C  s/C 

SS1 1.0 1.69E-03 1.9 3.38E-03 5.16 0.18 

SS2 2.0 3.56E-03 2.8 4.89E-03 1.38 0.36 

SS3 6.6 1.17E-02 7.0 1.25E-02 1.06 0.53 

SS4 10.9 1.94E-02 11.6 2.06E-02 1.06 0.71 

PS1 2.4 4.27E-03 8.0 1.42E-02 3.33 -0.18 

PS2 3.6 6.35E-03 7.4 1.31E-02 2.06 -0.36 

PS3 2.6 4.57E-03 11.0 1.96E-02 4.28 -0.53 

Table 4.2: Boundary layer parameters with trip 

Low Tu (mm) C (mm) C  s/C 

SS2 3.8 6.71E-03 5.5 9.79E-03 1.46 0.36 

SS3 7.6 1.35E-02 7.0 1.25E-02 0.92 0.53 

SS4 8.1 1.44E-02 8.5 1.51E-02 1.05 0.71 

High Tu (mm) C (mm) C  s/C 

SS2 4.7 8.36E-03 N/A N/A N/A 0.36 

SS3 10.9 1.94E-02 N/A N/A N/A 0.53 

SS4 14.8 2.63E-02 N/A N/A N/A 0.71 
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Figure 4.1: Pressure side mean velocity profiles, Tu = 0.5% 

 

Figure 4.2: Pressure side fluctuating velocity profiles, Tu = 0.5% 
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Figure 4.3: Pressure side mean velocity profiles, Tu = 20% 

 

Figure 4.4: Pressure side fluctuating velocity profiles, Tu = 20% 
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Figure 4.5: Suction side mean velocity profiles, Tu = 0.5% 

 

Figure 4.6: Suction side fluctuating velocity profiles, Tu = 0.5% 
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Figure 4.7: Suction side mean velocity profiles, Tu = 20% 

 

Figure 4.8: Suction side fluctuating velocity profiles, Tu = 20% 
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Figure 4.9: Suction side mean velocity profiles, Tu = 0.5%, effect of boundary layer trip 

 

Figure 4.10: Suction side fluctuating velocity profiles, Tu = 0.5%, with boundary layer 

trip 
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Figure 4.11: Suction side mean velocity profiles, Tu = 20%, effect of boundary layer trip 

 

Figure 4.12: Suction side fluctuating velocity profiles, Tu = 20%, with boundary layer 

trip 
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Figure 4.13: Velocity boundary layer thickness 

 

Figure 4.14: Pressure side mean temperature and velocity profiles, Tu = 0.5% 
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Figure 4.15: Pressure side mean temperature and velocity profiles, Tu = 20% 

 

Figure 4.16: Suction side mean temperature and velocity profiles, Tu = 0.5%, SS1 and 

SS2 Positions 
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Figure 4.17: Suction side mean temperature and velocity profiles, Tu = 0.5%, SS3 and 

SS4 positions 

 

Figure 4.18: Suction side mean temperature and velocity profiles, Tu = 0.5%, boundary 

layer trip, SS2, SS3, and SS4 positions 
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Figure 4.19: Suction side mean temperature and velocity profiles, Tu = 20%, SS1 and 

SS2 positions 

 

Figure 4.20: Suction side mean temperature and velocity profiles, Tu = 20%, SS3 and 

SS4 positions 

0.0

0.5

1.0

1.5

2.0

2.5

3.0

0 0.2 0.4 0.6 0.8 1 1.2

y/


U/Ue or 

SS1 velocity

SS2 velocity

SS1 thermal

SS2 thermal

0.0

0.5

1.0

1.5

2.0

2.5

3.0

0 0.2 0.4 0.6 0.8 1 1.2

y/


U/Ue or 

SS3 velocity

SS4 velocity

SS3 thermal

SS4 thermal



151 

 

 

Figure 4.21: Thermal boundary layer thickness 

 

Figure 4.22: Thermal boundary layer with wall distance normalized to vane chord, 

suction side, Tu = 20% 
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Figure 4.23: Thermal boundary layer with wall distance normalized to vane chord, 

pressure side, Tu = 20% 

 

Figure 4.24: Thermal to velocity boundary layer thickness ratio based on 99% boundary 

layer thicknesses 
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Figure 4.25: Thermal to velocity boundary layer thickness ratio based on 95% boundary 

layer thicknesses 
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Chapter 5 – Surface Measurements with Film Cooling 

The following chapter presents adiabatic and overall effectiveness measurements 

downstream of a row of suction side holes on the adiabatic and conducting test airfoils.  

Adiabatic effectiveness results are presented first, followed by the overall effectiveness 

results.  The film cooling hole geometry is a very common geometry that has been 

studied extensively in the open literature.  Adiabatic effectiveness measurements 

downstream of very similar film cooling geometries have been reported in several 

previous papers; however, the current study is unique in that the radius of surface 

curvature at the point of film injection is smaller than any published data.  Beyond that 

small contribution to the adiabatic effectiveness literature, the primary purpose of the 

adiabatic effectiveness measurements was to quantify the film cooling performance for 

this specific geometry in order to better interpret the overall effectiveness measurements.  

Whereas previous matched Bi studies reported measurements on a simulated blade 

leading edge, the overall effectiveness measurements reported in this dissertation are the 

first such measurements on large scale gas turbine vane.  The results presented in this 

chapter, along with the surface temperature measurements for the non film cooled surface 

presented in Chapter 5, allow for the individual contributions of internal convective 

cooling and film cooling to be evaluated.   

5.1 ADIABATIC EFFECTIVENESS MEASUREMENTS 

Adiabatic effectiveness measurements were performed downstream of a row of 

cylindrical film cooling holes located at s/C = 0.21 on the foam vane model.  The film 

holes had a pitch to diameter ratio of p/d = 3 and a streamwise injection angle of  = 30°.  

Three different momentum flux ratios, I = 0.34, 0.75, and 1.41, were measured at Tu = 

0.5% and Tu = 20%.  A density ratio of DR = 1.2 was maintained for all adiabatic 
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effectiveness measurements.  Although real engines have density ratios closer to DR = 2, 

a study by Ethridge et al. (2001) showed that density ratio had a small effect on the film 

cooling performance for a similar geometry.  The momentum flux ratios corresponded to 

blowing ratios of M = 0.64, 0.95, and 1.3 respectively.  The momentum flux ratios also 

correspond to 27%, 44%, and 66% of the overall coolant flow through the U-bend 

channel, respectively.  The internal coolant Reynolds numbers were held at Reubend = 

Reradial = 20,000 for all cases.  Although the internal coolant flow rate should have very 

little effect on the external surface temperature due to the very low conductivity of the 

foam model, it was desired to have a consistent internal flow field between adiabatic and 

conducting experiments.   

5.1.1 Effects of Momentum flux Ratio 

The laterally averaged adiabatic effectiveness values for three different blowing 

ratios at Tu = 0.5% are shown in Figure 5.1.  The x coordinate is the distance from the 

downstream edge of the film cooling holes normalized to the film cooling hole diameter.  

Figure 5.1 shows that the highest levels of adiabatic effectiveness were measured at the 

lowest tested momentum flux ratio, I = 0.34.  As momentum flux ratio was increased, the 

laterally averaged adiabatic effectiveness values decreased.  This was due to jet 

separation, which was clearly shown via thermal profile measurements on the centerline 

of the film cooling jet.  Thermal profile measurements will be presented in the following 

chapter.  Jet separation is well documented and known to occur beyond a critical value of 

momentum flux ratio.  On a flat plate, jet separation occurs at a low momentum ratio of I 

= 0.4 (Thole et al. (1992)).  However, as will be discussed in more detail later, surface 

curvature can have a significant effect on film cooling performance.  Studies by Ito et al. 

(1978) and Schwarz et al. (1990) present results for similar injection angle on highly 
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curved surfaces that suggest a peak in adiabatic effectiveness is seen near 0.4 < I < 0.5.  

This trend is consistent with the current results.  For all three momentum flux ratios, the 

highest levels of adiabatic effectiveness were measured immediately downstream of the 

film cooling injection.  For I = 0.34, there was a rapid decrease in overall effectiveness 

with increasing x/d.  For the higher momentum flux ratios, I = 0.75 and I = 1.41, the 

decrease in adiabatic effectiveness with increasing streamwise distance was not as severe.   

In order to gain further insight into the film cooling performance, contour plots of 

local adiabatic effectiveness were plotted and are shown in Figures 5.2, 5.3, and 5.4 for 

the I = 0.34, I = 0.75 and I = 1.41 cases, respectively.  For all three momentum flux ratios 

the contours of adiabatic effectiveness were seen to be asymmetric.  This was likely due 

to the effect of the internal cross flow feeding the holes.  Gritsch et al. (2003) showed that 

feeding film cooling holes with an internal cross flow will cause asymmetry in the 

downstream thermal profiles.  After the coolant was emitted from the film holes, a rapid 

degradation in the adiabatic effectiveness levels can be seen in Figure 5.2.  The jet had 

been degraded do levels of  < 0.5 by about x/d = 14.  For x/d > 28, cooling levels of  > 

0.2 persist throughout the measurement domain.  The jet to jet interaction at I = 0.34 is 

evident for x/d > 5, where  levels are greater than 0.2 across the entire span of the vane 

surface.  For I = 0.75, shown in Figure 5.3, the highest levels of  were seen immediately 

downstream of the film holes, as expected.  One key difference in the contour plots of the 

I = 0.34 and I = 0.75 cases is the thinner jet profiles seen on the surface for the I = 0.75 

case, which is further indicative that the jet for the I = 0.75 case was partially separated 

from the vane surface.  Less jet to jet interaction was seen for the I = 0.75 case, evidenced 

by the persistence of discreet jets throughout the entire measurement domain.  For I = 

1.41, the effect of jet detachment is even more pronounced.  Only very thin regions of 
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cooler temperatures exist downstream of coolant injection.  For x/d > 20, adiabatic 

effectiveness levels are less than 0.1 everywhere, indicating that the jet was totally 

detached in this region. 

5.1.2 Effect of Freestream Turbulence 

Adiabatic effectiveness measurements at momentum flux ratios of I = 0.34, 0.75, 

and 1.41 were measured at Tu = 0.5% and Tu = 20%.  Figure 5.5 shows the laterally 

averaged effectiveness values for all three blowing ratios and both levels of Tu.  For I = 

0.34 and I = 0.75, elevated freestream turbulence degraded the laterally averaged film 

effectiveness for x/d > 10.  For both of these cases, the differences between the 

performance at Tu = 0.5% and Tu = 20% continues to grow with increasing downstream 

distance.  At the end of the measurement domain, near x/d = 55, the laterally averaged 

overall effectiveness for both I = 0.34 and I = 0.75 was decreased by nearly 50% due to 

elevated Tu.  For I = 1.41, no measurable differences in laterally averaged overall 

effectiveness due to the effect of freestream turbulence were seen, which will be 

discussed more in the following chapter.  The nearly universal degradation of suction side 

adiabatic effectiveness was expected as it was also reported by Etheridge (2000), Snook 

(2002), and Robertson (2003). 

Contours of local adiabatic effectiveness for Tu = 20% at all three tested 

momentum flux ratios are shown in Figures 5.6 – 5.8.  For the I = 0.34 and I = 0.75 cases, 

shown in Figures 5.6 and 5.7, the high freestream turbulence caused the jets to merge 

earlier when compared to the low freestream turbulence cases, shown in Figures 5.2 and 

5.3.  Cutbirth (2000) showed that high freestream turbulence caused large oscillations in 

the coolant jets.  The oscillation of the film cooling jets as well as increased mixing due 

to the elevated freestream turbulence was likely the cause of the decreasing coolant 
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performance with increasing distance from film injection and increased jet to jet 

interaction.  For the I = 1.41 case, shown in Figure 5.8, the contours of adiabatic 

effectiveness were wider than the low freestream turbulence case.  For separated jets, 

high freestream turbulence has the effect of increasing mixing and pulling some coolant 

gas back down to the surface.  This mechanism would explain the wider coolant footprint 

at high momentum flux ratios due to elevated freestream turbulence and would generally 

cause better cooling performance.  This explains why no degradation in laterally 

averaged adiabatic effectiveness values was seen at high freestream turbulence relative to 

low freestream turbulence.  However, given the stated uncertainty in adiabatic 

effectiveness measurements, any degradation in performance at I = 1.41 due to turbulence 

effects may be difficult to measure due to the already poor performance at Tu = 0.5%.  

5.1.3 Effect of Surface Curvature and Literature Comparison 

As is discussed in Bogard and Thole (2005), surface curvature can have a 

significant effect on film cooling.  Convex walls possess normal pressure gradients that 

can pull attached film cooling jets toward the wall, thereby improving the film cooling 

performance.  Ito et al. (1978) used a control volume analysis to show that for a convex 

surface film cooling performance will increase relative to a flat or concave surface for 

Icos
2 < 1, where  is the streamwise film cooling injection angle.  Beyond this critical 

value of Icos
2, film cooling performance actually decreases relative to flat or concave 

surfaces due to the normal pressure gradient being unable to compensate for the surface 

curving away from the trajectory of the jet.  Additionally, the strength of the normal 

pressure gradient increases with decreasing radius of curvature, so more tightly curved 

convex surfaces experience more significant improvements in film cooling performance 

up to the critical value of momentum flux ratio.    For the current study the curvature at 
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film cooling injection has a value of 2r/d = 18, which is smaller than any curvature found 

in an existing open literature curved wall study.  Smaller values of 2r/d indicate a more 

highly curved surface.  Downstream of film injection, at x/d = 20 and x/d = 50, the 

surface curvature is increased to 2r/d = 79 and 2r/d ≈ 10
11

, respectively.  A flat plate has 

a radius of infinity, so the current airfoil clearly became more flat plate like with 

increasing x/d.  Figures 5.9 and 5.10 compare the film cooling performance at I = 0.34 

and I = 0.75 with other film cooling studies on surfaces with varying curvatures at similar 

momentum flux ratios.  These momentum flux ratios represent Icos
2 = 0.25 and 

Icos
2 .56, so an improvement in film cooling performance relative to a flat plate 

should be seen in the current data.  All of the studies used for comparison have 

cylindrical film cooling holes, film cooling injection angles of near 30°, and pitch to 

diameter ratios near p/d = 3.  An improvement over the other curved surface results 

should also be seen, due to the smaller radius of curvature present in the current study.  

For I = 0.34, shown in Figure 5.9, the current study had higher adiabatic effectiveness 

values than any other study available for comparison.  This was consistent with the 

current study having a significantly smaller radius of curvature than all other studies.  As 

x/d increases the laterally averaged effectiveness values come closer to measurements for 

other measurements that had larger curvature.  However, the performance for the current 

study never approached levels seen in flat plate studies even though the surface curvature 

approached a flat plate near x/d = 50.  It is possible that the surface curvature near film 

injection is more critical than the downstream curvature, due to the immediate influence 

of the normal pressure gradients on the film cooling immediately after exiting the holes.  

At I = 0.75, similar trends were seen.  The current study had a smaller radius of curvature 
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at film injection and laterally averaged effectiveness values that were higher than all the 

measurements used for comparison purposes. 

The effect of the surface curvature on the contours of adiabatic effectiveness can 

be seen by comparing Figure 5.3 with Figure 5.11, from Waye (2005).  Figure 5.11 

shows contours of  on the suction side of a vane at momentum flux ratio of I = 0.77.  

The radius of surface curvature at film cooling injection was 2r/d = 158, which was 

significantly larger than the current study.  The larger curvature was primarily due to the 

fact that the holes were located farther down the suction side, where curvature is not as 

strong.  The pitch of the film cooling holes in the Waye study was p/d = 2.775, which 

was slightly smaller than p/d = 3 for the current study.  Despite the more closely spaced 

holes, minimum effectiveness levels between the film cooling holes were lower than 

what was seen in Figure 5.3.  Waye (2005) measured values that were  < 0.1 between 

the film holes for x/d < 6.  In the current study over the same range measured values were 

0.1 <  < 0.2.  The most likely cause of this was the surface curvature causing the jets to 

spread to a greater degree in the current study relative to the Waye (2005) data.  Values 

of  on the centerline for the current study were higher than those measured by Waye 

(2005) as well, which can be attributed to the coolant being drawn closer to the vane 

surface due to the normal pressure gradient that resulted from the more highly curved 

surface of the current study. 

5.2 OVERALL EFFECTIVENESS MEASUREMENTS 

Overall effectiveness values were measured downstream of a row of cylindrical 

film cooling holes located at s/C = 0.21.  The geometry of the row of film cooling holes 

was identical to the film cooling holes used in adiabatic effectiveness measurements.  

Overall effectiveness at momentum flux ratios of I = 0.34, 0.75, and 1.41 were measured 
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with Tu = 0.5%.  Due to the conducting nature of the model, the internal cooling was an 

important factor in the overall effectiveness measurements.  For all measurements the 

internal coolant mass flow rate at the vane inlet was set to Reubend = Reradial = 20,000. 

5.2.1 Effects of Momentum flux Ratio 

Figure 5.12 shows the laterally averaged overall effectiveness around the film 

cooling holes for the three momentum flux ratios that were tested.  The lowest 

momentum flux ratio, I = 0.34, caused the best cooling performance.  As the momentum 

flux ratio was increased, the overall effectiveness decreased, which represented warmer 

surface temperatures.  Of course, the film cooling is only one factor contributing to the 

overall cooling performance.  A significant contributor to the overall effectiveness on the 

vane was the internal cooling.  For all three momentum flux ratios, the coolant flow rate 

at the vane inlet was set at Reubend = Reradial = 20,000, which implies that the internal heat 

transfer was nominally the same for all three momentum flux ratios.  Since the internal 

convective heat transfer was the same for all three cases, decreases in  were expected 

where decreases in  were measured.  However, the decreases in overall effectiveness 

were much less than the decreases in adiabatic effectiveness.  Near the holes, the 

adiabatic effectiveness decreased by more than a factor of three from I = 0.34 to I = 1.41.  

In terms of overall effectiveness the decrease was only a factor of two.  

Downstream of x/d > 20, the overall effectiveness increased for I = 0.75 and I = 

1.41.  The reason for this can be clearly seen in Figure 5.13, which compares film cooled 

overall effectiveness values to non-film cooled overall effectiveness values at the same 

internal flow rate with and without a trip.  For s/C > 40, which corresponds roughly to x/d 

> 20, both the tripped and non-tripped non-film cooled overall effectiveness values 

increased.  When the film cooling performance approaches zero, the surface temperature 
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distribution should clearly approach the non-film cooled surface temperature distribution, 

which had increasing  with increasing s/C.  This is consistent with the results shown in 

Figure 5.12 and 5.13. 

Figure 5.13 is also useful in showing the relative contribution of the film cooling 

to the overall cooling scheme. As stated previously, overall effectiveness measurements 

without film cooling are shown for the cases of a tripped boundary layer and non tripped 

boundary layer.  These two reference cases were included to demonstrate the importance 

of the reference condition used to evaluate film cooling performance.  The non-tripped 

overall effectiveness without film cooling is the best baseline to use in evaluating the 

contribution of film cooling to the overall cooling performance since this represents the 

temperature of the vane for the case of no film.  However, in addition to lowering the gas 

temperature above the vane surface, film cooling has also been shown to effectively trip 

otherwise laminar boundary layers at the film injection location.  Dees et al. (2010) 

showed that film cooling caused as much as a 100% increase in external heat transfer 

coefficient relative to a laminar, non-film cooled surface and attributed that to the coolant 

injection tripping the boundary layer.  Additionally, the measurements by Dees et al. 

(2010) suggest that the heat transfer coefficient augmentation due to film cooling was 

insensitive to the amount of film cooling, or momentum flux ratio.  The effect of tripping 

the boundary layer and the corresponding increase in heat transfer effect is an undesirable 

side effect of film cooling and can offset positive contributions of film cooling under 

certain circumstances.  Comparing the film cooling performance to the tripped, non-film 

cooled overall effectiveness serves to separate the competing effects of film cooling on 

increasing the external heat transfer coefficient and lowering the gas temperature above 

the wall.  Figure 5.13 shows that film cooling caused an increase in overall effectiveness 
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relative to the tripped, non film cooled case for all momentum flux ratios.  If the external 

heat transfer was nominally the same for all three momentum flux ratios and the no 

blowing case, which is suggested by Dees et al. (2010), then any increase in overall 

effectiveness relative to the non film cooled, tripped case was attributable solely to the 

film cooling reducing the gas temperature above the vane surface. 

A different perspective on the effect of film cooling can be gained by comparing 

the overall effectiveness with film cooling to the non-film cooled, non-tripped case.  As 

mentioned previously, this is a more appropriate comparison because this is the 

temperature that would exist if there were no film cooling holes present on the vane 

surface.  Generally, overall effectiveness values with film cooling were still higher than 

the non-film cooled, non-tripped case, however the relative improvement in cooling 

performance was less than when comparing to the tripped case.  This was due to the 

effect of film cooling on causing boundary layer transition and enhancing external heat 

transfer relative to the non film cooled case.  For I = 1.41 over the region 0.35 < s/C < 

0.45, the film cooled effectiveness was actually lower than the non-film cooled 

effectiveness.  For this specific case the addition of film cooling was detrimental over the 

small region 0.32 < s/C < 0.43 in terms of vane surface temperature.  The augmentation 

in external heat transfer due to film cooling was greater than the corresponding decrease 

in gas temperature above the wall, which ultimately caused a warmer surface 

temperature.   

Hylton et al. (1988) used a parameter called Stanton Number Reduction (SNR) to 

compare the effect of film cooling on a C3X vane to the non film cooled case.  The vane 

in Hylton et al. (1988) was cooled via internal, circular cross section, radial cooling 

channels.  A double row of suction side film cooling holes with p/d = 4 and  = 35° were 
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located at about s/C = 0.25.   Positive values of SNR represented lower heat transfer due 

to film cooling while negative values of SNR represented higher heat transfer due to film 

cooling.  However, the reference condition used for the SNR calculation is unclear.  The 

authors state that there was no film cooling, however if the film holes were uncovered 

they still likely caused boundary layer transition.  On the vane suction side, SNR values 

were positive for the entire range of momentum flux ratios tested.  This is consistent with 

the current study if the reference condition represented a tripped boundary layer.  Dees et 

al. (2010) showed that even non-blowing film cooling holes are effective in causing 

boundary layer transition.    Due to the uncertainty in reference condition, test conditions, 

differences in internal cooling design, and major differences in film cooling geometry it 

is difficult to make direct comparisons to the data of Hylton et al. (1988).  However, the 

data represents the only other direct comparison of film cooled and non film cooled data 

on a conducting vane model.  Similar measurements were reported by Albert et al. (2004) 

for a simulated blade leading edge.  Direct comparisons to this data are inappropriate due 

to the drastically different geometry and cooling configuration than the current study.  

Figure 5.13 also shows that the effect of convective heat transfer due to flow in 

the film cooling holes is a significant contributor to the overall cooling performance.  The 

increased overall effectiveness with film cooling upstream of the film holes (s/C < 0.21) 

must be attributed to convection through the film holes, since this effect cannot be due to 

overlying film.  The effect of convection extends more than 20d upstream of the film 

cooling holes. 

5.2.2 Comparison to Adiabatic Model 

 The surface of the film cooled adiabatic wall had strong spanwise temperature 

variations, as shown in Figures 5.2 – 5.4.  Figures 5.14 – 5.16 show the contours of 
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overall effectiveness for the I = 0.34, 0.75, and 1.41 cases, respectively.  On the film 

cooled conducting wall, lateral conduction drastically decreased spanwise temperature 

variations.  This was expected due to strong lateral conduction effects in the conducting 

model.  Measurements of adiabatic effectiveness and overall effectiveness on a simulated 

blade leading edge by Albert et al. (2004) showed a similar reduction in spanwise 

temperature variations.  The lateral conduction caused the “footprint” of the film cooling 

jets to disappear for x/d > 10 at I = 0.34.  For I = 0.34 and Tu = 0.5%, distinct jets could 

be seen in the contours of adiabatic effectiveness for x/d < 30.  For the detached jets, I = 

0.75 and I = 1.41, distinct contours in wall temperature corresponding to the location of 

the film cooling jets could not be distinguished in the contour plots. 

A more direct comparison can be made by plotting the spanwise temperature 

variation on the surfaces of both the conducting model and adiabatic model at specific x/d 

locations.  For these plots, the wall temperature on the conducting model has been 

normalized to produce w, as shown in the following equation: 

film

w

w
TT

TT








         (5.1) 

This convention uses the film temperature at the exit of the film holes rather than the 

vane coolant inlet temperature in the normalization, so that for the adiabatic wall, w is 

equivalent to . 

Figure 5.17 shows the spanwise wall temperature variation for both models and 

all three momentum flux ratios at x/d = 1 and Tu = 0.5%.  For all three momentum flux 

ratios, spanwise temperature variations were much stronger on the surface of the 

adiabatic model, as was expected.  The peaks in w, corresponded to jet centerlines and 

troughs corresponded to the midline between film cooling holes.  The peak to trough 

variation was small for the conducting model compared to the adiabatic model due to 
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strong lateral conduction.  The influence of the internal cooling on the conducting model 

surface temperature can also be seen in Figure 5.17, particularly for I = 1.41.  For I = 1.41 

the w on the conducting wall was colder than the adiabatic wall everywhere due to the 

internal convection cooling the surface of the conducting model.  For the I = 0.34 and I = 

0.75 cases, the coldest temperatures at the jet centerline were equal to or colder for the 

adiabatic model than the conducting model.  At x/d = 10, shown in Figure 5.18 even 

smaller variations in surface temperature due to the film cooling jet can be seen on the 

conducting model.  For I = 1.41 and I = 0.75, spanwise temperature variations were either 

very slight or nonexistent.  For I = 0.34, small spanwise temperature variations were still 

apparent.  On the adiabatic model, spanwise temperature variations were still present for 

all momentum flux ratios, but the variations were smaller than what were seen at x/d = 1.  

At x/d = 19, shown in Figure 5.19, spanwise temperature variations in the I = 0.34 and I = 

1.41 cases were non-existent on the surface of the conducting model.  However, the I = 

0.75 conducting model case still had some spanwise variation.  For the adiabatic model, 

all variations in spanwise temperature were further reduced relative to x/d = 10.  The 

strongest variations in spanwise temperature on the adiabatic model were seen in the I = 

0.75 case, which may explain why spanwise variations were only seen on the conducting 

model at I = 0.75. 

Figure 5.20 plots laterally averaged values of  and w versus x/d.  For all 

momentum flux ratios, laterally averaged w was always higher than the corresponding 

value of  due to the effect of the internal cooling.  At x/d = 25, values of w began 

increasing for I = 0.75 and I = 1.41 and became nominally constant for I = 0.34 while the 

corresponding  values continued to decrease with increasing downstream distance.  In 

this region of the airfoil the non-film cooled effectiveness was increasing, as shown in 
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Figure 5.11.  As discussed earlier, the reason that overall effectiveness decreased over 

this region was due to the decreasing contribution of  to the overall cooling 

performance.  As  nears zero, the surface temperature has to approach that of the non-

film cooled surface.  
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Figure 5.1: Laterally averaged adiabatic effectiveness, Tu = 0.5%, effect of momentum 

flux Ratio 

 

Figure 5.2: Contour of local adiabatic effectiveness, Tu = 0.5%, I = 0.34 

 

0.00

0.10

0.20

0.30

0.40

0.50

0.60

0 10 20 30 40 50 60



x/d

I = 0.34

I = 0.75

I = 1.41



169 

 

 

Figure 5.3: Contour of local adiabatic effectiveness, Tu = 0.5%, I = 0.75 

 

 

Figure 5.4: Contour of local adiabatic effectiveness, Tu = 0.5%, I = 1.41 
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Figure 5.5: Laterally averaged adiabatic effectiveness, effect of freestream turbulence 

 

Figure 5.6: Contour of local adiabatic effectiveness, Tu = 20%, I = 0.34 
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Figure 5.7: Contour of local adiabatic effectiveness, Tu = 20%, I = 0.75 

 

Figure 5.8: Contour of local adiabatic effectiveness, Tu = 20%, I = 1.41 
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Figure 5.9: Effect of curface curvature on laterally averaged overall effectiveness, I ≈ 

0.34, Tu = 0.5%  

 

Figure 5.10: Effect of surface curvature on laterally averaged overall effectiveness, I ≈ 

0.75, Tu = 0.5%  
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Figure 5.11: Contours of adiabatic effectiveness from Waye (2005), p/d = 2.775, 2r/d = 

158, I = 0.77, Tu = 3.9%  

 

 

Figure 5.12: Laterally averaged overall effectiveness, Tu = 0.5%, Reubend = Reradial = 

20,000, effect of momentum flux ratio 
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Figure 5.13: Laterally averaged overall effectiveness, Tu = 0.5%, Reubend = Reradial = 

20,000, comparison to non film cooled case 

 

Figure 5.14: Contour of local overall effectiveness, Tu = 0.5%, I = 0.34 
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Figure 5.15: Contour of local overall effectiveness, Tu = 0.5%, I = 0.75 

 

Figure 5.16: Contour of local overall effectiveness, Tu = 0.5%, I = 1.41 
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Figure 5.17: Spanwise temperature variation, x/d = 1, Tu = 0.5%, adiabatic and 

conducting models 

 

Figure 5.18: Spanwise temperature variation, x/d = 10, Tu = 0.5%, adiabatic and 

conducting models 
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Figure 5.19: Spanwise temperature variation, x/d = 19, Tu = 0.5%, adiabatic and 

conducting models 

 

Figure 5.20: Laterally averaged temperature, Tu = 0.5%, adiabatic and conducting 

models 

0.0

0.1

0.2

0.3

0.4

0.5

0.6

0 3 6 9 12


w

o
r 


z/d

I = 0.34 conducting I = 0.34 adiabatic
I = 0.75 conducting I = 0.75 adiabatic
I = 1.41 conducting I = 1.41 adiabatic

0.0

0.1

0.2

0.3

0.4

0.5

0.6

-20 -10 0 10 20 30 40 50


w

o
r 


x/d

I = 0.34 conducting I = 0.34 adiabatic
I = 0.75 conducting I = 0.75 adiabatic
I = 1.41 conducting I = 1.41 adiabatic



178 

 

Chapter 6 – Thermal Profile Measurements with Film Cooling 

The thermal field above the wall were measured along the centerline of a film 

cooling hole for momentum flux ratios of I = 0.34, 0.75, and 1.41 on the adiabatic and 

conducting airfoils.  Additionally, two dimensional contour plots of the mean temperature 

in the film cooling jet was measured above the conducting and adiabatic walls at x/d = 5 

and I = 0.75.  All measurements were performed at DR = 1.2.  Measurements were 

performed at locations of x/d = 1, 3, 5, 10, and 19.  All measurements were performed 

with turbulence level of the approach flow of Tu = 0.5% and with no upstream trip 

present.  For all cases, the temperature fields were normalized as , as described in 

Chapter 3.  The distance from the wall, y, was normalized with the film cooling hole 

diameter, d.  Surface temperatures, measured by an IR camera in separate experiments, 

are also plotted for each momentum flux ratio and downstream position.  This chapter 

will present the measurements on the adiabatic airfoil first, followed by the conducting 

wall measurements.  Finally, direct comparisons will be made between the thermal fields 

above the adiabatic and conducting walls with an emphasis on evaluating the adiabatic 

wall temperature as driving temperature for heat transfer assumption.  Directly comparing 

the thermal profiles above the adiabatic and conducting walls allows for effects due to 

development of the thermal boundary layer over the conducting wall to be identified and 

discussed. 

6.1 ADIABATIC WALL THERMAL PROFILES 

The centerline thermal profile for I = 0.34 at all five measurement locations is 

plotted in Figure 6.1.  Figure 6.1 confirms that for I = 0.34 the film cooling jet was fairly 

well attached to the vane surface, which was expected based on the adiabatic 

effectiveness values reported in Chapter 5.  At x/d = 1, the coldest part of the film cooling 
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jet was at nominally y/d = 0.2, which indicated a slight separation immediately after film 

coolant injection.  This separation region had disappeared by x/d = 3, indicating that the 

slightly separated jet had reattached to the surface.  For x/d > 3, the coldest part of the 

coolant jet was seen right at the vane surface, indicating well attached jets.  For y/d < 0.8, 

the jet coolant temperature monotonically decreased with increasing x/d, which was 

consistent with contours of adiabatic effectiveness.  This decrease in jet temperature was 

due to the jet mixing with the warm mainstream.  The jet mixing also caused the 

thickness of the thermal profiles to grow slightly as downstream distance increased.  For 

x/d < 5, the influence of the coolant jet extended to about y/d = 1.  For x/d = 10 and x/d = 

19, the influence of the jet extended to about y/d = 1.2 and y/d = 1.8, respectively.  This 

thickening of the thermal profile was also attributable to mixing with the mainstream 

flow and entrainment of hot gas into the film cooling jet. 

Due to limitations of the microthermocouple probe, as discussed in Chapter 3, the 

thermal field was not able to be resolved all the way to the vane surface.  Local adiabatic 

effectiveness measurements at the hole centerline are plotted in Figure 6.1.  In order to 

eliminate the effect of hole to hole variation on the comparison of centerline effectiveness 

and thermal field measurements, the adiabatic effectiveness values behind the same hole 

used for thermal profiles were plotted.  In general, the thermal profile measurements very 

near the wall agreed reasonably well with the surface measurements from the IR camera, 

but were not always to within the experimental uncertainty.  For x/d = 1, which had a 

small separation region between the jet core and the vane wall, the wall temperature was 

warmer than the coldest gas temperature measurement.  It is possible that a very thin 

region of cold gas and a corresponding cold surface temperature existed exactly on the 

centerline of the jet.  Due to the finite spatial resolution of the IR camera, this region may 
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have been washed out due to the averaging process across a camera pixel.  This thin 

region of cold gas may have been able to be resolved by the thermocouple probe, which 

likely had a smaller sensing area than a camera pixel.   

For x/d > 3, where the thermal profiles indicated a decreasing temperature as the 

wall was approached, the surface temperature measurements indicated a temperature that 

was somewhat colder than the probe measurement closest to the wall.  The wall 

measurement being colder than the closest off wall measurement was consistent with a 

continually decreasing temperature approaching the wall.     

The thermal profiles for the adiabatic wall at I = 0.75, shown in Figure 6.2, 

indicate that the jet was detached for all measurement locations.  At x/d = 1 the coldest 

part of the thermal profile was measured to be at about y/d = 0.6, indicating that the jet 

was significantly detached.  At x/d = 3 the distance from the wall to the coldest part of the 

jet had decreased to about y/d = 0.3, indicating that slight reattachment occurred between 

x/d = 1 and x/d = 3.  This may have been due to the normal pressure gradient due to 

convex curvature pulling the jet down towards the wall.  For x/d > 3, the level of jet 

separation increased with increasing x/d which is typical for a detached jet on a flat 

surface.  The precise effects of a convex surface on the thermal field of the film cooling 

jet are not well known as they have not been previously studied.  A thermal profile for 

film cooling jet with I = 0.75 above a flat plate, as shown Thole et al. (1992), also has a 

trajectory that is continuously away from the wall.  A key difference between the current 

study and flat plate studies is the continued convex curvature downstream of film 

injection.  This convex curvature had the effect of curving the vane wall away from the 

detached jet, which might explain the increase in jet separation level with increasing x/d.  

As was described earlier, simplified analysis shows that for momentum flux ratios less 
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than one, the effect of normal pressure gradient should be to pull the jet down to the vane 

surface.  These measurements are contrary to what is predicted from the analysis, 

however the analysis assumes a constant velocity profile in the film cooling jet.  It is 

possible that there are regions of higher momentum within the jet that have momentum 

flux ratio values of I > 1.  This would explain the tendency of the jet to separate despite 

average momentum flux ratio of I = 0.75.  As with I = 0.34, the thickness of the thermal 

profile increased and the coldest temperatures in the jet profile decreased with increasing 

distance from film injection due to entrainment of and mixing with the mainstream flow. 

For I = 1.41, shown in Figure 6.3, similar trends were seen.  The jet was detached 

for all measurement locations.  For x/d = 3, temperatures for y/d < 0.4 were somewhat 

colder than the corresponding temperatures at x/d = 1.  Even though the distance of the 

coldest temperatures from the wall were roughly equivalent for x/d = 1 and x/d =3, very 

close to the wall colder temperatures were seen at x/d = 3.  This can be explained either 

through slight jet reattachment or dispersion of the cooling jet between the x/d = 1 and x/d 

= 3 positions.  Interestingly, the temperatures at the wall were nearly identical for x/d = 1 

and x/d = 3, even though the thermal profile slightly above the wall was colder for the x/d 

= 3 case.   

At x/d = 10 and x/d = 19 for I = 1 and I = 1.41, distinct local minima and maxima 

in gas temperature were measured a finite distance from the wall.  Immediately above the 

wall, relatively warm gas temperatures (minimum ) were measured compared to the 

wall temperature.  Above this region of warm gas, colder gas temperatures were 

measured, indicating the position of the film cooling jet.  One possible explanation for a 

layer of relatively cold gas near the wall would be a developing thermal boundary layer.  

However, due to the adiabatic nature of the test surface, this was considered to be an 
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unlikely cause.  Another possible explanation could be that the normal pressure gradients 

due to the strong surface curvature caused some of the lower momentum coolant to be 

pulled back down to the vane surface. 

There were large differences between the measured surface temperatures and first 

gas temperature measurements for both I = 0.75 and I = 1.41 at x/d = 10 and x/d = 19.  In 

order to determine if the difference between the wall and gas temperature measurements 

on the adiabatic wall could be accounted for due to a thermal boundary layer, the heat 

flux through the wall was estimated from the conduction correction for adiabatic 

effectiveness measurements discussed in Chapter 5.  The heat flux that would result from 

the apparent temperature gradient was over four times larger than the expected heat flux 

estimated from the conduction correction, indicating that there was virtually no way that 

the differences between the first gas temperature measurement and the surface 

temperature measurement on the adiabatic wall could be accounted for through 

conduction through the wall.  Another possibility was that skewness in the film cooling 

jet caused inaccurate location of the jet centerline.  Since the centerline was located by 

finding the coldest temperature in the core of the jet, the coldest temperature in the core 

of the jet may not have been coincident with the coldest gas temperature above the wall.  

As will be discussed later, the jet skewness was evaluated to be moderate at x/d = 5, but it 

is possible that the skewness became worse with increasing downstream distance. 

Figure 6.4 shows a two dimensional contour plot of mean temperatures above the 

wall for I = 0.75 at x/d = 5.  As was expected from the centerline measurement shown in 

Figure 6.2, the film cooling jet was clearly separated from the wall for I = 0.75 at x/d = 5.  

At x/d = 5 the film cooling jet extended to about z/d = ± 0.8, indicating that the film 

cooling jet was nominally 1.6d wide at this position.  Mixing with the mainstream was 
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expected to cause the jet to disperse and widen with increasing downstream distance.  

The normal pressure gradient resulting from the surface curvature may have also 

contributed to the jet becoming broader at this position.   Figure 6.4 shows that the profile 

of the film cooling jet was not symmetric, which was consistent with the asymmetric 

profiles of adiabatic effectiveness shown in Chapter 5.  As discussed in Chapter 5, film 

cooling holes fed from an internal crossflow can have skewed adiabatic effectiveness 

contours.  This implies that the coolant temperature field above the wall would also be 

skewed.  Colder temperatures were seen near the wall for positive z/d, which is consistent 

with the direction of internal crossflow.  Outside of the film cooling jet no developing 

thermal boundary layers were measured, which was expected for the adiabatic wall. 

Figure 6.5 shows some thermal profiles at various spanwise positions extracted 

from Figure 6.4.  These profiles are useful in order to get a better understanding of the 

asymmetry that was evident in Figure 6.4.  On the jet centerline, at z/d = 0, the coldest 

gas temperatures both on the wall and in the core of the separated jet were measured.  

This is important because it implies that the jet centerline was accurately located by 

finding either the coldest temperature at the wall or by finding the coldest temperature in 

the jet core.  For a more highly skewed jet it is possible that the coldest temperatures at 

the wall and in the core of the jet would not be located at the same z/d making the 

location of the jet centerline ambiguous.  As the distance from the centerline increased, 

the gas temperatures decreased everywhere in the film cooling jet.  The asymmetry 

present in the jet can be seen clearly by comparing the positive and negative z/d values 

for the same distance from the centerline.  Generally, negative z/d had warmer gas 

temperatures compared to the corresponding positive z/d measurement, with the largest 

differences seen near the wall. 
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Figure 6.6 shows a contour plot of the coolant jet profile for I = 0.75 at x/d = 10.  

Relative to Figure 6.4, the core of the coolant jet temperature was colder, which was 

expected due to the jet being mixed out with the freestream gas.  The effect of the coolant 

jet also extended a greater distance away from the wall relative to the x/d = 5 position, 

which was also seen in the centerline temperature profiles.  As was seen at x/d = 5, the 

profile of the cooling jet was slightly skewed in the direction of the internal crossflow. 

Figure 6.6 shows that some of the coolant gas remained attached to the vane wall 

while the main jet core was continuing to separate from the surface.  This phenomenon 

explains the increase in  values seen in the centerline profiles for y/d < 0.2 for I = 0.75 

and I = 1.41 at x/d = 10 and x/d = 19.  It is possible that the momentum of the coolant gas 

very near the wall was low enough that the normal pressure gradient due to the surface 

curvature caused the gas near the wall to remain attached to the surface.  Higher velocity 

fluid in the core of the coolant jet had high enough momentum that the normal pressure 

gradient was not strong enough to pull the gas back to the vane surface. 

6.2 CONDUCTING WALL THERMAL PROFILES 

Thermal profile measurements along the jet centerline of a film cooled, 

conducting wall were performed at I = 0.34, I = 0.75, and I = 1.41 at downstream 

positions of x/d = 1, 3, 5, 10, and 19.  Figures 6.7 – 6.9 plot the development of the 

centerline thermal profiles above the film cooled, conducting wall for I = 0.34, I = 0.75, 

and I = 1.41, respectively.  It is important to note that wall temperature measurements 

plotted in Figures 6.7 – 6.9 are not the overall effectiveness (because the film coolant 

exit temperature has been used in the normalization rather than the coolant temperature at 

the inlet of the internal cooling circuit.  For all test cases the inlet coolant flow rates were 

maintained at Reubend = Reradial = 20,000. 
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In a general sense, many of the trends seen in the temperature profiles above the 

conducting wall were similar to those seen for the adiabatic wall.  Increasing the 

momentum flux ratio increased the level of jet separation and thermal profile thickness.  

As x/d increased, the temperature in the core of the jet warmed in a very similar manner 

as what was seen for the adiabatic wall cases, shown in Figures 6.1 – 6.3.  Similar to the 

adiabatic model, at x/d = 10 and x/d = 19 for I = 0.75 and I = 1.41 a region where d/dy < 

0 was seen close to the wall.  The thickness of this layer of gas was very similar to that 

seen on the adiabatic wall.  This supports the assertion that the cold gas very close to the 

wall was likely not due to a developing thermal boundary layer and was more likely due 

to hydrodynamic effects causing a layer of cold gas to remain very close to the wall.  

More direct comparisons between specific adiabatic and conducting thermal boundary 

layer profiles will be made and discussed in the following section. 

Figure 6.10 shows a two dimensional contour of the gas temperature above the 

wall for I = 0.75 at x/d = 5.  As expected from both centerline profile measurements as 

well as overall effectiveness measurements, Figure 6.10 shows that the core of the film 

cooling jet was distinctly separated from the wall for this case.  Comparing Figure 6.10 to 

Figure 6.4 shows that there was more separation above the conducting wall compared to 

the adiabatic wall.  The width of the jet above the conducting wall extended to z/d = ± 1, 

indicating a jet that was nominally 2d wide, which is twice the diameter of the injection 

hole and slightly wider than the jet above the adiabatic wall.  Outside of z/d = ± 1, the 

effect of the developing thermal boundary layer can be seen very close to the wall.  The 

thickness of the developing thermal boundary layer, about 0.2d, was consistent with the 

non film cooled measurements at s/C = 0.18 reported in Chapter 6.   



186 

 

Asymmetry in the thermal profile above the film cooled conducting wall was not 

as obvious as what was seen for the adiabatic profile.  However, asymmetry in the profile 

above the conducting wall did exist.  Figure 6.11 shows thermal profiles at various 

spanwise positions, taken from the contour shown in Figure 6.10.  As can be seen in 

Figure 6.11, significant differences between corresponding positive and negative z/d 

values were seen very close to the wall.  As was seen with the adiabatic wall, the thermal 

profile was skewed such that positive values of z/d generally had colder temperatures 

compared to the corresponding negative z/d value. As the z/d increased, warmer coolant 

temperatures were measured everywhere above the wall.  The thickness of the jet also 

decreased with increasing distance from the centerline, which was expected.  Completely 

outside of the influence of the film cooling jet, z/d > 1.07, the developing thermal 

boundary layer was measured and was very similar to the non-film cooled boundary 

layers presented in Chapter 4.  The developing thermal boundary layer can be clearly 

seen to exist under the separated film cooling jet for distances away from the centerline 

larger than 0.48.  For distance from the centerline less than 0.48, the developing thermal 

boundary was very thin.  This was consistent with the development of a new thermal 

boundary layer.  A new thermal boundary layer was developing because the upstream 

thermal boundary layer was displaced by the film injection.  

6.3 COMPARISON OF CONDUCTING AND ADIABATIC WALL THERMAL PROFILES 

The following sections makes comparisons between the gas temperatures above 

the adiabatic and conducting walls for each momentum flux ratio.  The discussion of each 

comparison focuses on whether or not the adiabatic wall temperature appears to be the 

appropriate driving temperature for heat transfer for that specific case.  The common 

analysis methods presume that the coolant temperature above a film cooled wall is not 
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significantly affected by the conducting wall.  The profiles presented in the following 

section are the first direct measurements designed to evaluate this assumption.  For many 

cases, the differences between the conducting and adiabatic models were greater than 

what was expected.  Making a direct comparison between the conducting and adiabatic 

models proved to be more difficult than expected due to the sensitivity of the overriding 

thermal field to blowing ratio and hole geometry.  The discussion will begin with the I = 

0.34 case, which represented a film cooling configuration that was well attached to the 

surface.  Cases with separated film cooling, I = 0.75 and I = 1.41, will then be discussed. 

6.3.1 Thermal Profile Comparisons for I = 0.34 

Thermal profiles above the adiabatic and conducting walls with film cooling at a 

momentum flux ratio of I = 0.34 are shown in Figures 6.12 – 6.16, in order of increasing 

x/d.  At all five x/d locations, the thermal profile above the conducting wall differs from 

the adiabatic profile in that for a specific y/d value, measured gas temperatures were 

generally cooler on the conducting wall.  Initially it was expected that any differences 

between the conducting and adiabatic wall thermal profiles would be limited to y/d < 0.2, 

which was the extent of the effect of the non-film cooled thermal boundary layer.  For y/d 

> 0.2, it was expected that the thermal profiles for the conducting and adiabatic walls 

would be similar.   

The fact that colder gas temperatures existed above the conducting wall relative to 

the adiabatic wall for y/d > 0.2 can be explained through several possible avenues.  An 

obvious explanation for the colder gas temperatures above the conducting wall was that 

the coolant jet was more separated above the conducting wall relative to the adiabatic 

wall.  As can be seen by comparing Figures 6.4 and 6.10, the jet was also more separated 

above the conducting wall relative to the adiabatic wall for I = 0.75, which suggests that 



188 

 

some systematic difference between the conducting and adiabatic model caused a greater 

level of jet separation above the conducting model.  An unknown leak in the adiabatic 

model would cause less film coolant to be ejected from the film cooling holes for a given 

momentum flux ratio, which might explain the higher level of jet separation for the 

conducting model.  However, leaks from the test vanes to the wind tunnel test section 

were minor.  In order to test the effects of leaks, thermal profile measurements were 

performed before and after a process to seal minor leaks had been performed.  The 

thermal profile measurements did not appear to be affected by the leak sealing process, 

which suggested that any mass lost due to leakage was minor relative to the mass ejected 

through film cooling. 

Another possible explanation for the differences in thermal profiles above the 

different surfaces was variation between holes.  The epoxy resin material used to 

construct the conducting vane was a much more rigid material than the polyurethane 

foam used for the adiabatic model.  One possibility was that the film cooling holes 

machined into the conducting model had sharper edges than the holes machined in the 

adiabatic model, causing the jets to separate more on the conducting model.  A visual 

inspection of the film cooling holes on each model was unable to reveal any obvious 

differences.  It is also possible that very slight geometric differences between film 

cooling holes caused differences in the thermal profiles.  All adiabatic wall thermal 

profiles were measured downstream of a specific hole on the adiabatic model.  Likewise, 

all conducting wall profiles were measured downstream of the same film cooling hole on 

the conducting model.  However, since adiabatic and thermal profile measurements were 

performed on different models, the thermal profiles were obviously measured 



189 

 

downstream of different film cooling holes.  Any difference in the two film cooling holes 

used would represent systematic error in the thermal profile measurement.   

As shown in Figure 5.17 – 5.19, significant variations in adiabatic effectiveness 

values were seen on the centerline of different film cooling holes.  While much smaller 

hole-to-hole variations were seen in the overall effectiveness behind different film 

cooling holes, the variations in adiabatic effectiveness were expected to be accompanied 

by similar variations in the gas temperature above both the conducting and adiabatic 

walls.  The variation in gas temperature can be attributed to slight differences in the level 

of jet separation.  Figure 6.17 shows the variation in gas temperature above the 

conducting wall downstream of two different film cooling holes at I = 0.75 and x/d = 5.  

The thermal profile was measured downstream of hole 1 before and after measuring the 

thermal profile downstream of hole 2.  All measurements were performed in a single 

experiment.  As can be seen, significant differences in the gas temperature exists very 

close to the wall.  The differences in temperature near the wall between the two different 

holes was consistent with the variations in adiabatic effectiveness measured downstream 

of different film cooling holes.  Since the hole to hole variation should effect all 

momentum flux ratios, a statistical analysis of the hole to hole variation in adiabatic 

effectiveness was performed for four different film cooling holes at all momentum flux 

ratios.  The uncertainty in adiabatic effectiveness, which was expected to be 

representative of the uncertainty in the gas temperature measurement close to the wall, is 

shown in Figure 6.18.  

As seen in Figure 6.18, the greatest uncertainty in gas temperature due to hole to 

hole variation was seen for I = 0.34.  Uncertainties were lower for the higher momentum 

flux ratio cases.  It is possible that since the jet was mostly attached at I = 0.34 it was 
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more sensitive to slight variations in hole geometry causing the jet to separate.  This 

would also explain why the thermal profiles above the conducting wall were generally 

thicker and colder relative to the adiabatic wall.  This is consistent with the conducting 

model causing some jet separation at I = 0.34 while the adiabatic wall had attached jets 

for the same momentum flux ratio. 

Finally, it is possible that the differences were due to conjugate heat transfer 

effects.  In this case, the conducting wall may have had colder gas temperatures above the 

wall because the film cooling jet was mixed with colder gas due to the developing 

upstream thermal boundary layer which would consist of gas colder than the freestream 

gas.  To give an impression of the relative thickness of the upstream thermal boundary 

layer (measured at s/d = -5), the non film cooled thermal boundary layer is plotted in 

Figure 6.12.  Although the upstream thermal boundary layer is thin relative to the film 

cooling jet thickness, the thermal boundary layer may have a significant effect on the 

mixing process.  On the conducting wall, the injected film coolant should have displaced 

the upstream thermal boundary layer, resulting in the film cooling jet being surrounded 

by gas that was colder than the mainstream gas.  This process could have caused 

somewhat colder temperatures above the conducting wall compared to the adiabatic wall.  

Unfortunately, due to the uncertainties in momentum flux ratio and hole to hole variation 

it is impossible to explain the precise cause of the differences between the conducting and 

adiabatic thermal profiles. 

As mentioned in the Introduction, a primary goal of the current study was to 

evaluate the validity of using the adiabatic wall temperature as the driving temperature 

for heat transfer to a film cooled wall.  One way to evaluate this assumption is to compare 

the gas temperature above the conducting wall to the measured adiabatic effectiveness 
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values.  Conventional film cooling heat transfer analysis methods use the measured 

adiabatic effectiveness to determine the adiabatic wall temeprature which is presumed to 

be the driving temperature for heat transfer under the rationale that this is the temperature 

of the gas immediately above the film cooled wall and presumes that the coolant 

temperature is not significantly changed by conduction effects.  The thickness of the 

thermal boundary layer on the conducting model is a critical parameter, since it defines 

the extent to which the conducting wall will affect the overriding coolant gas.  

Hypothetical situations where the adiabatic wall temperature would or would not be 

appropriate are shown in Figure 2.1.   

In order to better interpret the differences between the adiabatic and conducting 

wall thermal profiles, solid blue lines representing the measured adiabatic effectiveness 

and dashed blue lines representing the uncertainty in adiabatic effectiveness due to hole 

to hole variation are plotted on Figures 6.12 – 6.16.  The conducting wall profiles at x/d = 

3 and x/d = 10, shown in Figures 6.13 and 6.15, both have nominally constant 

temperature thermal profiles for an appreciable distance above the wall.  If the 

temperature in this region of the thermal profile were to coincide with the adiabatic wall 

temperature, then it would be reasonable to assume that adiabatic wall temperature is the 

appropriate temperature for heat transfer to the film cooled wall.  In fact, the temperatures 

above the conducting wall at the x/d = 3 and x/d = 10 positions coincided well with the 

measured adiabatic wall temperatures for the respective position. Consequently the heat 

transfer into the conducting wall would have been essentially zero, and there would not 

have been a significant thermal boundary layer due to the conducting wall.   

Temperature profiles at x/d = 1 and x/d = 5, shown in Figures 6.12 and 6.14, had 

temperature profiles that increased in temperature (decreasing ) approaching the 
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conducting wall.  For these two figures, within the margin of uncertainty, the gas 

temperatures above the conducting wall were relatively close to the measured adiabatic 

wall temperature.  However, the agreement between gas temperature and adiabatic 

effectiveness was not as good as was seen for x/d = 3 and x/d = 10.  It is possible that for 

these two cases, slightly higher momentum flux ratios relative to the adiabatic wall 

profiles at x/d = 5 and x/d = 10 caused slight jet detachment.  Tighter control of the 

momentum flux ratio may have produced fully attached film cooling everywhere 

downstream of film cooling injection, where all of the associated thermal profiles would 

have had nominally constant temperature thermal profiles above the wall, similar to those 

shown in Figures 6.13 and 6.15.  This would suggest that, on the jet centerline, adiabatic 

wall temperature may be an appropriate driving temperature for film cooled heat transfer 

when the film cooling jets are fully attached.  Unfortunately, due to the accuracy of the 

measurements, it is impossible to make this conclusion with certainty.   

Far downstream of film cooling injection, at x/d = 19, the film cooling jet had 

been degraded to the point that the coolant temperature decreased monotonically above 

both the adiabatic and conducting walls, as shown in Figure 6.16.   For this case, it was 

unclear what the appropriate driving temperature for heat transfer was due to the inability 

to identify the thickness of the developing thermal boundary layer.  If the boundary layer 

were thin relative to the coolant jet thickness, then the adiabatic wall temperature would 

probably be a good choice as the driving temperature for heat transfer.  The x/d = 19 

position is roughly coincident with the SS2 measurement location.  The thermal boundary 

layer growth beneath the jet should be more closely approximated by a turbulent 

boundary layer due to the instabilities caused by the film cooling jet.  For the tripped, non 

film cooled case the thermal boundary layer was about 5.5 mm thick at the SS2 position, 
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as shown in Table 4.2.  This is on the order of a film cooling hole diameter, so it is 

unclear whether or not the adiabatic wall temperature would be a reasonable choice as 

driving temperature for heat transfer.  

6.3.2 Thermal Profile Comparisons for I = 0.75 

As shown in Figures 6.2 and 6.8, the film cooling jet separation increased for I = 

0.75 relative to the I = 0.34 case.  Immediately downstream of film cooling injection, at 

x/d = 1, the thermal profiles above the conducting and adiabatic walls indicated a film 

cooling jet that was distinctly separated from the wall.  Figure 6.19 shows thermal 

profiles above the wall that were very similar between the conducting and adiabatic 

models.  It is clear from both profiles that the gas temperature above the wall deviates 

significantly from the adiabatic wall temperature.  The gas temperature above the wall 

decreased to a much colder temperature at the core of the slightly separated film cooling 

jet.  The slight differences seen between the conducting and adiabatic wall gas 

temperatures very close to the wall were small and could have been explained by hole to 

hole variation and/or slight momentum flux ratio uncertainty.  The very slight differences 

between the wall temperatures and the gas temperatures immediately above the wall 

suggest that the conducting wall had very little effect on the temperature distribution 

above the wall and that Taw was a reasonable choice for driving temperature.  

At x/d = 3 and x/d = 5, shown in Figures 6.20 and 6.21, the film cooling jet above 

the adiabatic wall appeared to have less separation than the film cooling jet above the 

conducting wall.  For x/d = 3, the jet above the adiabatic wall was more attached than the 

jet above the adiabatic wall at x/d = 1 or x/d = 5.  Outside of uncertainty in the 

momentum flux ratio it is unclear how this might happen.  It is possible that the 

measurement is simply in error.  For x/d = 5 the thermal profiles above the conducting 
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wall were very similar, indicating that the effect of the conducting wall was minimal.  

This suggests that the thermal boundary layer was very thin and that Taw was a reasonable 

choice as driving temperature for heat transfer.  The similarity between the thermal 

profiles above the conducting and adiabatic walls at x/d = 1 and x/d = 5 also strongly 

suggests that the differences between the thermal profiles at x/d = 3 are not real and that 

the adiabatic wall temperature was an appropriate choice for heat transfer driving 

temperature at x/d = 3. 

Further downstream, at x/d = 10 and x/d = 19, the thermal profiles for the 

conducting and adiabatic walls agreed with each other very closely, as is shown in 

Figures 6.22 and 6.23.  This was similar to the agreement between the thermal profiles 

seen at x/d = 1, shown in Figures 6.19 and 6.21.  In fact, with respect to the expected 

uncertainty in  due to hole to hole variation, the differences between the conducting and 

adiabatic wall temperatures could not be resolved definitively.  At both x/d = 10 and x/d = 

19, the adiabatic wall temperature was somewhat colder than the overlying gas 

temperature on the conducting or adiabatic wall.  For both the x/d = 10 and x/d = 19 

cases, temperatures that were appreciably warmer than the adiabatic wall temperature 

existed immediately above the film cooled wall.  For x/d = 19 the gas temperature above 

the wall was still warmer than the adiabatic wall temperature, but was more closely 

represented by Taw compared to x/d = 10.  It is unclear why there were differences 

between the measured wall temperatures and the gas temperature directly above the wall.  

However, the fact that the thermal profiles were nearly identical above the conducting 

and adiabatic walls suggests that there was virtually no effect on the gas temperature due 

to the conducting wall.  The fact that the conducting wall had very little effect on the 
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thermal field above the wall suggests that the adiabatic wall temperature is a good choice 

as driving temperature for heat transfer.   

6.3.3 Thermal Profile Comparisons for I = 1.41 

The thermal profiles for adiabatic and conducting film cooled walls with a 

momentum flux ratio of I = 1.41 are shown in Figures 6.24 – 6.28, in order of increasing 

x/d.  As was seen in Figures 6.3 and 6.9, the film cooling jet was clearly separated at all 

downstream positions for I = 1.41.  As expected, the level of jet separation was greater 

for I = 1.41 relative to I = 0.75.  This can be seen by comparing the thermal profiles for 

the adiabatic wall in Figure 6.24 and 6.19, which shows thermal profiles at x/d = 1 for I = 

1.41 and I = 0.75, respectively.  Both adiabatic wall profiles were clearly separated from 

the wall, however temperatures close to the wall were much warmer for I = 1.41.  Very 

near the wall the gas temperature for the I = 1.41 case was about  = 0.2, as seen in 

Figure 6.24.  For I = 0.75, shown in Figure 6.15, the gas temperature above the wall was 

about  = 0.5.  For I = 1.41, the slightly more separated jet drew the cold coolant away 

from the wall and allowed warmer gas temperatures between the coolant jet and the wall.  

Figure 6.24 also clearly shows that the temperatures above the conducting wall were 

colder than the corresponding temperatures above the adiabatic wall.   This was likely 

due to the effect of the internal convective cooling through the film cooling holes and U-

bend coolant channel.  The conducting wall temperature and gas temperature above the 

wall for y/d < 0.2 were significantly colder than the corresponding adiabatic wall 

temperature and gas temperature.  The adiabatic wall temperature for I = 1.41 and x/d = 1 

was clearly much warmer than the gas temperature above the conducting wall and was 

not a good choice as driving temperature for heat transfer.   
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Figures 6.25 and 6.26 show the centerline thermal profile measurements for I = 

1.41 at x/d = 3 and x/d = 5, respectively.  For both of these cases the centerline adiabatic 

wall temperature was warmer than the associated conducting wall temperature.  

However, in both cases the temperature of the gas above the conducting wall was 

generally warmer than the temperature of the gas above the adiabatic wall.  In fact, the 

temperature of the gas immediately above the conducting wall was very close to the 

adiabatic wall temperature at both positions.  For x/d = 3, the conducting wall thermal 

profile measurements were significantly warmer than the corresponding adiabatic wall 

measurements for y/d < 0.9.  It is unclear how this occurred.  Test to test repeats verified 

the conducting wall thermal profile as well as the adiabatic wall temperature 

measurement.  No test to test repeat of the adiabatic wall profile was performed, so it is 

possible that the accuracy of the adiabatic wall thermal profile was an issue.  Slight 

changes in momentum flux ratio are not a likely explanation because a slight change in I 

would not be expected to have a large effect on the coolant temperature in the core of the 

jet between the adiabatic and conducting cases, which was seen in Figures 6.25 and 6.26.  

It is possible that the differences between the adiabatic and conducting thermal profiles at 

x/d = 3 and x/d = 5 were due to the measurements not being made precisely on the jet 

centerline.  The differences seen between the conducting and adiabatic wall thermal 

profiles were consistent with the type of variation that would be expected if the 

measurements were taken away from the centerline of the jet, as shown in Figures 6.5 

and 6.11.   

At both x/d = 3 and x/d = 5, there appeared to be a very thin thermal boundary 

layer between the conducting wall temperature measurement and the first gas temperature 

measurement above the conducting wall.  This suggests that a layer of gas close to the 
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adiabatic wall temperature existed above the conducting wall, and the thermal boundary 

layer grew to a temperature close to the adiabatic wall temperature.  This result suggests 

that at x/d = 3 and x/d = 5 positions the adiabatic wall temperature is an appropriate 

choice as driving temperature for heat transfer into the wall for I = 1.41.   

At x/d = 10 and x/d = 19, shown in Figures 6.27 and 6.28, the gas temperature 

above the conducting wall was colder than the gas temperature above the adiabatic wall.  

The surface temperature on the conducting wall was also colder than the surface 

temperature on the adiabatic wall.  The major differences between the gas temperature 

above the conducting and adiabatic walls was confined to a region fairly close to the wall.  

This was consistent with the expectation that the effects of the conducting wall would be 

limited to a region close to the wall and would not exist throughout the coolant jet 

thermal profiles. 

The overall shape of the temperature profiles above the conducting and adiabatic 

walls were very similar at both positions.  Very near the wall, for y/d < 0.25, a decrease 

in  from the surface temperature was seen for both the adiabatic and conducting walls at 

both x/d = 10 and x/d = 19.  The similarity in temperature profile shape between the 

conducting and adiabatic models suggests that this decrease in gas temperature above the 

wall was not due to a developing thermal boundary layer due to heat transfer to or from 

the wall.  This also suggests that the developing thermal boundary layer at the centerline 

of the conducting model was still very thin.  One possible explanation for the colder 

centerline thermal profile on the conducting wall is that the adjacent developing thermal 

boundary layers that exist on the conducting model caused colder temperatures under the 

jet, due to the jet mixing with the colder temperatures that existed in the thermal 

boundary layer.  The existence of counter rotating kidney vortices has been suggested 
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around the edges of film cooling jets.  The effect of these vortices on adiabatic walls has 

been shown to pull hot gas under the jet.  On a conducting wall, the gas mixed into the jet 

by the vortices would be much colder than that of the adiabatic wall, due to the adjacent 

thermal boundary layers.  This could very likely have caused the colder thermal profile 

temperatures on the conducting model relative to the adiabatic model near the wall and is 

a direct result of the developing thermal boundary layers adjacent to an under the film 

cooling jet on the conducting wall.  In this light, it is clear that the colder temperature 

above the conducting wall were a direct result of the effect of the conducting wall.  It is 

puzzling, however, that a similar effect was not seen at the same positions for I = 0.34 

and I = 0.75.  It is possible that the fully separated jet for I = 1.41 had much stronger jet – 

vortex interaction.   

In terms of evaluating the adiabatic wall temperature as driving temperature for 

heat transfer for I = 1.41 at x/d = 10 and x/d = 19, the gas temperature above the 

conducting wall was actually quite close to the measured adiabatic wall temperature for 

both positions.  For both positions the gas temperature was nearly constant for 0.15 < y/d 

< 0.25 and was quite close to the adiabatic wall temperature.  As a result, the adiabatic 

wall temperature was probably a fairly good assumption for heat transfer driving 

temperature for I = 1.41 and 10 < x/d < 19.   
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Figure 6.1: Centerline thermal profiles, adiabatic wall, I = 0.34, Tu = 0.5% 

 

Figure 6.2: Centerline thermal profiles, adiabatic wall, I = 0.75, Tu = 0.5% 
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Figure 6.3: Centerline thermal profiles, adiabatic wall, I = 1.41, Tu = 0.5% 

 

Figure 6.4: Contour of gas temperature, adiabatic wall, I = 0.75, x/d = 5 Tu = 0.5% 

0.0

0.4

0.8

1.2

1.6

2.0

2.4

2.8

3.2

3.6

4.0

0 0.2 0.4 0.6 0.8 1

y/
d



x/d = 1

x/d = 3

x/d = 5

x/d = 10

x/d = 19

Closed Symbols - TC Probe Measurement

Open Symbols -  measurement from IR camera



201 

 

 

Figure 6.5: Spanwise temperature profiles, adiabatic wall, I = 0.75, x/d = 5 Tu = 0.5% 

 

Figure 6.6: Contour of gas temperature, adiabatic wall, I = 0.75, x/d = 10 Tu = 0.5% 
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Figure 6.7: Centerline thermal profiles, conducting wall, I = 0.34, Tu = 0.5% 

 

Figure 6.8: Centerline thermal profiles, conducting wall, I = 0.75, Tu = 0.5% 
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Figure 6.9: Centerline thermal profiles, conducting wall, I = 1.41, Tu = 0.5% 

 

Figure 6.10: Contour of gas temperature, conducting wall, I = 0.75, x/d = 5 Tu = 0.5% 
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Figure 6.11: Spanwise temperature profiles, conducting wall, I = 0.75, x/d = 5 Tu = 0.5% 

 

Figure 6.12: Centerline thermal profiles, adiabatic and conducting wall, I = 0.34, x/d = 1, 

Tu = 0.5% 
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Figure 6.13: Centerline thermal profiles, adiabatic and conducting wall, I = 0.34, x/d = 3, 

Tu = 0.5% 

 

Figure 6.14: Centerline thermal profiles, adiabatic and conducting wall, I = 0.34, x/d = 5, 

Tu = 0.5% 
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Figure 6.15: Centerline thermal profiles, adiabatic and conducting wall, I = 0.34, x/d = 

10, Tu = 0.5% 

 

Figure 6.16: Centerline thermal profiles, adiabatic and conducting wall, I = 0.34, x/d = 

19, Tu = 0.5% 
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Figure 6.17: Representative hole-to-hole qas temperature variation, conducting wall, I = 

0.75, x/d = 5, Tu = 0.5% 

 

Figure 6.18: 2 uncertainties in  due geometric variation of film cooling holes 
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Figure 6.19: Centerline thermal profiles, adiabatic and conducting wall, I = 0.75, x/d = 1, 

Tu = 0.5% 

 

Figure 6.20: Centerline thermal profiles, adiabatic and conducting wall, I = 0.75, x/d = 3, 

Tu = 0.5% 
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Figure 6.21: Centerline thermal profiles, adiabatic and conducting wall, I = 0.75, x/d = 5, 

Tu = 0.5% 

 

Figure 6.22: Centerline thermal profiles, adiabatic and conducting wall, I = 0.75, x/d = 

10, Tu = 0.5% 
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Figure 6.23: Centerline thermal profiles, adiabatic and conducting wall, I = 0.75, x/d = 

19, Tu = 0.5% 

 

Figure 6.24: Centerline thermal profiles, adiabatic and conducting wall, I = 1.41, x/d = 1, 

Tu = 0.5% 
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Figure 6.25: Centerline thermal profiles, adiabatic and conducting wall, I = 1.41, x/d = 3, 

Tu = 0.5% 

 

Figure 6.26: Centerline thermal profiles, adiabatic and conducting wall, I = 1.41, x/d = 5, 

Tu = 0.5% 
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Figure 6.27: Centerline thermal profiles, adiabatic and conducting wall, I = 1.41, x/d = 

10, Tu = 0.5% 

 

Figure 6.28: Centerline thermal profiles, adiabatic and conducting wall, I = 1.41, x/d = 

19, Tu = 0.5% 
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Chapter 7 – Conclusions 

A new turbine vane cascade was constructed in order to study conjugate heat 

transfer on a scaled up, conducting gas turbine vane with a realistic cooling 

configuration.  The new turbine vane cascade was similar to the cascade described in 

Polanka (1999), however the new facility was designed such that adiabatic and 

conducting vanes are easily interchanged in the test section.  This allowed for 

measurements on conducting and adiabatic vanes to be obtained.  Identical experiments 

on conducting and adiabatic vanes were useful in interpreting the data measured for the 

conducting wall in terms of commonly used film cooling parameters measured on 

adiabatic walls.  Additionally, comparison of the measurements on the conducting and 

adiabatic vanes allowed for a direct evaluation of commonly used gas turbine heat 

transfer analysis methods.   

The following chapter consists of five sections.  The first section presents 

conclusions drawn from the surface temperature measurements on the conducting model.  

The second section discusses the thermal and velocity boundary layer measurements 

above a non-film cooled wall.  Next, conclusions concerning the film cooled surface 

temperature measurements are discussed.  Finally, the thermal profiles above the film 

cooled adiabatic and conducting walls are discussed.   

7.1 OVERALL EFFECTIVENESS WITHOUT FILM COOLING 

The internal and external surface temperatures were measured on the conducting 

vane with no film cooling present.  As was expected, increasing the internal coolant flow 

rate caused an increase in the measured overall effectiveness values at the midspan.  The 

increased internal heat transfer coefficient due to the increased coolant flow rate caused 

lower temperatures on the vane surface.  The following paragraphs will discuss the 
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midspan temperature measurements, contour of surface temperature, and the effect of 

adding internal rib turbulators, in that order. 

The external surface temperature distribution was found to be highly dependent 

on the local external and internal heat transfer coefficient.  Surface temperatures were 

significantly colder on the vane pressure side relative to the vane suction side.  External 

heat transfer coefficient measurements, obtained using a constant heat flux boundary 

condition, showed that the pressure side external convective heat transfer coefficients 

were much lower than the suction side heat transfer coefficient measurements.  On the 

vane suction side, increases and decreases in the surface temperature were highly 

correlated to variations in the external heat transfer coefficient that resulted from 

boundary layer transition.  The dependency on the local internal heat transfer coefficient 

was demonstrated by running a case where the Reynolds numbers in the Ubend and radial 

coolant channels were 40,000 and 20,000 respectively.  Relative to the Reubend = Reradial = 

20,000 case, colder surface temperatures on regions of the vane cooled by the U-bend 

channel were seen for the Reubend = 40,000/Reradial = 20,000 case.  Comparing the surface 

temperatures on the region of the vane that was being cooled by the radial channel, 

slightly colder temperatures were seen near the Ubend channel for the Reubend = 

40,000/Reradial = 20,000 case, which implied that the higher coolant flow rate in the 

Ubend channel had some effect on the adjacent regions cooled primarily by the radial 

channel.  The effect was small however, and surface temperatures quickly collapsed to 

the same values seen for the Reubend = Reradial = 20,000 case. 

A two dimensional contour of surface temperatures for Reubend = Reradial = 20,000 

showed that spanwise temperature variations existed, but were modest in comparison to 

the strong streamwise temperature variations.  The effect of flow separation on the 
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downstream edge of the U-bend coolant channel was evident as a region of warmer wall 

temperature.  This effect clearly shows the effects that a poorly designed internal coolant 

flow circuit can have on the external surface temperature.  Measuring the two 

dimensional surface temperature distribution was a goal of the current study because it 

represented a significant improvement over the current commonly used CFD benchmark 

data, which only provides a midspan temperature distribution. 

Rib turbulators that were designed to increase the internal heat transfer coefficient 

by nominally a factor of two were designed and installed on the vane suction side.  As 

expected, the rib turbulators had the effect of lowering the external surface temperature.  

The increase in overall effectiveness due to the internal ribs was consistent with the 

predicted increase in overall effectiveness that would result from a doubling of the 

internal heat transfer coefficient.  In the region of the vane where the internal coolant 

flow was suspected to be separating, the ribs were not effective in decreasing the external 

surface temperature. 

7.2 BOUNDARY LAYER MEASUREMENTS WITHOUT FILM COOLING 

Velocity and thermal boundary layer measurements were performed at various 

locations around the test airfoil.  Velocity boundary layer development on gas turbine 

vanes is generally well understood.  The velocity boundary layer measurements 

confirmed that boundary layer transition occurred on the suction side of the airfoil and 

was the cause of the rapid increase in external heat transfer coefficient and increase in 

vane surface temperature on the suction side.  Pressure side velocity boundary layer 

measurements indicated that the boundary layer remained laminar or transitional over the 

region where measurements were taken.  Elevated freestream turbulence had the effect of 

promoting boundary layer transition on the suction side and causing generally thicker  
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boundary layers everywhere on the vane.  Trends in the velocity boundary layer 

measurements for the current study agreed well with published velocity boundary layer 

measurements on other airfoils in similar test facilities, giving confidence in the test 

procedures used in the current study. 

The unique matched Bi nature of the current study allowed for the first 

measurements of the developing thermal boundary layer on a gas turbine vane with the 

appropriate thermal boundary condition.  The thermal boundary layer measurements 

presented in the current study are also the first such measurements that take into account 

the effects of streamwise pressure gradient and freestream turbulence intensity.  Relative 

to the mean velocity profiles, the mean temperature profiles were generally thicker.  On 

the pressure side at Tu = 0.5% the ratio of the thermal boundary layer to velocity 

boundary layer thickness was slightly larger than what would be expected due to Prandtl 

number effects on a laminar boundary layer.  On the suction side, where the pressure 

gradient caused a highly accelerating flow, the thermal boundary layer was over twice as 

thick as the associated mean velocity boundary layer.  This increase in thickness of the 

thermal boundary layer relative to the velocity boundary layer was much too large to be 

accounted for by Prandtl number effects and was attributed to the highly accelerated 

flow.  This was consistent with research by Launder and Lockwood (1969) that predicted 

highly accelerate flows could cause the same phenomenon. 

The effect of high freestream turbulence caused further increases in the thickness 

of the thermal boundary layer relative to the velocity boundary layer.  On the pressure 

side, thermal boundary layer thicknesses increased from 25% larger than the 

corresponding velocity boundary layer measurements at low Tu to more than twice as 

thick at high Tu.  On the suction side of the vane where a laminar profile existed, a 
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similar effect on the thermal boundary layer thickness was seen due to elevated 

freestream turbulence.  After the boundary layer had become fully turbulent and 

streamwise pressure gradient became zero, the thermal to velocity boundary layer 

thickness ratio was measured to be unity, which was expected. 

7.3OVERALL AND ADIABATIC EFFECTIVENESS MEASUREMENTS WITH FILM COOLING 

The overall and adiabatic effectiveness measurements presented in this study are 

the first parallel measurements made on adiabatic and conducting vanes with the same 

geometries and at the same test conditions.  The overall effectiveness measurements with 

film cooling as well as the overall effectiveness measurements without film cooling allow 

for the different contributions of the internal convection and film cooling to be quantified.  

The effect of film cooling on the external surface temperature of a conducting model has 

never been reported in the open literature.  The current study showed that for nearly all 

cases, the addition of film cooling caused a decrease in the vane surface temperature.  

This is of course expected, as it is the purpose of film cooling on gas turbine components.  

However, in one small region of the vane at a momentum flux ratio of I = 1.41, the 

addition of film cooling actually caused an increase in surface temperature relative to the 

non-film cooled case.  This implies that over this small region, the addition of film 

cooling was detrimental to the overall cooling performance.  This was a result of poor 

cooling performance at I = 1.41, as evidenced by the adiabatic effectiveness 

measurements, as well as increased external heat transfer coefficient due to the film 

cooling injection causing early boundary layer transition.  This result emphasizes the 

importance of accurate measurements of both the film cooled external heat transfer 

coefficient as well as the adiabatic effectiveness in evaluating film cooling performance. 
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7.4 THERMAL BOUNDARY LAYER MEASUREMENTS ABOVE FILM COOLED WALLS 

Common gas turbine heat transfer analysis methods rely on the assumption that 

the adiabatic wall is the appropriate driving temperature for heat transfer to a film cooled 

wall.  Essentially, the gas temperature measured above an adiabatic wall is assumed to be 

representative of the gas temperature that would exist above a similarly film cooled 

conducting wall.  This implies that the gas temperature above the wall is unaffected by 

the developing thermal boundary layer.  No experimental evaluation of this assumption 

has previously been reported.  The identical adiabatic and conducting vane geometries in 

the current study allowed for the first ever evaluation of what impact the developing 

thermal boundary layer would have on the common presumption that overriding gas at 

the adiabatic wall temperature drives heat transfer to the wall.  

Making a direct comparison of the thermal fields above the conducting and 

adiabatic walls proved to be more difficult than anticipated.  The thermal fields were 

highly sensitive to the precise film cooling momentum flux ratio.  Additionally, 

geometric variations between different film cooling holes caused measurable differences 

in the thermal profiles above the wall when an identical thermal profile was expected.  

The associated uncertainties in the thermal profile measurements made drawing specific 

conclusions concerning the adiabatic wall temperature assumption impossible in many 

cases.  However, valuable insight into the effect of the conducting wall on the overlying 

gas temperature on a film cooled wall was still gained.   

Spanwise contours of mean temperature above a conducting and adiabatic wall 

with a detached film cooling jet revealed a very clear influence of the developing thermal 

boundary layer on the gas temperature near the wall.  Near the edges of the film cooling 

jet, the developing thermal boundary layer above the conducting wall very clearly caused 



219 

 

colder temperatures relative to the adiabatic wall.  The colder temperatures above the 

conducting wall were clearly not well represented by the adiabatic wall temperature.  At 

the centerline of the jet, the developing thermal boundary layer was much thinner and the 

adiabatic wall temperature was a better representation of the overriding gas temperature.   

In addition to relying on the assumption that Taw is representative of the 

overriding gas temperature above the conducting wall, conventional gas turbine heat 

transfer analysis also relies on accurate determination of the film cooled heat transfer 

coefficient.  Although the adiabatic wall temperature seemed to be a good approximation 

for the overriding gas temperature on the jet centerline, it is useful to consider what effect 

the thin thermal boundary layer would have on the associated heat transfer coefficient.  

The very thin boundary layer at the jet centerline was a result of the film cooling jet 

displacing the upstream thermal boundary layer and causing a new thermal boundary 

layer to develop under the jet.  This very thin boundary layer would likely be 

accompanied by a very strong increase in the heat transfer coefficient relative to a non-

film cooled wall.  Depending on the exact experimental setup used, reported increases in 

film cooling heat transfer relative to non film cooled cases can range between a factor of 

one and two.  Experimental methods that ignore upstream heating, which are common in 

the literature, typically produce little or no increase in the heat transfer coefficient due to 

film cooling.  The very thin thermal boundary layers that existed on the centerline of the 

film cooling jet downstream of injection relative to the thicker upstream boundary layers 

magnify the importance of accounting for the upstream heating that takes place on real 

vanes. 
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7.5 RECOMMENDATIONS FOR FUTURE WORK 

Initial expectations were that thermal profile measurements at the centerline of the 

film cooling hole would provide the best opportunity to evaluate the effect of conjugate 

heat transfer on the overlying gas temperature.  However, the contour plots measured 

very late in the experimental program proved to be extremely valuable in understanding 

exactly what the effect of the thermal boundary layers on the conducting wall had on the 

temperature of the gas in the film cooling jet.  Contour plots of gas temperature above the 

film cooled wall were only measured at two positions and for one momentum flux ratio 

in the current study.  The momentum flux ratio examined produced a separated jet.  It is 

possible that the effects of the conducting wall on the temperature profile are very 

different for the case of an attached jet.  Additionally, the evolution of thermal boundary 

layer – film cooling jet interaction with increasing downstream distance from film 

cooling would also be interesting.  Resolving the two dimensional temperature field 

above the wall at several downstream positions and for other blowing ratios would be 

very valuable. 

As was mentioned in the previous section, conventional analysis methods are 

dependent on accurate measurements of the external heat transfer coefficient.  No film 

cooled heat transfer measurements were performed in the current study.  Heat transfer 

measurements with a constant heat flux boundary condition all the way to the vane 

stagnation line and without any heating upstream of film cooling would be a valuable 

addition to the dataset.   

In addition to film cooled heat transfer coefficient measurements, accurate heat 

flux measurements on the conducting vane would be extremely beneficial.  Accurate heat 

flux measurements, in addition to film cooled heat transfer coefficient measurements, 
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would allow for a direct, quantitative comparison of the predicted heat flux based on the 

adiabatic wall measurements as well as the measured heat flux on the conducting vane.  

Equation 1.7 could be used to predict the heat flux based on the measured heat transfer 

coefficient and surface temperatures.  Comparing the calculated heat flux to the measured 

heat flux on the conducting wall could provide valuable insight concerning where the 

conventional analysis methods do or do not work. 
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